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Applications of Computer and Model 
Studies to Problems Involving 
Hydraulic Transients 


This paper discusses the application of digital and analog computers to surge and 
water-hammer problems. It also indicates that, for some problems in hydraulic 
transients for which the basic hydraulic equations are uncertain, an electrically con- 


| Introduction 


I. THE PERIOD between the design and construc- 
tion of the Niagara Falls plants at the beginning of this century 
and the recent rapid expansion of hydroelectric developments 
in Canada, the problems involving hydraulic transients were 
mostly of a type which had an analytical solution [1, 2, 3].!- During 
that period hydroelectric developments were mainly in the 
medium-to-low head range and only one or at the most two 
units were connected to a pipeline. The water hammer in such 
layouts could be calculated from Allievi’s diagrams [4] by 
substituting for the penstock an equivalent pipeline of con- 
stant diameter. In cases where regulation required a surge 
tank, a Johnson [5] differential tank was an adequate and usually 
economic solution. 

The improved tunneling methods of recent years have now 
made it possible to construct large power tunnels which supply 
water to a number of turbines. This sometimes results in a 
system of penstocks and junctions to which it is not possible, 
when calculating water-hammer pressures, to apply the simpli- 
fying assumption of an equivalent pipeline of constant diameter. 
In projects where a surge tank is required, the greater tunnel 
diameter has considerably increased the capital outlay on the 
tank. 

For the economic design of these large hydroelectric projects 
the applications of water-hammer and surge-tank stability 
theory have had to be extended and the increased volume of 
computational work has required the employment of digital 
and analog computers. In some cases when the exact form of 
differential equation for the hydraulic transient is not known, 
resort has been made to experiments on dynamically similar 
models, 

This paper deals, first, with the application of a digital com- 
puter to water-hammer calculations on a complicated penstock 
layout. It then shows how problems dealing with the stability 
of a surge tank can, in many cases, be clarified by the use of 
an analog computer [6] and, in cases where extremely variable 
hydraulic losses unduly complicate the hydraulic transients, 
an electronically controlled model may be used to effect econo- 
mies in surge-tank costs. 


1 Numbers in brackets designate References at end of paper. 

Contributed by the Hydraulic Division and presented at the 
Annual Meeting, New York, N. Y., November 30-December 5, 
1958, of THe AmeRICAN Society OF MECHANICAL ENGINEERS. 

Note: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, July 
31, 1958. Paper No. 58—A-101. 
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trolled model can give the most reliable and economical solution. 


2 Digital Computer Studies of Water Hammer in Multiple 
Pipelines 


The Bersimis No. 1 development in Northern Quebee provides 
an example of a hydroelectric development in which the maxi- 
mum water pressures at various points along the conduit could 
not be calculated with sufficient accuracy by the usual simplified 
methods. The layout of this development is shown in Fig. 1. 

A 40,294-ft long, 31-ft diameter concrete-lined supply tunnel 
leads from the reservoir to a manifold excavated in the hillside 
above the powerhouse. From this manifold eight 12-ft diameter 
concrete-lined pressure shafts dip at an angle of 50 degrees to the 
level of the powerhouse. The last 328 ft of the horizontal pres- 
sure shafts adjacent to the powerhouse are steel lined and vary 
in diameter in stages from 10 ft 0 in. at their upstream end to 7 ft 
9 in, at their downstream end where they enter the powerhouse 
to supply the eight 150,000-hp turbines. 

Surveys showed that for this development a surge tank could 
most economically be excavated in the rock above and immedi- 
ately upstream from the manifold. Criteria for the design of this 
tank were: 

(1) The maximum surge level on full load rejection must not 
exceed elevation 1480, the rock level at the surge-tank site. 

(2) The maximum pressure at any point in the supply tunnel, 
measured in feet, must not exceed twice the available depth of the 
rock cover at the point. (Sections A and B of Fig. 1 were con- 
sidered critical. ) 

(3) The maximum pressures at the turbine valves must not 
exceed 540 psi. 

(4) The surge-tank diameter must not be less than 80 ft, the 
minimum diameter for good regulation. 

A preliminary analysis showed that these criteria could be 
satisfied economically by either a differential or an orifice surge 
tank. An accurate comparison of the two designs was, however, 
only possible if the water-hammer pressures could be calculated 
at all points along the supply tunnel and at the turbine valves. 
To be accurate this calculation had to take into account wave re- 
flections from nine junctions, the reservoir, and the eight tur- 
bines. It had also to allow for reflections and hydraulic losses at 
the ports of the differential tank, and at the constriction of the 
orifice tank. 

Water-hammer calculations are fundamentally based on the 
solution of the differential equations 
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in which H is the head and V is the velocity at the pipe section in 
question, z defines the location of the pipe section, and ¢ the time 
of occurrence, Symbols a and g represent the velocity of water- 
hammer waves in the pipe and the acceleration due to gravity, 
respectively. The derivation of these equations and their general 
solution: 


H- 


is given in standard textbooks on hydraulie transients [3, 7]. 
Subtracting and adding equations (1) and (2) gives: 


a 
(V — Vo) + 2F (: — 


— Vo 


H-H,= 


a 
(V — Vo) 4+ ar( 
from which it can be derived that for two points A and B a dis- 
tance L apart on a uniform pipeline 


(Vary 


a 
Har, Hi, = + 


where 


t, —ly = L/a. 
By rearranging equation (5) in the form 
+ Vary = Cap = Hey = View 
it can be seen that in a uniform pipe a “water-hammer character- 
istic’’ Cap leaves A at any time é, and arrives unchanged at B, 
L/a seconds later. 
Water-hammer characteristic equations of this form were first 
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used for the arithmetic computation of water-hammer pressures 
by Prof. H. A. Thomas [8]. If, in a hydroelectric development, 
the initial steady conditions, head Ho and flow Qo, are known, 
the initial water-hammer characteristics can easily be calculated 
at all points. Water-hammer pressures in the hydraulic system 
following, say, a change in turbine gate opening can then be 
calculated by tracing from it the change in the initial water-ham- 
mer characteristics induced by the change in flow. The effect of 
water-hammer reflections at the various junctions, orifices, and 
changes in section can be calculated using the formula given in 
Appendix 1. To examine fully the pressure rise due to the origi- 
nal transient and the water-hammer reflections throughout the 
system, these calculations must be repeated as the water-hammer 
waves reach additional junctions until eventually the caleula- 
tions must be repeated at all junctions, orifices, or changes in 
section at every time interval equal to the highest common factor 
of the water-hammer waves’ travel time between such points, 
It can be realized that for a hydraulic system as complicated 
as that at Bersimis No. 1 the volume of computation work in such 
To obtain the full 
effect of waves reflected down the 40,294-ft long supply tunnel, 
calculations at all points would have to be repeated for time in- 
tervals of 0.005 sec throughout a period of 30 sec. 


a complete analysis would be tremendous. 


Such a volume 
of computation clearly required the use of a high-speed computer. 
The computer had also to be able to store in its memory the 
magnitude of the 3600 water-hammer waves which travel up the 
supply tunnel before the reflection from the reservoir of the first 
wave reaches the surge tank tee. This last requirement was most 
easily satisfied by a digital computer. 

The study was programmed for the IBM 701 computer, and the 
performance of both the differential surge tank and two orifice 
tanks of different diameters were examined. In addition, four 
different types of gate closures were examined for each tank. The 
study gave the accurate comparison summarized in Table 1. 
Limiting requirements are underlined. The table shows that, 
to prevent excessive water-hammer pressures in the supply con- 
duit of the Bersimis No. 1 development, the diameter of an orifice 
tank had to be larger than that of a differential tank. The cost of 
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Table 1 Comparison between differential and orifice surge tanks 
Differential Orifice 
surge surge 
Item of comparison tank tank 
Maximum level on full load rejection. El 1480 I} 1480 
Diameter of surge tank ; S84 ft 0 in. 87 ft 0 in. 


Ratio of maximum pressure to rock 


cover at Section A.... 1.85 1.78 
Ratio of maximum pressure to rock 

cover at Section B wares 1.87 2 00 
Maximum pressure at turbine 

valves. ...... 540 psi 540 psi 


Minimum total closing time of turbine 
gate (excluding cushioning 

Maximum speed of turbines after full 

load rejections 


5.15 see 5. 40 see 


101 rpm 402 rpm 


providing this larger diameter nearly outweighed the cost of the 
differential tank’s internal riser. Such an accurate comparison 
between alternative designs could not have been obtained with- 
out the use of a digital computer. 

The computer study also showed that if an orifice tank were 
employed, cushioning the final closure of the turbine wicket 
gates was necessary to reduce water-hammer reflection from the 
orifice at this stage of shutdown. The beneficial effect of cushion- 
ing is illustrated on Fig. 2. 

The use of a computer program for calculation of water ham- 
mer by the equations given in Appendix 1 need not be confined 
to hydraulie conditions occurring in one development only. Once 
such a computer program has been set up, it can, with slight 
modifications, be used for caleulating water-hammer pressures in 
other hydraulic layouts. 


3 Analog Computer Studies of Surge-Tank Stability 


The minimum diameter of surge tank in many hydroelectric 
developments is governed by the requirement that surge oscilla- 
tions must be stable under the condition that the station is 
separated from the rest of the power system and the turbines 

+ have to satisfy a constant load, NV. That is, during any transient, 
the flow through the turbines, Q, and the net head on the tur- 
hines (H + z) must be related by the formula 


N = y¥QUH + 2z) (6) 


where ¥ is the density of water. 
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Fig. 2 Water-hammer pressures without and with cushioning 
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Fig. 3 Hydraulic profile of supply tunnel and surge tank 


The minimum area of the surge tank can be calculated by a 
simultaneous solution of this equation with the dynamic equa- 
tion 


Led 
+ ek (7) 
q dl 
and the continuity equation 
VA (8) 
An = Ag LQ 
dt 
where 
L = length of supply tunnel 
Vo = velocity in supply tunnel 
i = time 
z = height of water level in surge tank above reservoir 
level 
FV? = head loss in supply tunnel, positive when V > 0 
Ay, = area of supply tunnel cross section 
Ag = horizontal area of surge tank cross section 
g = acceleration due to gravity 


These symbols are further defined in Fig. 3. 

For the case of a single surge tank, the stability criterion of a 
solution of these differential equations is given by Thoma’s [9] 
well-known formula 
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Dr. Jaeger [10] in a recent publication has given similar sta- 
bility criteria when more than one surge tank is required to 
regulate the flow. 

These formulas, however, only give the minimum area necessary 
to prevent small oscillations increasing. They do not give any 
indication of the amount of damping that is applied to major 
surges. For preliminary estimates and for the design of small de- 
velopments, it is sometimes the practice to allow for adequate 
damping a surge tank area 40 per cent greater than the Thoma 
minimum area, 

The economics of large hydroelectric power developments re- 
quire a more careful study than the use of an arbitrary margin 
over Thoma’s minimum area. Also this margin does not neces- 
sarily protect the development from poor regulating features due 
to tank drainage. Tank drainage or surge collapse is a condition 
which occurs when, during a load demand, the water level in the 
tank decreases from the start of surge at an ever-increasing rate. 
This type of instability is associated with large supply tunnel 
friction losses and a severe droop in the turbine efficiency curves 
near full gate. 

Specific requirements for surge-tank stability often used in the 
design of major hydroelectric developments are that: 


(a) Major surge oscillations following a load change must be 
damped to approximately one tenth of their initial value in one 
hour. 

(b) Tank drainage does not prevent the station taking up in- 
stantly loads to the limit of its capacity. 


Design for such requirements clearly involves much additional 
computation, and, when the exact differential equations are 
known, these calculations can most economically be carried out 
using an electronic computer. As these computations do not 
generally require the storage of any intermediate figures such as 
was the case in water-hammer calculations, an analog computer is 
indicated, The answer is usually supplied in the form of a graph 
of surge height plotted against supply tunnel velocity and can be 
read out on a cathode-ray tube or a pen recorder. 

For the 1,000,000-horsepower Chute-des-Passes development 
in Quebec, the downstream surge tank added to the number of 
differential equations which required simultaneous solutions. An 
analog study of stability in this case allowed a very considerable 
saving in time and money. The calculations which were done by 
engineers of the Aluminium Laboratories Limited as a check on 
the over-all design showed that, for this development, whose hy- 
draulic details are given in Table 2, both surge damping and tank 
drainage were critical factors. 

Fig. 4 shows typical records of stable and unstable surges and 
also the case of tank drainage. 


Table 2 Chute-des-Passes development 


Maximum static head 
Minimum operating head. . 
Supply tunnel, length... 
diameter . 
Tailrace tunnel, length 
diameter 
Supply tunnel surge tank... . 
Tailrace surge tank........ 


640 ft 

470 ft 

30,854 ft 

34.3 ft 

9,000 ft 

48.0 ft 

130 ft diam 
475 ft & 48 ft 


4 Hydraulic Model Tests to Determine Surge- Tank Stability 


While an analog computer will readily integrate the different 
equations given it and produce from them accurate stability 
criteria, factors in these equations which influence the surge 
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Fig. 4 Surge-tank stability diagrams 


LEVEL IN SURGE 


WATER 


damping are sometimes subject to inaccuracies in estimation. 
For instance, Calame and Gaden [11] maintained in their treat- 
ment of surge-tank stability that the velocity head in the supply 
tunnel at the surge-tank tee contributes to the damping and may 
be added to the friction loss in the supply tunnel in evaluating 
the head loss factor FV? of equation (7). Calame and Gaden’s 
criteria for the minimum area of a stable surge tank is 


ve LAr 
2g — F'V? + 3V2/29) 


A nin >= 


where 
F'V? = head loss in supply tunnel including the velocity head 
at the surge-tank tee 


Gardel [12] has shown in his complete analysis that an accurate 
estimate of the limiting area requires not only the evaluation of 
supply tunnel friction losses but also measurements in a hydraulic 
model of losses at the surge-tank tee. 

An alternative to measuring these losses in a hydraulic model 
under steady conditions is that the model itself be used as a com- 
puter to examine the surge tank stability. If suitable facilities 
are available, this can be done by employing a control gate at the 
model outlet to accurately reproduce the requirement of constant 
load given by equation (6). 


Table 3 Bersimis No. 2 development 


Head losses for surge-tank design 
Item 
Supply tunnel losses for flow of 22,000 cfs: 
losses 
Bend losses. 
Friction losses 
(Manning’s n = 0.012) 


Head, ft 


4.2 
5.9 
Total including velocity head... 10.1 
The 855,000-horsepower Bersimis No. 2 development, whose 
hydraulic profile is shown on Fig. 5, provided an example in which 
a model test was used to advantage. Table 3 indicates how the 
intake, bend, and friction losses in the 2330 ft of concrete-lined 
supply tunnel taken together are of the same order as the velocity 
head at the tee of the orifice surge tank. 
Thoma’s formula, which allows only for friction losses in the 
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PENSTOCK 


STEEL LINER 


a 


t 


CONSTANT HEAD 


SURGE TANK 
TANK 


SURGE 
ORIFICE 


= 


Fig. 6 General arrangement of surge-tank model 


supply tunnel, gave a minimum stable diameter of 114 ft, while 
that of Calame and Gaden gave a minimum diameter of 73 ft. 
The difference in cost. between steel surge tanks of these two 
diameters clearly indicated that it would be economical to con- 
struct a model which would accurately determine the effect of 
losses at the surge-tank tee. An estimate of the cost of model 
tests showed that, if the diameter of the surge tank could be re- 
duced by 3 ft, the model would have paid for itself. 

The surge-tank model, which is shown diagrammatically in 
Fig. 6, was constructed to the following scales: 


Vertical seale.... 52.0 
Length seale....... 52.0 
Diameter seale........ 43.3 
Surge tank diameter scale 62.4 
Diameter scale at orifice. . . 52.0 
10.4 
Friction factor scale . 1/2.49 
Discharge scale... . . 19,500 
Reynolds number scale... . 
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It can be seen that scale distortion was required to allow for the 
well-known fact that it is impossible to reproduce in a small scale 
model the low hydraulic friction factors which are found in large 
diameter concrete-lined tunnels. 

Appendix 2 gives a theoretical derivation of surge-tank model 
scales, 

To obtain the model discharge requirements Y¥QH +z) =N, 
the outlet gate was electronically controlled. Fig. 7 
mechanism diagrammatically. 

The energy head at the outlet gate was measured by a pitot 
placed upstream from it. This head was converted by a pressure 
transducer into an electrical signal which was fed into one side of 
acomparator, For a constant value of N, a given head at the out- 


shows this 


let. gate could be associated with only one discharge or gate posi- 
tion. To attain this, an electrical signal representing the gate 
position was transmitted to the comparator from a vertical dis- 
placement transducer mounted on a cam attached to the outlet 
gate. The cam was shaped so that, for a correct gate position 
relative to the head, the signal from the displacement transducer 
was equal but with the opposite sign to the signal from the pres- 
sure transducer. Any out-of-balance in the comparator due 
to an incorrect relation between the head and gate position was 
magnified by the amplifier and fed into a reversible a-c servo- 
motor which moved the control gate until the signal from the two 
transducers matched, 

Different station power outputs and turbine efficiency curves 


Fig. 8 Photograph of control gate mechanism 
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could be simulated by variations in the shape of the cam on the 
outlet gate. Fig. 8 shows a photograph of the outlet gate with 
its control mechanism. 

The surge-tank model allowed measurements of both the sta- 
bility under a constant load and also the rate of damping follow- 
ing a simulated load change. 

The upper diagram in Fig. 9 shows unstable surge oscillations 
developing from a steady state. 

The lower diagram shows decreasing surge oscillations follow- 
ing a load change. It can be seen, however, that, with the 
diameter of tank used to obtain the lower diagram, the surge os- 
cillations did not die out completely even after a period corre- 
sponding to one hour in the prototype. They maintained at the 
end of this period an approximately constant amplitude of 5 ft. 

The model showed that these residual oscillations persisted at 
all surge-tank diameters less than that which could be calculated 
analytically using Thoma’s criterion. Acceptable damping of 
major oscillations could, however, be obtained with an orifice 
tank of lesser diameter. With a 100-ft diameter orifice 
surge tank, the residual oscillations were only 1 per cent of the 
head on the station. This diameter was adopted in the final de- 
sign. 


5 Conclusions 


The application of electronics to the solution of problems in- 
volving hydraulic transients has made it possible to investigate 
the most complicated hydraulic systems and to do this with a 
speed and accuracy which could never have been attained with 
conventional methods. 

This new approach can lead to a considerable saving in engi- 
neering time and sometimes to a saving in construction cost. 
At the same time, if correctly applied and with a correct in- 
terpretation of the results, this method leads to a safer and, 
therefore, better hydraulic design. 

The use of digital computers is recommended for problems 
which involve a long ‘computer memory,’’ while analog com- 
puters are more suitable where the data are being continuously 
circulated. 

An electronically controlled model can sometimes give the 


most reliable and economical solution for problems in which the 
basic hydraulic equations are uncertain, 
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APPENDIX! 


Derivation of Equations Used in Water-Hammer 
Programming 


Both the graphical method of Schnyder-Bergeron and the 
numerical method are based on equation (5), but, while for the 
graphical method the equation is rewritten in ratios of static head 
and initial velocity, for the numerical method the pressures and 
discharges are calculated directly from equation (5). 

By using the discharge rather than the velocity, the calcula- 
tions are considerably simplified as the discharge is independent 
of the area of the conduit. In doing so, a new pipeline constant 


S =- i is introduced where A is the cross-sectional area of the 
conduit and equation (5) can now be rewritten as 
Ha, + = + = Can 


in which S,p is the pipe constant for the conduit between A and B, 
In both the graphical and numerical methods, the equations 
are used to caleulate the pressure at A at a time t, from the known 


Lan 


pressure at B at a time t, — tap in which tan = 
For the computer study, equation (5) is, therefore, written as: 
Ha, + = He SapQni,- 
The computational procedure for any point consists of calculat- 
ing for each interval the pressure and water-hammer character- 
istic from the known water-hammer characteristic at a time tap 
before. 
The following examples clarify the procedure for a number of 


special points on the pipeline: 


(a) Intake 


B 


At the intake of a tunnel, the head is constant and, therefore: 


Hay, = Has = Hy 


“tAB 


Har, 


TTAB 
The water-hammer pressure wave at B at a time t, — tap and 
going toward A has the characteristic: 


Ha, = 


The water-hammer pressure wave at A at a time t, and going 
toward B has a characteristic 


Caney = Hay, + 
these equations follows: 
Ho — 


Sap 
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in which Cas,,-,,, bas been calculated a time t,p before and has 


been stored in the memory of the computer for use at this time. 
Similarly, the new wave characteristic 


is calculated and stored in the memory of the computer for use at 
B a time fap later. 


(b) Gate or Valve 


— 


The discharge through a gate or valve can be expressed in the 
form: 


Qa = Ki, WH arg 


where K,, is the gate characteristic and is equal to the product of 


the discharge coefficient and the area of the gate opening at a 
time t,. Therefore, for each gate operation K,, is a known func- 


tion of time. The mathematical expression of this function is 


stored in the memory of the computer, so that for each time inter- 
val the appropriate value of K,, can be selected and inserted in 
the formulas. 

The water-hammer characteristics at B at a time t, — tap and 
at A at a time ¢, are, respectively 


= Ha, + 
From these equations follows: 
San(K,,)* 
The pressure at A can now be calculated from 


and the new water-hammer pressure characteristic is calculated 
from 


Capy = — 


and is stored in the memory of the computer for use at B a time 
interval tay later. 


(c) Orifice 


A 


The head loss in the orifice can be written as 
As, = Herp 


in which j is a known orifice coefficient. 
The water-hammer characteristics can again be written as 


CaBip-tap = + 
= Hy, + 
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Coat, = — 
Comp, = + 


From these equations follows: 
1 
(Sap + Spc) 


2) 
(San + Spc)* 


= 


San + Spc 


The new water-hammer characteristics are again calculated 
and stored in the memory of the computer for use at the next 
time interval. 


v 
Caaty = 2H big — CaBiy-tan 


APPENDIX 2 
Derivation of Model Scales for a Surge-Tank Model 


When a hydraulic model is used to study the stability of a surge 
tank, the entire power development including the intake, supply 
tunnel, surge shaft, surge tank, penstock, and governor should be 
represented in the model, as each part affects the surge-tank sta- 
bility to some degree. 

The following laws which govern the mass oscillations in a surge 
tank should be represented on scale in the model and the in- 
fluence of each part of the development on these laws should be 
carefully scrutinized before the model scales are determined: 


L d 
Dynamic equation — = +z+FV*?=0 (9) 
g 


Continuity equation VA; =Aszg = +Q (10) 


d 


Friction loss 


(11) 


Orifice loss (12) 


V 
ho = C— 
In these, the factor F includes intake, bend, friction, and orifice 
losses, while f is the friction factor of the supply tunnel. 

The first two equations lead to the surge-tank model laws, while 
the last two equations impose practical limitations on the choice 
of the scale values. 

If the scale values are identified by a subscript n, the model 
laws can be written as: 


L, = % (13) 


V,D,? = = D,,? 2n 


te 


(14) 


Equations (13) and (14) combined lead to: 


L, = 
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Equation (15) is valid for any surge tank model and, together 
with equation (13), it gives all relationships between the various 
model scales. For instance, if the scales L,, z,, D,, and the ratio 


“. = b are selected, the scales for the discharge, velocity, and 


time are as follows: 


= 


The selection of the scales is, however, limited by the require- 
ments of equations (11) and (12). Equation (11) leads to f, = 


D,b 
“— and the scales for D,, b, and z, must, therefore, be chosen 


n 
such that the value of f, does not fall below that for a hydrauli- 
cally smooth pipe which is the minimum value that can be ob- 
tained. 

Another limitation is imposed by the fact that the Reynolds 
number in the pipe should be such that the flow does not. become 
laminar at any time; therefore, the Reynolds number in the 
pipe should not fall below 5-10 or preferably not below 10¢. 

Equation (12) leads to z, = V,'/?, which means that the 
diameter scale at the surge-tank tee should be the same as the 
vertical scale. The dynamic similarity also requires that the con- 
traction coefficients in the orifice should be similar in prototype 
and model, and, therefore, the Reynolds number at the surge- 
tank tee should not fall below 105. 

Similar limitations are imposed by the various other parts of 
the development; for instance, the intake losses, the length of the 
surge tank riser, the losses at the junction of riser and surge tank 
all influence the stability of the surge tank. However, in most 
cases their influence is small and can be neglected, but each case 
should be judged separately before the final selection of the scale 
values is made. 


DISCUSSION 
C. C. Crawford? 


The authors are to be commended for the presentation of this 
paper. The method of preparing the water-hammer equations 
for digital computation is well presented. Without doubt, use of 
an electronic digital computer is the best way to analyze certain 
hydraulic transient problems. However, the writer must take 
issue with the inference that use of a computer is the only reasona- 
ble method of water-hammer analysis for the type of system under 
discussion. 

Concerning analysis of the Bersimis No. 1 development, the 
writer considers that water-hammer pressures for this system can 
be computed by simplified methods with entirely adequate ac- 
curacy for engineering design purposes. 

In the Bersimis No. 1 development the penstocks are of such 
length that 10 or more acoustic wave round trips between the tur- 
bine gates and the header can be made during turbine-gate 
closure. This condition, for design purposes, will allow the 
equivalent pipe concept to be used for the header-penstock sys- 
tem. The effective L/A for a system of this type can be computed 
as (refer to Fig. 10) 


? Engineer, Technical Engineering Analysis Section, Bureau of 
Reclamation, Denver, Colo. 
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Effective L/A 4 — 


where Le, ...., and Ay, As, ...., are, respectively, the lengths 
and cross-sectional areas of pipe reaches (1), (2), This con- 
tinued fraction can be extended to include any number of pen- 
stocks. Use of this effective L/A allows the Bersimis No. 1 
waterways system to be reduced to a three-pipe system wherein 
the water hammer can be readily computed graphically. 

In the case of the Bersimis No. 1 development, further simpli- 
fication can be effected and the water-hammer pressures can be 
computed satisfactorily for many purposes using rigid water- 
column theory. The effective L/A from the turbine gates to the 
normal water surface in the throttled surge tank is computed to 
be 2.25 ft~!. The dimensions used to compute this value have 
been estimated or sealed from Fig. 1. The sealed penstock lengths 
vary from 880 to 1130 ft. It is assumed that the throttled surge- 
tank riser is 31 ft diam from elevation 806 to elevation 1180. It 
is further estimated or assumed that the rated total flow is 15,200 
cfs, the friction loss in the tunnel is 78 ft, and the throttling loss 
for full flow into the surge tank is 203 ft. For linear, full-gate 
closure in 5.40 sec, the water-hammer head rise at the turbine 
gates is computed by rigid water-column theory to be 225 ft, and 
at the entrance to the surge tank, 50 ft. From this, the maximum 
water-hammer gradient elevation at the turbine gates is 1305 — 
78 + 203 + 225 = 1655 ft. This produces a pressure at the 
turbine gates of 534 psi. The maximum water-hammer gradient 
elevation at the surge-tank junction is 1305 — 78 + 203 + 50 = 
1480 ft. This represents a head rise in the tunnel 253 ft above 
normal operating gradient. This head rise, as a pressure wave, 
will be projected upstream in the tunnel in such a manner that 
the maximum gradient will be essentially 253 ft higher than the 
normal operating gradient in the tunnel. This peak of pressure 
will travel upstream to within approximately (5.40)(4200) + 2 = 
11,000 ft of the tunnel intake. 

The writer considers that this type of analysis is entirely satis- 


Fig. 10 Header-penstock system 
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factory for all preliminary design. Final design analysis can be 
performed by relatively simple graphical solutions using the 
equivalent single pipe to represent the penstock-header system 
For design purposes, the errors which occur using such a simplified 
analysis will be completely overshadowed by unknown factors in 
the input data such as: 


(a) Unknown and nonlinear turbine-gate characteristics. 

(6) Lack of synchronism among the various turbine-gate 
movements. 

(c) Variations in differential surge-tank orifice coefficients 
with changing flow conditions, and so on. 


Pierre Danel’ and G. D. Ransford‘ 

This paper gives a very clear and comprehensive picture of 
modern methods of surge-tank analysis. 

Our laboratory has had to deal with several stability problems 
similar to those considered in the paper. In the case of under- 
ground power plants in particular, one frequently has to treat 
surge chambers set over short tailrace tunnels (with, or often 
without, an upstream tank) in which case the effect of the velocity 
head may be much greater than that of the friction losses in the 
tunnel downstream. Though the simple, first-order theory would 
suggest that in such cases the system would be definitely unstable, 
an extension of Gardel’s theory to such installations® seems to in- 
dicate that the reverse is in fact true; the velocity head may 
contribute to the stability. 

Experimental confirmation of this theory, or more generally, 
study of an underground power plant taking account of the pre- 
cise velocity distribution under the tank, i.e., at the draft-tube 
outlets, is difficult because, strictly speaking, it would be neces- 
sary to represent the turbines on the model . A compromise could 
be achieved by testing different artificial velocity distributions at 
the outlet of the model draft tubes without going as far as simulat- 
ing the turbines (and of course the turbine governors) themselves. 

In view of these difficulties, and more especially on account of 
the exceedingly short time allowed us to analyze a particular 
scheme of this type (the power station was already under con- 
struction before it was appreciated that a serious stability problem 
did in faet exist), we recently had to use an electronic computer 
instead of a model for such a study. It became necessary, using 
various known data such as Gardel’s, to make some estimate of 
the velocity-head effect at the base of the structure. This was 
done by two sets of formulas covering what was hoped would be 
the probable range of variation of this effect. At the same time, 
penstock friction losses, turbine efficiencies, and so on, were to be 
taken into account. 

The work was done on a digital computer, and it does not seem 
in fact that an analog machine would be suitable in this instance, 
because of the rather large number of subsidiary equations in- 
volved in the calculations; moreover, the velocity head formulas 
had to be changed with changing directions of flow. 

Although rapid, approximate results may be obtained on a 
computer, the use of a model, admittedly of somewhat more 
complicated type than in the familiar case of an upstream surge 
tank only, is the most satisfactory way of treating these cases if a 
highly accurate study of stability conditions is desired. 


C. Jaeger’ 


The authors have skillfully combined in one paper a problem 
concerning water hammer and others on surges in very large 


3 President, SOGREAH, Grenoble, France. Assoc. Mem. ASME. 

‘Engineer, SOGREAH, Grenoble, France. 

6G. D. Ransford, ‘‘La Stabilité d'une Usine,’’ La Houille Blanche, 
vol, 12, 1957, pp. 213-219. 

6 Consulting Engineer, English Electric Company Ltd., Rugby, 
Iengland. 
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hydro power systems. This approach is correct since both 
problems are but two aspects of transient behavior of water in 
pressure systems. They are usually dealt with separately only 
to simplify the calculations. The paper is of major importance 
as it clearly shows the present trend in transient analysis. 

1 In the past there have been two schools of thought in 
transient analysis. The first is mainly represented by graphical 
methods (Schnyder-Bergeron for water hammer; Schoklitsch or 
Calame and Gaden for surge calculations), whereas the more 
general analysis of Allievi and others represented the “‘synthetic’”’ 
attitude of mind, trying to describe the general laws of surges and 
elastic pressure waves in pressure systems. 

2 The complexity and the importance of transient analysis 
in large modern hydro power systems have forced the responsible 
engineers to develop both approaches. Recent examples are a 
publication by M. Bouvard and J. Molbert on water-hammer 
waves progressing in the pressure tunnel of Isére-Arce (France)? 
and the surge and pressure measurements and analysis of the 
Aguasabon surge tank of the Ontario Hydro Power Commission.® 
The treatment of the three examples mentioned by the authors 
(Bersimis No. 1, Chute-des-Passes, Bersimis No. 2) comes in the 
same category of research. New tools, the digital computer, the 
analog computer, and specially evolved model tests, making use 
of skillfully applied electronic equipment, produced a far greater 
accuracy than the numerical or graphical computations by which 
these problems were solved some years ago (Istre-Are). On the 
other hand, it was shown recently that a general analysis on the 
surge stability in multiple surge tanks was possible using a 
mathematical approach which yields a complete “synthesis” of 
the surge conditions.® 

It was additionally shown by Prof. H. Paynter how electrical 
analogy could be used to vield the same general synthetic results 
in a far shorter time. The modern electronic research facilities 
can be used either for general analysis of complex problems or for 
solving particular intricate problems. It is less the tool that is 
important than the way it is being used to yield a required result. 

3 The paper shows that the “old’’ principles of maximum 
or minimum surges, surge stability, tank drainage, maximum or 
minimum elastic shock pressure, used from the very beginnings 
of the studies on hydraulic transients, still hold. In particular, 
the model tests on Bersimis No. 2 confirm the now well-established 
theory of Thoma (1910) on surge stability (and incidentally some 
more recent results by L. Escande and others). It also shows that 
previous results obtained with less elaborate tools correctly indi- 
cate the general trend of pressures and surges, but that, in some 
cases where a greater precision is required, the modern tools are 
the only ones which will yield the final correct answer. 


F. L. Lawton'' and M. Lester’? 


The authors are to be congratulated on a well-presented ap- 
proach to more accurate analyses of hydraulic transients by means 
of digital and analog computers and electronically synchronized 
models. There appears to be no question whatever that these new 


7M. Bouvard and J. Molbert, “Calcul de la Cheminée a Elrangle- 
ment de la Chute Is@re-Arc,”’ La Houille Blanche, vol. 8, 1953, pp. 
260-287. 

8 W. L. Gibson and W. Shelson, ‘‘An Experimental and Analytical 
Investigation of a Differential Surge Tank Installation,’ Trans. 
ASME, vol. 78, 1956, pp. 925-940. 

*C. Jaeger, “The Double Surge Tanks System,”” Water Power, vol. 
9, 1957, pp. 253-258. 

”~C, Jaeger, ‘‘Contribution to the Stability Theory of Systems of 
Surge Tanks,” Trans. ASME, vol. 80, 1958, pp. 1514-1584; including 
discussion by H. M. Paynter, p. 1580. 

Chief Engineer, Power Department, Aluminum Laboratories 
Limited, Montreal, Canada. 
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techniques are opening the way toward the realization of optimum 
designs heretofore impossible to achieve because of time and man- 
power limitations, or because of complexity. 

The surge tank for Bersimis No. 2 is a good example of this. 
Conventional stability analysis indicated a minimum diameter of 
114 ft would be required although it was known that the effect of 
velocity head at the surge tank might serve to reduce this figure. 
Ordinarily, these losses could not have been evaluated under 
transient conditions but by coupling a model to various electronic 
comparators and servomechanisms the problem was solved. The 
solution involved a surge tank of 100 ft diam in contrast to the 
minimum stable diameter of 114 ft indicated on the basis of 
Thoma’s formula allowing only for friction losses in the supply 
tunnel and the minimum diameter of 73 ft taking into account 
the damping effect of the velocity head in the supply tunnel, at 
the surge-tank tee. The value of the tests is demonstrated by 
the authors’ statement that a reduction in diameter of 3 ft would 
pay for the model work. 

The authors have drawn attention to the necessity of a more 
careful study of surge-tank requirements in large hydroelectric 
developments as compared with smaller plants, if an economic 
design is to be obtained. Care must be taken to eliminate the 
effect of tank drainage on plant regulation, a condition which may 
arise where large supply-tunnel friction losses occur and where 
the turbine efficiency droops sharply near full gate. They note 
specific criteria for surge-tank stability in major developments 
and might well have drawn attention to the significance of opera- 
tion of such a plant as part of a major interconnected system. 

While electronic computers are designed to play an increasing 
role in complex hydraulic studies there is some danger of engineer- 
ing judgment being depreciated. A resultant danger is that of 
setting up a problem, feeding it through a computer, and ac- 
cepting the answers without adequate analysis of the factors in- 
volved. 

As an example, the authors noted the four constant criteria 
used in the analyses of the surge-tank problem at Bersimis No. 1 
as follows: 


1 Maximum level in the tank at full-load rejection. 

2 Maximum pressure at two critical points in the supply 
tunnel, 

3 Maximum pressure at the turbine valves. 

4 Minimum tank diameter for good regulation. 


The variables consisted of two different orifice-tank diameters 
and four rates of turbine-gate closure. The results showed an 
orifice tank of 87 ft diam was the minimum size which would 
satisfy all four conditions with the limiting criteria (2) and (3). 
This was then compared economically with the 84-ft-diam dif- 
ferential tank previously determined in order to ascertain whether 
the additional 3 ft of diameter cost more than the internal riser 
of the differential tank. 

It would be a mistake to assume the study complete at this 
point. The answers obtained are correct enough but are ap- 
plicable only to the set of constant criteria used. More speci- 
fically, the second criterion required that the maximum pressure 
in the supply tank must not exceed twice the available depth of 
the rock cover at any point. This is obviously a rather broad rule- 
of-thumb adopted for preliminary purposes. What if a figure of 
2.1 or 2.2 times the rock cover were used? How sensitive is the 
resultant diameter to this criterion? What about the possibility 
of designing the tunnel lining to take some of the bursting pres- 
sure at the critical points, permitting an even higher pressure /rock 
cover ratio. 

Similarly, the other limiting criteria should be investigated to 
determine what effect small changes in them would have on the 
resultant diameter. These studies, of course, are also amenable 


to computer analysis. Only when all of the so-called constants 
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have been investigated can a true economic comparison be made. 


J. F. Lewer'* 


This is an excellent paper describing the authors’ experiences in 
applying analog and digital computers to the solution of two dif- 
ficult problems. With their conclusions, the authors include a 
short paragraph to explain why they chose each of these com- 
puters for each particular problem. It is believed that they have 
oversimplified this selection to a great degree. 

At the outset it is necessary to decide whether or not to use a 
computer, and a careful study should be made before reaching a 
decision. It must be understood that certain types of problems 
cannot be solved on an analog computer, and some problems which 
can be worked on a digital machine cannot be solved in an 
economic manner. It is not easy to determine if it will be justifia- 
ble economically to use the computer, but there are several fac- 
tors which can be considered: 

(a) The availability of a computer. This is particularly im- 
portant when considering analog computers as these are usually 
special-purpose instruments, and it may be impossible to adapt 
one for a special problem. This difficulty does not exist with the 
digital machines, but it may occur if the problem requires an 
unusually large or highly specialized computer. 

(b) Certain types of problems are readily adapted for a machine 
solution, while many others are not. Those involving calcula- 
tions of a similar nature throughout the problem are best suited 
for this purpose. 

(c) The frequency with which the problem occurs. This 
should be considered along with the difficulty of manual solution. 
If a problem must be done many times, it may be desirable to do 
it electronically, even if it is simply an addition, 

(d) The ability of the available programmers. A good pro- 
grammer can save much time in preparing the machine instruc- 
tions as well as considerable expense when debugging. 

(e) When a problem can be solved in no other manner, it is 
necessary to prepare an estimate of the anticipated benefits to be 
obtained from the solution. These benefits can then be com- 
pared with the costs entailed in the machine solution. 

The foregoing rules must not be considered separately, but 
should be studied in relation to the cost of the machine and man- 
power before deciding to use an electronic computer. 


H. M. Paynter'é 


The authors have presented excellent examples of the applica- 
tion of modern computing machinery and methods to practical 
surge and water-hammer problems involved in the design of hy- 
droelectric plants. The writer would like to point out certain in- 
timate connections between the present paper and recent papers 
representing contemporary work both at M.1.T. and at the 
American Center for Analog Computing.'® 

1 Using simple transmission operators for the characteristic 
propagation as outlined in the cited references, effective analog 
(as well as digital) computation can be employed for water-ham- 
mer problems. Each length of pipe is represented as a two-part 
element, with proper dynamic relations between upstream and 
downstream heads and flows. In this way a complete working 


18 Computer Engineer, Niagara Mohawk Power Corporation, 
Buffalo, N. Y. 

14 Massachusetts Institute of Technology, Cambridge, Mass.; 
also, American Center for Analog Computing, Boston, Mass. Mem. 
ASME. 

18 F, D. Ezekiel and H. M. Paynter, ‘‘Computer Representations 
of Engineering Systems Involving Fluid Transients,’ Trans. ASMBF, 
vol. 79, 1957, pp. 1840-1850. 

© H. M. Paynter, “Generalizing the Concepts of Power Transport 
and Energy Ports for Systems Engineering,”” ASME Paper No, 58 —A- 
296. 
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model operating at fast electronic speeds may be constructed for 
any flow geometry. 

2 Attention is called to the important effect that governing 
and network time constants and configurations have upon the 
stability of multiple surge-tank systems. Indeed, with the 
present ready availability of analog and digital computing facili- 
ties, both at universities and in private computing centers, each 
and every plant design should be “proved out’’ in detail on an 
actual computing model before the plant is even constructed. The 
writer has been engaged in this pursuit with notable success for 
the past 10 years. 

Thus preliminary design charts and rules then may be con- 
structed based upon simple approximations and used only as de- 
vices for the selection of suitably sized components and appro- 
priate control configurations and ranges. 


E. B. Strowger'’ 


The authors point out that the Thoma formula for the diameter 
of a surge tank corresponding to the point of incipient instability 
neglects the damping effect of the velocity head at the tee con- 
nection whereas the stability formula of Calame and Gaden takes 
this factor into account. The stable diameter for the Bersimis 
tank determined by the Thoma formula was computed to be 
114 ft, that by the Calame and Gaden formula 73 ft, but the 
diameter of the tank finally adopted was 100 ft. 

The use of a model test made it unnecessary to resolve the 
theoretical question as to the effect of the velocity head at the 
tank connection., It is interesting to note that, while the tank 
oscillations persisted at all diameters less than the Thoma eri- 
terion, the residual oscillations in the tank of diameter 14 per 
cent under the Thoma criterion could be tolerated on the system. 
There is an inference that the tank diameter 27 per cent under 
the Thoma criterion would not be satisfactory. 

The point of incipient instability is the point where the surge 
wave will not begin to augment but is about to do so. While this 
point still indicates stability, the amplitude of the oscillations 
which persist may be large enough to cause a power swing and to 
overwork the governors and prevent the plant from contributing 
to system fringe regulation. This may be a strong reason for some 
allowance in diameter over the Thoma minimum, particularly on 
systems having rather ragged frequency and where tie-line loads 
are kept at certain fixed values. After deciding on the tank 
diameter, based on this factor, it is then desirable to determine 
the tank height for full station load-off and to determine orifice 
size to produce rectangular action for 50 per cent load-on with the 
tank bottom low enough to avoid drainage for full load-on. To 
modify any undesirable characteristics in respect to the tank 
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Fig. 11 Influence of orifice on amplitude of residual oscillations 


profession a powerful tool to check whether the inaccuracies in- 
duced by simplifying assumptions can be tolerated. 

One of the purposes of the electronic computer calculations of 
water hammer in the conduits of the Bersimis No. 1 development 
was to determine with accuracy the distribution of maximum 
pressure in the supply tunnel. For example, it was not known 
whether the water-hammer waves in the long supply tunnel would 
decay to negligible values before the water level in the surge tank 
rose to its maximum level. If they did not decay rapidly, surge 
and water-hammer pressures would be additive along the whole 
length of the supply tunnel. Mr. Crawford’s rigid column theory 


did not give any answer to this problem and while a check cal- 
culation was made graphically in the manner Mr. Crawford sug- 
gested, for the particular combination of penstock, riser, and sup- 


action for load rejection resulting from the design required 
for rectangular action accompanying 50 per cent load assumption, 
a different orifice design may be adopted for the two actions. 


The authors have presented an interesting and valuable con- 
tribution to hydraulic engineers engaged in tank design. 


Authors’ Closure 


The large number of contributors to the discussion has been 
very gratifying to the authors. 

Mr. Crawford and Mr. Leuer have both commented on the 
advisability or otherwise of doing computer studies of problems 
which could be simplified so that they became amenable to graphi- 
cal or analytical solutions. Although the authors agree that 
care should be taken that no unnecessary design costs be incurred 
by undue refinement of computational procedure, they would 
point out that electronic computers have given the engineering 


"System Project Engineer, Hydro Stations, Niagara Mohawk 
Power Corporation, Buffalo, N. Y. Mem. ASME. 
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ply tunnel lengths, it involved a considerable amount of tedious 
drafting in which mistakes could easily have occurred. 

Mr., Paynter made reference to the use of an analog computer 
for the solution of water-hammer problems. Although for many 
such calculations the speed of an analog computer is higher than 
that of a digital computer, the authors think that for calcula- 
tions of water hammer in the Bersimis No. 1 development, data 
storage limitations might have slowed down the analog computer 
to a speed much less than its normal operating level. 

Messrs. Lawton and Lester suggest that the four criteria used 
in the comparison between the two types of surge tank for the 
Bersimis No. 1 development are rather arbitrary, especially the 
criterion for the maximum allowable pressure in the supply tun- 
nel. The minimum allowable rock cover over the supply tunnel 
was a factor which considerably influenced the cost of the Ber- 
simis No. 1 development, and the requirement that the maximum 
pressure in the supply tunnel should not exceed twice the rock 
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cover over it, was reached only after careful consideration." 

The three other criteria mentioned were also submitted to care- 
ful analysis. The discussers ask if this preliminary analysis could 
not have utilized water hammer or other computer programs. 
The answer is that suitable standard computer programs were 
not available at the time the Bersimis No. 1 development was 
designed. Now most computer users have access to a library of 
standard programs, and programs from this library can greatly 
facilitate preliminary as well as final designs. 

The observations of Dr. Danel and Mr. Ransford on the effect 
of velocity head acting so as to stabilize rather than destabilize a 
tailrace tunnel surge tank are of great interest. The author fully 
realizes the difficulties involved in obtaining experimental proof 
of this theory. A model in which 95 to 98 per cent of the energy 
of water in the penstocks has to be dissipated in accordance with 
a set pattern before it flows out of the model draft tubes would be 
difficult to construct and operate. It is probable that for this 
problem hydraulic mode! measurements of loss coefficients at the 
draft tube outlets and those at the surge tank tee could with ad- 
vantage be fed into the stability program of an electronic com- 
puter to reap the benefits of both methods of analysis. 

The authors agree that subsidiary equations are sometimes 
handled more easily by a digital than by an analog computer. 
More machine time is, however, necessary to obtain a solution 
with the first type of computer. 

Both Dr. Jaeger and Mr. Strowger have commented on the 
use of Thoma’s formula for stability. Since writing this paper 
the authors have made some additional tests on the model of the 

1% F. W. Patterson, R. L. Clinch, and I. W. MecCaig, “Design of 


Large Pressure Conduits in Rock,”’ Proceedings, AIChE, Paper 1457, 
December. 1957. 
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Bersimis No. 2 surge tank, this time without the orifice at 
the surge tank tee. The results of these tests which recorded 
the amplitude of residual oscillations with different tank diame- 
ters are given in Fig. 11 together with comparative measurements 
made with an orifice at the surge tank tee. It can be seen that 
for a surge tank without a restricting orifice the amplitude of the 
residual oscillation increases suddenly with decreasing tank di- 
ameter. With a restricted orifice surge tank the transfer from 
stable to violently unstable operation is more gradual. Fig. 10 
also shows that the initial diameter, below which residual surge 
tank oscillations start to increase, is the same for both the simple 
and restricted orifice surge tank. 

The graph itself should be considered as illustrative only as 
the points on the curve were obtained with a model operating 
cam which represented an output much greater than that for 
best turbine efficiency. The figures shown are therefore not 
indicative of the surge tank’s true stability. 

Mr. Strowger points out that for a hydroelectric station em- 
ployed to give system fringe regulation an allowance must be 
provided in surge tank diameter above Thoma’s minimum value. 
The authors would agree with Mr. Strowger’s remarks: Such a 
station must give positive surge damping even when its turbines 
are operating above the point of best efficiency. Both the re- 
quirement of positive stability and that of stable operation 
while the station turbines are operating on the drooping side of 
the efficiency curve require substantial increases of surge tank 
diameter. 

Mr. Paynter’s comments endorse Mr. Strowger’s remarks. 
He suggests that the performance of all proposed hydroelectric 
plants should be “proved out’’ by computer simulation before 
construction. 
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Large Water-Level Displacements in the 
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Simple Surge Tank 


The nondimensional unapproximated form of the equation describing the motion of 
the water level in a simple nonthrottled open surge tank operating under the condition of 
constant hydraulic power to the turbine is shown to have two singular points. One of 
these is at the steady-flow hydraulic grade-line level and accounts for small displacement 


phenomena. The other is at a lower elevation and accounts for the occurrence of drain- 
age due to insufficient power being available at the turbine. 

An approximate condition for the occurrence of drainage of this type is given for the 
case of sudden acceptance of full load from a zero-flow condition. This result and the 
condition for the perpetuation of oscillations of constant amplitude are compared with 
experimental data obtained by the author from a hydraulic model. 


Introduction 


ies article is concerned with the application of cer- 
tain methods of nonlinear mechanics to the equation describing 
the motion of the water level in a simple surge tank located above 
the turbines of a hydroelectric plant as is shown schematically in 
Fig. l(a). 

The surge tank is required for the reduction of the water ham- 
mer in the conduit from the reservoir which otherwise would re- 
sult from the changes in the flow through the turbines that ac- 

Contributed by the Water Hammer Committee of the Hydraulic 
Division and presented at the Annual Meeting, New York, N. Y., 
November 30-December 5, 1958, of Tue AmeRicaN Society oF 
MecHANICAL ENGINEERS 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters July 16, 
1957. Paper No. 58—A-29. 


Nomenclature 


company changes in the power output of the plant. On the basis 
of constant turbine efficiency the penstock flow is regulated in re- 
lation to the surge-tank water level so that the hydraulic power 
given to the turbine has a particular constant value. Thus a 
large penstock flow will be required when the surge-tank water 
level is at a low elevation, and vice versa. 

It has long been understood [1]! that such a regulation process 
can cause unstable oscillations in the surge tank if its area is too 
small in relation to that of the conduit. 

The differential equation representing the motion of the _— 
tank water level is nonlinear. The usual approach [1, 2} has been 
to linearize it (that is, to neglect all but the linear terms) into the 


well-known form, 
+ w 0 
+ 2k mew = 
dt? 1 


‘ Numbers in brackets designate References at end of paper. 


cross-sectional area of conduit 
from reservoir to surge tank 

cross-sectional area of penstock 
from surge tank to turbine level 

cross-sectional area of inlet to 
surge tank tank 

cross-sectional area of surge 
tank 


length of conduit from reser- 


elevation of water level in surge 
tank above reservoir level 


y’ + hy 
steady-flow level in surge 


dw’ 


dv dt’ 


initial values of u and w 


dimension- 
less group- 
hy ings defin- 
ing space 
for univer- 


elevation of water 
surge tank above 


= transient velocity sal repre- 
sentation of 


voir 

transient-flow velocity in con- 
duit from reservoir 

steady-state-flow velocity in 
conduit from reservoir 

transient-flow velocity in pen- 
stock 

Vo’ = steady-state-flow veloc- 
ity in penstock 

total elevation of water level in 
reservoir 

elevation of water level in surge 
tank for steady flow Vo’ 
conduit and penstock 


H— Hy 
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of surge-tank water level 
time 


- = nondimensional eleva- 


Hy 
tion of surge-tank water level 


t’ = nt’ = nondimen- 


sional time 


(i) 


= nondimensional transient 
velocity of surge-tank water 
level 


stability 
characteris- 
ties 


Y 


value of w at which there is 
a singular point of the surge- 
tank equation 


w — @ = nondimensional ele- 
vation of surge-tank water 
level 


radius of limit cycle in (w, u) 
plane 
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an equation which can only be valid for small values of w resulting 
from small load changes. Setting k = 0 one obtains the classical 
Thoma condition [1] for oscillations of perpetually constant am- 
plitude (termed siationary oscillations) as 

F L 

This classical approach fails to account for: (a) The fact that 
the Thoma condition actually gives unstable oscillations, its error 
becoming more marked when the load change is large, and (b) the 
propensity of the surge tank to drain itself even though the con- 
duit friction is low. 

These two phenomena were reported by Paynter [3] after an 
investigation employing an electrical analog computer, and have 
been observed by the author employing a hydraulic model. 

Both these occurrences can be accounted for by applying the 
methods of nonlinear mechanics to the unapproximated equation. 
E-vangelisti [4] showed that the failure of the Thoma condition is 
due to the existence of a limit eycle about the singularity at w = 
0. It is now shown that the equation has another singular point 
which accounts for the drainage. 


Basic Equation 


Consider the surge-tank installation shown in Fig. l(a). The 
surge tank is of cross-sectional area F and the conduit and pen- 
stock are each of cross-sectional area A and diameter D. Primed 
symbols are used for the velocities, time, and the water-level ele- 
vations in order that unprimed symbols may be reserved for the 
dimensionless equivalents of these quantities. 

It is assumed that V’ > 0, that is, the case of water flow back 
into the reservoir is discounted. The equation of motion of the 
water in the pipe PQ, the equation asserting hydraulic continuity 


u' 


| 


Wey +(hpe 


Fig. 1 Schematic surge-tank installation 
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at Q, and the condition of constant hydraulic-power input to 
the turbine are, respectively 

L dv’ 
g 
F dw’ 


"2 


—y' —-cV" = —wy’ + cV’,? -—-cV" = 


(1) 
V’ =r’ + 


(Hy + w’ = Horo’ = 


where in equation (1) 


JL 
(4) 


k being the coefficient at the pipe entrance at P and f the d’Arcy 
friction factor of the pipe PQ. 
It is seen that equation (3) holds for 


Hy +w'>O (5) 


so that the system represented by equations (1), (2), and (3) is in 
fact that shown in Fig. 1(b). 

Eliminating V’ and r’ between equations (1), (2), and (3) one 
has, as the equation for the position of the water level in the surge 


tank 
9g A dt" (Hy + w’)? dt’ 


+ ( 0 (6 
= ) 
Ae’ 


It is remarked that equation (6) still holds if the conduit from 
the reservoir and the penstock are of different cross-sectional 
areas. 

The usual approach [1, 2] has been to neglect all but the linear 
terms in this equation on the basis that only small values of w are 
to be considered. In the present work the complete unapproxi- 
mated equation will be investigated. It will first be transformed 
into nondimensional form. 


The Surge Tank Equation in Nondimensional Form 


F-quation (6) may be transformed into a nondimensional form 
by the substitutions 


gA 
t= t’ = nt’ 


and the introduction of the dimensionless groupings [2, 3] 


hy, 
X=- 


L 
J 
4 


Equation (6) becomes 


dtw 1 dw 


dt? X (1+w)® de 


( + 2X dw + x? (* y) (11) 
(l+w)? (1+w) dt Y dt 


or, since +w>0O 


+w-Y 
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dt 


xX? dw \? 
2 = 
(1 + w) 0 (12) 


Y 
(1 + w) a + (2xa + w) x) 


+ (2 — Y)w? + w* + 


It is seen that each of the coefficients of equation (12) is a fune- 
tion of the two dimensionless groupings X, Y of the plant 
parameters. It follows that dynamical similarity between two 
systems will be established if the systems have the same values 
of X and Y, and that the criteria separating the various types of 
singularities will be expressible as universal curves in the XY 
plane. 


The Singular Points of the Surge-Tank Equation 


d?w udu 
equation (12) becomes 


dw 
Writing — de 


dt 
du P(wu ) 


= 
Q(wu) (13) 


where 


P(wu) = —(1 — 2¥)w — (2x = 


~ + (2 — Y)w? + — (1 + + 2Xwu | (14) 


Qwu) = u + Qwu + wu (15) 


The singular points of the phase trajectories are the points of 
intersection of the curves 


P(wu) = 0 (16) 


Qwu) = 0 (17) 


and occur at 


(18) 


(19) 


2 2 Y } 

Since w > —1, however, only the singular points (19) and (21) 

are of practical significance. 


Types of Singularities 


By means of Liapounoff’s theorem [5] one may investigate the 
natures of the phase trajectories of equation (13) in the immediate 
neighborhood of its two singular points (0, 0) and (a, 0) by con- 
sidering the equation in its linear form relative to an origin at the 
singular point under consideration. Evangelisti [4] has already 
done this for the singularity (0, 0). His results are quoted in 
terms of the present nomenclature. 
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(a) If the conditions 


2 
(2x x) — 41 —2Y¥)>0 (22) 
y<+ (23 
) 
<2x? (24) 


be simultaneously satisfied, then the singularity at (0, 0) is a 
stable node [5] and corresponds to an oscillation-free or ‘dead- 
beat” displacement of the water level. 

(b) If the conditions (22) and (23) hold, but if 


(25) ic 


the singularity at (0, 0) is an unstable node giving rise to the 
possibility of surge-tank drainage. 
(c) If 
1 


> 2 (26) 


the singularity at (0, 0) is a saddle point [5], representing static 
instability. The conduit friction prohibits acceleration to the 
velocity demanded by the turbine and drainage results irrespec- 
tive of the surge-tank size. 

(d) If 


7\3 
(2x — 41 -—2Y)<0 (27) 


X 
the singularity at (0, 0) is a foeal point [5] corresponding to os- 
cillatory motion in the (wt) plane about the point w = 0. 

The oscillations are of successively decreasing amplitude if 


Y < 2X? (28) 


and of successively increasing amplitude if 


> (29) 


The regions of the XY plane corresponding to the various forms 
of the singularity at (0, 0) are as shown in Fig. 2. 

It is emphasized that these results may only apply in a small 
region about the singularity (0, 0), that is, for small motions in 
the (wt) plane. It is also emphasized that the conditions of Lia- 
pounoff’s theorem are not satisfied on the curves 


— 
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Y 


4 
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4 

Q2 a4 a6 1.0 12 14 x 
Fig. 2 Singularity at (w = 0,v = 0): Region A unstable node, region B 
unstable focal point, region C stable focal point, region D stable node, 


region E saddle point. Drainage curve for case of instantaneous full- 
load acceptance is shown dotted. 
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(31) 


Y = 2x? (32) 


It would, for example, be an error to interpret conditions (28) and 
(29) as implying perpetual oscillations of constant amplitude on 
the curve given by equation (32). 

The singularity at (a@, 0) may be analyzed by referring equa- 
tion (13) to point (a@, 0) as origin by the substitutions w = z + a, 
u =u. The transformed equation is 

du p's + q'u + 


dz s'u + S’(zu) 


where 
p’ = —[(1 — 2Y) + 3a? + 2a(2 — Y)] 


2 


+ 4)'* —(2-—Y)¥'*] (34) 


Y 
= + 2Xa | (35) 


s’ = (1 + a)? (36) 


and R’, S’ are of second degree in z and u and contain no constant 
terms. 

Applying Liapounoff’s theorem one is able to investigate the 
singularities at w = a, vu = 0 on the basis of the linear equations 


dt 


(38) 


One notes that p’s’ > 0 when 


1 

< = (39) 
so that the only case to be considered is when the singularity is a 
saddle point [5]. When Y > 1/2 the surge tank will drain any- 
way as a result of the saddle point at (w = 0, u = 0). 

The surge tank will drain for Y < 1/2 provided the trajectory 
passes through the point (a, 0). At this point on the trajec- 
tory the system fails to deliver the requisite power to the turbine. 
The water in the conduit is unable to accelerate fast enough to 
produce the turbine demand at the low head. 


Limit Cycle in Oscillatory Domain 


Consider the singularity at the point (w = 0, u = 0) for the 
case when conditions (27), (28) are satisfied. The phase-plane 
trajectories in a region about (w = 0, u = 0) are spirals with the 
representative point moving into the singularity as time pro- 
grosses, a situation representing damped oscillations in the (w, t) 
plane. If the equation were linear, this region would extend over 
the whole of the phase plane, however, because of the nonlinear 
terms, the region is limited to that inside a limit cycle C 
surrounding the singularity [4], as shown in Fig. 3. If the initial 
values wo, uo are such that the point (wo, uo) is inside C then 
subsequent motion will be represented by a spiral into the origin; 
if (wo, uo) is outside C there will be a spiral motion outward, os- 
cillations will build up until the lower singularity is contacted 
and drainage cccurs. If (wo, uw) is on C then there will be a 
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Fig. 3 Limit cycle about stable focal point at (w = 0, vu = 0) 


cyclic motion about the origin representing a stationary oscil- 
latory motion in the (w, t) plane. 

Evangelisti [4] applied the method of the first approximation 
of Kryloff and Bogoliuboff [5] to the equation and gives the limit 
cycle C as a circle of radius 


2x? — Y 
z2=2 3y 2x? (40) 


The basis of the method is the assertion of a harmonic solution 
to equation (12), whose amplitude and phase, while functions of 
time, vary so slowly with time that they may be considered con- 
stant over the period given by the linearized equation. Thus the 
limit cycle is not exactly a circle as may be ascertained by substi- 
tuting in the equation. The result relates, rather, to the average 
of the exact equation over the period. 

For Y = 2X?*, z = 0 and the limit cycle coalesces into the 
singularity at the origin. The spirals then emanate from the 
origin, the representative point moves outward, and one has in- 
stability even for small displacements. This is one of the cases 
noted for which Liapounoff's theorem fails, see equation (32). 


Case of Instantaneous Full-Load Acceptance From an Initial 
Zero-Flow Condition 


Hitherto only the singularities of the differential equation (12) 
itself have been discussed, without considering any particular 
motion resulting from given initial conditions. 

One will consider the particular case of instantaneous full-load 
acceptance by the turbine. 

Near the curve Y = 2X? the motion will be considered as given 
by 


+(1 — 2Y)w = 0 (41) 
dt? 


It is assumed that the initial demand of the turbine is met en- 
tirely by water from the surge tank. The initial conditions are 
then 


and the foot of the first downward oscillation is given by 
‘/s 
=— X? (43) 
x ( =) 
Perpetual Oscillations of Constant Amplitude. Ly equation (40) 
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the trajectory originating at the point w = 
limit cycle if 


Y,u = —Y/X isthe 
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a result given by Evangelisti [4]. 


y2 + (44) 


one has 


X 
— + ((2 — Y)* + 24Y] “| 


If Y? is neglected in comparison with 


(45) 


Paynter [3] gives the simpler criterion for this condition, 


Y = 2(|X(1 Y)}? (46) 


a curve somewhat further from Y = 
Fig. 7. 

Drainage Resulting From Contact With the Singularity at (w = «a, 
v=0). The critical condition for drainage, resulting from the 
conduit flow being unable to accelerate fast enough to supply the 
turbine demand at low points of an oscillation, may be obtained 
by making the foot of the oscillation coincide with the singularity 
at (w = a,u = 0). 

By equation (43) the critical drainage line will be 


2X? than curve (45), see 


where 


The condition can be written 
X? = (48) 


The curve represented by equation (48) is shown dotted in Fig. 
2, in order that its position may be noted in relation to that of the 
criterion for drainage resulting from the singularity at (0, 0) be- 
coming an unstable node. It is remembered that the latter con- 
dition is independent of initial conditions whereas equation (48) 
refers specifically to the case of instantaneous full-load accept- 
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ance from an onflow state. It is seen that for these initial condi- 
tions, at least, drainage as given by condition (48) will occur at a 
value of Y (that is, a value of conduit friction h;,) substantially 
less than the value required to make the singularity at (w = 0, 
u = 0) an unstable node. Drainage resulting from this latter 
condition will therefore be precluded in this case. 

The condition (48) will be increasingly in error as one departs 
from the curve Y = 2X? and may be in certain error on the curve 
itself since in deriving the condition the stationary oscillations 
were presumed to be sinusoidal. 

The initial conditions (42) are, of course, idealized. The prac- 
tical approach would be to determine the foot of the surge result- 
ing from any particular initial conditions, by some computational 
method, and then make sure it is well above the “hole’’ given by 
equation (21). 


Comparison With Experimental Data 


A model of a surge tank operating under the condition of con- 
stant hydraulic power at the penstock was constructed as shown 
in Fig. 4. A laboratory flume was employed as the reservoir al- 
lowing total heads H up to3 ft. Three plexiglas surge tanks were 
available of cross-sectional areas 0.06720, 0.04125, and 0.01668 sq 
ft. The largest was a permanent fixture and each of the two 
smaller ones could be slid into it as required, the seal being ac- 
complished by means of a hard rubber bung fitted round the end 
of each of the smaller tanks, see Fig. 4. Two steel pipes of effec- 
tive lengths 22.0 ft and 38.05 ft and respective cross-sectional 
areas 0.03325 sq ft and 0.06958 sq ft led from the reservoir to the 
base of the surge tank. The pipes were fitted with globe valves A 
and B which served the dual purpose of shutting off the pipe not 
required and of adjusting the friction loss in the pipe being used. 

From the surge tank the penstock, also of cross-sectional area 
0.03325 sq ft, led first to the quick-opening valve C and thence to 
the outlet at the special valve V. 

The prototype condition of constant hydraulic-power input at 
the turbine was realized by means of this valve V. The valve 
consisted of a bullet-shaped brass plunger set centrally in a 2-in- 
diam, 1/8-in-thick sharp-edged brass orifice plate flanged to the 
end of the penstock. The plunger was activated to move into the 
orifice by a slider P by which the water in the surge tank was fol- 
lowed manually. The slider ? was linked to the plunger valve by 
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Fig. 5 Laboratory surge-tank and lever mechanism 


the smoothly supported vertical members PQ and VR, the ends Q 
and R of which moved in slots in the lever arm L. Thus if the 
slider P was moved up to follow an upward surge, the valve V 
was depressed into the orifice plate and the penstock flow was 
throttled and vice versa. It was found that the plunger valve 
could be shaped so that the penstock flow was inversely propor- 
tional to the elevation of the water level in the surge tank. The 
plunger valve was calibrated by weighing the penstock flow for 
various static water levels in the surge tank. The value of the 
product of the flow through the valve V and the head on the valve 
was obtained as 0.0229 + 0.0006 ft/sec for values of the head 
ranging from 0.680 ft to 2 60 ft. 


Y 


02; 


i i 
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Fig. 7 Conditions for perpetual oscillations: Curve 1 Thoma condition 
Y = 2X’, curve 2 equation (45), curve 3 Paynter’s condition, equation (46). 


Experimental points are shown ©. 
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Fig.6 Plunger valve for assimilating 


Photographs of the surge tank and lever mechanism and of the 
plunger-valve power control are given in Figs. 5 and 6. 

In Fig. 7 experimental data for condition of perpetual oscilla- 
tions of constant amplitude in the case of sudden acceptance of 
full load from rest is compared with equations (45) and (46) and 
with the curve Y = 2X? separating the region in which the singu- 
larity at (w = 0, u = 0) is a stable focal point from the region in 
which it is an unstable focal point. 

In Fig. 8, experimental results for drainage in the case of sudden 
acceptance of full load are compared with equation (48). 

One may say that Paynter’s condition given by equation (46) is 
endorsed more strongly than condition (45), but both curves 
come nearer to the experimental data than the condition Y = 
2X2, 


4 + + 
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Fig. 8 Drainage for instantaneous acceptance of full-load from initial 
zero-flow dition, equation (48). Experimental points are shown ©. 
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It 1s likely that owing to the relatively low Reynolds number 
encountered in the model the exponent of the velocity in the con- 
duit friction-loss law would be about 1.85 rather than 2. This 
would have the effect of lowering the theoretical curves [2] and of 
making the disagreement less. 

With regard to the comparison demonstrated in Fig. 8, it is 
remarked again that the condition (48) is an approximation, pre- 
sumably at its best near Y = 2X*. Furthermore, the higher 
values of Y were obtained in the model by adjusting a valve in the 
conduit from the reservoir and uncertain friction losses may have 
been introduced. 


The occurrence of drainage in a simple surge tank due to the 
tank being of insufficient size so that the conduit flow fails to ac- 
celerate fast enough to stay the emptying of the surge tank can 
be accounted for by considering the full nonlinear equation of 
motion of the surge-tank water level. 

Experimental results obtained with a hydraulic mode] indicate 
that the classical Thoma condition actually gives instability as 
reported by Paynter [3] end by Evangelisti [4]. 
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DISCUSSION 
1. W. McCaig? 


The paper describes very fully the types of instability which 
may occur in a simple surge tank. The author is to be con- 
gratulated on the clarity of his presentation. Design engineers 
have long realized that for the simple surge tank mere compliance 
with Thoma’s criterion does not provide satisfactory power 
regulation, For such tanks an additional 40 per cent is often 
added to Thoma’s minimum diameter. 

The author shows both by theory and experiment on a simple 
tank, Fig. 7, that the large surge oscillations which follow full- 
load acceptance would continue indefinitely unless Thoma’s 
minimum diameter were increased by approximately 10 per cent. 
In addition, he shows, Figs. 2 and 8, that if the free surge exceeds 
some 20 per cent of the net head on the turbines, the surge-tank 
diameter may have to be increased still further to avoid 
tank drainage on load demand. 

The droop in turbine-efficiency curves near full load also re- 


? Hydraulic Engineer, H. G. Acres and Company Limited, Con- 
sulting Engineers, Niagara Falls, Canada. 


452 / pecemMBER 1959 


quires a further increase in the diameter required to maintain 
stability and it would be very useful if the author will indicate 
whether this increase applies both to the diameter required to 
avoid perpetual oscillation and that required to prevent drainage. 

The author has explained how with a simple tank the surge 
cycle is only stable within the limit cycle given by equation (40). 
Could this equation be expanded further to include the hy- 
draulic losses at the ports of a differential tank or at the orifice of 
a restricted orifice tank? Escande* has indicated that for a 
throttled surge tank the increasing oscillations associated with a 
surface area less than Thoma’s are not amplified indefinitely but 
maintained at a stable value. 


H. M. Paynter‘ 


It is of great interest to the writer to note that the author 
has succeeded in arranging the valve loading on a surge-tank 
model so as to be able to simulate constant power operation as 
well as the conventional constant gate opening. A similar hy- 
draulic-model installation was made under the writer’s direction 
at M.I.T. and partially reported on in the author’s reference [3]. 
In particular, we had urged therein that all such models be modi- 
fied to permit arbitrary plant simulation. Moreover, since that 
time the M.I.T. model has been improved so as to be able to han- 
dle throttled-tank, differential-tank, and air-chamber studies. 

As to general questions concerning the stability of simple surge 
tanks, the writer wishes to make a few general comments about 
the relation of his own work to that which the author has under- 
taken. In particular, in reference [3], the regions of stability 
were divided into the same three categories that the author has 
recognized. Thus Fig. 14 in the cited reference concerned stability 
for full-load acceptance, that is, from an initial zero flow condi- 
tion and, therefore, definitely was concerned with a large load 
disturbance. On the other hand, the results that the author is 
seeking to determine on an analytical basis have to do only with 
stability under small amplitude changes and, therefore, are unable 
to explain the most general behavior of actual surge tanks as well 
as solutions of the fundamental equations which result in the 
drainage type of instability. For sufficiently small distur- 
bances, the instability will always be either that of the oscillatory 
variety or that due to unstable equilibrium; physically this would 
correspond to small load disturbances on a unit synchronized to 
a local power load or operating on constant kilowatt-load control 
and, of course, not deriving any stabilizing benefit from other 
connected generating units. As the load change increases, a 
point will be reached where a change takes place in the form of 
instability. 
and divides two classes, or forms, of solution from one another. 
Load changes inside the separatrix will result in gradually damped 
return to equilibrium; load changes outside the separatrix would 
result in drainage of the tank if the constant power curve con- 
tinued to have physical significance. Of course, it should be 
understood that in actual practice the turbine gate will move to 
the full-open position, and the bottom of the swing will correspond 
to constant gate operation and is therefore always stable. How- 
ever, before this point is reached, an actual regulating unit may 
fall out of synchronism with the power system and, in any case, 
will fail to maintain constant power. 

Thus it is that the author’s Equation (48) does not seem to 
have significance as applied to the problem of drainage instability 
since it merely refers to the nature of the equilibrium stability in 
the region of the intersection between the demand curve and 
the friction curve, which intersection point does not govern the 


Tn nonlinear mechanics, this is known as a separatriz, 
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phenomenon of drainage instability. On the other hand, a simple 
analytical method can explain very accurately the slope of the 
drainage line. It can be demonstrated that, for small values of 
the friction parameter, drainage instability is absolutely inde- 
pendent of the value of the friction loss. The physical nature 
of the phenomenon is exactly as the author states, having to do 
with the inability to accelerate the conduit as fast as the demand 
increases and an estimate of the constant ratio between X and Y 
can be obtained as indicated in the following. 

For load acceptance with no friction loss, the appropriate equa- 
tions may be written, in terms of the author’s notation, except for 
the additions 


= rated head/rated surge 


= (AV,/FH.)T 
namely; 


Conduit acceleration: dv/dt 
Tank charging: dw/dt 
Phase equation: dvu/dw 
Penstock flow: r 


—S*w 
v-r 
S*w/r — v 
1/l+w 

For the critical value of S = S, such that incipient drainage 
will occur, the following reasonable (and observed) properties 
are found to occur: 


r—v=>const 
dv/dw, = dr/dw, 


These correspond to the physical fact that the critical drainage 
phenomenon corresponds to a condition wherein the variation in 
demand flow with tank level is momentarily identical to the 
variation in conduit flow with level. 


Critical drainage will then correspond to the min?mum value of 
S, satisfying this relation. For this case, then: 


wy = —1/3 
S? = 27/4 


& 2.598...) 


The corresponding drainage line would be given by the relation 
= 2.60Y) 

The writer would be interested in having the author compare 
this curve to the experimental points of Fig. 8 and particularly 
to a least-squares best straight line through these points. It 
would seem to the writer that the experimental points are entirely 
valid and that the author’s drainage analysis itself is the matter 
open to question. 

However, no one can question the superb experimental and 
analytical effort that is manifested by this meritorious paper. 


E. B. Strowger® 


The author has made a worth-while contribution to the present 
knowledge of surge-tank mechanics by considering the nonlinear 
equation of motion of the tank water level. 

Today, however, there are very few isolated systems and few 
tanks are designed close to the instability limit. Electric systems 
have grown and have been interconnected to form large sys- 
tems. In the East, particularly, where there is a preponderance 
of steam-electric plants whose economy makes it desirable to have 
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them carry a constant loading, the hydroelectric plants in general 
are used as regulating plants, in many cases taking the system 
“fringe regulation.” In such a role, the hydro plants with surge 
tanks should have their tanks of adequate size. If this is not the 
case, the load changes caused by the varying head on the plant 
contributes to system frequency irregularities instead of correct- 
ing them. For this service, the tank should have a diameter 
approximately 20 per cent larger than the Thoma minimum. 


Author's Closure 


The author wishes to thank Mr. MeCaig, Dr. Paynter, and Mr. 
Strowger for their discussions. 

Dr. Paynter’s objection relating to the derivation of equation 
(48) is well made. As soon as the departure from the singular 
point (w = 0, u = 0) becomes appreciable, the motion will be 
described by the full nonlinear equation. The chief claim of the 
present analysis was to indicate the existence of the second singu- 
larity at u = 0, w = a, without considering the combined effect 
of all the singularities on the trajectories between them. It oc- 
curs to the writer that there is perhaps a rough analogy between 
this problem and the potential-theory hydrodynamics problem of 
sources in a stream. In this latter problem it is possible to deter- 
mine the dividing streamlines separating the spheres of influence 
of the sources. These would seem to correspond to the phase 
plane separatrix. 

For the moderately low values of X and Y of Fig. 8, Dr. 
Paynter’s drainage condition 


(49) 


is in effectively perfect agreement with the present experimental 
data. 

In correspondence with Dr. Paynter the author remarked that 
at higher friction his experimental points tended to fall below the 
line (49) and Dr. Paynter in turn offered the curve 


Y = 0.5 tanh (50) 


1 30 


as representing the best fit to his own experimental data from 
model and computer studies. 

Fig. 9 shows the complete range of drainage data obtained with 
the author’s model and for comparison, the two curves suggested 
by Dr. Paynter. The agreement would seem to be excellent. 

The phase plane trajectories in the immediate neighborhood of 
the saddle point (w = a, u = 0) are hyperbolas. The separatrix 
must issue from an asymptote of the saddle point. For critical 
drainage, in which the trajectory of the surge tank water level 
coincides with the separatrix, the water level passes through the 
point w = @ with zero velocity. This effect was qualitatively 
observed with the model. Dr. Paynter has demonstrated that 
low friction drainage depends essentially on the inertia of the 
water in the conduit rather than on conduit friction. In view of 
the fact that the separatrix must pass through the saddle point 
and that the saddle point is determined from the conduit loss 
curve, one concludes that the shape of the separatrix is uninflu- 
enced by the saddle point in the neighborhood of the origin. 
The equation of the separatrix could be obtained from the energy 
integral of equation (12), were it available, by determining the 
constant so that the curve passed through the singularity. The 
condition (48) was obtained in this way using the simplified equa- 
tion (41) corresponding to perpetual oscillations of constant 
amplitude in place of the complete equation (12). 

The curve given by equation (48) should be most accurate at the 
point where it intersects the curve for perpetual oscillations of 
constant amplitude. Extrapolating the experimental curve for 
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perpetual oscillations we find that it intersects the curve of equa- 
tion (48) at approximately X = 0.40, Y = 0.16. The point is on 
the line Y = X/2.50, which is an approximate agreement with 
equation (49), 

The answer to Mr. McCaig’s first question is yes, an increase in 
the cross-sectional area F of the surge tank, while all the other 
parameters are maintained at their original values, will both in- 
crease the damping of the oscillations and decrease the propensity 
of the surge tank to drain. 

An increase in F under these conditions means an increase in the 
parameter X while Y is maintained at its original value. The 
original state is represented by a certain point in the XY space 
of Figs. 7 and 8. The new state will be a point horizontally to 
the right of the original point. The increase in F will have caused 
the point to be displaced toward the damped oscillation region of 
Fig. 7 and toward the no-drain region of Fig. 8. 

A partial differentiation with respect to X of equation (43) 
shows that the magnitude of amplitude of the first downward 
oscillation is decreased by an increase in FP. Equation (12) shows 
that the position of the singularity that the water level must 
reach if the surge tank is to drain does not depend on_X, i.e., on F. 
With the increased F the water level will therefore not approach 
the singularity so closely and there will be less tendency to drain. 

The author does not consider he can give an adequate answer 
to the second question. 

To account for the nonlinear damping of an orifice or the ports 
of a differential tank one would have to introduce into the equa- 
tions a term €c’s’? where s’ is the velocity through the orifice or 
port and € must change from +1 to —1 as s’ changes sign, i.e., 
twice in every oscillation. 

The author wishes to amplify his statement: “It is likely that 
owing to the relatively low Reynolds number encountered in the 
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model the exponent of the velocity in the conduit friction-loss 
law would be about 1.85 rather than 2. This would have the 
effect of lowering the theoretical curves and of making the dis- 
agreement less.”’ 

This statement refers to a case where the friction loss hy con- 
sists solely of the pipe friction of the conduit from the reservoir. 
In the author's experiments the pipe friction loss produced by the 
relatively short conduits from the reservoir was negligible. The 
friction loss hy was obtained by adjusting the valves A and B 
(see Fig. 4). The head losses for these valves were impact losses 
depending on the velocity squared, even at low velocities. 

Suppose that a small model is employed in which the length of 
the conduit from the reservoir is sealed directly from that in the 
prototype, i.e., in which conduit friction alone, without the aid of 
a valve, is relied upon to produce the head loss h,. It may be 
expected that the model will exhibit a greater degree of instability 
than the prototype. 

The pipe friction loss may be expressed ash, = cV?, where, for 
the prototype, the index p can be taken as 2. In the model, owing 
to the lower Reynolds number, p will be less than 2. Moreover, 
at low velocities p will vary with velocity, i.e., over the oscillation 
cycle. The lower limit of p is unity corresponding to laminar 
flow. 

Assuming that p is a constant less than 2 one may derive, on 
the basis of a conduit pipe-friction law hy = cV”, the linearized 
equation for perpetual oscillations of constant amplitude, as Y = 
(pVo?-?)X*. This result can no longer be represented as a single 
curve in the XY plane, because it involves the particular steady- 
state velocity Vo at which the test is made. In particular, taking 
p = 1.80 and V> = 0.4 ft/sec, one obtains Y = 1.5X? as the con- 
dition for perpetual oscillations of constant amplitude, a curve 
lying well below Y = 2X?, see Fig. 7. 
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Experience in the Use of the 
Gibson Method of Water Measurement 
for Efficiency Tests of Hydraulic Turbines 


The purpose of this paper is to examine the reccrds of experience, for 35 years from 
1920 to 1955, in the use of the Gibson Method and Apparatus, for measuring the flow 
of water as applied in field efficiency tests of turbines in hydro-electric power plants. 

Diagrams based on tables uf maximum efficiencies of comparable units, from a total of 
310 tests are presented. A few unusual experiences are cited and described. A com- 
prehensive discussion of the accuracy of the method is given; with particular refer- 
ence to the critical analyses of Francis Salgat and the late Dieter Thoma and others 
and to the precision which can be expected in determining the various factors required 
for measuring water quantities by this method. 

Four appendixes give: (1) A brief description of the Gibson Method and Apparatus; 
(2) some slight revisions of the author's original paper published by ASME in 1923; 
(3) a numerical example of the delineation and computation of a differential pressure- 
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time diagram; and (4) a partial Biblivgraphy with notes. 


Introduction 


A PAPER, entitled “The Gibson Method and Appa- 
ratus for Measuring the Flow of Water in Closed Conduits,” ! was 
presented in December, 1923, at the annual meeting of The 
American Society of Mechanical Engineers and was later pub- 
lished by the Society as Paper No. 1903. Its purpose was to ex- 
plain a new method, invented by the author, for determining the 
rate of discharge or quantity of water flowing in a pipe or other 
closed conduit and to describe the apparatus devised for the prac- 
tical application of this method in testing the efficiencies of water 
wheels in hydro-electric power plants. The method, at that time, 
had been in practical use for upward of three years. It was as- 
serted that it combined qualities of accuracy, convenience, and 
economy, but that the full extent of its usefulness could not be de- 
termined until after experience extending over a considerable 
period of time. 

Over a third of a century having passed since then it seems to 
be appropriate, now, to examine the record of experience in the 
use of the method during that time. As indicated in the title 
such is the purpose of this paper. The record of work done under 
the direction and supervision of the author covering thirty-five 
years from 1920 to 1955 comprises the results of efficiency tests of 
310 hydraulic turbines and in addition the manufacture of some 
sixteen sets of the Gibson Apparatus for the use of others, This 
paper will be confined mainly to a study of the material accumu- 
lated in connection with this work but it is hoped that additional 
material will be presented through discussions to be submitted by 
others. 

Such experience and related matters will be presented in the 


‘Method and Apparatus patented, Canada: 1919 and 
United States: October 13 and November 22, 1921. 

Contributed by the Hydraulic Division and presented at the 
Annual Meeting, New York, N. Y., November 30-December 5, 1958, 
of THe AMERICAN Society OF MECHANICAL ENGINEERS. 

Norte: Statements and opinions advanced in papers are to be under- 
stood as individual expressions of their authors and not those of the 
Seciety. Manuscript received at ASME Headquarters, July 29, 
1958, Paper No. 58—A-78. 
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text of the paper but to make the record more intelligible addi- 
tional material has been added in four appendixes as follows: 


Appendix 1 Brief Description of the Gibson Method and Ap- 
paratus 

Revisions of the Author's Original Paper (No. 
1903) 

Numerical Example of the Differential Diagram 

Bibliography and .Jotes 


Appendix 2 


Appendix 3 
Appendix 4 


General 


The Gibson Method and Apparatus for measuring the flow of 
water in closed conduits has been in practical use since 1920. 
Official experiments to verify the accuracy of the method by 
comparison with volumetric measurements were made, during 
May and June of that year, at the Hydraulic Laboratory of Cor- 
nell University. The first official water measurements were made 
in July and August, 1920, for the purpose of testing the efficiencies 
of the hydro-electric generating units at Station 3B of the Niagara 
Falls Power Company. Since that time until December, 1955, 
310 units have been tested under the author's direction. These 
are exclusive of units tested by others using apparatus manu- 
factured for them. Some water-flow measurements have been 
made for calibrating the discharge of controlled orifices but most 
of them were made for the purpose of testing the efficiencies of 
hydraulic turbines in situ and determining the hydraulic charac- 
teristics of hydro-electric power plants. The units tested have 
ranged in size from 750 to 165,000 hp. Heads have ranged from 
46 to 2500 ft. 
small as 5 efs up to as much as 9000 efs. Maximum turbine 
efficiencies have ranged from « low of 68 per cent to a high of 
94.5 per cent. The lengths of penstocks used for making pres- 
sure-time diagrams have been as short as 18 ft for differential dia- 
grams and as long as 3953 ft for simple diagrams. During the 10- 
vear period from 1946 to 1955, inclusive, more than 80 units ag- 
gregating nearly four million horsepower were included in the rec- 
ord of tests. 


The quantities of water measured have been as 


Such experience extending over a period of 35 years has proved 
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the accuracy, dependability, and economy of the Gibson Method 
where the physical conditions of the pipeline are suitable for its 
application. The minimal conditions acceptable for its use as 
specified in The American Society of Mechanical Engineers Test 
Code for Hydraulic Prime Movers are as follows: 


(a) “The length of conduit upstream from the piezometer 
section for simple diagrams or the length between the two 
piezometer sections for differential diagrams shall be not less 
than 30 feet nor less than twice the maximum dimension of 
the conduit cross section; and 

(b) The product of L and V, shall not be less than 200 
where V, is the mean velocity (in feet per sec) in the test 
section when the unit is carrying rated full load and L is the 
length of the conduit (in feet) used for the tests.” 


While the foregoing section of the Code specifies minimal 
conditions under which acceptable results may be obtained, 
Section 121 recommends that the location of piezometers in any 
conduit be such that the most favorable diagrams may be ob- 
tained. It is usually feasible to select piezometer sections that 
may be used to procure pressure-time diagrams of the most 
favorable size and shape but there is no simple rule by which this 
may be done. It requires, in a given case, consideration of gross 
head, conduit length, water velocity, governor closing time, ratio 
of manometer tube and riser, film drum speed, etc. Recom- 
mendations in regard to piezometer locations are furnished by 
the author’s organization without charge. 

Section 124 of the Code specifies that two or more piezometers 
shall be installed at each piezometer section. Since Section 80 of 
the Code specifies at least four piezometers for the measurement 
of head on turbines having closed casings many engineers have 
required the use of four piezometers for all installations. The 
author has made experiments, however, which prove that, where 
there is a straight run of conduit between piezometer sections, two 
piezometers at each section located on opposite sides of a hori- 
zontal diameter are sufficient to use in applying the Gibson 


Method. 


Test Results 


It is a formidable task to analyze the mass of data just outlined 
and it must be said at once that no simple relations have yet been 
discovered that fix the maximum turbine efficiency to be at- 
tained in terms of capacity, head, and speed of the unit. 

Four tables comprising nine sheets were prepared to show 
maximum efficiencies of a large number of turbines obtained by 
tests in the field. The tables gave, in addition to maximum ef- 
ficiency, the year of the test, and the rated horsepower, design 
head, and specific speed of each unit tested. The units were 
arranged in groups for comparative purposes. Group (1) com- 
prising 114 units gave the results for turbines of 20,000 hp or more 
designed for heads of not less than 100 ft. In group (2) there were 
76 units designed for heads less than 100 ft, regardless of power 
capacity. The third and fourth groups showed, respectively, 
the results of tests of 5 low head Kaplan units and 7 high head 
impulse units. 

In order to avoid publication of confidential results in a form 
that might lead to identification of individual units the maximum 
efficiencies in group (1) have been plotted against head, power, 
and specific speed. Such plottings resulted in scattered gun-shot 
diagrams for all relations studied. Slope lines enclosing most of 
the points on each diagram were drawn by eye and are shown in 
Figs. 1, 2, and 3. From these it is possible to assert that for 
good designs of Francis turbines there seems to be a trend toward 
higher efficiency (a) when the unit is large, (b) when the head is 
between 150 and 300 feet, and (c) when the specific speed is rela- 
tively low. The spread of maximum efficiencies found for 
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modern high class turbines is remarkably small, the range for 
like capacities, heads, and specific speeds being encompassed by 
lines usually about 3 to 4 per cent apart. 

Similar plottings were made of the maximum efficiencies in 
group (2) but no similar trend was found except the trend toward 
higher efficiency when the specific speed was relatively low. Vari- 
ous other graphical combinations were plotted such as efficiency 
versus power capacity divided by specific speed; efficiency versus 
power capacity divided by head; efficiency versus length of water 
column, ete., but such plottings did not reveal any significant re 
lations. Group (4) seemed to indicate a marked improvement of 
efficiency of the multiple jet type of impulse turbine. 

Perhaps the most significant analysis of all comparable units is 
shown by the diagram Fig. 4. This is a curve showing the fre- 
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quency of occurrence of any maximum efficiency in per cent of the 
total number of turbines included in the analysis. It seemed 
expedient to eliminate from the total number of units tested all 
those which could not be considered comparable. Thus out of a 
total of 310 tests the curve in Fig. 4 shows the results of only 206 
units. The following facts are derived from this curve. 

(a) The range of maximum efficiency is from 83.8 to 94.5 per 
cent. 

(b) Seventy-five per cent of the units have maximum efficien- 
cies of 90 per cent or better. 

(c) Fifty per cent have maximum efficiencies of 91.2 per cent 
or better. 

(d) Ten per cent have maximum efficiencies of 93.0 per cent or 
better. 

(e) Only four turbines tested gave maximum efficiencies of 
94.0 per cent or better. 


Unusual Experiences 


The preceding paragraphs, tables, and figures cover the general 
results of the author’s work in hydraulic turbine testing by the 
Gibson Method from 1920 to 1955 inclusive. In the course of 
this work many unusual results have been obtained but two or 
three examples will suffice for the purpose of illustrating the ad- 
vantages of field testing. 


(a) The turbine setting and efficiency curves of two units 
tested in July, 1927, are shown in Fig. 5. The irregular shape 
of this efficiency curve was at first considered impossible and 
was attributed to errors of measurement because in this case a 
model comprising scroll case, draft-tube, and runner had been 
tested in a laboratory and no such irregularity had been observed. 
A retest in the field gave the same result as the first test. Next a 
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retest of the model in the laboratory was made and this sur- 
prisingly confirmed the irregular shape of the curve obtained in 
the two field tests. It turned out that the points selected in the 
first laboratory test were so far apart that a smooth curve drawn 


through them had missed the irregular part altogether. The 
problem then was to determine the cause of the trouble. Further 
research indicated that it was due to the shape of the draft-tube 
which had been designed as an adaptation of the White Hy- 
draucone. Hydraulic losses occurred in such a draft-tube 
throughout the range of operation where there was a change in 
the direction of whirl of the water discharged from the runner. 
Satisfactory moditications of the draft-tube were then made and 
further field tests demonstrated that practically all irregularity of 
the efficiency curve had been eliminated. 

(b) In October, 1941, a test was made of a 17,000-hp turbine 
operating under 115-ft head, specific speed 59.4. Maximum ef- 
ficiency reported at first was 89.0 per cent but this had to be cor- 
rected to 87.2 per cent because power measurements were re- 
vised. Alterations were made in the runner but on retest in 
October the maximum efficiency had fallen to 85.4 per cent. 
These figures were below the guarantees and the proprietor re- 
fused to accept the machine. A new design of runner was then 
installed. It was tested in September, 1949, under exactly the 
same conditions as the original tests and gave a maximum ef- 
ficiency of 92.5 per cent—a result well above the manufacturer’s 
guarantee. Records of this work do not disclose what was wrong 
with the first runner. 

(c) Fig. 6 shows efficiency curves obtained in three successive 
tests of a turbine of 34,000 hp capacity under a head of 132 ft, 
specific speed 51.5. This figure shows also the alterations made 
in runner and draft-tube when the initial test indicated that the 
turbine was unsatisfactory. The first test was made in October, 
1928. At that time there was considerable competition among 
designers of draft-tubes. The unit in question had been set over 
one of the new draft-tubes of the vertical, flared, axial type 
with high cone. It happened that an accident in another plant 
had destroyed the top part of a high cone and a retest of the unit 
in that plant showed an improved efficiency. Acting on this in- 
formation the top part of the high cone shown in Fig. 6 was cut 
off, strips which had been cut off the buckets of the runner were 
welded on again and on retest of the unit in March, 1931, a satis- 
factory efficiency curve with maximum efficiency of 92.4 per cent 
was obtained. 


Accuracy 
(A) Preliminary Note 


Among the important reasons for reviewing the work done in 
the field of water measurement is to determine if possible from 
the experience record what degree of precision may be expected 
in using the method under various conditions. It is desirable in 
this connection not to lose sight of the order of magnitude of 
probable errors and their relation to the practical value of the 
final result. There is a difference in this respect between labora- 
tory and field testing. For instance in field work, when the final 
results of discharge and power are plotted against gate-opening 
as curves on cross-section paper in the form to be correlated and 
used for practical purposes, there seems to be little use, if any, in 
considering refinements in the final adjustments of the co-ordi- 
nates of such curves no greater than the widths of the lines 
themselves. In general, the degree of precision possible in the 
measurement of large quantities of flowing water and of large 
power outputs do not warrant an attempt to show results closer 
than the nearest tenth of one per cent. 


(B) Theoretical Considerations 


In considering the question of accuracy, it is necessary to begin 
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with an analysis of the theoretical relations of the quantities to be 
measured in determining the final results. Following the publi- 
cation in 1923 of the author's original paper [2]? in which he pre- 
sented the fundamental theories on which the then new method of 


22 and 


measurement was based, two important critical analyses [ 
23] were published in 1926 in Europe. 

The first of these [22] “La Méthode Gibson Pour la Mesure du 
Débit d'une Conduite Foreée,’"® by Francis Salgat, was pub- 
lished by Bulletin Technique de la Suisse Romande beginning in an 
August, 1926, issue on page 213 and concluding on page 266 of a 
later issue. In this paper F. Salgat concludes: “On peut dire par 
conséquent que la Méthode Gibson présente une grande exactitude 
théorique.’’* 

The second analysis [23] “Uber den Genauigkeitsgrad des 
Gibsonschen Wassermessverfahrens,’’® by Dieter Thoma, was 
published in 1926 in Mitteilungen des Hydraulischen Instituts der 
Technischen Hochschule, Miinchen. Dr. Thoma did not accept, 
as axiomatic, the author's assumption that the mass of the water 
in a conduit remains constant if the conduit is full of water at all 
times during closure of the controlling device. Instead he took 
into consideration the fact that during a test outgoing water has 
left the mass and new water has entered the mass. 


But applying 


? Numbers in brackets designate Bibliography, Appendix 4. 

3“The Gibson Method for the Measurement of Flow in a Pres- 
sure Conduit.” 

‘Consequently we may say that the Gibson Method presents 
great theoretical exactness.”’ 

§ “On the Degree of Accuracy of the Gibsonian Water Measurement 
Method.” 
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the fundamental dynamic law, however, he found the resulting 
equations were identical with those of the author and were cor- 
rect. 

Appendix 4 contains a portion of the complete Bibliography of 
the subject but the references just given are sufficient to con- 
firm the soundness of the principles on which the Gibson Method 
is based. 


(C) Practical Considerations 


But no method, though theoretically sound, is free from 
possible errors in practical application. For example, it was 
recognized at the beginning that the pressure measuring device, 
comprising a simple mercury manometer utilized in the Gibson 
Apparatus, had the disadvantage of not being free of friction and 
inertia. Suggestions were made in 1920, at the time of the Cornell 
tests that further experiments be undertaken to determine if 
possible the magnitude of the effects of friction and inertia but 
such experiments were not carried out then. 
made since then. 


Nor have they been 
It was felt at the time that the tests themselves 
indicated that these factors could not have had a large practical 
effect on the recorded pressure changes. Furthermore with the 
introduction of the differential pressure-time diagram, the effects 
were diminished because only a small amount of mercury is re- 
quired in the manometer. 

Paul Volkhardt and Hans Deckel of Munich, under the diree- 
tion of the late Dr. Thoma constructed a pressure recorder using 
a plunger with reflecting mirror which is almost frictionless and 
has been used successfully by them for making simple diagrams. 


It is not adapted for making differential diagrams. For a com- 
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plete description of this pressure-recorder and the experiments 
performed with it see references [47 and 48}. 
Dr. Thoma, himself, [23] said in regard to the mercury mano- 
meter: 
“Diese versuchstechnische 
vorteile, weil einerseits nur Fliissigkeitsreibung auftritt und 


Einrichtung hat erhebliche 
weil anderseits das Instrument vor jedem Versuch in ein- 
fachster Weise geeicht werden kann.’’6 


He then undertook [23] to calculate the errors in the pressure-time 
diagram if friction and inertia were neglected. He assumed that 
the coefficient of friction is constant if the deflections of the mer- 
cury column are not too large and in the final equation he neg- 
lected one term as being of the second order of small quantities. 
The effect of friction of the pressure system in recording the 
pressure-time diagram was determined from the amount of 
damping of the afterwaves following the point of closure at the 
end of the diagram. The ratio of the vertical heights above the 
neutral axis of the peaks of two adjacent afterwaves is a measure 
of such damping (see Fig. 9 [2]). Dr. Thoma uses the Greek 
letter Y to indicate this ratio. For the periodicity of the after- 
waves he uses the letter 7’ measured in seconds of time or 7'S 
measured in inches where S is the horizontal length in inches 
corresponding to one second of time. Using this information 
from the afterwaves, Dr. Thoma found that the effect on the area 
A, of the diagram is a function of the vertical height measured 
from the running line to the peak of the diagram at the moment 
of closure which he designates as (p,’ — po’). He concludes that 
‘This contrivance has important experimental advantages, be- 
cause on the one hand only fluid friction appears and because on the 


other hand the instrument can be calibrated in the simplest manner 
before each experiment.” 
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if friction is neglected the net area A, will be too small by an 
amount equal to 

, 

On? (pr — po) 


The following quantities apply in evaluating this error for the 
simple diagram used for the numerical example in the author's 
original paper: 

T = 4.0 sec 


y 55 


(p’ — po’) = 2.33 in. on the diagram 


0.4723 in. “TS = 1.8892 in. 


log, 1.55 = 0.4383 


2r? = 19.74 


Inserting these values in the foregoing equation, the net area of 


the diagram given as A, = 16.21 sq in. will be too small by: 


1.8892 & 0.4585 2.55 


= —0.0078 sq in. 
19.74 


The calculated error in this case by neglecting friction is therefore 
about minus 6/10 of one per cent. 

When differential 
diagrams are sed it is not difficult to make them and they usu- 
ally are so made that the quantities just given for a diagram at 


But, as stated, this is a simple diagram. 


point of maximum efficiency of a turbine have about the following 
order of magnitude: 
TS about 1.86 in. 

W about 1.44 log, 1.44 = 0.3646 


(pi’ — po’) about 1.43 in. 
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Area of diagram A, about 15.0 sq in. 
Using these values the deficiency of area becomes 


1.86 X 0.3646 1.43 
- —— = —0.0491 sq in. 

This is equivalent to about minus 3/10 of one per cent. 

Dr. Thoma showed in another paper “Die Auswertung der 
Druckdiagramme von Gibson’ [49] that mathematically the 
effect of friction may be reduced to zero if the area of the diagram 
be measured to the point where all oscillations have ceased. This 
of course is impracticable on an actual diagram because the 
probable error of planimeter measurement would likely be greater 
than the frictional error it is proposed to find. An approximation, 
however, can be made, if desired, by locating the end of the 
diagram at the peak of the first or second afterwave. 

In regard to the error due to inertia of the mercury column Dr. 
Thoma states, “Der Betrag des dadurch entstehenden Fehlers 
lisst sich nicht so genau ermitteln wie bei dem vorher behandelten 
Fehler.’’? Theoretically what the diagram loses due to the inertia 
of the mercury column at the beginning of closure is compensated 
for by what is given back to the diagram by the motion of the 
mercury column before it comes to rest, except what is lost by 
friction. But the process by which the area due to the recovery 
of velocity head and friction head (h, + h,) as described in para- 
graphs 63 et seq. in the author’s original paper [2] assumes that 
the recorded pressure is the true value existing in the conduit 
whereas the inertia of the mercury column causes the recorded 
pressure at the beginning to remain below its true value. The 
net result is that the area corresponding to h, + h, eliminated 
from the diagram is too small, making the area A, too large and 
consequently the discharge calculated from the diagram too 
great. 

Dr. Thoma has assumed, in his evaluation of the amount of the 
error due to inertia, that the retardation of the velocity of the 
water is constant during closure. Under this assumption, he 
gives about 1/10 of one per cent as the numerical value of this 
error for the diagram used for the numerical example in the 
author’s original paper [2]. 

In addition to the friction and inertia of the mercury manometer 
discussed in the foregoing paragraphs, Dr. Thoma analyzed also 
two other possible sources of error which he conceived might be 
encountered in the practical application of the Gibson Method. 

The first of these is described as the error due to ‘“‘nebenbe- 
wegungen.”’ This word whose roots are a combination of ‘‘side’’ 
and “motion”’ is difficult to translate into English because we have 
no expressions such as “‘side motions’’ in common use where the 
word side is used in the same sense as in “side-issue’’ or ‘‘side- 
light” although the expression “‘side-reactions’”’ has been used in 
relation to chemical analysis. In some English literature the 
word nebenbewegungen has been translated as “accessory mo- 
tions’ but as this implies aiding, which is not intended, it seems 
that a better translation would be “accompanying collateral or 
side motions” in the sense of subordinate phenomena incidental 
to the main velocity of flow. What is meant, however, is de- 
scribed by John K. Vennard in “Elementary Fluid Mechanics” as 
follows: 


“Fluid particles moving in all directions through the flow 
cause at any point a rapid and irregular pulsation in velocity 
along the general direction of motion and across this direction 
as well.” 


It should be said at once that Dr. Thoma himself [23] has 
pointed out that nebenbewegungen applies only to simple diagrams 


7“The amount of the errors originated thereby cannot be so exactly 
determined as the error just considered.” 
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because when a differential diagram is made, that is, one record- 
ing the differences between the changes of pressure at two piezo- 
meter sections some distance apart, the influence of the col- 
lateral or side-motions disappears provided there is a suitably long 
approach to the upper section and a suitably long outlet stretch 
of conduit down from the lower section (because of the back 
current) so that side-motions are of the same magnitude in both 
sections. 

The equation given by Dr. Thoma for evaluating the error due 
to nebenbewegungen is based on several assumptions. Among 
these are: 


(a) That the velocity of the water in the conduit decreases uni- 
formly throughout the time required to shut off the flow in pro- 
ducing the pressure-time diagram. 

(b) That the value of @ which gives the proportion of actual 
velocity energy flowing through a cross-section and the energy 
corresponding to the average water velocity ranges between 1.085 
and 1.15. 

(c) That the impulse transported on account of the irregularity 
in the distribution of the water velocity is affected in the propor- 
tion of about 3 to 1 less than the energy transported. 


Using such assumptions and some others he gives for the aver- 
age value of the error from this cause —0.04yCo?/2g 
where 


0.04 is an estimated constant 

y = weight of a unit volume of water 

Cy = initial average velocity of the water at the piezometer 
section 

g = the gravitational unit 


This formula is intended to represent the deficiency of the re- 
corded pressure-change on the diagram in feet of water (using y 
equal to unity). 

The equivalent deficiency in diagram area and water quantity 
thus estimated may be determined from the relations given in the 
author’s original paper [2] as follows: 

The formula for computing the quantity of water in cfs flowing 
initially in the conduit, as determined from the pressure-time 
diagram is 


Q = KA,/FS 
where 


quantity of water in cfs 

K a constant for the apparatus used in making the dia- 

gram 
A, = net area of the diagram in sq in. 

F = the pipe factor, that is: 2//a, the sum of the quotients 
obtained by dividing the length of each uniform sec- 
tion of the conduit by the area of that section 

horizontal length in inches on the diagram correspond- 
ing to one second of time 


The vertical height in inches on the diagram corresponding to one 
foot of pressure change in the conduit is by definition = y and 


y = 9/K 


Dr. Thoma uses the symbol 7’, for the length of the diagram 
measured in seconds of time and 7’, X S gives the length of the 
diagram in inches. 

Using the foregoing relations, the deficiency in diagram area 
and in water quantity represented by the expression —0.04y(o2/ 
2g for the error due to nebenbewegungen are as follows: 


Deficiency in area = —0.04 K 1 XK Cy?/2g X y XT, XS 
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Deficiency in water quantity = —0.04 X 1 X Cy?/2g X y X T, 
x S X K/FS 
putting K = g/y this may be simplified to 
—0.02 X Cy? X T, 
F 

The numerical values to be inserted in this equation to deter- 
mine the deficiency in water quantity given thereby for the 
numerical example included in the author’s original paper [2] are 
as follows: 
T, = 17.1 sec 
Cy = 9.06 ft/sec (obtained by dividing 1708 cfs by the conduit 


area 188.69 sq ft at the piezometer section) 
F = 1.939 


from which 


—0.02 X Co? X T, —0.02 17.1 X (9.06)? 
1.939 


= —14.5 cfs 


That is to say, on the basis of the foregoing assumptions and 
analysis, the quantity 1708 efs given for this example is about 
8/10 of one per cent too small. 

The momentum factor is discussed also by K. F. Tupper in an 
article entitled ““Note on the Energy and Momentum Correction 
Factors for Flow in Circular Pipes,’’ Canadian Journal of Re- 
search, vol. 20, December, 1942. 

The influence of collateral or side-motions (nebenbewegungen), 
as pointed out, disappears when differential diagrams are used. 

The second of the two possible sources of error mentioned, 
which Dr. Thoma investigated, is described as the error due to 
“Falsche Abschatzung der Reibung.’* “It is not quite true,” he 
says, “that friction in the conduit during retardation is just as 
great as at continuous steady flow with the same amount of 
water. The amount of friction will be decreased by the back 
flowing edge current. The recovery line located on the diagram 
in the manner prescribed in the author’s paper [2] will therefore 
be too low and the diagram area A, consequently too large. He 
estimates the error from this cause at 5 to 10 per cent of the fric- 
tion at continuous flow at the beginning of the measurement. 
No basis for this estimate is given, but assuming a mean value of 
7'/. per cent, the error in the area of the diagram, in square inches, 
is given by the expression: 


+ 0.075h,,7,S 
where 


h,, is the height in inches corresponding to the frictional part of 
(h, + h,) at the beginning of the diagram. Dr. Thoma as- 
sumes this to be 1/3(h, + h,). Ay, is more nearly 1/4 of 
(h, + hy). 

7, = the length of the diagram measured in seconds of time 

S = horizontal length in inches on the diagram corresponding 

to one second of time 


The value of this expression for the numerical example given in 
2] is, therefore: 


+0.075 X 0.66/3 X 17.1 & 0.4723 = 0.133 sq in. 


This is about 8/10 of one per cent of the 16.2 sq in. of area A, and 
the quantity of water computed from the diagram is, from this 
cause, correspondingly too large.”’ 

A similar analysis for a differential diagram, taken at point of 
maximum turbine efficiency would show a smaller percentage of 
error from this cause because the height in inches corresponding 


False valuation of friction. 
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to h, is usually about 0.15 of an inch, the length of the diagram 
about 8 in., and the total net area A, about 15 sq in. or more.® 
Inserting these figures in Dr. Thoma’s expression for this error, its 
numerical value becomes: 


+0.075 XK 0.15 X 8 = 0.09 sq in. 


or about 6/10 of one per cent. 

Summing up the foregoing analyses as applied to the numerical 
examples given, the following are statements of the percentage 
errors estimated from Dr. Thoma’s paper [23]. 

For the simple diagram: 


Error due to nebenbewegungen 
to false valuation of frie- 
tion in the conduit 

Error due to friction of the mercury 


—0.8 of one per cent 


manometer -06“ “ « “ 
“ “ “ inertia of the mercury 
manometer +0.1% “ “ 


Residual error —0.5 of one per cent 
For the differential diagram: 
Error due to nebenbewegungen 0.0 
“false valuation of fric- 
tion in the conduit 
Error due to friction of the mercury 
manometer 


“ “ “ 


+0.6 of one per cent 


inertia of the mercury 
manometer +014 “ « “ 


Residual error +0.4 of one per cent 


Attention should be directed to the fact that Dr. Thoma’s 
analysis was primarily a priori reasoning and was not supported 
by experimental evidence. In this connection he, himself, says 
[23]: “Es muss natiirlich beachtet werden, das den Angaben iiber 
die Fehler nur grobe Abschitzungen zugrunde liegen.’’!” 

After consideration, the author has concluded that unless ex- 


* Knut Alming of Oslo, Norway, in a letter to the author dated June 
19, 1952, enclosed a paper he had written entitled ‘A Theoretical In- 
vestigation Into Retarded Viscous Fluid Flow in Circular Tubes 
Applied to the Gibson Method for Flow Measurement.’’ This paper 
contains curves for smooth and rough pipes which fix the theoretical 
error arising from false valuation of friction in the conduit during 
retardation of the water column. He gives also an approximation 
thereto in the formula: 


E= + 7 
7 
where 
E = error in per cent 
K = a coefficient equal to the ratio p: /po in which 
p: = retarding pressure gradient and 
po = pressure gradient for steady-state flow 


The quantities to be inserted in this expression when used for the 
numerical example referred to, are as follows: 


2.005 i the d 

1 = = 2.005 in. on the diagram 

17.1 X 04723 
0.66 

po = 3 = (0.22 in. on the diagram 
2.005 

= = 9.114 
0.22 
and 

E 3 0.85 per cent 

= = “e 
(9.114) 


This agrees closely with the result obtained by using Dr. Thoma’s 
mean coefficient. Alming's curves at larger values of show larger 
values of E than those given by Dr. Thoma's mean coefficient. 

1 ‘‘It must simply be observed that the statements of the errors are 
founded on only rough estimates.” 
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Table 1 


Examples of comparisons between Gibson Method and other methods 


Percentage variation 
Gibson versus other 


Date 
1920 
1923 
1926 
1928 
1928 
1928 
1929 
1929 
1930 
1930 
197] 

1931 

1938 


PON RK 


Location 
Cornell Lab’y 
Shawinigan 
Muscle Shoals 
Conowingo 
Parahyba 
Brunnenmiihle 
Walchensee 
Hitting 
Miinchen 
Brunnenmiihle 
Moshier 
Moshier 
Padora 


Comparative 
method 


Volumetric 


Allen Salt Vel. 


Weir 


Allen Salt Vel. 
Allen Salt Vel. 


Weir 

Current Meter 
Current Meter 
Volumetric 
Weir 


Allen Salt Vel. 
Allen Salt Vel. 


Volumetric 


Allen Salt Vel. 


Diagram 
Simple 
Simple 
Diff. 
Diff. 
Diff. 
Simple 
Simple 
Simple 
Simple 
Simple 
Diff. 
Diff. 
Simple 
Diff. 


Max 

+1.6 
1.0 

—1.1 


Mean 


Parahyba 


perimental verification of the theories of errors can be established, 
the residual errors in the results obtained by the Gibson Method 
as applied in practice are probably within the limits of precision 
possible in the measurement of large quantities of flowing water. 
No experimental evidence has yet been presented which would 
change this conclusion. Many tests have been made which show 
close agreement in comparison with other methods of water 
measurement and many tests show close agreement between re- 
sults obtained for comparison using simple and differential pres- 
sure-time diagrams. 

A few examples of comparisons between measurements made by 
the Gibson Method and other methods of water measurement are 
shown in Table 1. 

An unsuccessful attempt was made in 1932, by the author, to 
‘arry out a series of laboratory experiments with a view to seeing 
what could be done on a small scale. For this purpose a 12-in. 
pipeline, a head tank, and a volumetric measuring tank were set 
up. There was sufficient head to discharge about 3.8 cu ft of 
water per sec making the velocity in the 12-in. pipe about 4.8 fps. 
A length of about 100 ft was available for making pressure-time 
diagrams. The measuring tank was a bulkheaded tail race 18 ft 
wide by 57 ft long with an available depth of about 3 ft. This 
contained about 3200 cu ft of water; sufficient for a run of 14 
min, But there were many difficulties encountered, not fully ap- 
preciated at the beginning. For instance, the pipe factor F had 
to be obtained by weighing the water because a variation of 1/100 
of an inch in measuring the pipe diameter was equivalent to 0.2 
per cent. Water leaked from the tank in amounts varying from 
2'/, to 5 cu ft per min; enough to require correction of the 
volumetric measurement. The diagrams were small and there 
were other discouraging features. The mean variation between 
the Gibson and volumetric measurements was of the order of 
about one per cent but the author decided that the results were 
not sufficiently reliable and conclusive and the project was 
abandoned. It was evident that more accurate arrangements 
would have to be devised before conclusive results could be ob- 
tained with laboratory equipment of that size. 


(D) Precision of Workmanship 


It remains now to discuss the question of accuracy in relation 
to the degree of precision that can, with reasonable care, be at- 
tained in determining the various factors that enter into the cal- 
culations required to measure water quantities by the Gibson 
Method as applied in testing the efficiency of the hydraulic tur- 
bine in hydro-electric power plants. 
and operations are required: 


The following quantities 


(a) Length of conduit between piezometer sections 
(b) Mean area of conduit between piezometer sections 
(c) Calibration of the ratio of areas of the two legs of the 
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manometer tubes of the Gibson Apparatus for obtaining pressure- 
time diagrams 

(d) Adjustment of the position of the lens of the Apparatus to 
fix the ratio between object and image, usually 1 to 1 

(e) Calibration of the pendulum of the apparatus used to record 
intervals of time on the pressure-time diagram 

(f) Area of the pressure-time diagram measured by precision 
planimeter 

(g) The quantity of water that leaks past the turbine gates 
after closure has been made 

Precise determination of the foregoing factors could reasonably 
allow tolerances of measurement about as follows: 

(a) Measurement of the distance between piezometer sections 
suitably located for making differential diagrams could be made 
within 1 in 10,000. Error in this measurement, therefore, may be 
considered negligible. 

(b) The mean area of conduit between piezometer sections is 
obtained by measuring four diameters at each of a number of 
places about 10 ft apart or closer if the conduit is of variable shape. 
It is not difficult to measure such dimensions within 1/16 in. 
This could mean an error of about 1/10 of one per cent for a con- 
duit 10 ft in diameter and correspondingly less for conduits of 
larger cross sectional area. 

(c) Calibration of the ratio of the two legs of a manometer can 
be made within 1/10 of one per cent by photographing the change 
of level of the mercury in the glass tube and measuring the cor- 
responding change in the riser tube by means of a micrometer 
gage with electrical contacts. 

(d) The setting of the lens of the apparatus to produce a 1 to 1 
ratio of object and image is done by trial and error and requires 
patience. However, it can be done with precision and the error 
from this cause may be considered not to exceed 1/10 of one per 
cent. If the ratio is not 1 to 1 the value of r equal to the vertical 
height in inches corresponding to 1-ft pressure change in the 
conduit must be determined and used (see §77 [2]). 

(e) The length of the suspension rod of the pendulum can be 
adjusted so that there is no appreciable error in fixing the time 
value of each swing at any desired interval, usually one second. 
The pendulum rod makes time marks on the diagram by briefly 
interrupting the image at intervals. The value of S = the hori- 
zontal length on the diagram corresponding to one second of time 
is obtained by measuring the distance, usually about 10 in., be- 
tween an even number of such time marks. 
within 0.01 in. or about 1/10 of one per cent. 

(f) The accuracy of a Coradi Precision Planimeter is rated at 1 
in 4000. It is not too difficult, with an instrument of this kind, 
to measure areas of 10 sq in. or more within a mean variation of 
one or two tenths of one per cent. Correction for shrinkage or 
stretching of the print, if any, is done by measuring the distance on 
the print between marks made thereon by perforating the film 
with trammel points a fixed distance apart. 


This can be done 
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+0.2 
0.0 
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| —0.2 


(g) Leakage through the clearance spaces after closure of the 
turbine gates is not included in the pressure-time diagram but is 
measured separately and added to make up the total discharge. 
Usually such leakage amounts to less than 1/2 of one per cent of 
full gate turbine discharge. It can be measured closely by the fall 
in pressure method. If the error in determining leakage were as 
much as 10 per cent, the error in discharge of the turbine would 
amount to about 1/20 of one per cent. 


A summary of the foregoing estimates of tolerances is as 
follows:'! 


(a) Length between piezometer sections 0.0000 
(b) Area of conduit 0.0005 
(c) Calibration of manometer 0.0010 
(d) Setting of lens 0.0010 
(e) Record of time 0.0010 
(f) Area of diagram 0.0015 
(yg) Leakage 0.0005 

Total without regard to sign 0.0055 


There seems to be no reason to assume that possible errors such 
as the foregoing, aggregating about half of one per cent would all 
be of the same sign, either positive or negative; nor would it seem 
reasonable to assume that the sum of the positive errors would ex- 
actly balance the sum of those of negative sign. It is perhaps 
sufficient to say here that the probable residual error must be 
small. The individual engineer will form his own opinion as to its 
magnitude.!? 

In conclusion it may be said after much critical analysis and 
experience that the Gibson Method, as a practical means of water 
measurement gives results that are well within the degree of pre- 
cision required in commercial field work and its qualities of ac- 
curacy, convenience, and economy have brought it into wide and 
acceptable use. 

“Yet all experience is an arch wherethro’ 
Gleams that untravell’d world, whose margin fades 
For ever and for ever when I move.’’4 
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APPENDIX 1 
Brief Description of the Gibson Method and Apparatus 


The purpose of this Appendix | is to give a brief description of 
the Gibson Method, the principles on which it is based, the ap- 
paratus employed, and the conditions under which it may be ap- 
plied so that a prospective user may have sufficient understanding 
of the matter without reading the author’s original paper [2] on 
the subject. It is not intended to enable one to use the method 
without recourse to the full training and experience necessary to 
comply with the ASME Power Test Code. 

The method does not apply to the measurement of flow in 
open chanrels but only to flow through a pressure pipe or other 
closed conduit. It is based on the well-known principle of physics 
that if the mass of a moving body is known, and if the average 
pressure and time required to bring it to rest can be determined, 
the velocity of the body, at the moment the retarding pressure 
was first applied, can be computed. This is simply the equation 
of impulse and momentum or Newton's second law of motion 
which is expressed by the formula F = Mdpv/dt in which F is the 
force acting on the mass M and dv/dt is the rate of change of the 
velocity of that mass. 

The conditions under which the Gibson Method may be ap- 
plied to measure the quantity of water flowing in a conduit, there- 
fore, require first, an adequate length of conduit the dimensions of 
which can be measured to obtain the mass of water between two 
sections a suitable distance apart, and second, a means of con- 
trolling the flow so that the water may be stopped in a suitable 
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period of time. These conditions are fulfilled in a hydro-electric 
power plant supplied with water through a closed conduit and 
equipped with a hydraulic turbine having movable wicket gates. 
Measurements may be made under other conditions but they 
need not be considered here. 

What may be considered the minimum suitable length of con- 
duit is specified in the ASME Power Test Code as follows: 


“The length of conduit upstream from the piezometer see- 
tion for simple diagrams or the length between two piezome- 
ter sections for differential diagrams shall be not less than 30 
feet nor less than twice the maximum dimension of the con- 
duit cross section.” 


But this specifies minimal conditions for acceptance tests under 
the Code. Satisfactory water measurements have been made 
where the distance between piezometer sections was as short as 18 
ft. Usually, however, it is feasible and better to select piezometer 
sections that may be used to produce pressure-time diagrams of 
the most favorable size and shape. There is no simple rule by 
which, in a given case, the best location of piezometer sections can 
be made because it involves a consideration of the total head on 
the plant, the total length of conduit, the maximum velocity of 
the water flowing in the conduit, the turbine governor closing 
time, the ratio of the two legs of the manometer to be used, and 
the speed of rotation of the drum on whick. the photographic film 
is wrapped. Experience in the use of the method is, perhaps, the 
best criterion. For that reason the author has made a practice of 
furnishing, free of charge, his recommendations for location of 
piezometers. In general, under usual conditions, a length of 
conduit between piezometer sections of 50 to 70 ft and a governor 
closing time of 8 to 12 sec will produce pressure-time diagrams of 
satisfactory size and shape. Where the head on the plant is high 
and the conduit is long, the length between piezometer sections 
may have to be increased to 150 or 200 ft and the governor closing 
time to as much as 30 to 60 sec. 

What is accomplished by the Gibson Method is the measure- 
ment of the product of the average pressure and the time required 
to destroy the momentum of a given mass of fluid in motion in a 
closed conduit and from those measurements to determine the 
quantity in efs of fluid that was flowing in the conduit. The 
measurements are made from a diagram produced on a film by a 
photographie device which records the changes of pressure and 
the time required to bring the known mass of fluid to rest. 

The apparatus used for this purpose is illustrated in Figs. 7 and 
8. It comprises a mercury manometer, a camera box, a photo- 
graphic lens, and a film holder inside of which is a revolving drum 
driven by a motor (mechanical or electrical). A photographic film 
is wrapped on the revolving drum and the image of the top sur- 
face of the mercury in the glass tube of the manometer is photo- 
graphed on it through a narrow slot in the film holder. This 
image is interrupted at regular intervals by the swinging to and 
fro of the stem of a seconds pendulum located inside the camera 
box, A typical photographic record called the pressure-time dia- 
gram is illustrated in Fig. 9. 

A complete test of the turbine of a hydro-electric unit usually 
requires from 25 to 30 individual runs made at various gate- 
openings. During each test run, the gate-opening, the head, and 
the power output are observed and recorded. When these ob- 
servations have been completed the turbine gates are gradually 
and continuously closed by means of the governor which pro- 
duces the changes of pressure in the conduit. The changes in 
level of the top surface of the mercury in the manometer caused 
thereby are photographed, as described in the foregoing paragraph 
to form the pressure-time diagram. The load on the generator of 
the unit under test will be transferred, as the turbine gates close, 
to the other units supplying the system load and operating in 
synchronism with it. 
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Fig. 7 Gibson apparatus and setting, front view 
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Fig. 8 Gibson apparatus and setting, rear view 


Transactions of the ASME 


: 
AX 
: 
a 
; & 7 
: 
i; 
/\ 
omg 


: 


The field work for a comprehensive test of a hydro-electric 
power plant, including the test of one hydraulic turbine, requires 
from four to seven days. This includes the time required to in- 
spect the turbine and piezometers and to perform the leakage 
test. Also the time required to set up and connect the Gibson 
Apparatus to the conduit, install the electrical instruments to 
measure the output of the generator, install the head water, tail 
water, and net head gages, scroll case manometers, ete., and take 
from 25 to 30 pressure-time diagrams. The actual running of a 
turbine test, after all equipment is in readiness occupies from 5 
to 10 hours. 

About 10 observers are required to man the various stations for 
the hydraulic work and about 10 for the electrical measurements. 

The office work to compute the results from the test data and 
prepare the report requires from 6 to 10 days per unit using a 
staff of 2 or 3 trained and experienced engineers and general office 


help. 


APPENDIX 2 


Revisions of Author's Original Paper, ASME No. 1903 Entitled, 
The Gibson Method and Apparatus for Measuring the 
Flow of Water in Closed Conduits 


No fundamental revisions are required in Paper No. 1903, 
presented in December, 1923, at the Annual Meeting of The 
American Society of Mechanical Engineers, but the following 
notes, accumulated since the paper was written, may serve to 
clarify some passages. 


Par. 18 lines 1, 2, and 3: Change this sentence to read: 
“The object of closing the turbine gates in this manner is 
to produce changes of pressure in the penstock which will 
occur during the time when the flow of water therein is 
being brought to rest.’”’ 

Par. 18 line 5, change “‘this’’ to “these” 

Par. 20 line 4, change ‘10 to 12” to “25 to 30” 

Par. 20 line 7, change “two to three’ to “‘five to six”’ 
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Fig.9 Typical pressure-time diagram 


Par 24 line 2, change “factor” to “quantity” 

Par. 28 lines 2 and 5, change “piezometer”’ to “manometer” 

Par. 30 add: “Electric light bulbs placed at the various ob- 
servations stations may also be used for signalling by light 
flashes.”’ 

Par. 42 line 4, change 1” to 3/4” 

Par. 49 line 18, change “‘pressure’’ to ‘‘pressures”’ 

Par. 49 lines 18 to 22: change the last two sentences of this 
paragraph to read: 

“During the time when the flow of water in pipe P is being 
interrupted changes of pressure occur. The changes of 
pressure affect the level of the mereury column in tube D, 
as already mentioned, and a record of these changes of 
level is obtained as follows.” 

Par. 77 et seq. (1) The letter A has been used as the symbol for 
the net area of the pressure- time diagram. But A has also 
been used as the symbol for the cross-sectional area of the 
conduit. To avoid confusion substitute A, for the former 
wherever it occurs. 

(2) The letter “r’’ has been used as the symbol for the vertical 
height in inches on the diagram corresponding to one 
foot of pressure change in the conduit. But ‘“r’’ has also 
been used in the computations as the ratio of the sum of the 
segmental areas 2, to the whole net area Ay. To avoid con- 
fusion substitute “‘y’’ for the former wherever it occurs. 

Par. 80 line 6, add: “when the diagram is exactly full size.” 


APPENDIX 3 


The Gibson Method and Apparatus for Measuring the Flow 
of Water in Closed Conduits as Applied in Testing the 
Efficiencies of Water Wheels in Hydro-Electric Power Plants 


Numerical Example Using the Differential Pressure-Time Diagram 


1 The delineation and measurement of the differential pres- 
sure-time diagram obtained in practical work by means of the 
Gibson Apparatus is explained herein by calculating numerically 
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the rate of discharge of water flowing in a conduit, using for the 
example the diagram shown in the accompanying Fig. 10 and the 
following data. A comptometer has been used when necessary 
for the computations. 

Data: 


(a) Length of conduit between piezometer sections L = 
85.155 ft. 

(b) Pipe factor F = LL/a = 0.4060 (obtained by measure- 
ment of diameters at intervals between piezometer 
sections) 

(c) Area of conduit at upper piezometer section 228.099 sq ft 

(d) Area of conduit at lower piezometer section 197.756 sq ft 

(e) Acceleration due to gravity g = 32.2 ft per sec per sec 

(f) Specific gravity of mercury M = 13.6 

(g) Ratio of areas of glass tube and riser of Gibson Apparatus 
R = 0.025 

(h) Vertical height in inches in the diagram corresponding to 
one foot of pressure change in the conduit 


1 


y 


(i) Apparatus constant K = g/y = 34.66 


Fig. 10 is a differential pressure-time diagram taken, in the 
manner described in the author's original paper [2] during the 
testing of a 34,000 hp turbine designed for 132-ft head. The gate- 
opening before closure was about 80 per cent of full gate. 

Procedure for delineating and measuring the diagram is as fol- 
lows: 

A horizontal line AA, called the running line, is drawn coinci- 
dent with the position on the diagram representing the level of 
the surface of the mercury in the glass tube of the apparatus 
under running conditions before the turbine gates begin to close. 
If the running position of the mercury is wavy, the running line 
should be taken as the mean position of its peaks and valleys. 

A horizontal line F, called the static line, is drawn coincident 
with the position on the diagram representing the level of the 
mercury in the glass tube of the apparatus under static conditions 
after the turbine gates have been closed. Usually this line is coin- 
cident with the median line of the afterwaves shown at PP. The 
median line is obtained by bisecting the envelope curves shown 
at HH and GG. 

The vertical line KM marking the end of the diagram is located 
as follows: 


(a) Measure the horizontal distance along the static line from 
its intersection at V with the rising edge of the first afterwave 
to its intersection at R with the falling edge. 

(b) Subtract the slot correction from this measurement. It 
has been found by experiment that the slot correction is 0.004 in. 
less than the actual width of slot as described in Par 8 [2]. In 
this example the slot correction is 0.012 — 0.004 = 0.008 in. 

(c) Measure the heights above the static line of the peaks of 
two adjacent waves and compute the ratio of wave heights as 
shown on Fig. 10. 
are from Fig. 11 and 


= 
(d) Determine the quantity —— 


multiply this quantity by the dimension obtained in item (6). 


The numerical values for items a, b, c, and d are shown on Fig. 
10. The distance so determined is laid off along the static line 
from the point W where it intersects the falling edge of the dia 
gram following closure to a point M. Draw a vertical line MK. 
This line determines the end of the diagram. 

It is sometimes helpful to give the blue print of the diagram a 
sharp outline by means of a hard lead pencil sharpened to a 
wedge point. 
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The diagram is then divided into small segmental areas A,, As, 
As, etc. A trial recovery line ONM is drawn as shown by the 
dotted line on Fig. 10. Each of the small areas above ONM is 
then measured by planimeter. From each of these areas the slot 
correction is deducted. This, for a slot 0.012 in. wide, is equal to 
0.008 in. multiplied by the vertical height of the rising side, if 
any, of the segmental areas. 

Fig. 12 is a tabular form which has been designed so that the 
successive steps to be taken in measuring a diagram may be 
taken in a systematic manner. 


(a) The data entered at the top of the form for identification 
and convenient reference are self-explanatory. 
(b) The first five columns of the table show respectively: 

Col.1 The designating letters of the segmental areas A;, Az, 
Ag, ete. 

Col. 2. The vertical height of each segmental area to be 
multiplied by the effective slot width to obtain the slot correction. 
Nore: A scale can be constructed which will read the area of slot 
correction directly, in which case the words “height for” at the 
head of the column may be eliminated. 

Col. 3. The planimeter readings for each segmental area. 
Nore: Satisfactory measurements of area are obtained by using 
a Coradi precision type planimeter rated to have an accuracy of 
1:4000. This instrument may be set to half scale. Since at 
least two separate determinations of each area should be made to 
insure the necessary accuracy and minimize personal errors of 
observation, the sum of the differences between two separate 
readings after the first setting gives to full scale the mean of the 
two determinations of area. 

Col. 4 The difference between planimeter readings. 

Col.5 The mean area of each small segment of the diagram 
and the slot correction which is subtracted to give the net area. 

(c) The summation figures in the sixth column are obtained by 
adding together successively the net areas in Column 5. When 
the last of the segmental areas has been added in, the total will be 
the net area of the diagram above the assumed recovery line. It 
is not necessary for the first trial, to check the sum of the small 
areas by measuring the total area, before proceeding with the 
computations but, after the final recovery line has been located, 
the final total area of the diagram is then measured by planimeter. 


At this point a digression is required for a moment to discuss 
the matter of leakage through the turbine gates after closure. 
The area of the pressure-time diagram is a measure of only that 
quantity of water actually shut off. If any quantity remains 
flowing in the conduit after closure of the turbine gates it must be 
measured separately and the amount of it included to obtain the 
total discharge at the moment the gates began to close. 

When the gates of a hydraulic turbine are tightly closed, a small 
quantity of water leaks through the clearance spaces at top and 
bottom of the gates and sometimes through interstices between 
the wicket gates themselves. Such quantity does not produce 
impulse area on the pressure-time diagram. It seldom, in tur- 
bines of modern design, amounts to as much as one half of one 
per cent of full gate discharge. When the leakage quantity is 
thus relatively small, no appreciable error is introduced in the 
computation of discharge from the diagrams by assuming that 
the leakage velocity in the conduit is zero. The leakage quantity 
is simply added to the discharge computed from the diagram. 
However, since the difference between the squares of two quan- 
tities is not the same as the square of their difference, the calcula- 
tion of the result from the pressure-time diagram, when the leak- 
age quantity is relatively large, mus‘ take into account the 
residual velocity in the penstock. The complexity or length of 
the calculations is not materially increased thereby but usually 
it is not done because such refinement is not considered necessary. 
Leakage velocity though small has, however, for purposes of il- 
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Fig. 10 Differential pressure-time diagram delineation : 
} | \ | } / | | 
| etc 


Plant__SPECIMEN | 
Proprieter SPECIMEN 


Apporatus No. 2(Can.) tube No.4] 
Pipe Factor 4960 


P.-T. DIAGRAM SCALES: 


Vert. 
Horiz. 
h, 


_ Leakage q==__ 


Width for Slot Corr. 0.008 in. 


ta.=1.077 
s— 0.7760 in. 


=€— 0.805 


NORMAN R. GIBSON 
CONSULTING ENGINEER 
NIAGARA FALLS, N. Y. 


EFFICIENCY TEST BY GIBSON METHOD 


Unit No. 


Riser No.2 in .K=34 
_10 CFS A, = 


qxFxS 
K 


=0,031 in. 


Date May 7, 1929 
Run No. 15 _ 


COMPUTATIONS 


2) 


| 24.575 


28.271 


22.8186 | 


24.914 | 


25.713 
29.653 


28.271 | 


SEGMENT PLANIMETER MEASUREMENTS F RECOVERY LINE 
| HEIGHT || SEG. AREA | SUMMATION 
| FOR SLOT |. CoRR. = _OF COL. coL. 
NO. Corr. | READINGS NET AREA r’xC 
| | 22.256 | | 5.758 | | 
A, 4.24" 1.869 | 0.034 _| 5.704 | 0.150 | 0.840 | 0.568 
| | 20.387 | |S. 704— | 
| 23.923 | | 5.364 | | | 
A, |0.26 | 1.667 | 0.002 7.025 0.303 0.697 0.391 
| 22.256 | 5 O82 | 
= | 
[24.573 | | 3.514 | | 
10.545 0.454 0.545 0.249 
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64.66 25.134 


Fig. 12 Computation sheet 


= 2962 CFS 


0.4060 0.7760 Crs 
TOTAL 
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lustration been included in the calculations of this numerical ex- 
ample. 

Continuing with the numerical example, an imaginary area is 
now added to the total area in column 6 equal to the impulse 
area corresponding to the leakage velocity which has not been 
destroyed. That is to say, if the leakage velucity had been de- 
stroyed, the area A, would have been proportionately larger and 
the increase in area would have occurred after the point K, Fig. 
10 had been reached. The additional area A, is calculated from 
the expression gSF'/K where q is the leakage quantity in cubic 
feet per second which has been separately determined and the 
other symbols have the same significance as before. In this ex- 
ample g was found by measurement to be 10 cfs. The additional 
area A, is therefore: 


———_—__— = 0.091 sq in. 


The value of S is determined simply by measuring the horizontal 
distance between as many second marks as can be taken within 
the length of the main part of the diagram. An even number of 
second marks should be chosen so as to avoid error if the cord of 
the pendulum is not exactly centered over the drum slot. It is 
not difficult to measure this distance within 0.01 in. using an en- 
gine divided scale graduated in fiftieths or hundredths of an inch. 
If the distance measured is 10 in., which can usually be obtained, 
the degree of precision is then 1 in 1000. In this example the dis- 
tance measured between 10 sec is 7.76in. Therefore S = 7.76/10 
= 0.776 in. 

The last three columns of Fig. 12 show the computations for 
determining the position of the recovery line on the diagram, Fig. 
10. 

In column 7, the ratio R equal to A/A; + A, is set down for 
each segmental area. Thus, for example, the ratio r'‘ for A, on 
the first line is 3.704/23.200 = 0.160. 

In column 8 the value of (1 — r) for each ratio is computed and 
entered. 

In column 9 the value of (1 — r)? multiplied by the value of C 
is recorded for each segmental area. 

The quantities shown in column 9 are measured down from the 
line FM, on the diagram, at the right-hand edge of each segmental 
area to locate points on the recovery line ONM. These points 
are then joined together and if the line so formed is not relatively 
close to the assumed trial line it will be necessary to repeat the 
process, using such line as a new trial line. Usually, however, 
after some practice, it is not difficult to locate the first trial line 
so that a second trial is unnecessary and the line OMN found from 
the first set of computations will be the true recovery line as 
closely as it can be drawn. When the value of C is small, as it is 
when the upper and lower piezometer sections have the same cross- 
sectional area and consequently the value of A, is the same 
at both sections, the recovery line can, frequently, be located with 
sufficient precision by eve and the process of subdividing the area 
of the diagram into segmental parts can be omitted or at least 
limited to a check at one or two points. When C is very small a 
close approximation to the total area of the diagram related to 
discharge can be made by adding to the area above the static line 
35 per cent of the rectangle enclosed between the beginning and 
end of the diagram and the ordinate C between the running and 
static lines. 

The numerical example used herein has been chosen for illus- 
tration because the diagram was obtained at a plant where the 
area of the penstock at the upper piezometer section was larger 
than the area at the lower section. The recovery of velocity 
head, in this case, amounted to 0.647 ft (using the square of the 
average velocity at each section as specified in the ASME Power 


14 Note: This symbol r is not the same as r in Par. 77 [2]. 
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Test Code). The vertical scale of the diagram is lin. = 1.077 ft 
therefore 0.647 ft corresponds to 0.647/1.077 = 0.601 in. on the 
diagram. This represents that part of C due to the recovery of 
velocity head. The remainder (0.805 — 0.601) = 0.204 or only 
about one quarter of C is attributable to the recovery of friction 
head. 

It seems appropriate at this point to discuss briefly the matter 
of velocity head. For practical reasons, velocity head is usually 
taken as the square of the mean velocity in the conduit divided 
by twice the gravitational unit. It is so specified in the ASME 
Power Test Code. But the distribution of velocity in a pressure 
conduit of a power plant is seldom uniform, the velocity at the 
center being greater than at the walls. The true velocity head, 
for nonuniform distribution therefore will always be greater than 
that obtained by using the mean velocity since it is a function of 
the mean square of the filament velocities. The coefficient to be 
applied depends on the velocity profile across the conduit. This 
consideration would make the proportion of C attributable to re- 
covery of friction head even less than the 25 per cent indicated. 
The magnitude of true velocity head, however, is not to be con- 
sidered here. 

Proceeding with the computations of discharge from the data 
given, the following final steps are taken: 

(a) The final recovery line ON M having been found and drawn 
in as described, the total area above this line within the limits of 
the diagram OBBKMN is then measured by planimeter and cor- 
rected for width of slot. In this example the total area measured 
in this way is 23.178 sq in. and the total slot correction is 0.049 
sq in. making the total net area 23.129 sq in. This area is used in 
the final calculations instead of 23.109 sq in. obtained by summing 
the small segmental areas as shown in Fig. 12. 

(6) A slight correction for the shrinking or stretching of the 
print of the diagram, if any, is required. For this purpose the 
photographic film, before it is put in the holder is pricked ver- 
tically in two or three places with two trammel points exactly 
nine inches apart. These prick points make dots on the print as 
shown on Fig. 10 and the distance between them is measured by 
means of a finely divided scale. No correction of the horizontal 
dimension is required because the value of S is determined directly 
from the print itself. The ratio of 9.00 in. to the measured dis- 
tance between the dots is multiplied by the measured area of the 
diagram to obtain the final net area. In this example the mean 
distance between trammel marks on the print is 8.975 in. There- 
fore, the final net area is 

9.00 
—~ 23.129 = 23.194 sq in. = A™ 
8.975 
(c) Inserting this value of A in the equation Q = KA/FS and 


adding the leakage quantity, the total discharge is obtained as 
follows: 
34.66 X 23.194 
= —— = 2552 cfs 
0.4060 0.7760 
Leakage 10 efs 


Total 2562 efs 


APPENDIX 4 
Bibliography and Notes 


The complete Bibliography of the Gibson Method and Ap- 
paratus, in the author's file, comprises 67 papers and articles. 
Many of these, while of historical interest, cannot be considered 
essential reading for a student of the subject. Therefore, the 


1s This is the same as Ag in the text but for convenience the sub- 
script d has been omitted in computations. 
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following list has been selected to include only those writings 
which the author believes would be helpful in acquiring a knowl- 
edge of the method itself and of the critical analyses to which it 
has been subjected by others. The list includes all references in 
the text of the foregoing paper and also some others. Reference 
numbers used in the complete bibliography have been retained 
for identification. 


1 Norman R. Gibson, “Pressures in Penstocks Caused by the 
Gradual Closing of Turbine Gates,” Trans. ASCE, vol. 83, 1920, pp. 
707-775; and Discussions by Otto V. Kruse, Eugene E. Halmos, 
RK. D, Johnson, Minton Warren, J. T. Noble Anderson, Ford Kurtz, 
and William P. Creager. 


2 Norman R. Gibson, ‘‘The Gibson Method and Apparatus for 
Measuring the Flow of Water in Closed Conduits,”” Trans. ASME, 
vol. 45, 1923, pp. 343-392, and Discussions by Clemens Herschel, 
R. W. Angus, Paul F. Kruse, E. B. Strowger, R. D. Johnson, Thomas 
H. Hogg, H. Birchard Taylor, and William Monroe White. 


14. F. Marzolo, “Il Metodo di Gibson per la Determinazione delle 
Portata nelle Centrali Idroelettriche,” L’ Elettrotecnica, no. 4, 1925. 


22 F. Salgat, “La Méthode Gibson Pour la Mesure du Débit 
d'une Conduite Forcée,”” Bulletin Technique de la Suisse Romande, 
August 28, 1926, et seq. 

23 D. Thoma, “Uber den Genauigkeitsgrad des Gibsonschen 
Wassermessverfahrens,"’ Mitteilungen des Hydraulischen Instituts der 
Technischen Hochschule, Miinchen, vol. 1, 1926. 

33 Alfredo Melli, ‘‘Misure di Portata nelle Condotte Forzate I 
Metodo Gibson,” L’Energia Elettrica, November, 1928. 

39 Ettore Scimemi, ‘“‘Misure di Portata negli Impianti Idroellet- 
trici Esequite col Metodo Gibson,” L’Energia Elettrica, December, 
1931, 

47 Paul Volkhardt, ‘Ein Neuer Druckschreiber fur Wassermes- 
sungen nach dem Gibson-Verfahren,”’ Mitteilungen des Hydraulischen 
Institute der Technischen Hochschule, Miinchen, vol. 6, 1933. 

48 Hans Deckel, ‘‘Druckshreiber und Versuche zur Bestimmung 
von Wassermengen nach dem Gibson-Verfahren,”’ Mitteilungen des 
Hydraulischen Inatituts der Technischen Hochschule, Mtinchen, vol. 6, 
1933. 

49 D. Thoma, “Die Auswertung der Druckdiagramme von Gibson 
Wassermessungen beim Auftreten von Nachschwingungen in der 
Rohrleitung,” Mitteilungen des Hydraulischen Instituts der Tech- 
nischen Hochschule, M iinchen, vol. 6, 1933. 

62 G. D. Floyd and J. J. Traill, “‘Technique of Electrical and 
Hydraulic Testing of Hydro-electric Units,’”’ Trans. vol. 65, 
1946, pp. 163-169. 


DISCUSSION 
K. Alming’® and F. Salvesen?’ 


Our comments will be directed to what in our opinion are the 
three most essential points concerning accuracy and dependability 
of the method from experience gained with the Gibson measure- 
ment method in Norway. 

1 Recording of pressure line, giving the main part of the 
Gibson diagram. The diagram shown in Fig. 13 of this discussion 
indicates the real differential pressure over test section in the 
pipe. However, the actual records may show quite different 
curves depending on the instruments used as pressure indica- 


1 Professor of Water Power Engineering and Director of The Water 
Power Laboratory, Norwegian Institute of Technology, Trondheim, 
Norway. 

17 Chief Laboratory Engineer, The Water Power Laboratory, 
Norwegian Institute of Technology, Trondheim, Norway. 
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tors. 


The mercury manometer gives superimposed oscillations 
with large amplitudes and fairly low frequencies. The correction 
from recorded to actual diagrams due to inertia and friction of 


the mercury columns seems often to be uncertain. Other de- 
signs, as the membrane pressure indicator, can follow the pres- 
sure fluctuations in a pipe much more closely, but require more 
of the planimetering of curves. However, this is mostly a ques- 
tion of good instrumentation and can be solved. 

2 Determination of the end point of diagram. A false evalua- 
tion of this point, theoretical or instrumental, may give quite 
considerable errors. The correct limit of integrating the pressure 
line depends among other things on the distance between the 
guide vanes and the nearest test section in the pipe. The error 
made at this point may be kept within a given amount by lower- 
ing the pressure to a small value before full shut off, so that the 
error made does not affect the total too much. Another point is 
that the pressure should be kept constant during at least the last 
2L/a period of the pipeline before the moment of full closure. If 
this is not the case the water velocity will not be zero all along 
the pipeline at the same time, and a correction has to be made to 
the impulse law. However, this last error also will be less by 
lowering the pressure as shown. 

3 Determination of wall friction during closure and drawing 
of recovery line. At present we know that the wall friction under 
retarded flow does not follow the laws for permanent flow either 
for magnitude or direction. But we still have too little knowl- 
edge to calculate exactly how the wall friction varies during the 
retardation period. What we can do is to adjust our testing con- 
ditions so that the ratio between friction loss and differential 
pressure rise over the test section is kept as small as possible. 

From what has been said in the foregoing we may deduce that 
the Gibson Method offers no easy means of flow measurement, 
but if great care is taken in the selection of the correct pressure- 
indicating apparatus and in the meticulous application of theory 
and of recording technique, then the method is a very useful tool 
for the water-power engineer under circumstances where other 
good methods fail. 


P. B. Dawson, Jr.?® 


The author’s summary of 35-years of hydraulic turbine testing 
is of considerable interest to those in the hydroelectric field. 

That the maximum efficiency of hydraulic turbines should in- 
crease with capacity is expected and is clearly indicated by the 
author’s Fig. 1. However, available information indicates that 
Francis turbines designed for high heads and low specific speeds 
have lower maximum efficiencies than those designed for inter- 
mediate heads and specific speeds. Figs. 2 and 3 indicate in- 
creased turbine efficiency for increased heads up to 250 ft, and 
increased maximum efficiency for lower specific speeds to a mini- 
mum of approximately 33. It would be interesting if informa- 
tion were available for design heads up to 1000 ft, and specific 
speeds down to 17. It is believed that there is an optimum in- 
termediate range of heads and specific speeds for maximum tur- 
bine efficiency. 

The writer is familiar with two tests which provide a comparison 
between the Gibson and Allen salt-velocity measurement. 
Similar turbines under similar hydraulic conditions were tested 
and the Gibson System indicated 0.2 per cent higher turbine ef- 
ficiency than the Allen System. 

A turbine was tested by the salt velocity method using a single 
set of electrodes, and the Gibson method. The Gibson method 
indicated 2 per cent less water quantity than the salt velocity 
test. The flows ascertained by the salt velocity method were less 
scattered at low flow than those ascertained from the Gibson test. 


18 Chief Engineer, Pelton, a Division of Baldwin-Lima-Hamilton 
Corporation, San Francisco, Calif. Mem. ASME. 
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The Gibson test results more closely conformed to the expected 
results based on model tests. 

Experience with the use of mercury in the laboratory indicates 
ready contamination to the point that the density of the mercury 
is affected. Mechanically clean and chemically pure mercury 
is required for accuracy of the Gibson measurement as well as for 
head measurement. 


Hans Gerber'® 


The International Electrotechnical Commission, Technical 
Committee No. 4, Hydraulic Turbines, held Plenary Sessions in 
1954, 1956 and 1957 to deal with International Test Codes for 
Hydraulic Turbines. 

During the sessions, the European representatives voted unani- 
mously for the adoption of three basic types of water measure- 
ment, the Allen, Gibson, and Current-Meter Methods. In so 
doing they had very little practical or personal knowledge of the 
Gibson Method, but they did have great confidence in the pro- 
posals of their North American colleagues. 

This paper now demonstrates that this trust was well placed. 
Thirty-five years of experience with his method shows in a most 
interesting manner the excellent foundation on which it is 
based. 

The author and his office were in a very good position to collect 
this experience material as, in contrast to Muropean practice, a 
high percentage of testing work in the United States and Canada 
is done by independent experts. So it happened that only about 
16 Gibson Apparatuses were delivered to persons outside the 
United States and Canada, while thousands of current meters 
are employed almost everywhere in Europe. 

In considering different water-measuring methods, it is neces- 
sary to compare the time, labor, and outage time required. Even 
today in European networks the necessity of frequent shutdowns 
of the machine to be tested would not be well received. The 
exact measuring of the mean area of conduits, especially for 
simple diagrams, without doubt requires a great deal of time. 
With the output measured immediately before the closing, how 
are variations of head and speed and influence of flywheel effect to 
be eliminated? There is no comment by the author on these 
factors. 

Those who are in possession of a Gibson Apparatus may ask for 
information on the location of the piezometer sections. It would 
be interesting to know the general rules that apply and what are 
the considerations if sections are not circular. 

The writer is in agreement with the conclusions of the author 
that the experience in the use of the method will be the best 
criterion. Therefore for the moment the impression remains 
that, in comparison with other methods, the Gibson water- 
measuring method requires specially and exceptionally highly 
qualified personnel with long experience. 


R. C. 


This is a most comprehensive document which surely was re- 
ceived with great interest by the Society. 

The writer wishes to discuss a translation mentioned in the 
paper. Dr. Thoma in connection with his examination, has used 
the German word “nebenbewegungen.” The author says this 
word combines the meaning of ‘‘side’”’ and “motion.”’ He rightly 
discards the translation “accessory motion.’”’ After much 
thought and study he arrives at a translation of “accompanying 
collateral or side motions.” 

The simple translation of the German word “‘neben” is “second- 
ary’; for example, ‘‘nebending’’—(secondary matter); ‘“neben- 
'9 Swiss Federal Institute of Technology, Zurich, Switzerland. 

20 General Manager, Simpsons London Limited, London, Canada. 
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bedeuting”’—(secondary meaning). We cannot understand why 
the author avoids this translation, because, in our opinion, it is 
both more descriptive and more accurate than the one he has 
arrived at. 

We prefer it because: (1) The word “secondary” would cer- 
tainly include all the nonprimary motions; e.g., sideways verti- 
cal, sideways horizontal, or longitudinal oscillations within the 
primary longitudinal motion. (2) The use of the English word 
“side”’ in its sense of “secondary” is unfortunate in this connec- 
tion, because, while it can mean “secondary,” it is likely by some 
readers to be taken as “‘sideways’’ which is certainly only part of 
the German meaning. 

In short, we are wondering why the author has avoided this 
more obvious translation in preference to the more complicated 
translation with which he admits he is not altogether happy. 


J. M. Gray?! 


All interested in flow measurement will welcome the author's 
admirable sequel to his paper of 35 years ago, which was, and still 
is, a model exposition of his apparatus and method. By the 
use of pressure-time diagrams to measure flow, his is surely the 
most fascinating of all methods, 

In Western Europe, where current meters are largely used, there 
is little experience of the Gibson Method. In this country, field 
acceptance tests have usually been carried out with current 
meters, pitot tubes, the pitometer, or the Allen salt-velocity 
method, but, lately, the Gibson Method has been introduced, 
and even the standing-wave flume. 

For many years the English Electric Company not only has 
taken an interest in the Gibson Method but also has been directly 
concerned in its application in various countries where customers 
have either contemplated or used it for acceptance tests. The 
widening of the association was a recommendation to have water 
measured generally on the same basis by a method that is simple 
to apply in the field; yields a high rate of testing; leaves a clear 
passage to the flow, avoiding the risk of failure of immersed in- 
struments and cables and the problems of security; and, being 
unrestricted by conditions that might be difficult or impossible for 
other methods, is applicable universally. 

The company purchased Gibson Apparatus No. 18, 4 years 
ago, and, with the benefit of consultation with the author, has 
carried out a number of tests at home and abroad, recording 
nearly 300 diagrams. Except for one Pelton wheel, the tur- 
bines were reaction types, one with relief valve. Heads ranged 
from 80 to 1300 ft. The longest closing time was 30 sec in one 
place and 53 sec in another. Of the test sections, only one was 
exposed; the rest were buried and used interior piezometer pip- 
ing; diameters ranged from 6 to 25 ft, and lengths from 54 to 240 
ft. 

The length of test section, for which, as the author says, there 
is no simple rule, is the result of taking a number of variables into 
account with a view to recording a useful diagram within the 
scope of the film; and, since the afterwaves on the diagram are 
normally used to define the impulse area, it is necessary to pro- 
vide for a useful number and to know their period. The number 
can be increased, if desired, by reducing the drum speed, but at 
the expense of impulse area. Once recorded, they usually die out 
quickly, and soon the film is exposed for the static line. 

Afterwaves have never deviated from the typical damped har- 
monic shape so much in our experience as in the recent tests at 
Finlarig, Scotland, for comparing methods of flow measurement. 
With the 53-see governor closing time on the 1300-ft head Pelton 
wheel, and with the apparatus connected to the 240-ft test section 
at the top of the long penstock, an afterwave period of 6 sec pre- 


Water Turbine Department, The English Electric Company 
Limited, Rugby, England. 
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dominated, combined with smaller oscillations of about the 2"/, 
sec estimated. The mercury came to rest so slowly that the 
record for the static line was undulating, the period being 6 sec. 
The same period was observed on gages reading direct pressure 
on the turbine and the penstock when conditions were unsteady. 
After the first diagram, a desirable number of waves was re- 
corded, still leaving adequate area to the main body of the dia- 
gram. They were so irregular that the normal methods of using 
them to define the impulse area seemed difficult to apply or dem- 
onstrate satisfactorily. 

The method devised for these diagrams was suggested by the 
greater regularity of the intersections of waves and static line. 
Starting at the extreme intersection, a single run of the planimeter 
along the static line to a reference peak near the main body and 
back by the wave profiles gave, by readings at intersections, the 
maximum and minimum wave areas in succession, as if measured 
from the reference peak. When the successive slot corrections 
were applied, the plot of net area showed pleasing regularity, 
though not always in the first few points. The regular points ap- 
parently conformed to damped harmonic waves of area, decaying 
slowly and small in amplitude. The combination of the mean 
regular area and the area of the main body to the reference peak 
was tuken as the area of the diagram. 

Examination of the principle shows that the mean of damped 
harmonic waves of area produced by regular damped harmonic 
waves of displacement is the limiting value when the number 
of waves is large. On typical Gibson diagrams, the principle can 
be applied without the labor of planimetering the waves, simply 
by using the wave characteristics. 
waves decay gradually. In simple harmonic waves, there is no 
decay and the limiting area is nil. 


J. B. Holt? 


The author should be commended for his many valuable con- 
tributions to the hydroelectric industry. 


In the present case, the area 


This paper presenting 
comprehensive data from 35 years of experience with 310 hy- 
drauliec turbine tests is an additional constructive contribution. 

The Gibson Method has attracted wide acceptance. In the 
opinion of the writer the paper’s analysis of various probable in- 
accuracies of the method justify this acceptance. 

These analyses have been limited to a straight portion of con- 
duit for the measuring section with absence of hydraulic disturb- 
ing effects immediately upstream or downstream. In the case 
where there is an elbow in the conduit between piezometer sec 
tions there can be considerable doubt as to the accuracy of the 
method, because: 


1 Nonuniform flow around an elbow gives rise to an error in 
computing the pipe factor. That nonuniform flow exists around 
elbows has been well established by the pitot-tube and other 
methods. 

2 The writer’s company has been unable through laboratory 
testing to confirm results of field tests conducted under these 
conditions. 

Fig. 3 of the paper shows a trend of efficiency varying with 
specific speed at specific-speed values between 32 and 70. No 
conclusion is drawn for values below 32. A similar trend of lesser 
degree could be expected from modern design turbines. The 
writer’s company has Gibson test results showing efficiencies of 
92.1, 94.5, and 92.6 per cent at specific speeds of 52, 50, and 70, 
respectively. 

Fig. 1 shows a trend of efficiency varying with turbine power 
output. This trend includes the two effects of (a) specific speed 
or head and (6) turbine dimensional size. At any selected output 
value on the graph the head effect could be either additive to or 


22 Supervisory Engineer, Hydraulic Department, 
Manufacturing Company, Milwaukee, Wis. 
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subtractive from the dimensional size effect. The writer suggests 
that this graph would be more specific if these effects were 
separated by constructing a family of constant-head curves 
through the test points. 


H. |. Howell?® 


The author has presented an excellent review of the experience 
obtained by the use of the Gibson Method of water measurement 
during the 35 years since the method was first presented to the 
Society in 1923. 

The writer has been associated with the author for more than 
30 of the years covered in the review, and has participated in 
many of the 310 efficiency tests carried out during that time, and 
has performed research work and investigations and instructed 
other engineers in the application of the Gibson Method. 

The records of these 310 tests contain a vast storehouse of 
valuable and interesting engineering data relating to turbine 
characteristics ; 
draft tubes; the effectiveness of maintenance programs; dis- 
charge capacity of relief valves, loss of head through hydraulic 
structures and equipment; and calibrations of 
piezometers and large venturi meters. 


the effect of alterations to turbine runners and 


scroll-case 


There is an abundance of data in these records to support the 
author’s conclusion, “. the Gibson Method, as a practical 
means of water measurement, gives results that are well within 
the degree of precision required in commercial field work and its 
qualities of accuracy, convenience, and economy have brought 
it into wide and acceptable use.” 

Any new method of measuring water that is developed and pre- 
sented to the engineering profession becomes the subject of in- 
vestigation by those having an inquisitive and objective mind. 
The limits of its application, its accuracy and, of course, its 
fundamental principles are explored. This is the way progress is 
achieved. The minds of many eminent scholars have been ap- 
plied to an investigation of the Gibson Method and Apparatus. 

None of these investigators has disclosed any experimental evi- 
dence as contrasted to theoretical or a priori concepts which in- 
dieates that the application of the method by the use of the ap- 
paratus designed and invented by the author produces results 
that require corrections or the use of a coefficient. 

After the Cornell tests had been completed in 1920, the late 
Dean E. E. Haskell of Cornell University wrote a letter to the 
late Mr. John L. Harper of the Niagara Falls Power Company. 
An excerpt from this letter is as follows: 

“We know from long experience that our volumetric method 
in getting quantity as used in this case comes very near being 
perfect. The Gibson Method of Determining the Flow checks so 
closely with the volumetric flow determination that we can say 
that it comes very near being perfect, otherwise no such agree- 
ment of results could have been obtained. The mean difference 
of less than 0.2 of one per cent between the two methods cannot 
be other than assurance that the new method gives accurate 
results. 

“The Gibson Method is new, remarkably simple, and gives re- 
sults that need no further refinement; it will prove of great value 
in the field of hydraulics where we must know ‘quantity of 
water’.”’ 

Some engineers have an idea that the Gibson Method can be 
applied successfully only by members of the author’s organization. 
This concept is without foundation. Any engineer who will take 
the time to study and obtain an understanding of the basic prin- 
ciples of the Gibson Method can set up and operate the Gibson 
Apparatus after a few days of personal instruction by the author’s 
organization or by following the book of instructions. 

28 System Staff Engineer, Niagara Mohawk Power Corporation, 
Syracuse, N. Y. Mem. ASME. 
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Several sets of Gibson Apparatus have been manufactured for 
clients in various parts of the world. The Hydro Electric Power 
Commission of Ontario has owned sets of Gibson Apparatus for 
approximately 35 years, and its engineers have carried out many 
successful tests. 


To cite a few additional examples, in 1934 the writer went to 
the USSR with a set of Gibson Apparatus which had been 
manufactured for the Russian Government. While there, the 
writer instructed the Russian engineers in the theory and applica- 
tion of the method and in the use of the equipment during a test 
of one unit at the Dnieproges Hydroelectric Station. After the 
writer had returned to the United States, the Russian engineers 
made a complete test of another unit at Dnieproges. Prints of the 
Gibson diagrams and other test data were sent to the author’s 
organization for independent analysis. The analysis of these data, 
particularly the Gibson diagrams, showed that the Russian engi- 
neers had properly operated the Gibson Apparatus and had ob- 
tained satisfactory diagrams. In 1948 the writer went to Dnie- 
proges with a second set of Gibson Apparatus, but no tests were 
made at that time. 

In 1950 a set of Gibson Apparatus was manufactured for 
the Puerto Rico Water Resources Authority. The writer went 
to Puerto Rico and instructed the Authority's engineers in its use 
and the application of the Gibson Method. Since that time, the 
Authority’s engineers have made their own tests and, on occasion, 
certain data have been sent to the author for an independent 
analysis. 

There are other examples of this nature, including some where 
a client has rented a Gibson Apparatus from the author and has 
sent his engineers to Niagara Falls for personal instruction in the 
setting up and operation of the equipment. After the test had 
been completed, the diagrams and other test data were sent to the 
author for an independent calculation of the test results. 

The author states that tests have been made at plants where 
the governor closing time was as much as 60 sec. Tests have been 
made where the closing time was as much as 90 sec. 


S. P. Hutton®* 


The hydroelectric world will be most grateful to the author for 
this survey of a lifetime's experience with the Gibson Method of 
flow measurement, not only because of its intrinsic interest but 
also because of the relatively small amount of published informa- 
tion available so far about the technique. Unfortunately, engi- 
neers in Europe have had little practical experience with the 
method and it is hoped that the author will explain the tollowing 
queries Which arise as first thoughts in the mind of a ‘beginner’: 

One of the assumptions implicit in the method is that the 
momentum of the water in the pipeline is given by the product of 
the mass and mean velocity of the water in the section considered. 
This requires that the velocity distribution across the pipe is the 
same at entrance to and exit from the test length. This can only 
be true for fully developed “pipeflow’’ throughout the test 
length, a condition clearly impossible in the direct method and 
unlikely in many cases for the differential method. Is it neces- 
sary in practice to check that this requirement of similar velocity 
distributions at each end of the test section is fulfilled? 

The author states that there is no simple rule for selecting the 
piezometer sections to give the most favorable pressure-time 
diagrams. Additional information would be much appreciated 
on this aspect no matter how complex the guiding principles. 
Is it possible, for instance, that even if the requirements stipulated 
in the ASME Code are satisfied, the pressure-time diagrams may 
still not be the most favorable? 


*4 Head of Fluid Mechanics Division, Department of Scientific and 
Industrial Research, East Kilbride, Glasgow, Scotland. 
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This summary of the author's 35 years of experience in the field 
testing of hydraulic turbines is especially interesting at this time. 
The final report on the Symposium on Laboratory Testing of Hy- 
draulic Turbine Models in Relation to Field Performance was 
published recently.** The author presents the “other side of the 
story” in this paper and both the Society and the industry should 
appreciate this most knowledgeable presentation of the case for 
so-called “absolute” field tests to determine the efficiencies of hy- 
draulic turbines. The writer agrees with the author's statements 
and conclusions regarding the relative convenience and economy 
of the Gibson Method, but feels that an evaluation of its accuracy 
and dependability requires some further discussion. 

However, before considering the probable accuracy of the 
method under various conditions of application, the writer 
wishes to state that he considers the “reverse’’ application of the 
basic principles of waterhammer calculation to the determination 
of the flow of large quantities of water in closed conduits (by 
measuring the pressure rise and computing the flow rate there- 
from) to be “sheer genius.”’ 

A significant fact that must be appreciated is that, back in 
1920, all of the hydraulic turbine manufacturers did not have 
well-equipped model testing laboratories of their own, but relied 
upon relatively inaccurate tests of stock size wheels in the 
Holyoke testing flume. Moreover, as pointed out in the Sym- 
posium,® turbine runners and wheel eases were tested at Holyoke 
on short vertical draft tubes, whereas modern laboratory practice 
is to test a homologous model of the complete installation. Con- 
sequently, we must all adinit that there was a definite need in 
1920 for a reasonably accurate method of field testing large hy- 
draulie turbines. Apparently, this need was responsible for the 
development of the Gibson Method as well as the Allen Salt 
Velocity Method, both of which were described in the technical 
press for the first time in the same volume (45) of the ASME 
TRANSACTIONS, 1923. 

After serious consideration of the basic difficulties involved in 
these and other methods of water measurement, ASME Power 
Test Code Committee No. 18 issued codes in 1926, 1938, and 1949, 
attempting to define acceptable conditions of application in tests 
of Hydraulic Prime Movers. As a result of these codes, the con- 
venience and economy of the Gibson Method was emphasized to 
such an extent that it was used almost exclusively for hydraulic 
turbine tests in the U.S.A. after 1940. 

As pointed out by the author, the only restrictions placed upon 
the use of the Gibson Method by the ASME Code are that the 
length of conduit between piezometer sections for differential dia- 
grams be not less than 30 feet nor less than twice the maximum 
dimension of the conduit cross section, that the product of the 
mean velocity (fps) in the test section when the unit is carrying 
rated full load by the length (ft) of the test section be not less than 
200 and that two or more piezometers be installed at each 
piezometer section in positions diametrically opposed in a plane 
normal to the flow at the section. 

Reference to Paragraphs 88 through 196 of the 1949 ASMIc 
Code for Hydraulic Prime Movers reveals many obvious incon- 
sistencies in the requirements for the various methods of water 
measurement. The most incongruous of all is the requirement of 
ten diameters of straight pipe upstream of a pitot tube measuring 
section, eight times the inlet diameter for a venturi meter, 
preferably more than five pipe diameters for a Cole pitometer, 
three times the minimum dimension of the measuring section for 
a current meter, twenty-five times the head thereon for a weir, but 
no requirement whatsoever for straight flow conditions upstream 


2 Chief Hydraulic Engineer, 8S. Morgan Smith Co., York, Pa. 
Mem. ASME. 
% Trans. ASME, vol. 80, 1958, p. 1525. 
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of either a Gibson or a Salt Velocity test section. Moreover, only 
bends of slight angle are permitted in a Salt Velocity test section, 
whereas the Gibson test section may be of varying cross section 
with bends of any angle being acceptable under the Code. These 
are just a few of the inconsistencies that are responsible for the 
writer’s repeated recommendation that the 1949 Code be re- 
viewed carefully and revised in line with some definite philosophy 
or pattern. 

In 1933, Messrs. E. B. Strowger and P. Olsen presented a 
translation of Dr. Thoma’s critique on the Gibson Method as an 
ASME paper (Hyd—57-4) with a rebuttal by Dr. Gibson and Mr. 
Strowger as a companion paper (Hyd—57-5) at the same meeting. 
These papers covered approximately the same material as found 
on pages 459, 460, and 461, of this paper. 

The writer cannot understand how the author can discuss 
the obvious variations of velocity and velocity head (i.e., kinetic 
energy) across the test sections, but fail to consider them in his 
analysis of the probable accuracy of the Gibson Method. . . . 
merely because the ASME Code defines velocity head as the 
square of the mean velocity in the conduit divided by twice the 
acceleration of gravity. It should be noted that this ASME Code 
definition is used in connection with effective head, where 
velocity head amounts to only about 4 to 5 per cent of the total, 
whereas in any method of flow measurement an error in velocity 
corresponds to an error of the same magnitude in the flow rate and 
in the calculated turbine efficiency. 

The writer agrees with Dr. Thoma’s conclusion that for differ- 
ential diagrams “the influence of the collateral or side-mo- 
tions (nebenbewegungen) disappears provided there is a suitably 
long (straight) approach to the upper section and a suitably long 
(straight) outlet stretch of conduit down from the lower section 

. . - 80 that side motions (and velocity distribution) are of the 
same magnitude in both sections.’’ When the author (on page 461) 
calls this error zero for differential diagrams, he fails to qualify his 
statement in accordance with Dr. Thoma’s upstream and down- 
stream flow conditions. 

Unfortunately, since the ASME Test Code fails to specify 
reasonable upstream flow conditions for the use of the Gibson 
Method, it thereby permits its official (and legal) use under 
conditions where the velocity distributions (and nebenbewegungen) 
at the upstream and downstream piezometer sections have no 
similarity whatsoever. This criticism also applies when the pen- 
stock between the upstream and downstream piezometer sections 
contains a bend. The ASME Code ignores these undesirable 
conditions so completely that it does not even suggest that the 
existence of suitable velocity distributions for an accurate test 
should be investigated by pitot tube traverses. 

It is the writer’s carefully considered opinion that it is prac- 
tically impossible to estimate the magnitude of the possible error 
in a discharge measurement by the Gibson Method, unless Dr. 
Thoma’s criterion, which is also the ASME Test Code require- 
ment for pitot tubes, venturi meters, etc., is satisfied. This may 
explain, in part, the spread of 4 per cent in the maximum ef- 
ficiencies reported by the author for turbines of similar capaci- 
ties, heads, and specific speeds. 

Certainly, no one can argue with the author’s conclusion that 
his results “are probably within the limits of precision possible in 
the measurement of large quantities of flowing water.’ The real 
question appears to be whether the inaccuracy is of the order of 
+2 per cent, which agrees with the writer’s estimate for the best 
test conditions encountered in practice, or whether it is much 
smaller, as implied by the author, and “well within the degree of 
precision required in commercial field work.” 

Also, it must be noted that the manufacturers and users of 
hydraulic turbines actually are concerned with the over-all ac- 
curacy (or inaccuracy) of field tests, rather than just the dis- 
charge measurement. Here, again, reference to the Symposium* 
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will reveal that the writer considers that the present ASME 
Code allows inaccuracies amounting to at least +0.5 per cent in 
the measurement of net head and +1.0 per cent in the measure- 
ment of output. Consequently, the writer feels that those field 
tests with over-all inaccuracies of less than +2 per cent are the 
exception rather than the rule, since most field tests are con- 
ducted under difficulties or short cuts of some kind. 

The writer honestly believes that it is possible to measure net 
head within +0.25 per cent, output within +0.5 per cent, and 
discharge within +1.0 per cent by the Gibson Method. How- 
ever, merely satisfying present ASME Test Code conditions is not 
enough to guarantee such degrees of accuracy. This is particu- 
larly true of the discharge measurement, since it is obvious that 
the test section must be straight and of uniform cross section and 
be preceded by approximately 10 diameters of straight pipe with 
the same cross section for the velocity distribution (and neben- 
bewegungen) at the upstream and downstream piezometer sec- 
tions to be approximately identical. 

Back in 1920 when the Gibson Method and Apparatus were 
developed, the expense of a field test within even +5 per cent of 
the true turbine efficiency might have been justified to verify 
guarantees based on Holyoke tests of nonhomologous models. 
But today, a field test guaranteed to be within +2 per cent of the 
true turbine efficiency is a waste of time and money. As pointed 
out by the writer® “it is inconceivable that an indicated peak 
efficiency of 92 per cent could be in error by more than +2 per 
cent”; “this is based on the assumptions that the usual peak 
efficiency guarantee of 90 per cent has been met or exceeded by 
the laboratory model and that an indicated peak efficiency of 
more than 94 per cent on the field test would be ‘taken with a grain 
of salt’.””. The author’s statements that 75 per cent of 206 units 
had maximum test efficiencies of 90 per cent or better and that 
only four gave maximum test efficiencies of 94 per cent or better 
are in good agreement with the writer’s “92 per cent + 2 per cent” 
hypothesis. It would be interesting to know what percentage of 
the more modern tests, from 1940 to 1955, falls within the ‘90 
to 94 per cent”’ bracket. 

The writer does not wish, at this time, to engage in a detailed 
discussion of the various possible mechanical inaccuracies in the 
Gibson Apparatus per se, nor in the unavoidable human in- 
accuracies in all of the test instrument and gage readings, but he 
does realize that they exist and that they add up to a fairly im- 
pressive total. Other sources of error in the Gibson Method 
which are not usually considered but which may cause the re- 
sults to be in error by considerable amounts are the friction and 
inertia of the mercury column and of the piezometer lines. 

Another item that was brought out by the Symposium” is 
that “in actual (modern) practice no important installation is 
consummated without confirming the (design) calculations by 
complete laboratory tests on a reasonably homologous model.” 
Consequently, it is possible for the owner of any particular plant 
to enjoy all of the advantages of so-called “absolute’’ field tests 
at considerable financial savings by conducting reasonably ac- 
curate field index tests to verify the maximum outputs, cavita- 
tion limits, and curve shapes calculated from the model tests. 
In this connection, it should be noted that all three of the author’s 
examples of unusual experiences on page 457 actually demonstrate 
the value of accurate laboratory tests on completely homologous 
models; in (a) the draft tube modifications were “worked out” 
on the model, in (b) the new runner design was certainly the result 
of laboratory tests, and in (c) the draft tube and runner modifica- 
tions should have been anticipated by careful model tests. 

The Symposium” also brought out the fact that the expense of 
careful laboratory tests in advance of construction of the proto- 
type installation is justified, since any necessary changes can be 
incorporated in the final structure, whereas field acceptance tests 
can only confirm the laboratory tests. Field tests in lieu of 
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completely homologous model tests are not recommended, since 
only limited changes can be affected to improve over-all per- 
formance after the basic structure has been built. 

The writer feels that the author deserves the continuing ap- 
preciation of the industry for the development of his ingenious 
method of measuring the flow through large prototype turbines 
with reasonable accuracy. The Gibson Method has played an 
important part in bridging the gap between the old Holyoke 
tests on stock wheels prior to 1920 and the homologous 
model tests in the modern well-equipped laboratories of today. 


S. Logan Kerr?’ 


It is extremely valuable to have this general summary of the 
experience with the Gibson method of water measurement over a 
35-year period. The paper is most interesting and contains much 
information to assist in the understanding of the method and its 
application under field conditions. 

It seems appropriate at this time to point out the impact of 
the development of both the Gibson and Allen methods of water 
measurement has had upon the development of the hydraulic tur- 
bine. 

In the years before the size of turbines exceeded the capacity 
of the Holyoke Water Power Company testing flume, the com- 
plete turbine could be shipped to that laboratory and a guarantee 
test performed by that independent organization. 

When the size and capacity of turbines outgrew the capacity 
of the Holyoke flume, model testing came into being and Holyoke 
again was an important factor in acceptance testing. 


Accuracy of Water Measurements 


Field test measurements can be made with a high degree of 
accuracy as to output and head. The measurement of large quan- 
tities of water impose a different problem. Simple metering de- 
vices cannot be used and water measuring became more and more 
an “art.” A relatively few prior to 1920 attained a high degree 
of competence in this art. The pitot tube was the favorite method 
in closed conduits and the current meter in open channels. Some 
use of titration or chemical methods had been made, but the 
range in accuracy frequently was not much closer than +10.0 
per cent. 

In North America the advent of the Gibson and Allen methods 
in the early 1920’s revolutionized almost overnight the field test- 
ing of hydraulic turbines for guarantee performance. The range 
of accuracy was scaled down in a dramatic way and great con- 
fidence was placed in both these new methods where they were 
properly applied and the tests were conducted by those skilled in 
the art. The range in accuracy of flow measurement was cer- 
tainly within +2 per cent and under most conditions within +1 
per cent or even less. 

In Europe a parallel development in precise flow measurement 
Current 
meters were widely used and the techniques of their application 


for hydraulic turbine acceptance testing took place. 


both in open channels and in closed conduits were highly per- 
fected. The degree of accuracy of field measurements by these 
devices narrowed abruptly as experience increased and in general 
reaches the same order of precision as obtained with the Allen 
and Gibson methods. 

With this high degree of accuracy, hydraulic turbine research 
and development work was naturally accelerated as the labora- 
tory and field tests could be correlated with the ultimate benefit 
to the user of the equipment. In the passage of some 35 years 
this dramatic change in the art of water measurement is often lost 
sight of and the present high order of accuracy is too often taken 
for granted. 


27 Consulting Engineer, Flourtown, Pa. Fellow ASME. 


Journal of Basic Engineering 


Experienced Personnel Required 


On the question of accuracy of flow measurements, it has been 
of considerable interest to explore the various opinions expressed 
not only in the United States and Canada, but in many other 
countries as well. During discussions in preparation of several 
test codes it has been recognized almost universally by those en- 
gaged in the hydraulic turbine industry, manufacturers and users 
alike, that most field installations of such prime movers require 
the use of large quantities of water far beyond the ability of any 
standard meter to measure. 

One test code provision, however, seems to have almost uni- 
versal endorsement; namely, that irrespective of the method by 
which the water is to be measured in the field testing of hy- 
draulic turbines, only personnel experienced in its use should be 
used. This was emphasized quite frequently at meetings of 
Technical Committee 4 of the International Electrotechnical 
Commission over which the writer has presided as chairman since 
1952. A provision was unanimously included in practically every 
section of the recently approved International Field Test Code 
for Hydraulic Turbines to require experienced personnel on all 
acceptance tests. The only dissenting voices of a few indi- 
viduals seemed to come from those who had little or no actual 
contact with the problems of carrying out such guarantee tests in 


the field. 


Accuracy of Water Measurement Versus “Over-All” Accuracy 

Dr. Gibson has enumerated on page 463 of his paper the degree 
of precision of each element entering into a flow measurement by 
his method. He has in footnote 11 shown a similar enumeration 
for head and output measurements. There can probably be 
some disagreement as to the numerical values and the question of 
plus and minus signs. 

It is unfortunate that he has used the word “tolerances” as 
this term is generally understood to mean an over-all band of ef- 
ficiency to allow for all errors entering into field tests. It has also 
gained wide usage as a tolerance for comparing field test results 
with guarantees. A “two per cent tolerance” customarily means 
that a field test efficiency of 88.0 per cent is indicative of having 
met a 90.0 per cent guarantee. 

This matter had been the point upon which practically all in- 
ternational conferences fell into disagreement. The German 
National Committee in 1956 proposed a new approach which has 
since been incorporated in the International Code. 

It eliminates the term tolerances and evaluates the probable 
limits of “inaccuracies of measurements”’ for satisfactory testing 
A section 47.5 of the International Field Test Code is entitled, 
“Individual Errors in Measurement.” Each item to be measured 
The 


square root of the sum of the squares of the values of head, power, 


is listed with an estimated maximum acceptable error. 


and flow is taken as the value for any particular test 

It may be of interest to cite the agreed upon scale of accuracy 
for various common methods of watér measurement and other 
representative parameters as unanimously approved in Zurich, 
Switzerland, October, 1957. 


"7.5.1 Rate of Water Flow 
Current meter method in open channels , 
Current meters in conduits from 0.8 m (2.6 ft) to 
1.5 m (4.9 ft) 
Current meters in condu 


Gibson pressure/time method... 
Thermodynamic method (over 150 m)... 
Salt dilution—pipelines......... 

Salt dilution—open channels 


"7.5.2 Pressure 


Weight manometer........ 
Mercury column manometer 
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"7.5.4 Output 
By measurement of the electric power at the ter- 
minals of AC generators..... +0.8°; 


“For careful measurement and normal testing conditions an 
over-all inaccuracy in the efficiency measurement of +1.0°% to 
+2.0°, may be obtained.” 

It will be seen that the International Code places the Gibson 
method on the same level of accuracy as the Allen method and as 
the Current Meter method in conduits of 5 feet in diameter or 
larger. 

By thus estimating the “inaccuracy” of each of the field test 
measurements, whether it be power, head, speed, or discharge, the 
previous practice of having tolerances to discount test errors has 
been replaced by an evaluation of “inaccuracies of test’? which 
can be established for each particular installation when the 
methods of test are selected. 

Responsibility for Accuracy 

Dr. Gibson has referred frequently to the ASME Code for Hy- 
draulic Prime Movers which was adopted in its present-form in 
1938 and reissued with minor revisions in 1949. Based upon a 
survey in 1956 of practically all of the purchasing and designing 
agencies in the United States and Canada it can be reported that 
this Code has received universal acceptance in these countries 
and has been accorded substantial recognition elsewhere. 

There are certain provisions in this Code which probably ac- 
count for its widespread use, one of which has been referred to be- 
fore, namely, that the test work should be carried out by experi- 
enced and competent personnel. 

The second relates to the recognition of the equal rights of the 
manufacturer and the purchaser as to the methods of test, the 
conduct of test and the interpretation of results. Paragraph 20 of 
the Code sets forth this fundamental principle. 

It does omit, however, the fixing of the responsibility for the 
accuracy of the test. It assumes that, since competent, ex- 
perienced personnel are required, they will strive to attain the 
highest degree of accuracy possible under the conditions existing 
during any tests. 

In the new International Field Test Code it was felt that the 
specific responsibility for accuracy for each and every measure- 
ment should be set forth in more detail along with the provision 
covering the equal representation and equal voice in the methods 
of test, the conduct of the test, and the interpretation of the re- 
sults. 

After much discussion it was agreed that a “Chief of Test” 
could be selected jointly by agreement between the two parties 
to the contract. Proposals were put forth for such a Chief of 
Test to be everything from the status of “judge and jury” to that 
of a “test supervisor’ only. The final wording of the definitions 
of his duties was unanimously approved in Zurich, in 1957, as 
follows: 


“5.1.2. Chief of Test. A Chief of test shall be appointed by 
agreement between the two parties. He shall exercise 
authority over all observers. He shall conduct and supervise 
the test and report on operating conditions. He shall be 
responsible for all measurements. He shall be responsible for 
the computation of results and the preparation of the final 
report. On any question pertaining to the test or its execu- 
tion, his decision shall be final.” 


It should be noted in the above that “he shall be responsible for 
all measurements.” 

It was also the general opinion that the Chief of Test was 
responsible for computing the efficiency of the turbine unless the 
two contracting parties, namely, the purchaser and the manu- 
facturer, undertook this duty jointly. It therefore became quite 
evident that the responsibility for computing the efficiency rested 
not with any one individual responsible for a particular measure- 
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ment, but rested with the two parties to the contract or their 
designated Chief of Test appointed by them jointly. 

In reaching this conclusion it was quite gratifying to see that 
it followed very closely the basic philosophy ot the ASME Power 
Test Codes and particularly Paragraph 20 in the Test Code for 
Hydraulic Prime Movers. 


Detailed Comments 


The original description of the Gibson method presented to the 
ASME in December, 1923, dealt primarily with the use of simple 
diagrams whereby the test section comprised the entire conduit 
above the Gibson apparatus. 

As the method has been developed, the ‘differential’? diagram 
which measures the change in momentum between two test sec- 
tions and thus cancels out the effect of the remaining portion of 
the conduit has now come into almost univeral use. The writer 
participated in one of the first differential tests in 1923 at the 
Utiea Gas and Electric Company Trenton Falls Plant. The sim- 
ple diagrams were difficult, if not impossible, to evaluate due to a 
long flow line and a surge tank above the test section. The dii- 
ferential diagrams canceled these out. 

A recent communication from Dr. Gibson’s organization indi- 
cated that less than one per cent of the tests made by the Gibson 
organization has used ‘“‘simple’’ diagrams and hence, this proce- 
dure can be considered obsolete. 

It would therefore be highly desirable to have a greater em- 
phasis placed upon a description of the differential procedure since 
it is the way that practically all tests are made at present. 

A further point concerns the author's discussion of the error 
due to Nebenbewegung. The writer asked Prof. Dr. Ing. Georg 
Hutarew of the Technical Institute for Water Power and Pump- 
ing Machinery, Stuttgart, Germany, to give his interpretation of 
this term. The following is quoted from his letter of November 
lith, 1958: 

“The true translation of Nebenbewegung is secondary move- 

ments. Prof. Thoma meant the influence of fluctuations and 

pulsations in a turbulent flow.” 

In conclusion it can be stated that the entire hydroelectric in- 
dustry owes a debt of gratitude to the author for summarizing 
his 35 years of experience in the use of his method and apparatus 
in field testing in hydroelectric plants. 


Steponas Kolupaila’ 


The Gibson method of water measurement in penstocks is en- 
tirely original and different from the conventional area-velocity 
methods. The new method, introduced in 1923, was accepted 
with both interest and distrust. A thorough investigation by 
Professor Thoma, made with German precision, led to favorable 
conclusions. The method, improved by differential diagrams 
eliminating some systematic errors, found wide application all 
around the world. 

The Gibson Method assures a great degree of accuracy, when 
applied in suitable conditions, as in straight long penstocks of 
high-head power plants. Less successful was, of course, the use 
of this method in unfavorable locations, in bends, and in short 
tubes. Such a disappointment occurred in 1935 during the tests 
of the Dnieper power plant in Russia, at that time the greatest 
in Europe. The penstocks were short and curved. From 60 dia- 
grams only 10 could be selected and used, owing to irregular leaks 
and abnormal form of diagrams.” 

There is no secret that many leading authorities in power-plant 
testing avoid the Gibson Method. So, in the recent very care- 

*8 Professor of Civil Engineering, University of Notre Dame, Notre 
Dame, Ind. 

M. Shehapov, ‘“Hydrometry of Hydraulic Structures and 
Machinery,’”’ Gosenergoizdat, Moscow, 1957, “Gibson Method,” 
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fully conducted investigations of various methods in a 40-in. 
pipeline of Kinlochleven Hydroelectric Plant in Scotland in 
June, 1957, the traverse method with 13 current meters and 16 
pitot tubes, the salt-velocity and the salt-dilution method were 
compared only, although the pipeline of 6000 ft length with 
straight parts up to 1000 ft was particularly convenient for the 
Gibson method.” 

The major objection against the Gibson method is that it gives 
the water discharge only, while current meters or pitometers 
measure velocities along traverses. Each measurement con- 
tributes to the knowledge of velocity distribution in the cross 
section of a pipe, which is not yet definitely established. The 
men measuring velocities are more confident as to the evaluation 
and computation of their data of observations; accidental errors 
can be easily checked by other points, corrected, or eliminated. 

In spite of this opposition, the Gibson Method is recognized 
and officially admitted by the power plant test codes of many 
countries. Even in USSR, where the Gibson Method is not 
particularly popular, it is described in detail in the recent manual 
for testing of hydroelectric plants.*! Outlines of the Gibson 
Method are included in all modern textbooks of hydrometry; 
some of them are mentioned in various additional references. *? 


R. E. Krueger®* 


The universal acceptance of the Gibson Method of flow meas- 
urement is a tribute to the exacting efforts expended in critical 
analysis of the procedure both from the theoretical side and from 
its practical field application. The paper gives a hint of the 
amount of work done, and the exacting care used to maintain the 
desired degree of accuracy. The Bureau of Reclamation has had 
the author’s organization measure flow in most of its turbine 
tests, with the head and power measurements in charge of a 
Bureau engineer. Although the paper confines itself basically to 
the measurement of flow, the Bureau feels that the accurate 
measurement of both power and head is fully as important as 
flow in the determination of efficiency, and should be done with 
equal care and with instruments of commensurate accuracy. The 
test installation and procedure developed by the Bureau has been 
directed toward attaining these objectives. The final test re- 
ports, prepared by the author’s organization using head and 
power values obtained with Bureau instruments and operated by 
Bureau personnel, has shown a remarkably small deviation of in- 
dividual points from the average curve. 

Wherever possible, primary instruments which do not require 
calibration against a standard are used by the Bureau of Reclama- 
tion. Water pressures such as net head at the casing entrance, 
are weighed by mercury columns or, for those above 300 ft, by a 
dead-weight gage tester in series with a differential mercury 
manometer. These instrument readings are corrected easily to 
the existing penstock water temperature and can be throttled to 
give an average reading. By contrast the bourdon-type pressure 

A. L. Winternitz, “Comparison of Flow-Measuring Tech- 
niques at Kinlochleven Hydro-Electric Station,’ Mechanical Eng- 
gineering Research Laboratory, Fluid Mechanics Division, Fast 
Kilbride, Glasgow, Scotland, preliminary tests, October, 1957; final 
tests, March, 1958. 

A. Viadislavlev, “Testing of Mechanical Equipment of 
Water Power Plants,’’ Gosenergoizdat, Moscow, 1957, water im- 
pact method, pp. 41-49. 

K. Pomianowski, M. Rybezynski, and K. Woycicki, ‘*Hydro- 
logia, IIT. Wydrografia i hydrometria w6d powierzehnosciowych,” 
Warszawa, 1949. F. Schaffernak, ‘“‘Hydrographie,”’ Wien, 1935, pp. 
135-138. 8. Kolupaila, *‘Hidrometrija, II,’’ Kaunas, 1940, pp. 233- 
235. KE. Németh, ‘“Hidrolégia és hidrometria,’’ Budapest, 1954, pp. 
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gage or the fluid-pressure scale has virtually no flow in the 
piezometer line under minor pressure variations and is therefore 
difficult to snub or throttle. Water columns, at first chought, 
would appear to be the most reliable, but they are difficult to hold 
to a known temperature. Under 100-ft head, with penstock 
water at 40 F, and the gage column at room temperature, at least 
8/i-ft error is introduced. This may reduce the resultant ef- 
ficiency by the same amount. Stilling wells with floats are sub- 
ject to the same errors and should be checked against staff gages 
in all cases. One of our large storage reservoirs with a stilling well 
some 250 it high in one of the buttresses of the dam showed up 
to a 3-ft variation between day and night, due to the heat of the 
desert sun shining on the well enclosure. This water-level re- 
corder was of very little value in computing the daily gain or loss 
of water in storage. 

The mercury gage is reasonably compact and the mercury 
column can be assumed to be at room temperature. However, 
the connecting piezometer line must be flushed completely before 
each run to achieve penstock temperature and thus assure known 
temperatures throughout the gage system. 

Constant power during a run is assured by the Bureau of 
Reclamation by use of gate servomotor blocks. The gates are 
held open against these blocks by full governor oil pressure, thus 
permitting load rejection by governor action in case of emergency. 
These blocks prevent minor variations or drift of gate opening 
through governor action and provide positive and absolute 
repetition of a given setting for the repeat runs that are required 
by the code. 

The power output of the generator is measured by calibrated 
rotating standard watthour meters. These test meters are very 
rugged and have shown no material change in calibration after 
being shipped to and from each of the several turbine tests. 
Those generator losses that vary with temperature are corrected 
on the basis of the winding temperature recorded by the em- 
bedded resistance temperature detectors. The actual value of 
the losses are established by the generator tests. Since the final 
results of the generator tests are seldom available at the time 
of the turbine test, calculated losses must be used for field com- 
putations and, if the resultant efficiency is doubtful, the final 
power values are corrected before being used in the final report. 

The Bureau of Reclamation has made some experimental tests 
of determining power output by measuring the strain in the shaft. 
The test results were fully as consistent as the power measured at 
the generator but the absolute value of power was only as ac 
curate as the determination of the elastie modulus of the steel. 
This modulus not only varies among steels but also with the 
heat-treatment and forging. In addition, the modulus at very 
light loads is not the same as at the normal working stress of the 
shaft. It would appear that the actual shaft must be calibrated 
in either the shop or field under loads equivalent to normal work- 
ing stress. Such calibration should be determined to within !/ 
percent. Other than this shaft calibration, commercially availa- 
ble apparatus and standard technique are satisfactory. 

When a Bureau plant is contemplated it is presumed that a 
turbine test will be made and therefore the necessary piezometers 
and piping are included in the plans. The piping that must be 
embedded is installed when the plant is built, and the remainder 
completed just before the test. Four piezometer taps are pro- 
vided at each Gibson station with independent piping to each tap 
brought out to a valve box and exposed manifold. This arrange- 
ment permits independent checks of each piezometer and its 
piping, and the elimination of poor piezometers or leaking piping. 
Penstocks are calibrated and turbine-gate clearance and openings 
are measured before the unit is placed in operation. Some time 
prior to the actual test, a brochure is prepared giving the field in- 
structions relative to those items that are to be procured or 
fabricated before arrival of the test party. This procedure gets 
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more of the time-consuming preliminary work completed prior to 
| | | | | | [ [ the arrival of the test engiueer and permits more time for checking 
out instruments, and the training of observers before the official 
@=93%+-Test efficiency This is — important plants 
a 7] ack in the mountains where the necessary supplies and equip- 
O°90% fo 99% : ment are often difficult to obtain. 
™. Below 90% The Bureau uses the turbine field tests not only to assure them- 
O=:Not tested selves that the units meet the warranties of the specifications, but 
to calibrate flow-index piezometers for future index tests, to 
evaluate hydraulic designs of adjoining water passages, and to 
prepare curves and operating procedures for the plant operators 
that will assure the greatest amount of power production for the 
amount of water released. In addition, while the test crews and 
instruments are available, supplementary tests are often con- 
ducted such as measurement of hydraulic thrust, air require- 
ments of runners, power swings, and speed rise, as well as CO, 
concentration produced within the generator housing upon release 
crete ¢ ‘ ce spiral of the gas. As time goes on this store of data evaluates the 
mispiral-=-¥ designs and permits continuous improvements as future plants 
° are built. This is exemplified by our studies of scroll-case de- 
signs and hydraulic thrust. 

The variation of design velocities in the spiral casings between 
manufacturers, and even between turbines of the same manu- 
facturer prompted an investigation of the importance of casing 
velocities. It was assumed that the most efficient units probably 

would have, among other details, the most efficient casings. The 
/ / plot of velocities against head, shown in Fig. 14, indicated that 
o/ some full spiral casings having a velocity between 16 and 18 per 
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© cent of the spouting velocity at the best efficiency head have 


achieved turbine efficiencies of 93 per cent or better with pro- 
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ressively lower maximum efficiencies indicated as the velocity 
VELOCITY AT LONGITUDINAL CENTERLINE- 
deviated either above or below that value. The semispiral 

casing appeared to require a velocity in the spiral of 14 per cent 


Fig. 14 Hydraulic turbine-casing velocity of the spouting velocity although this is not as clearly defined. 
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Fig. 15 Flow distribution intakes for semispherical casings 
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Fig. 16 Pressure in runner 


Nine years ago, additional piezometers in the three intake 
passages of the semispiral casing of Keswick Powerplant enabled 
us to determine the division of flow between passages. We found 
that at the best efficiency point, one side passage took 45 per cent 
of the flow while the other took 20 per cent, and the center pas- 
sages took 35 per cent. The Wheeler plant tested in 1939 showed 
less than 6 per cent difference in flow between passages. Design 
studies based on these field tests resulted in an intake and semi- 
spiral design for Nimbus Powerplant that had less than 2 per 
cent deviation from equal flow division between passages over 
the entire normal working range of the turbine. These results 
are illustrated by the velocity plots for Nimbus and Keswick 
shown in Fig. 15. 

The determination of wicket-gage leakage or the amount of 
flow not stopped upon rejection of load when making the Gibson 
diagram led to the measurement of pressure in the entrance cham- 
ber between the wicket gages and leading edge of the runner 
blades. These pressures when plotted varied as shown on Fig. 16 
This gage revealed that a unit motoring, with the wicket gates 
closed, developed a pumping head similar to the shut off head of 
acentrifugal pump, and this pumping head materially reduced the 
head across the gates and therefore the gate leakage. Because of 
this gate leakage, the higher head runners developed this pumping 
head even if the runner was well above tailwater and the turbine 
air vent was open. This information enabled evaluation of the 
various possible conditions of standby such as with the runner 
stopped, the unit motoring, and the unit operating at speed-no- 
load. 

The increase of entrance chamber pressure from approximately 
30 per cent of the best efficiency head at motoring, to 80 per cent 
at full load provided evaluation of the increase in runner-seal 
clearance with age in terms of power lost. In addition, this 
measurement enabled calculation of the hydraulic thrust of the 
runner at various gates and, therefore, the variation of load on 
the thrust bearing of the generator. These calculations checked 
very closely with the thrust as measured during the field tests. 
This thrust is carried to the foundations and must be allowed for 
in structural design. Fig. 17 shows a typical curve of hydraulic 
thrust as measured by field tests. 

Thrust is measured during field tests by using the thrust-bear- 
ing support as a spring scale. In the Gibson test, the deflection 
is measured by a dial micrometer attached to the crane hook and 
touching the exciter or bearing housing. By using the difference 
between a given load-deflection reading, and the motoring de- 
flection after load rejection, the increment of thrust is determined 
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and the effect of growth of the stator height due to temperature is 
eliminated. The support is calibrated as a scale by noting the de- 
flection due to the weight of the rotating parts as they are lowered 
onto the thrust bearing by the generator jacks. 

There also appears to be strong indications that the penstock 
design some distance upstream of the turbine-casing inlet, and the 
tailrace profile downstream of the draft tube have a definite effect 
on the turbine efficiencies. Poor hydraulic design of butterfly 
valves and penstock bends, appears to produce as much as 1 per 
cent loss in turbine efficiency when compared to similar units with 
good hydraulic design of adjoining water passages. This drop in 
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efficiency is exclusive of the lost head of friction and appears to 
be caused by poor distribution of velocity at the casing entrance. 
Similarly, a well-designed tailrace can recover nearly three quar- 
ters of the velocity head at the draft-tube exit, and thus increase 
the test efficiency of the unit. 

It is only through accurate and uniform test procedure that 
comparable tests can be achieved which will permit these studies 
leading to improved plant designs. The Gibson Method of flow 
measurement with its precise instruments and technique, coupled 
with equally accurate measurement of head and power, provides 
these comparable tests. 

In multiple-unit plants, with independent penstocks for each 
unit, the technique employed in obtaining data is straightforward 
and without serious complications. However, due to the neces- 
sity of measuring power and net head some 2 or 3 min in advance 
of the flow measurement, some plant arrangements require more 
than normal care, especially in the measurement of net head and 
power to maintain the required degree of accuracy. 

E:klutna Powerplant in Alaska is an example of one of these 
arrangements. It has two units supplied by a single penstock 
with, surge tank and tunnel, under an average head of 800 ft. 

The surge tank had a period of one cycle every 12 min, with 
full-load rejection of one unit causing a 40-ft rise of water level. 
Approximately four minutes elapse between power and head read- 
ings and the rejection for flow determination. Since the code 
limits the allowable variation of head to 2 per cent, or in this case 
16 ft, test runs were not started until the tank had settled down 
to less than 8 ft variation from the average, as shown on the 
water-level recorder installed in the surge tank. No attempt 
was made to synchronize the load rejection with some point in the 
surge cycle, as it was assumed that the average of the 35 runs 
would be very close to correct. 

Subsequent studies of the test data indicated that, although the 
maximum error due to the difference in head between power flow 
measurements for a single run was 8.6 ft, in the best efficiency 
range from 60 to 75 per cent gate the average error was only 1.50 
ft and the average of all runs was 0.50 ft. The resulting maxi- 
mum efficiency correction for that single run was 0.49 per cent, 
and for the best efficiency range 0.09 per cent. Therefore limit- 
ing surge-tank variations to 2 per cent of the total head resulted 
in less than 0.10 per cent error in efficiency. This error could be 
reduced materially by taking an additional net-head reading im- 
mediately prior to load rejection and independently correcting 
power and flow to the contract head. 

i:klutna also presented a problem in handling of load rejections. 
The second unit, operating from the same penstock, could not be 
used as a pilot, and the load rejections had to be absorbed by the 
system. The other available plants were small and steam driven 
and took several seconds to respond to load changes. To minimize 
frequency and voltage disturbances it was necessary to give 10 
seconds warning of each rejection to all plants via a radio hook- 
up. 

The final Eklutna test-report curves of power and flow, plotted 
to gate openings at constant head, showed remarkable con- 
sistency in the vicinity of best efficiency. At the seven gate 
positions run in triplicate, four gates had power readings that 
plotted to identical points for all three readings and the remaining 
three gates had two identical plotted points. The flow measure- 
ment at these same gates produced triplicate plottings at two 

ate openings and duplicate plottings at another two gate open- 
ings. Thus, even under the adverse conditions, proper in- 
strumentation and technique will produce acceptable test results. 

The author’s test procedure has withstood the test of time and 
has been successfully used in a great variety of plant arrange- 
ments. When coupled with precision measurements of the other 
quantities, the results are comparable to, and in many cases 
superior to laboratory model tests, as illustrated by the example 
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shown in Fig. 5 of the paper. These field tests are not only im- 
portant as a proof of meeting contract requirements, but serve 
to improve original designs of the over-all plant and to point the 
way to more efficient operation. 

The test procedures used by the Bureau of Reclamation were 
developed under the direction of Mr. I. A. Winter, Chief of the 
Hydraulic Machinery Branch of the Bureau of Reclamation, who 
personally directed many turbine acceptance tests both for pri- 
vate power companies and later for the Bureau. Later Mr. G. J. 
Hornsby directed many of the tests which initiated the detailed 
studies leading to the improved hydraulic designs in use today. 


P. F. Kruse** 

This paper presents further substantial evidence of the high 
degree of accuracy with which efficiency tests of water wheels in 
hydroelectric power plants within its field of application can be 
made by the Gibson Method. Although the writer has been out 
of close touch in recent years with the activities in the use of the 
Gibson Method, he has always been proud of the fact that he was 
privileged to serve as the author’s personal assistant throughout 
the experimental period and in the development of the apparatus 
and technique of application to hydraulic power plants at Niagara 
Falls and several other plants in the United States and Canada 
in the early years of its use. 

The author makes reference to the official experiments made in 
1920 at the Hydraulic Laboratory of Cornell University to verify 
the accuracy of the Gibson Method by comparison with volu- 
metric measurement and cited the encouraging report made by 
the late Dean E. E. Haskell on the results obtained. The writer 
believes the record here also should include a remark made by the 
Dean at the conclusion of those experiments in which he re- 
ferred to the author as a present-day Newton. 

The Gibson Method and Apparatus are believed to be as basic 
and fundamental in the fields of hydrodynamics and water-flow 
measurement as the Bernoulli theorem in the field of general hy- 
draulics and the principle of the venturi meter in flow measure- 
ment. It is believed that history will accord the author such 
recognition and high distinction in addition to the many honors 
he already has received for the many valuable contributions he 
has made to the engineering profession. 


1. W. McCaig* 


By publishing the results of his experience in the measurement 
of turbine efficiencies, the author has increased enormously our 
knowledge of full-scale turbine performance. 
turbine efficiency can generally be raised by an increase in unit 
capacity. This factor may have a marked effect on the choice of 


He shows how 


unit size. Unfortunately, the paper omits reference to the high 
efficiencies that are now being obtained with turbines working 
under heads in excess of 200 ft. 

Peak efficiencies of approximately 93 per cent were measured 
this year on the 175,000-hp turbines at Bersimis No. 1 generating 
station in Quebec, Canada. These Francis turbines operate 
under heads between 785 and 875 ft. If the foregoing efficiency 
were plotted in Figs. 1, 2, and 3 of the paper, it would modify 
greatly the various envelopes. 

The installation of Gibson taps in the turbine penstocks is 
usually inexpensive if provision is made for them in the original 
design. The advice which the author gives on their location is in- 
valuable. Efficiency measurements should be made as quickly 
as possible after the unit is in operation; defects in turbine per- 
formance can then be rectified most easily. If the Winter- 
Kennedy taps are calibrated at the same time as the efficiency 
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tests are being carried out, the turbine efficiency can be checked 
easily at regular intervals and any [fall-off due to cavitation 
detected and made good. 

The author’s remarks on the accuracy of the Gibson Method 
of water measurement are very timely. 

The important effect of nebenbewegungun or changes in 
momentum distribution should be noted. Changes of momentum 
distribution may affeet even a differential diagram if one piezom- 
eter section is placed just downstream from a bend or penstock 
junction. 


Ivan J. Moskvitinoff®® 


Mr. N. M. Schapov states in his book* that the actual ac- 
curacy of the Gibson method is unknown and is very doubtful 
when the pressure-time diagrams are taken on a curvilinear pen- 
stock. His opinion is partly based on his analysis of the results 
of the acceptance tests performed on two Dnieproges® turbines 
(84,000 hp at the nominal head of 35.5 m, 116.5 ft) in 1934-1935. 

These tests were performed by the use of the Gibson differen- 
tial method, with a Gibson apparatus, and in accordance with 
written instructions by Dr. Gibson. The first tests were made by 
an associate of Dr. Gibson, Mr. Harold Howell, under the super- 
vision of a special committee for the performance and super- 
vision of tests, organized by Glavenergo (The Energetic Depart- 
ment of the People’s Commissariat of the Heavy Industry, 
USSR). The further tests were performed by the mentioned 
committee. The discusser served as a chairman of the Committee 
and was in charge of performance of the acceptance tests. 

The pressure-time diagrams were obtained on a portion of the 
penstock with the axial length of 18.00 m (59 ft) of which the 
upper 3.7 m were on the rectilinear portion of the penstock. The 
lower part of the test length was represented by a bend with a 
central angle of 45 deg. 

The pressure-time diagrams, obtained for turbine No. 5, had an 
unreasonable relative position of the recovery and established 
flow pressure lines. On the diagrams the recovery line was below 
the established flow line. This location is physically impossible 
for a penstock with a smaller lower cross section. 

This case was not mentioned in the instructions by Dr. Gibson. 
A careful investigation of piezometers was made. Nothing wrong 
was discovered in the work of the piezometers or in the procedure 
of tests. 


as before. 


However, some repeated tests gave the same results 
The committee decided not to use the diagrams with 
the unreasonable position of the recovery line for the determina- 
tion of the turbine efficiencies. The diagrams obtained for the 
other turbine, No. 3, did not show the mentioned phenomenon. 

In the opinion of the committee the unreasonable relative posi- 
tion of the recovery line and the line of established flow might be 
explained only by the occurrence of a secondary flow at which the 
piezometers, connected to a ring pipe in each section, did not 
give the actual average pressure in the section. 

Mr. Schapov states that the other diagrams with the apparent 
reasonable relative position of the recovery line are unreliable 
since the relative position of the recovery line can be wrong due to 
the influence of the bend and the right position cannot be deter- 
mined. He concludes that this method should not be used for the 
curvilinear penstocks, but this limits very much the usefulness of 
it. 

Mr. D. Thoma” investigated the influence of curvature and 
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found the curvature of the penstock slightly increases the dis- 
charge obtained by the Gibson method. In his opinion, the gen- 
eral design equation for the discharge can be used for the curvi- 
linear penstock if the pipe factor 2//a is computed for a smaller 
radius than the axial radius. Mr. Schapov disagrees with Mr. 
Thoma’s reasoning since the flow cannot acquire a new pattern 
on the short length. He indicates that the tests of two new 
Dnieproges turbines, installed during the reconstruction of the 
hydroelectric station destroyed during the war, gave more 
favorable results. The parallel tests of two turbines made with 
two different Gibson apparatus (No. 11 and No. 15) and by two 
different organizations gave a small difference in results and the 
efficiency points were very near the curve. 

Mr. Schapov does not mention anything about the unreasona- 
ble pressure-time diagrams. The discusser assumes that the un- 
reasonable relative position of the recovery line was not obtained 
in this tests. 

In accordance with a provision in contract, the contractor” re- 
quired additional tests with water flow measurements with cur- 
rent meters. The results of these tests had indicated the dis- 
charges were a little smaller than these obtained by the Gibson 
method. 

The discusser assumes that some unsuccessful results of the use 
of the Gibson method for the turbine No. 5 in 1934-1935 were due 
to some secondary flow in the penstock, not caused by the bend 
itself, but occurring to some comlitions of the flow in the forebay 
or in the inlet into the penstock. The use of this method for the 
turbine No. 3 was successful. The difference between measure- 
ments by Gibson method and with the current meters was very 
small for the turbine No. 5, also when the diagrams with the 
reasonable position of the recovery were used alone. 

In the opinion of the discusser there is no reason to reject the 
use of the Gibson method for the curvilinear penstocks. It is 
possible that the accuracy of the Gibson method is smaller when 
used for curvilinear portions in comparison with the use for 
straight pipe. 

It is necessary to study this question further. For practical 
purposes it would be reasonable to provide the equipment of 
piezometers for several turbines where the different conditions 
of flow may be expected on the basis of the model experi- 
ments of the forebay and inlets. 

Another objection against the accuracy of the Gibson method 
made by Mr. Schapov, is the inaccurate method of the leakage 
determination, when it is determined volumetrically by observa- 
tion of the fall of the water level in the penstock at the closed 
guide vanes when the runner does not rotate and is free from 
water. The leakage obtained by this method is recomputed to 
the nominal head. He indicates the conditions of the leakage de- 
termination are very different from the actual test conditions, 
when the difference of pressures before the closed guide vanes 
and after them, in the space between the guide vanes and the 
rotating runner with water, is unknown. 

Mr. Schapov states that the leakage measurements at Dnie- 
proges had indicated the deformation of the connections of the 
guide vanes since the leakage reeomputed for the nominal head 
was different for the different heads observed in the scroll case 
The assumed value of the leakage was 340 1/see (12 efs) which is 
about 0.16 per cent of the full gate discharge at the nominal head 
of 35.5 m. Mr. Schapov evaluates this design leakage equal ap- 
proximately to 1000 1/see (85.3 cfs). In the opinion of the dis- 
cusser the design leakage is smaller if the deformation is as- 
sumed. The extension of the curve of leakage versus head gives 
the value about 700 1/see The measurements of the 
clearance between the top and bottom surfaces of the guide vanes 


(25 efs). 


® Newport News Shipbuilding and Dry Dock Company. 
41 The tests of new turbines in 1949 have not indicated this phe- 
nomenon, 
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and the guide vane ring and of the interstices between the closed 
guide vanes had indicated the small magnitude of these clear- 
ances. The rough estimate of the leakage area gives a value of 
0.0255 sq m (0.27 sq ft); the leakage computed for a head of 35.5 
m with Cd = 0.9 is about 600 1/sec. 

If the error in the determination of the leakage is assumed as 
300 1/see then the error in the determination is about 0.15 per 
cent, less than 0.2 per cent of the full gate discharge permitted by 
the ASME. Power Test Code for Hydraulic Prime Movers. The 
discusser cannot remember now why the leakage was assumed 
340 1/sec. It is possible that some agreement was made between 
contractor and owner. 

On the basis of his own experience at the Dnieproges tests the 
discusser evaluates the Gibson method as an excellent method 
which requires less manpower, smaller expenses, and gives the re- 
sults in much shorter time than the method of the determination 
of the discharge with current meters. 

In many cases the structures of the hydroelectric station are 
not convenient for the accurate measurements with the current 
meters. 


J. A. Thomas‘? 


It is particularly gratifying that the author has presented this 
paper on the method he invented a third of a century ago and to 
which he has devoted so much of his professional life during the 
ensuing period. The method has been used widely for the de- 
termination of discharge on the testing of hydraulic turbines on 
this continent since its inception and now is recognized and 
accepted internationally. 

The writer has been associated with tests using the Gibson 
Method where the units ranged in head from 80 to over 1000 ft. 
In all cases where the test personnel were familiar with the tech- 
nique involved in the use of the instrument, consistent results 
were obtained. Oddly enough, in at least one instance where in- 
consistencies developed during the calculation of the test results, 
the error was found in measurements of power where one would 
expect relatively high precision could be obtained readily. 

The measurement of turbine-gate leakage has sometimes proved 
troublesome. The conventional method, where a penstock of 
constant cross section forms the supply line, is to read the drop in 
water level at timed intervals with the turbine gates closed and 
head gates sealed. The flow is then calculated at various heads 
and the resulting leakage under test conditions calculated. 

However, it sometimes happens that the head gate cannot be 
sealed completely and the leakage past it causes the water to rise 
in the penstock rather than fall. The method described in the 
following has been developed for such a condition: 


Q = net inflow to penstock = volumetric increase due to rise 
in water level during a short interval of time divided 
by the time interval 

H head measured above central line of distributor (or above 
tailwater depending on setting of the unit) correspond- 
ing to the net inflow 

A = headgate leakage, cfs 

B = coefficient of H" in the equation of turbine-gate leakage 
= BH* 


n = exponent of H 


The headgate leakage is constant and independent of the water 
level in the penstock. The turbine-gate leakage varies with 
the level of the penstock. Therefore, 


Q= A — BH* (1) 
Also 


*2 The Shawinigan Engineering Company Limited, 


Montreal, 
Canada. Mem. ASME, 
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= —BnH*- 2 
qH n (2) 


Q is plotted against H and a smooth curve drawn to represent 
the best fit through the points. From the curve a tabulation is 
made of 
dQ 


A 
AQ against H + 0 5AH, assuming an an 


AH 
Now from (2), 


dQ 
dH 


Hence, plot (AQ)/(AH) versus H + 0.54H on log-log paper and 
determine the slope of the best fitting straight line. 


log = log (—Bn) + (n — 1) log H 


n = slope + 1 


Knowing n, values of Q versus H from the curve first plotted 
may be used to find B. 

Leakage through turbine gates = BH" 

The correction tor turbine-gate leakage at the rated head can 
then be ascertained from the formula. 


J. J. Traill**® 

The writer’s experience in the use of the Gibson Time-Pressure 
Method of Water Measurement dates from 1920. Since that 
time he has made or supervised tests of 169 turbines by the 
method. In one respect the range of capacity of these turbines 
exceeded the range noted by the author, two units tested re- 
cently developing over 190,000 hp. In testing these it should be 
noted that the writer was acting as the author’s representative 
and the range of size of unit noted in the paper might therefore be 
changed to read “750 to 198,000 hp.’ It is the writer’s experi- 
ence, however, that generally very large units are no more difficult 
to test by the Gibson Method than small units. In fact, for units 
supplied by small or short penstocks, greater precision is neces- 
sary.in such measurements as diameter and length between 
piezometers than with large penstocks to secure an equally ac- 
curate end result. 

Whenever possible the differential method, described in detail 
in this paper, is used rather than the simple method to which 
more attention was paid in the author’s earlier description of the 
method in 1923. The writer used the simple method in many of 
the early tests and in some cases both simple and differen- 
tial methods as a check on the same unit. With the simple 
method it is necessary to install a graph-drawing surge gage at 
entrance to the conduit to enable a correction to be made to the 
running and final static lines for surges in the forebay during and 
immediately after closure of the turbine gates. While these 
surges are quite small compared to the surge in pressure measured 
by the Gibson Instrument, and referred to as the Gibson Dia- 
gram, they add to the labor of delineating the diagram. 

In some cases he has had some doubt as to whether the surge 
measured at the water surface correctly duplicates the surge at 
entrance to the conduit, particularly if the conduit entrance is at 
great depth. He has had close agreement between tests by the 
simple and differential methods but several where there was lack 
of agreement. In all of these latter cases the entrance to the 
conduit was at a great depth below the water surface. 

With a satisfactory layout he would conclude that the simple 
method gives accurate results but involves more work in field and 
office. Whenever possible, therefore, the differential method is 
used. The valuable discussion by the author of the four possible 
errors indicated by Dr. Thoma shows some of the advantages of 
the differential method. 


# Consulting Engineer, Toronto, Canada. 
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A few years alter the author invented the Gibson Method an 
International Board was appointed to arrange for the measure- 
ment of water diverted from the Niagara river for the generation 
of power. As the Boundary Waters Treaty named the maximum 
permissible diversions from the river in each of Canada and the 
United States, it was essential that accurate ratings of all units in 
the various power plants should be made, preferably using the 
same methods throughout. The writer was then Engineer of 
Tests of The Hydro-Electric Power Commission of Ontario, the 
owner of three of the plants in Canada, and it was his duty to 
devise and conduct the tests of the units in these plants. The 
Gibson Method was chosen as a suitable method for the purpose 
and he considers that no other method, except the Allen Salt 
Velocity Method, would have been found as satisfactory. 

The design of any instrument for scientific investigations should 
be as simple as possible, provided that it is adequate tor its in- 
tended service. The Gibson Instrument conforms with this, par- 
ticularly in the choice of a simple mercury U-tube to measure 
differences in pressure and the choice of the pendulum for the 
measurement of time. Various other designs have been pro- 
posed and built and some of them are described by Volkhardt and 
Deckel (see author’s references [47, 48}). Their writings indicate 
how much more complicated their instruments were than the one 
described by the author and now in common use. In the simple 
method the mercury column is often of great height and its 
inertia and the inertia of the water column from penstock to in- 
strument are matters of some concern. The designs of Volkhardt 
and Deckel, which bear some resemblance to the steam-engine 
indicator, eliminate movement of the water column largely and 
completely eliminate the mercury column. Their instruments 
were successfully used in a number of tests but were much more 
complicated than the Gibson Instrument and with them more 
mechanical trouble was experienced. They, of course, eliminated 
the effects of inertia of the mercury and water columns. 

Some years ago the writer investigated the effects of inertia in 
a number of simple diagrams of an extreme type in which inertia 
might be expected to have an effect on the end result. He found 
the inertia effect to be self-compensating so that no important 
error resulted. The writer would conclude, therefore, that, for 
normal simple diagrams and certainly for differential diagrams, 
inertia introduces no measurable error in the computed quan- 
tity of flow. 

Since the Gibson Instrument was designed some 38 years ago 
many new devices have become available for the measurement of 
such quantities as pressure and time and proposals have been 
made to substitute some of these for the mercury U-tube and 
pendulum. Few, if any of them, so far proposed for use give 
promise of advantages without compensating disadvantages as 
compared with the elements of the present equipment. After 
careful study, engineers at the Hydraulic Laboratory of The 
Hydro-Electric Power Commission of Ontario designed and built 
a new Gibson Instrument recently. It is interesting to note that 
this instrument is fundamentally the same as those built 38 years 
ago. There are many mechanical improvements and a new type 
of lamp is used, but for measurement of the two essential quan- 
tities, pressure and time, the simple mercury U-tube and the 
pendulum are still in use. 

The paper is one of great value to those interested in tests of 
hydraulic turbines. The discussion of errors, the comparison of 
results secured by the Gibson Method with results secured by 
other methods, and the excellent discussion of procedure in Ap- 
pendix 3 are all of great interest and use. The preparation of the 
paper has certainly involved a great deal of work by the author 
and he merits the thanks of the profession for this contribution to 
the art. 
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R. E. Turner** 


The author is to be commended for bringing up to date the 
background of experience that has made the Gibson Method a 
standard of water measurement for field tests of hydraulic tur- 
bines. 

The writer believes that in Table 1 of the paper the author is 
using for comparison (listed as reference No. 4, 1928, Conowingo) 
only those Conowingo tests made on the 1900-hp turbine of a 
service unit and not those tests made on the 54,000-hp turbines of 
two main units of different manufacture. 

The tests for the service unit by both methods of water meas- 
urement (Allen and Gibsou) were in remarkably close agreement 
throughout the entire test range, but the results of the tests on 
the two main units not only showed quite wide discrepancies be- 
tween the discharges obtained but, even more serious, this dis- 
crepancy between the two methods was opposite in direction for 
the two different units. 

The inability of all parties to find specific errors in the tests to 
account for this distinct inconsistency resulted in the conclusion 
that neither method was proved correct as applied to the particu- 
lar Conowingo main-unit conditions. These conditions ad- 
mittedly presented difficulties, recognized in advance but ac- 
cepted for tests at that time. 

An erroneous impression may be presumed concerning all the 
Conowingo tests unless it is pointed out that the specific compari- 
son being made in Table 1 is that of the service unit only, and not 
the main units at Conowingo. The writer is sure that is not the 
author’s intent. 


R. A. Walker*® 


This paper is a fitting complement to the author's original 
paper and is considered to be of great importance to those 
directly concerned with the application of his method. 

It was in the Summer of 1920 that the Ontario Hydro, having 
entered into an agreement with the author, first measured turbine 
discharge by the Gibson Method, and since that time it has used 
the method in connection with turbine acceptance and unit 
rating tests on approximately 110 units, ranging in size from 650 
to 105,000 hp, and ranging in head from 40 to 293 ft. The 
method has proved to be most satisfactory as a means of deter- 
mining turbine efficiencies and unit ratings. Ontario Hydro has 
its own experienced testing staff and its own Gibson instruments 
and associated test equipment. A new instrument was built this 
year incorporating relatively minor mechanical improvements, 
but retaining the basic elements of a differential mercury ma- 
nometer and pendulum. 

In recent years Ontario Hydro has constructed a number of 
low-head hydroelectric generating stations with very short, 
multiple, rectangular water-supply passages and has successfully 
employed the Gibson Method in the determination of flow 
through the turbines in these stations. The shortest length of 
supply passages between piezometer sections from which differen- 
tial diagrams have been obtained has been 9 ft. It is upon the 
feasibility of the Gibson Method for measurement of flow through 
turbines of such stations that the writer wishes to comment. 

Results of tests on 10 units in three low-head generating stations 
built by Ontario Hydro within the past 8 years indicated maxi- 
mum turbine efficiencies ranging between 90 and 93.3 per cent. 
In none of these stations was it possible to comply with the 
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minimum requirements of distance between piezometer sections 
specified in the ASME Test Code for Hydraulic Prime Movers. 
The L Va product ranged from about 60 to 190; the distance 
between piezometer sections was in no case as great as twice the 
maximum dimension of the conduit cross section; and in only one 
station did the distance between piezometer sections exceed the 
minimum of 30 ft. 

In low-head, multiple-intake plants great care is taken in 
measuring the length between piezometer sections and the cross- 
sectional areas at and between the sections. An analysis of the 
tolerances in such measurements, in the same manner as that 
used by the author in his paper, indicates that the total tolerance 
without regard to sign would not exceed | per cent. 

Care also is taken in locating piezometer sections and installing 
a sufficient number of piezometers to define the sections ade- 
quately. As great a length as possible is obtained between sec- 
tions, but another factor is also considered, the variation in pres- 
sure head between piezometers in each section. This is kept to a 
minimum, As to the number of piezometers in each section, four 
is considered adequate. They may be at mid-point of the top, 
bottom, and two sides, or in the case of sections that are very 
high in relation to their width, they may be located at the two 
quarter points of each side. In one recent case, model tests were 
made of the water-supply passages, scroll case, and draft tube to 
determine the optimum location of the piezometers. 

It would appear that the Gibson Method is indeed feasible for 
the measurement of turbine discharge at low head, short-intake, 
hydroelectric stations, and that while minimum conditions, as 
set forth in the ASME Power Test Code, may not be complied 
with, results within an acceptable accuracy can be obtained. 


Author's Closure 
General 


He would be a callous man, indeed, who did not feel a glow of 
satisfaction on reading the complimentary expressions of appre- 
ciation by so many contributers to the discussion of his paper. 
The author records his appreciative thanks to all who have been 
so kind as to send in their contributions. 

No question has been raised as to the soundness of the funda- 
mental theory of the method, but only as to the effect of various 
elements encountered in its practical application. In replying 
to such questions it is well to remember that there is a tendency 
to extend the use of new methods to conditions where the margin 
of uncertainty should receive consideration. The ideal condi- 
tions under which the Gibson Method can be applied with the 
greatest assurance and where its advantages are most obvious, are 
to be found in power plants of moderate head, where penstocks 
of large diameter are constructed to supply water to units of large 
capacity and where there is a straight run of penstock from 50 to 
70 feet in length between upper and lower piezometer sections. 
This does not mean that the method can not be applied and will 
give satisfactory results under other than ideal conditions. In 
fact (as pointed out by Mr. Walker in his discussion), the margin 
of uncertainty is remarkably small under quite unfavorable con- 
ditions. After long experience in the use of the method, the 
author, whose records now include 345 tests, knows of only a 
very few cases where the conditions were so bad and the results 
so uncertain that the tests attempted were considered inconclu- 
sive. In many cases where tests showed that efficiencies of 
turbines failed to meet their guarantees much work was done to 
improve their performances and further tests then made. Such 
tests proved the efficacy of the alterations and confirmed the 
original results. 

The discussions submitted deal with the following points in 
regard to the application of the method in testing the efficiencies: 
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(a) Influence of the momentum correction factor. 

(b) Influence of a bend or elbow in the penstock. 

(c) Effect of wall friction in drawing the recovery line. 

(d) Comparison of simple mercury U-tube with membrane 
pressure indicators and other devices for measuring pressure 
changes. 

(e) Determination of leakage. 

(f) Effect of elasticity, pulsation, and reflected waves in long 
pipes under high heads. 

(g) Method of locating upper and lower piezometer sections 
to obtain the most favorable shape and size of pressure-time dia- 
gram. 

(h) Determination of location of the end of the pressure-time 
diagram. 

(7) Experience in the use of the Method by others. 

(j) Influence of variation in head, speed, and flywheel effect 
on the measurement of power output. 

(k) Limits of probable accuracy of the Method. 


In addition to the foregoing, the discussions submitted deal 
with other points not directly connected with the application of 
the Gibson Method itself as follows: 


(a) Range of heads and specific speeds conducive to maximum 
turbine efficiency. 

(b) Comparison of time, labor, and outage time required for 
various methods of water measurement. 

(c) Discussion of the English word “tolerance’’ and the Ger- 
man word “nebenbewegungen.’’ 

(d) Tests at Dnieper Power Plant in Russsia. 

(e) Test procedure. 

(f) Comparison of laboratory and field tests of hydraulic 
turbines. 

(g) Results of tests subsequent to 1955. 

(hk) Correction of implication in Table 1. 

(7) Chief of test. 

(j) Complimentary refharks. 


With the exception of Mr. Thomas’ proposed method of 
measuring turbine gate leakage when the penstock head gate 
cannot be completely sealed, no other discussion has included a 
mathematical calculation or numerical example to indicate the 
magnitude of the effect on the measurement of the point dis- 
cussed. All the points referred to had already come in for much 
consideration in addition to the points dealt with and evaluated 
in the author’s paper. In general it may be stated that, while 
recognizing the fact that many influences are at work which 
might affect the results, experience has not yet proved the neces- 
sity of applying any coefficient to the results obtained. The 
work done has been subject to the scrutiny of many minds. It 
appears that collectively such influences do not have a serious 
net effect on the measurement. 

Yet, as Alexander Pope said in his essay on criticism, ‘Whoever 
thinks a faultless piece to see, thinks what ne’er was, nor is, nor 
e’er shall be.’’ It remains therefore for the author to close this 
discussion by giving his comments on the points raised, and by 
submitting his answers to the questions asked. The alpha- 
betical order used by the Editor in printing the discussions will 
be followed as far as possible. 


Comments and Answers 


It is particularly gratifying to read the discussions of the four 
engineers, Messrs. Howell, Krueger, Traill, and Walker, who 
have had so much experience in the practical application of the 
Gibson Method. Their combined experience covers tests of over 
400 hydraulic turbines. Their discussions may be read as supple- 
ments to the author's paper. They merit not only the appre- 
ciative thanks of the author but also of the Society for the trouble 
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they have taken to contribute information from their experience 
which will be of much benefit to those interested in the problem 
of water measurement. While Mr. Krueger has covered matters 
outside of the scope of the author’s paper his splendid presenta- 
tion of the procedure for testing hydraulic power plants, devised 
and used by the Bureau of Reclamation and developed under the 
direction of Mr. I. A. Winter and Mr. G. J. Hornsby, will be 
most helpful and useful for all who desire to maintain a high de- 
gree of accuracy in field testing. 

It is fair to conclude that the method when applied with care 
(as pointed out by Mr. Krueger) has been proved to be (in the 
words of Mr. Walker) “most satisfactory as a means of deter- 
mining turbine efficiencies and unit ratings.”’ 

No exception can be taken to the recommendation of Messrs. 
K. Alming and F. Salvesen that great care be taken in the selec- 
tion of pressure indicating apparatus and in the application of 
theory and of recording technique. Mr. Richard E. Krueger 
has pointed out in his discussion that the author’s paper gives a 
hint of the exacting care used to maintain the desired degree of 
accuracy. 

In regard to the determination of the end of the diagram, it 
will be found in practice that any error in locating the end of the 
diagram by the method given in Appendix 3 of the paper is usually 
so small that the average result obtained from three diagrams at 
the same gate opening will be sufficiently accurate for all practical 
purposes. Sometimes, in order to determine the magnitude of 
the possible error from this source, it is desirable to measure the 
diagram area out to the first or second afterwave where the height 
above static line is small. 

Mr. Alming mentions also the effect of wall friction in drawing 
the recovery line. In practice, where the cross-sectional areas 
of the penstock at the upper and lower piezometer sections are 
identical, as they are in most cases, and where conduit friction is 
not great, it will be found that the area between recovery line and 
static line is only a small proportion of the total area, and any 
error which might be introduced in locating the recovery line 
could not be of serious consequence. For example, in the dif- 
ferential diagram illustrated in the author’s paper, the height 
h, is about 0.15 of an inch and the length of the diagram about 8 
inches. The triangular area between the beginning and end of 
the diagram between running and static lines is, therefore, only 
about 4 per cent of the total area. 

In regard to the membrane pressure indicator, the author can- 
not do better than refer to the discussion by Mr. J. J. Traill, 
who comments on the design of instruments for scientific investi- 
gation and gives information indicating the advantages of the 
simple mercury U-tube. 

Mr. P. B. Dawson, Jr., believes there is an optimum inter- 
mediate range of head and specific speed conducive to maximum 
turbine efficiency. The author sees some evidence of this but has 
not yet been able to fix the range. Figs. 1, 2, and 3 of the paper 
were intended to show only the trend of efficieney with capacity, 
head, and specific speed. 

The necessity of maintaining clean pure mercury in all ma- 
nometers as stated by Mr. Dawson is important. To accomplish 
this, the author’s equipment includes an arrangement of tubes 
for convenient washing of mercury with distilled water and, when 
necessary, with dilute nitric acid. 

Dr. Hans Gerber points out that in considering different water 
measuring methods, it is necessary to compare the time, labor, 
and outage time required. The author believes that the wide 
acceptance of his method in the United States and Canada indi- 
cates that it compares favorably with other methods in respect 
of these matters. Otherwise, the method would not have come 
into such extensive use. 

Dr. Gerber asks how variations of head, speed, and the influ- 
ence of flywheel effect are to be eliminated, since the output is 
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measured immediately before the closure. It is stated in the 
author’s paper [2], paragraph 66, that the delineated diagram is 
a measure of the rate of discharge or quantity of water that was 
flowing in the conduit at the moment the gates began to close. 
If there should be any variation in discharge or power at a given 
gate opening, a satisfactory average of these quantities can be 
obtained by taking several diagrams at the same gate opening. 
Meters showing power output of the generator are read five times 
during an interval of two minutes prior to the shutdown and the 
average measured output is used in determining the efficiency. 

In regard to determining the location of the upper and lower 
piezometer sections to obtain the most satisfactory size and shape 
of pressure-time diagram, an attempt has been made to draw a 
family of curves from which this information may be taken. It 
is not yet ready for publication. In Appendix | the author has 
indicated the complexity of the problem and the elements which 
must be considered. The ultimate 
obtain a diagram of satisfactory size and shape. 


purpose, of course, is to 

The translation of the German “nebenbewegungen’’ given by 
Mr. R. C. Gibson as ‘secondary’? would no doubt be quite satis- 
factory for literary purposes but the author can not accept this 
translation in this case because of the implication of time. The 
word secondary can mean secondary in importance, but also 
secondary in respect of time. 

In spite of this discussion the word is difficult to translate into 
English and perhaps it would be better to stick to the German 
word as it is and to define it as John K. Vennard has done in the 
passage quoted by the author from “Elementary Fluid Mechan- 
ics,’’ or as Professor Dr. Hutarew is quoted in the discussion by 
S. Logan Kerr, 

Mr. J. M. Gray describes an interesting method he devised for 
delineating the diagrams obtained at Finlarig, where the after- 
waves were very irregular. The question which the author will 
have to investigate is whether it could be applied for all diagrams, 
or whether it is applicable only to determine the margin of un- 
certainty in locating the end of the diagram in difficult cases. 
The delineation as proposed may result in a measurement of the 
effect of friction of the manometric system similar to that pro- 
posed by Dr. Thoma in his paper “Die Auswertung der Druck- 
diagramme von Gibson.”’ 

Mr. J. B. Holt refers to the fact that nonuniform flow exists 
around an elbow and that such nonuniform flow gives rise to an 
error in computing the pipe factor. If the length of the water 
column along the center of gravity of the flow pattern around the 
elbow is taken instead of the length along the center line of the 
conduit, it will be found that the integration = 1/a will be slightly 
greater. This difference in pipe factor in practical cases, how- 
ever, is of the order of !/\9 of one per cent. Since the pipe factor 
F oceurs in the denominator of the final equation for quantity of 
water it means that the measured discharge will be correspond- 
ingly less. 

Mr. Holt suggests that a graph be made showing a family of 
constant head curves through the test points which will separate 
the head effect from the dimensional size effect. This is a good 
suggestion and the author hopes it may be done in due course. 

Dr. Hutton’s first question relates to the effeet of distribution 
of flow in the conduit on the momentum of the mass of water 
brought to rest. This question has come in for much considera- 
tion. The formula given by K. F. Tupper for the momentum 
correction factor 8 is equal to 


where <A = total area of the section 
= normal component of the velocity 
i = average velocity 
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da = the differential area 


In most cases encountered in practice the conduits are of large 
diameter, the velocity of the water is high, and the value of Reyn- 
olds number is high. The value of 8 as usually computed is then 
of the order of 1.007 at the beginning and 0 at the end of the 
closure. When differential diagrams are used, this correction 
factor, if applicable, could only affect the measurement of flow by 
the Gibson Method to the extent that 8/2 differs between the 
upper and lower sections. Where numerical values have been 
computed, such differences would have scarcely any effect on the 
usual method of computing the result. 

In the case of simple diagrams, however, the theoretical mo- 
mentum correction factor, if applied directly to the computation, 
would result in a correction of about #/i9 of one per cent in the 
results obtained in the usual way. Since @ is always greater than 
unity, the computed momentum will be greater than when the 
average velocity is used. The impulse, as measured by the pres- 
sure-time diagram, then would have to be related to average 
velocity multiplied by 8. The difference therefore would be 
positive. That is, the diagram would be produced by a slightly 
smaller velocity than that computed without taking the mo- 
mentum correction factor directly into account. 

In this connection it should be noted that in his paper [23] Dr. 
D. Thoma states (see translation in ASME Hyd—57-4, 1933): 


“The magnitude of momentum contained in the pipe is de- 
pendent only upon the flow of water per second through the pipe 
and absolutely independent of the accessory velocities (neben- 
bewegungen ).”’ 

“After closure the core of the water column flows forward 
while an edge current runs backward.’’ 

“In the measuring cross section a pressure below the normal 
will exist until ‘nebenbewegungen’ have died out.”’ 


On the basis of this analysis by Dr. Thoma the negative error as 
given by him due to nebenbewegungen has been computed by 
the author and included in his summary of numerical examples. 

But as already stated, there is as yet no experimental evidence 
which would determine the net residual effect of all such calcu- 
lated positive and negative errors. The evidence seems to indi- 
cate that they are largely compensatory. 

There is considerable discussion by Mr. G. D. Johnson about 
laboratory testing of hydraulic turbine models in relation to the 
testing of full sized units in situ. This subject was not under 
consideration in the author’s paper and it is quite incorrect to say 
that he presents the “other side of the story.’’ In fact, there was 
no mention of laboratory testing. It does not seem proper, there- 
fore, to deal with that matter in this closure. However, refer- 
ence may be made to a paper entitled ‘Tests of Hydraulic Tur- 
bines—An Appraisal,’’ by J. J. Traill, to be presented at the An- 
nual Meeting of the Engineering Institute of Canada in June, 
1959, at Toronto, That paper contains a chapter on models of 
turbines and gives reasons why the testing of them in the labora- 
tory cannot be depended upon to measure the performance of 
full-sized units. 

The author offers no objection to Mr. Johnson’s reeommenda- 
tion that the ASMID 1949 Test Code be reviewed and, if neces- 
sary, revised. He does not believe, however, that the extensive 
use of the Gibson Method can be attributed to any emphasis 
placed upon it in the ASME power test codes. It was treated in 
these codes as other methods of water measurement were treated, 
simply by briefly deseribing it and specifying the conditions under 
which it might be used for acceptance tests under the code. 

With reference to ASME papers (Hyd—57-4 by E. B. Strowger 
and P. Olsen and Hyd—57-5 by N. R. Gibson and E. B. Strow- 
ger) a glance at their pages will show that the former is a transla- 
tion of the paper [23] by Dr. Thoma and the latter not a rebuttal 
but a review of that paper illustrated by some results of tests that 
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had been made by the Gibson Method up to that date (1933). 
Those papers did not cover approximately the same material as 
found on pages 459, 460, and 461 of the author’s paper. The latter, 
title implies, was written to examine the records of experience up to 
as its 1955, some 22 years after Hyd—57-5 had been written. 
Among other things, Dr. Thoma’s theories were examined in the 
light of that experience and attention was drawn to the writing 
of K. Alming and K. F. Tupper. No attempt was made to cover 
the ground considered in the former papers. 

The reason for the author’s comment in Appendix 3, on veloc- 
ity head, is because Dr. Thoma had assumed that friction head 
amounted to '/; of the ordinate C on the pressure-time diagram 
when, as experience has shown, it is even less than '/, of C. This 
has an important bearing on his estimate of the error from false 
valuation of friction in the conduit during closure. 

The paragraph preceding the summary of percentage of errors 
estimated from Dr. Thoma’s paper was intended by the refer- 
ence therein to cover the qualifications made by him and quoted 
by the author as to upstream and downstream flow conditions. 

Mr. Johnson cannot correctly use the spread of 3 to 4 per cent 
between maximum efficiencies of comparable units of like capac- 
ities, head, and specific speed shown in Figs. 1, 2, and 3 as con- 
firmation of his opinion that inaccuracies of less than plus or 
minus 2 per cent are the exception rather than the rule. The use 
of the word comparable was intended only to exclude the results 
of tests of those turbines which, on account of age or for other 
reasons, should not be compared with the results of tests of new 
turbines or included in the comparison. Figs. 1, 2, and 3 and the 
curve, Fig. 4, include the results of tests of turbines of good and 
poor designs in plants where the conditions imposed by the set- 
ting under which they had to operate might be favorable or un- 
favorable. The word comparable was not intended to mean that 
the turbines could be expected to give the same performance. 
The figures show that design and setting can be responsible for a 
spread in maximum efficiencies. 

There is no such spread in the efficiencies determined for two 
turbines of the same make in the same plant and tested under the 
same conditions. Nor is it usual to find such spread between 
similar new turbines of different manufacturers. The average 
spread in both cases is about ®/;» of one per cent. 

As an example to illustrate this point, recent tests in one plant 
which extended over a period of three years may be cited. The 
first tests of two turbines in this plant gave efficiencies of 88.6 
and 89.5 per cent, respectively. The mean of these two tests; 
namely, 89.0 per cent, may be taken as the average determination 
of the maximum efficiency of either one. The spread in that case 
is about one per cent between the two plus or minus one half of 
one per cent from the mean. Since 89 per cent was | per cent 
below the manufacturer's guarantee much work on the runners 
of all six turbines in the plant was done by him with a view to 
bring them up to his guarantee. Afterward, re-tests were made 
or five of the altered units. The mean value of maximum effi- 
ciency for the five re-tests was 90.3 per cent. The differences 
between this mean and the highest and lowest were +1.2 and 
—1.1 per cent, respectively. In this case the alterations made 
to the runners were not identical and the results of the tests could 
not be expected to be the same for all turbines. 

Other similar examples could be cited from the experience 
record though it is not often that acceptance tests show that tur- 
bines fail to meet the manufacturer’s guarantees. Neverthe- 
less, there is sufficient evidence that, contrary to the opinion ex- 
pressed by Mr. Johnson, inaccuracies of as much as 2 per cent 
are the exception, rather than the rule. 

In response to the query in regard to what percentage of more 
modern tests from 1940 to 1955 falls within the 90 to 94 per cent 
bracket, the following table has been prepared from the author's 
records. 
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Test results of 90 per 
Dates Total tests cent or better 
1940-1955 113 73.5 per cent 
1940-1958 146 76.7 per cent 
1955-1958 33 87.9 per cent 


Mr. 8. Logan Kerr has given an interesting historical résumé 
of water measurement as related to acceptance testing of hy- 
draulie turbines. 

The author used the word tolerance in its usual sense as defined 
in a dictionary that is, “a specified allowance for error in weighing, 
measuring, etc.’’ In view of its use as a term meaning an over- 
all band of efficiency to allow for all errors entering into field 
tests, Mr. Kerr notes a new approach has been incorporated in 
the International code which eliminates the word tolerance and 
evaluates the probable inaccuracies of measurements for satis- 
factory testing. The agreed upon scale of accuracy given by him 
will be very useful for reference. 

Mr. Kerr discusses at some length the rights of the manufac- 
turers and the purchaser as to the methods of test, etc., and the 
specification for Chief of Test adopted by the International Code. 
This subject was not included in the author’s paper and it would 
make this closure unduly long to deal with it here. The question 
that requires careful consideration is whether tests under the 
Codes may become so onerous that purchasers may disregard all 
codes and proceed in their own way to determine the merits of 
what they have bought. This has already happened in the 
author’s experience. Only in the event of a dispute arising 
might tests as prescribed by codes be required. 

In regard to the translation of the German word ‘‘nebenbe- 
wegungen’’ quoted by Mr. Kerr from a letter from Professor 8. 
Hutarew, reference is made to the author’s foregoing reply to the 
same translation offered by Mr. R. C. Gibson. However, it is 
interesting to have it stated by Professor Dr. Hutarew that what 
Professor Thoma meant is the influence of fluctuations and pul- 
sations in a turbulent flow. 

Whether simple diagrams can be considered obsolete or not, 
there is no question that the differential diagram offers many 
advantages and is the one now almost always used. 

The remarks by Prof. Steponas Kolupaila as to the situation in 
Russia, particularly in regard to the tests at Dnieproges are cor- 
rected by the discussion of Prof. Ivan J. Moskvitinoff who was 
Chairman of the Russian Committee and was in general charge 
of the acceptance tests. The tests at Dnieproges in 1934 were 
conducted for the author by H. I. Howell and were considered 
successful and acceptable at the time. 

Professor Moskvitinoff also clears up the matter of leakage 
quantity, etc., referred to by N. M. Shchapov. 

Professor Kolupaila is under the impression that the long pen- 
stocks of high head power plants are ideal for the application of 
the Gibson Method. But experience shows that elasticity, 
pulsations, and reflected pressure waves encountered at such 
plants can be troublesome and cause additional labor in working 
out the diagrams. Ideal conditions are stated by the author in 
the second paragraph of this closure. 

The remarks of Mr. P. F. Kruse are greatly appreciated. The 
author was fortunate to have Mr. Kruse as his personal assistant 
from 1919 to 1923 during the initial development of the Gibson 
Method. His talents and integrity which eventually carried 
him to the top of his chosen profession are remembered with 
appreciation and gratitude. 

Mr. McCaig is correct when he says that the envelopes shown 
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in the author’s Figs. 1, 2, and 3, would be modified by plotting 
the results obtained at the Bersimis No. 1 plant in 1958. The 
diagrams presented, however, included only results up to 1955. 
Mr. McCaig refers to the effect of changes of momentum. The 
effect of momentum correction for distribution of flow is dealt 
with by the author in the foregoing analysis of the discussion by 
Dr. 8. P. Hutton. 

When the friction between piezometer sections is small, the 
static line occasionally is found to be lower than the running line 
on the pressure-time diagram. This is the phenomenon called 
unreasonable by Professor Moskvitinoff. But if the diagrams 
are worked out delineating the recovery line as usual and measur- 
ing the area above it, no appreciable difference can be found in 
the resulting discharge. It must be remembered that it is the 
product of the changes of pressure and time during closure that 
determines the impulse to be equated to the momentum of the 
mass of water between the piezometer sections. The Method is 
not concerned with the correctness of the absolute pressure but 
only the correctness of the changes of pressure. The phenome- 
non referred to may be caused by a difference in the diameters 
of the two piezometer sections or by impact on one or more of the 
piezometers. In any event, however unreasonable it may seem, 
experience has shown that it has no material effect on the re- 
sulting determination of discharge. 

It sometimes happens that there is deflection of the head cover 
of turbines sufficient to cause greater leakage through the guide 
vanes under full penstock pressure than when the penstock is 
partly full. Care must be taken to analyze the curve showing 
fall in pressure so as to obtain as closely as possible the leakage 
flow not cut off when the turbine gates are closed. Such leakage 
is to be added to the discharge as measured by the pressure-time 
diagram. The effect of pumping head as pointed out in Mr. 
Krueger's discussion must be included in the calculations. Pro- 
fessor Moskvitinoff has correctly pointed out that the total 
amount of leakage is only a small percentage of the discharge of 
the turbine and any error in its determination is not of serious 
consequence. 

Mr. J. A. Thomas has presented an ingenious method of de- 
termining leakage past the closed turbine gates when the gate at 
the head of the penstock cannot be completely sealed and the 
water rises in the penstock rather than falls. About the only 
suggestion that the author can make is that the last sentence 
in this discussion should mention that the correction at rated 
head is made after allowing for the effect of pumping head, if any, 
as pointed out by Mr. Krueger in his discussion. 

It was with great regret that the author learned of the death 
of Mr. R. FE. Turner in a plane crash that occurred shortly after 
the conversation with him in regard to the Conowingo tests which 
he has incorporated in his discussion. He was quite correct when 
he said that Table 1 of the author’s paper was misleading bhe- 
cause it failed to state that the figures given for comparison of the 
Allen Salt Velocity Method and the Gibson Method were for 
the results of the test of the service unit and not for the tests 
of the main units. This information was inadvertently omitted. 
The conditions of water supply to the main units were not favora- 
ble for water measurement by either method and although ac- 
cepted by the parties at the time the results were not good and 
were considered inconclusive. No further attempt has been 
made to apply the Gibson Method at this plant. 

The author gratefully acknowledges the assistance received 
from Messrs. H. I. Howell, J. J. Traill, Mrs. R. G. Hawley, and 
Mrs. Eugenie Haseley in the preparation of parts of this closure. 
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R. A. SUTHERLAND 


Hydraulic Engineer, 
Ebasco Services Incorporated, 
New York, N. Y. Mem. ASME 


Free Discharge Through a Turbine 
Distributor, 


Case, and Draft Tube 


The experience of discharging water freely through the turbine without the runner 
at the Pelton Hydro-Electric Development in Oregon is described and an indication of 
the discharge coefficient is given. 


Brief Description of Development 


* Pelton Hydro-Electric Development of the 
Portland General Electric Company is located on the Deschutes 
River in north central Oregon and comprises a thin arch dam 204 
ft high, with spillway and appurtenant structures, and a power- 
house containing three units each of 32,400 kw name-plate ca- 
pacity operating under a head of 152 ft, as shown in Fig. 1. The 
turbines are rated at 150 ft net head, 52,200 hp at 138.5 rpm 
corresponding to a discharge of 3470 cfs on the guaranteed ef- 
ficiency basis. The penstocks are 16 ft in diameter and that of 
No. 2 unit is approximately 130 ft long to center line of unit. 
Approximately three miles downstream from the dam is a re- 
regulating dam which serves the purpose of smoothing out the 
A fish ladder ex- 
tends from a point below the re-regulating dam to the main 
storage reservoir. 


nonuniform discharge from the powerhouse. 


The first unit commenced commercial opera- 
tion on December 20, 1957, and the discharge through unit No. 2, 
as described in this paper, took place during the period from 
Noyember 29, 1957, to January 2, 1958. 


Reason for Free Discharge 


For the purpose of fish conservation, it was essential in the con- 
struction and operation of the plant that a certain minimum flow, 
estimated as 2500 cfs, be maintained in the river below the re- 
regulating dam at all times. This required that, during the 
period following closure of the diversion tunnel at the dam and 
until the reservoir was filled to spillway level, the minimum dis- 
charge be released through one of the units which was not yet 
completed, 


Description of Equipment 


The No. 2 unit was selected for the free discharge of water 
without the runner in place. The wicket gates and gate operating 
mechanism were installed and the servomotors were actuated by 
temporary piping from the governor pressure tank of unit No. 1. 
This piping was provided with a four-way change-over valve and 
two gate valves in such a way that the opening of the wicket 
gates could be controlled readily by hand. The inner portion of 
the turbine head cover was closed off by a plate provided with a 
12-in. air inlet pipe. 

Inasmuch as the generator was in process of erection during the 
time that the unit would be used for free discharge, a 10-in. auto- 
matic air inlet valve was placed on the top of the 12-in. pipe to 
avoid any possibility of water backing through the pipe and 

Contributed by the Hydraulic Division and presented at the 
Annual Meeting, New York, N. Y., November 30-December 5 
1958, of THe AMERICAN Society OF MECHANICAL ENGINEERS. 

Note: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those of 
the Society. Manuscript received at ASME Headquarters, July 29, 
1958. Paper No. 58—A-76. 
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spraying the generator. This arrangement was later modified 


as will be described. 


Brief Chronology of Events 


The construction of the project was commenced in April, 1956, 
and by the middle of November, 1957, the No. 1 unit was suf- 
ficiently advanced that preparations could be made for closing 
the diversion, filling the reservoir, and putting the unit in opera- 
tion sometime in December. 

On November 29 the diversion tunnel was closed by lowering a 
gate and the river discharge below the re-regulating dam was 
supplied over a period of some hours by controlled release of water 
from the re-regulating reservoir. This was necessary because 
it was desired to avoid trash collecting against the intake rack, 
and adequate discharge could not be obtained from unit No. 2 
until about four hours after closure of the diversion. At that 
time the discharge through unit No. 2 was commenced and was 
continued with some interruptions until the beginning of January, 
1958, under a gradually increasing head. 

It was found in the first two days of this discharge, that the 
vacuum under the head cover was quite severe, varying from 15 
to 20 in. of mercury, depending on the wicket gate opening. The 
noise in the draft tube was considerable, consisting of crepitation 
and some banging which was communicated into the penstock. 
An opportunity was therefore taken to close down the unit for « 
short time, remove the valve on the air pipe and substitute for it 
a flared elbow which offered no impediment to free access of the 
air to the head cover. This arrangement shown in Fig. 2 was 
found to improve the operation materially and continued in serv- 
ice throughout the remainder of the discharge. The vacuum 
under the head cover was reduced to about 5 in. or less of mer- 
cury and the noise was reduced but by no means eliminated. It 
had been anticipated that cavitation noise would increase as the 
head increased, but this was not found to be noticeably so. 

In general, noise was somewhat less at or near full gate than in 
a range of about 50 to 70 per cent of full gate, and it was observed 
that the distribution of discharge from the draft tubes was 
better at full gate than at part gate. At all gate openings and at 
all heads great turbulence, accompanied by a continuous dis- 
charge of “‘hydraulic lightning,’’ was observed in the tailrace. 

On December 7 the water reached the spillway elevation and a 
test of the spillway operation was made. Job conditions werenot 
conducive to continued operation of the spillway in releasing 
surplus water, owing to spray and ice conditions, and No. 2 unit 
was therefore kept in operation for free discharge, with some 
interruptions. 

The No. 1 unit was first rotated on December 11 and was 
placed in regular operation on December 20. This enabled the 
duty of the No, 2 unit in discharging surplus water to be greatly 
reduced from that time until it was taken out of service at the 
beginning of 1958. Thereafter, surplus water was discharged by 
spillway operation. 
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Fig. 2 Flared elbow, substituted for the 10-in. air inlet valve. Flared 


elbow reduced the 


under the head cover, yet protected the 
generator from spray. 
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Estimate of Discharge Coefficients 


Prior to commencement of the discharge operation, a chart was 
made up from somewhat sketchy information available, and from 
assumptions which seemed reasonable, to indicate the estimated 
discharge of Unit No. 2 at different gate openings and with 
different 
trolling the filling of the reservoir and for other purposes 


reservoir elevations. This chart was needed for con- 
From 
time to time, checks on the rate of discharge became available 
and the chart was modified and improved. 
Part of the final diagram is shown in Fig. 3. River discharge 
was measured by holding the water level at the re-regulating dam 
as steady as possible and measuring the river discharge at a gaging 
station located a short distance below it, Obviously, if the water 
level in the regulating pond were creeping up or down some 
error would be introduced, in addition to a possible 5 per 
cent error in the stream gaging, but it is considered that the 
discharges on the average were estimated within +8 per cent. 
For the reason that a high degree of accuracy was not feasible in 
the discharge measurement, a correction has not been made for 
penstock friction loss, which would affect the results by 1 per cent 
or less. In computing the discharge coefficient, the gross head 
above center line of distributor has been used in the formula: 


A (2gH)'/2 
where 


C = gross coefficient of discharge 
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Fig. 4 Estimate of the discharge coefficients at different gate openings 


Q = discharge in cfs 
A = area available for discharge in sq ft 
H = gross head above center line of distributor, ft 


This formula assumes that the draft tube adds nothing to the 
effective head. The fact that the draft tube flow had a high degree 
of vorticity and was inhaling a great flow of air and also the fact 
that tailrace conditions were extremely turbulent, would have 
rendered illusory any attempt to evaluate the benefit of draft tube 
action. An estimate of the discharge coefficients at different gate 
openings is shown in Fig. 4. Dimensional information applicable 
is given in Fig. 3, and it should be added that gate opening was 
almost exactly linear with servomotor stroke. 

The estimated discharge coefficient for the operating unit is 
shown in broken lines in Fig. 4. This curve has been derived 
from expected performance data based on manufacturer’s model 
tests. 


Inspection of Interior of Turbine 


When No. 2 unit was taken out of this discharge service to con- 
tinue the erection, a thorough inspection was made of the pen- 
stock, turbine casing, gates, and draft tube. No damage of any 
kind was discernible in the spiral casing, gate mechanism, or draft 
tube liner, but it was found that about two or three cubic yards 
of concrete had been removed from the upper part of the draft 
tube just below the draft tube liner, as shown in Fig. 5. This 
damage was repaired without difficulty. 


General Remarks and Conclusion 


The release of water in the manner described has not been ef- 
fected very frequently and little or no information has been here- 
tofore published on such experience. It is known that the tur- 
bine manufacturers generally recommend against such procedure 
and accept no responsibility for the consequences, but cases do 
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Fig. 5 
inspection after the discharge service 


arise where this method of discharge is economically desirable and 
the experience at the Pelton project may be of some guidance to 
others who may have occasion to consider such a procedure. 
It is considered that better conditions would have been obtained 
if an even larger air inlet pipe had been provided. 
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DISCUSSION 
G. H. Voaden' 


The three turbines in the Pelton powerhouse were designed and 
built by the writer’s company. Since this paper was written an 
index test was conducted on one unit and the output correspond- 
ing to 150-ft gross head was approximately 48,000 hp at best gate 
and 57,000 hp at a gate where the efficiency had dropped off 5 per 
cent from the peak. 

The writer had an opportunity to correspond with the author 
regarding this paper during its preparation and sent him a copy 
of laboratory test data from which the accompanying curves (Fig. 
6) of discharge and discharge coefficient were derived. Note that 
“with runner” the coefficient drops from 0.57 to about 0.50 from 
27 to 100 per cent gate whereas “without runner” it increases 
from 0.65 to 0.76; that is, on the basis of this laboratory test, the 
discharge at full gate was approximately 58 per cent greater with- 
out the runner than with it. 

There were several differences between the model test setup 
and that in field, principally as follows: 

(a) The model turbine without runner was mounted in a “head 
tank”’ without spiral case, discharged through an elbow draft tube 
into a “tail tank,” and the “head’’ was taken as the pressure dif- 


1 Assistant Chief Hydraulic Engineer, Allis Chalmers Manufactur- 
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ferential between the tanks. This “head’’ varied from 145 ft at 
27 per cent gate opening to 46 ft at 100 per cent gate opening. At 
Pelton the test section also included penstock and spiral case and 
the head used in calculating the coefficient was headwater ele- 
vation minus elevation center line of distributor. 

(b) On the model no air was admitted whereas on the prototype 
atmospheric air was admitted to the head cover, and with the air- 
intake arrangement as shown in Fig. 2 there was a vacuum of 
about 5 in. of mercury. 

Hence the “heads” used in calculating the coefficients on the 
model and at Pelton had different definitions. It does seem 
“odd” however that the field “test’’ indicates less discharge with- 
out the runner than with it—just the opposite of the model test. 

The measurement of discharge was of course quite accurate in 
the laboratory whereas at Pelton the accuracy was “estimated 
within +8 per cent.” 

The writer believes that the coefficients of discharge indicated 
by the author's Fig. 4 could be quite misleading. They are not 
compatible with the model tests nor do they seem to be com- 
patible with the indications in the author’s text; e.g., ‘the noise 
in the draft tube was considerable’—“great turbulence ac- 
companied by hydraulic lightning”’ in the tailrace and damage to 
the draft tube as shown in Fig. 5. These phenomena indicate 
greater discharge than normal, with higher velocities, more whirl, 
more turbulence, all contributing to severe cavitation in the draft 
tube. 

However, regardless of what the discharge actually was, this 
test has shown that in an emergency water can be bypassed 
through a runnerless turbine unit and in this case without exces- 
sive damage. It also is a very good demonstration of why turbine 
manufacturers recommend against such operation and disclaim 
all responsibility for any damage which may occur. 


K. H. Yang? 


The North Fork Hydro-Electric plant, under construction on 
the Clackamas River in Oregon for the Portland General Electric 
Company, has a general layout similar to that of the Pelton 
Hydro-Electric plant. The main features of the project are an 
arch dam 207 ft high, a chute spillway, and an outdoor powerhouse 
with two vertical Francis-type hydraulic turbines rated 34,500 hp 
at 130 ft net head. Facilities for the passage of migratory fish are 
provided. About 3 miles downstream of North Fork the existing 
Faraday plant has five units of the horizontal Francis type with a 
total capacity of 19,000 kw. A new vertical Francis-type turbine 
similar to the North Fork units is being added at Faraday in 
connection with the work at North Fork. 


? Hydraulic Engineer, Ebasco Services, Inc., New York, N. Y. 
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For the purposes of fish conservation and power generation at 
Faraday it became necessary to provide a minimum river flow 
downstream of North Fork at certain periods of the day during 
the initial filling of the reservoir. To accomplish this, the same 
technique employed at Pelton was used at North Fork. River 
flow was bypassed through the spiral case of unit No. 1 and con- 
trolled by the wicket gates. The runner was not installed. By- 

ass operations started on September 22, 1958 and continued 
through October 13, until the reservoir level was high enough to 
permit discharge over the spillway. During this period some ex- 
cavation and concrete work was still in progress in the river 
downstream and consequently the flow was shut off completely 
for lengths of time up to 12 hours. 

From the experience obtained at Pelton a 30-in-diam air-vent 
pipe was installed over the head cover, extending 13'/; ft above 
the distributor center line as shown in Fig. 7. A pressure and 
vacuum gage was tapped into the head cover for observation. 


UNIT 


VACUUM & PRESSURE 


5340 


4 
La 


Fig. 7 Installation of air vent over head cover 


During the bypass operation the head above the distributor 
center line varied from zero to 89 ft, while the gate opening varied 
from zero to 80 per cent maximum. Continuous observation of 
discharge was not made, but it is estimated that a maximum of 
1300 cfs was passed through the unit for a period of 12 hours with a 
gate opening of 65 per cent and a head varying between 85 and 89 
ft. This is approximately 50 per cent of the maximum discharge 
of the unit at full head, estimated by the turbine manufacturer. 
At this particular gate opening, by assuming a straight-line varia- 
tion of the gate opening against the stroke, the coefficient of dis- 
charge is only 0.41. This seems too low. 

Practically no pressure or vacuum reading was indicated on the 
head-cover gage. Water spray from the vent pipe was not ex- 
perienced during any of the shut-offs. With heads over 41 ft and 
gate openings over 50 per cent, some knocking noise developed in 
the draft tube, but it was not very severe. The air-vent pipe 
vibrated considerably. During the maximum bypass flow it was 
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necessary to install stay braces at the vent-pipe top to eliminate 
this vibration. It should be pointed out that the tailwater level 
for these discharges was normally 4 to 5 ft below the center line 
of the distributor, whereas the Pelton tailwater was normally 3 
to 5 ft above the center line of the distributor. 

After the bypass operation was discontinued and inspection 
was made of the inside of the draft-tube steel liner and concrete 
surface, no evidence of any cavitation or other damage was 
found. This smoother flow of water through the spiral case at 
North Fork is apparently the result of more adequate venting and 
smaller discharge over shorter periods of time. 

Based on the experiences at both plants, this method of by- 
passing river flow has been proved quite feasible. 

Design of the project was under the direction of Mr. H. W. 
Stuber, Supervising Engineer, and construction is under the diree- 
tion of Mr. R. P. O'Reilly, Construction Superintendent, both of 
Ebaseo Services Incorporated. 


Author's Closure 


The data given by Mr. Voaden in his valuable discussion in- 
dicate an appreciable disparity between the discharge coefficient 
of the runnerless distributor as tested in the laboratory without 
spiral casing and as estimated in the prototype. This disparity 
is negligible at about 30 per cent gate opening, where the co- 
efficients in both cases are about 0.65 but increases to about 
0.27 at full gate opening, where the laboratory test coefficient 
is about 0.76 and the estimated field coefficient is about O49. 
The author believes that this disparity is probably due to the 
following causes: 


(1) Rise of taiiwater in the prototype above center line of 


distributor was ignored. 

(2) Head loss in the intake, penstock, and spiral case was 
ignored 

(3) Bulking of water in the draft tube by inhaled air. 
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The author desires to make it clear that the prototype opera- 
tion was in no sense a “test’’ but simply a means of obtaining 
a working tool for the proper scheduling of operations required 
by construction conditions. The information summarized in 
Fig. 3 served admirably for this purpose. Hence the information 
contained in Fig. 4 is given for the information of others who 
may have occasion to use a turbine distributor in a similar 
manner, This admittedly improper use of a turbine has to the 
author’s knowledge been necessitated by field conditions in 
three cases: 


(1) At Littleton Hydroelectric Development on the Con- 
necticut River, New Hampshire. 

2) At Pelton Hydroelectric Development on the Deschutes 
River, Oregon. 

(3) At North Fork, Hydroelectric Development on the 
Clackamas River, Oregon. 


There are undoubtedly several other instances of such use, 
and the author is disappointed that the engineers concerned 
have not published information on their experiences. 

Mr. Yang's discussion is valued and emphasizes the desira- 
bility of providing an ample size of air inlet pipe on the turbine 
cover with a view to minimizing vibration and cavitation. It 
may be speculated that the lower discharge coefficient at North 
Fork has some connection with the larger relative supply of 
air, but the author has no definite information to bear this out. 

The author would like to explain the term “hydraulic light- 
ning” used in his paper, since he has received questions by mail 
asking for an explanation. The phenomenon has been observed 
in the tailrace of a hydroelectric plant by the author and others 
It appears to be due to 
discharges probably of an electrical nature under the water due 
The “lightning’’ appears as inter- 
mittent flashes of light throughout wide areas of the tailrace 


when a reaction wheel “runs away’’. 
to the extreme turbulence. 


somewhat akin to what is generally known as “‘sheet lightning.” 
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Symposium on Welded Spiral Cases 


From the Manufacturer’s Viewpoint 


An important but unspectacular part of hydroelectric power developments is the steel 
spiral case that guides the water from the penstock into the hydraulic turbine. The 
increasing acceptance of welding and the use of high-strength steels in the construction 
of spiral cases have permitted and required the development of new construction methods. 
This report is a condensation of the five prepared statements by representatives of the 
U. S. and Canadian manufacturers presented at the 1957 Annual Meeting of The 


A FIVE-PART SYMPOSIUM 


Introductory Statement 
By J. Fisch! 


A Symposium was held at the ASME Annual Meeting in 1957 
in New York, N. Y., to present the manufacturers’ viewpoints on 
Welded Spiral Cases. 

The gradual change from the original riveted design to weld- 
fabricated structures, together with the increasing physical sizes 
of modern hydraulic turbines and/or higher operating heads, 
made this topic of general interest to purchasers of the equipment 
and consulting engineers, as well as to manufacturers. 


a WILL be necessary to limit the history to the ex- 
perience of the writer’s company, since information regarding the 
experience of other manufacturers is not readily available. 

Prior to 1939, all spiral cases for hydraulic turbines were of cast 
iron, cast steel, or riveted plate steel construction. The first use 
of a welded construction was for four 103,000-hp, 330-ft-head tur- 
bines purchased by the Bureau of Reclamation in 1939 for the 
Shasta Power Plant. The case inlet diameter was 12 ft 8in. Be- 
cause of the large size and high design pressure of 260 psi, it was 
found that it would be very difficult to make satisfactory riveted 
longitudinal joints for this case, particularly the joints between 
the stay ring and the case plates. 


! Director of Mechanical Engineering, 8. Morgan Smith Company, 
York, Pa. Mem. ASME. 

*? Manager, Hydraulic Department, Allis-Chalmers Manufacturing 
Company, Milwaukee, Wis. Mem. ASME. 

Contributed by the Hydraulic Division and presented at the An- 
nual Meeting, New York, N. Y., November 30-December 5, 1958, of 
Tue AMERICAN Society oF MECHANICAL ENGINEERS. 

Note: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those of 
the Society. Manuscript received at ASME Headquarters, June 16, 
1958. Paper No. 58—A-60. 
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History of Field-Welded Spiral Cases 


By W. J. Rheingans? 


It is expected that eventually practically all spiral cases will be 
weld-fabricated either in the manufacturer's shop or at the site as 
dictated by shipping limits or handling facilities. 


The report contains condensations of the prepared statements 
of five manufacturers covering the history of welded spiral 
cases, manufacturing processes, field erection procedures, and the 
shop experience with the first spiral cases fabricated of high- 
strength plate steel T-1. 

The presentation of the statements, of which no preprints were 
available, covered the entire allotted time for the session and it is 
hoped that the preparation of this report will serve as a basis for 
interesting discussions. 


Shop- Welded Sections 


Therefore the spiral case was designed to be fabricated in sec- 
tions of plate steel, each section being shop-welded and furnace 
stress relieved. The plates varied in thickness from 1 in. to 2°/\ 
in. 

The field circumferential erection joints were designed for 
double-butt strap-riveted connection (Fig. 1) since at that time 
there was little information available regarding field welding with- 
out stress relieving of such large structures. 

During the past 25 years many cases of this type have been used 
to replace field-riveted cases. Welding was confined to the shop 
and all welds were furnace stress relieved. The amount of 
shop welding was only limited by the maximum size section which 
could be shipped or furnace stress relieved. Another requirement 
was that all joints between the stay ring and the case plates be 
shop-welded and stress relieved. Field joints, either longitudinal 
or circumferential were all designed for field riveting. 

The advantages of this type of construction over the all-riveted 
case was a reduction in weight, a consequent reduction in cost of 
material and fabrication, and a reduction in field erection and 
riveting costs. 

There was also a definite saving, particularly for high-head 
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Fig. 1 Shop assembly of spiral case for Shasta power plant 
installations, where welded cases were able to replace cast steel 
cases and where riveted cases were out of question because of the 
large thickness of the plates. For example, the original 115,000 
hp hydraulic turbines furnished for the Bureau of Reclamation, 
Hoover Power Plant, had cast steel spiral cases. Subsequently, 
two units were furnished with cases of welded plate steel, with 
flanged field erection joints. Since a number of the original units 
and the ones with the plate-steel cases were furnished by one manu- 
facturer, it was possible to make a direct comparison between the 
two types of construction, both as to weight and cost. Such a 
comparison showed that the finished welded plate-steel case 
weighed 30 per cent less than the cast-steel case, and cost 20 per 
cent less to manufacture, including the savings in cost of material. 

Since the spiral cases represented approximately 30 per cent of 
the total weight of the turbine and 25 per cent of the total cost, 
the saving in total turbine weight was 9 per cent and in total tur- 
bine cost 5 per cent. 

These cases were arranged for flanged joints between sections 
for field erection. Elimination of the flanges by welding the field 
erection joints would have further reduced the weight of the cases 
as well as the costs. It has been found that flanges are a very 
costly item on spiral cases. 


The All-Welded Case 


Another big step forward was taken when the first all-welded 
cases were designed. These were eight spiral cases installed in 
1941 at the Shipshaw Plant, Aluminum Company of Canada, 
which utilized the all-welded construction, both in shop and field 
(Fig. 2). The units were rated 100,000 hp at 208 ft hd. The 
inlet diameter was 16 ft 0 in. and the plate thickness varied from 
7/, in. to 18/;gin. These were the first cases which had all joints 
between plates and speed ring welded in the field. No thermal 
stress relieving was used on any of the welds, either in the shop or 
in the field. 

Fig. 3 shows the type of construction necessary for large cases 
where the plates are required to be welded to the stay ring in the 
shop, and furnace stress relieved. For this unit, the field joints 
were arranged for riveting, but the sectionalizing of the case would 
have been the same if the field joints were arranged for field weld- 
ing. 

With improvement in welding technique, procedure, supervi- 
sion, and inspection, it is possible to do all the welding of cases in 
the field without furnace stress relieving and without sacrificing 
strength or safety, especially where the plate thicknesses do not 
exceed 2in. 
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Fig. 2 Partial shop assembly of all-welded spiral case for Shipshaw 
power plant 


Fig. 3. Large spiral case wing sections shop-welded for Fort Randall 
power plant 


For medium heads (120 to 400 ft) the all field-welded case has 
an advantage in both weight and cost over the riveted case, par- 
ticularly in the larger sizes. As an example, a study was made of 
a case with a 20-ft 4-in. inlet diam, including 30 ft of inlet pipe. 
The design pressure was 135 psi. The shipping weight of the riv- 
eted case was 730,000 lb, while that of the all field-welded case 
was 475,000 lb, a saving of 35 percent. The savings in material, 
shop fabrication, and freight for the welded case amounted to 

70,000. It was also estimated that the cost of field erection plus 
field welding of the welded case would just about equal the cost 
of field erection and riveting of the heavier riveted case. Thus 
the $70,000 represented a net savings in the over-all cost. 

Although no actual estimate was made of the cost of furnishing 
this case with shop-welded and furnace stress relieved joints be- 
tween stay-ring and case plates, such a requirement would have re- 
duced the $70,000 savings by a considerable amount. 


A New Steel 


High-strength (T-1) steel has recently been recommended for 
spiral cases. Estimates have indicated a saving in costs when 
used for certain installations. 

The type of case to be used, whether cast steel, shop-welded, 
partly shop-welded and partly field-welded, all field-welded, T-1 
steel welded or riveted, depends so much upon the conditions of 
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the installation that a careful study should be made of each proj- 
ect to determine the most economical design. For example, while, 
in general, welded cases cost less than riveted cases, there have 


Improvement in materials and fabricating procedure has ena- 
bled designers of water turbines to promote a trend from the 
riveted plate-steel spiral case to the all-welded plate case. 

The successful and economical fabrication, and assembly of an 
all-welded case require close attention to methods and procedures, 
and to the availability of the proper equipment and personnel. A 
few of the problems which require special consideration include: 


1 The precise and accurate development of case shapes. 

2 Plate cutting, forming, and handling. 

3 The use of a partially or completely machined stay ring at 
case assembly. 

4 The sequence and inspection of shop-welded parts. 

5 The sequence of hanging plates to the stay ring. 

6 The method of supporting erected plates at assembly. 

7 The preparation of the joints to be field welded. 


It has been demonstrated that smooth and dimensionally 
accurate contours around the periphery of templates for the seg- 
mental sections of the case can be achieved by employing normal 
triangulation methods of development. Extreme care must be 
exercised when laying out the body or section lines, and when 
transferring these points to the template. 


Templates for the Case 


To maintain the design girth or total accumulated width of seg- 
mental case sections at the center line of distributor, it is necessary 
to make proper adjustments to the half widths of templates to 
compensate for the natural slope or knuckle at each circumferen- 
tial joint. Shape molds are required which must be made to the 
exact inside radius of the cross-sectional shapes of each circum- 
ferential joint in the case. The molds must be of sufficient length 
to prove the shape of the plate for which it was made throughout 
its full length. In addition to the full length shape mold, a short 
sweep or hand mold is required by the machine operator when 
forming the ends of plates to the required shape. 

Occasionally it has been found necessary to provide addi- 
tional material on the edges of templates forming the circum- 
ferential joints of all the segmental case sections. This material 
is later removed. 

In addition, extra material is usually provided on the periphery 
of the margin or skirt plates and at the ends of margin plates adja- 
cent to the stay-ring joints. This material is removed after the 
margin plates are positioned, attached, and welded to the stay- 
ring skirt. 

After the case is completely shop erected, the exact design di- 
mension from the center line of the unit to the upstream end of the 
case is established on the plate, and any extra material is removed 
at this time, or if desired, it may be left for removing in the field. 

The conventional methods of transferring plate shapes from 
template to steel plate are quite satisfactory, although extreme 
care and close supervision are required. Templates must be 
clamped securely to plate to avoid the slightest movement, and 
sharp prick punches and light hammers must be used. 


3 Foreman, Boilermakers Department, Newport News Shipbuilding 
& Drydock Company, Newport News, Va. 
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Fabrication and Assembly of Spiral Cases Designed for Field Welding 


By W. N. Woodall* 


been instances, particularly in the low-head range (below 120 ft), 
where the riveted case was more economical. Thus it is dan- 
gerous to make any general assumptions. 


Fig. 4 Flame cutting of plate edges by radiograph machine 


The edges of all plates that form the circumferential joints of 
segmental case sections are conveniently rough-cut with the 
plates lying flat. The longitudinal joints of segmental sections 
as well as all joints in the cylindrical and/or straight conical sec- 
tions are finish-cut and the required welding bevels are also pre- 
pared while the plates are in the flat condition. 

In order to provide the best possible fit at the joints between 
the segmental sections of the case, the edges are cut after the 
plates are formed to the desired shape (Fig. 4). 

This cutting operation is accomplished by positioning the 
formed plates on a level surface so that the cut can be made paral- 
lel to the supporting surface. The burning machine operating on 
the table surface is equipped with two torches. The leading torch 
is set to trim the plate edge parallel to the machined table and the 
following torch is set to cut the desired welding bevel. 

The desired shape of plates is achieved by utilizing either a 
press brake or a pinch-type bending roll, or by forming the plate 
ends in a hydraulic press and completing the rolling operation in a 
vertical pyramid-type bending roll. All three of these methods 
are used. Ordinarily the latter method is more suitable for the 
majority of plates and it produces plate shapes of satisfactory 
accuracy. 

The most important phase of the shop assembly of the case is 
the positioning, attaching, and welding of the stay-ring margin 
plates to the stay-ring casting. 


Margin Plates 


Castings of the size and shape under consideration cannot be 
manufactured to precise drawing dimensions, so the location of the 
stay-ring skirt at the point of plate attachment cannot be as- 
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Fig. 5 Stay ring with margin plates and end of case attached, on boring 
mill for final machining 


sumed to be accurate. The margin plates then serve a double 
purpose. They permit a design which will allow for stress-re- 
lieving all shop welds between plate and casting. They also allow 
the field weld to the case plate to be located at a point where it 
may be made without fear of distorting the machined surfaces of 
the stay ring. 

The margin plates, in addition, serve a most important part in 
the shop assembly in that they allow drawing dimensions to be 
maintained both above and below the center line of distributor 
and radially from the center line of the unit. 

Margin plates are cut to these predetermined dimensions in 
order to utilize the spiral case plates as developed. 

The margin plates are installed accurately through the use of 
simple jigs and fixtures. Near the small end of the case, and 
where shipping limitations permit, complete sections of the case 
are shop welded to the stay ring. 

After the margin plates are welded to the stay ring, the as- 
sembly is stress relieved. 

The stay-ring sections are then finish-machined and drilled 
(Fig. 5). After machining, the stay ring is assembled on pedes- 
tals of a height which will allow working space under the inlet end 
of the case. 

Prior to the case assembly, a sequence of erection is determined 
which will maintain dimensional control of the case as a unit. 

It is interesting to note that the immense amount of shoring 
and staging required to shop assemble a riveted case can be con- 
siderably reduced when shop assembling a welded case. 

It has been proved that the required cross-sectional shapes of 
the case can be maintained by placing a length of pipe vertically 
at the center of alternate case sections. No staging is required on 
the inside of the case during shop assembly. The absence of 
staging and the uncluttered look on the inside of this case are 
shown in Fig. 6. An outside view of a case almost completely 
shop assembled is shown in Fig. 7. 
draw the joints metal tight. 


Advantages of the Welded Case 


The advantages of the welded case over the riveted case may be 
quickly enumerated. 


The clips across the joints 
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Fig.7 Shop-assembled spiral case showing fit-up clips and open sections 
for field fitting 


There are fewer parts to be fabricated, with a corresponding 
reduction in fitting and handling costs. 

Erection is simpler when fewer parts are handled in an orderly 
fashion. 

No drilling, drifting, or reforming of plates is required to match 
the joints. 

Better dimensional control of the case is maintained. 
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The recommendations in this paper are based upon many 
years’ experience in both the shop fabrication and field construc- 
tion of spiral cases in Canada and they provide a simple and 
economical procedure. 

Spiral cases are usually erected in a restricted area within the 
powerhouse at a time when much general construction work is 
being done in the vicinity. Consequently, spiral case sections 
normally cannot be stored immediately adjacent to the final site. 
The powerhouse overhead traveling crane is usually available to 
carry assembly pieces to the casing site as required. If such a 
crane is not available, site conditions must dictate the most suita- 
ble alternative. A suitably located guyed mast with boom or an 
overhead line are possible substitutes. 

The stay ring must be accurately located, oriented, and leveled, 
and its position maintained throughout subsequent operations. 
The machined surfaces of the stay ring must be as level as pos- 
sible. The maximum permitted “out of level’’ after completion of 
erection is generally less than 0.001 in. per ft of stay-ring diame- 
ter. Since only minor adjustments in level are possible after 
completion of the spiral case welding, this requirement in- 
fluences the construction considerably. 


Design, Shop, and Field 


Ideally, a spiral case and stay ring should be shop-assembled, 
welded, machined, and then shipped to the site in one piece for in- 
stallation. Because of the large size of most units, this procedure 
is not usually possible. 

The basic construction requirements are the accurate forming, 
assembly, and welding of irregularly shaped plates in a manner 
that permits the control of distortion and maintains close toler- 
ances on certain parts machined to match the turbine. The shop 
must accurately lay out and form the spiral plates and assemble 
the case completely to the stay ring to make sure that a good fit is 
obtained. Case and stay ring should then be shop welded into as 
large sections as possible consistent with construction details, 
available shop equipment, and shipping and handling facilities, 

In smaller units the spiral case can be shop welded to the stay 
ring before the stay ring is machined; in larger units this weld can 
be made either in the shop or field after the machining operation. 
A tapered transition section (Fig. 8) is commonly shop welded 
to the stay ring when a case of high strength material is used with 
a much thicker stay ring of weaker material in order to distribute 
the design hoop stresses. 

Large cases of carbon steels can have a margin section inserted 
between the spiral and the stay ring when it is desired to shop 
weld and stress relieve the connection to the stay ring. This 
construction can also permit machining of the stay ring after this 
weld is made and stress relieved. In addition the transition and 
margin plates can minimize stay-ring distortion due to the spiral 
case attachment welding. However, large spiral cases without 
transitions or margin plates have been successfully field welded di- 
rectly to stay rings without causing excessive distortion. 

Shipping pieces are built up in the shop by welding together ad- 
jacent spiral plates to form radial segments. These segments may 
be shipped separately or may be further built up by shop welding 
to an equal number of stay-ring segments. In the latter case, 


‘ Chief Engineer, Horton Steel Works, Ltd., Fort Erie, Ontario. 
Mem. ASME. 

§ Chief Field Welding Engineer, Chicago Bridge & Iron Company, 
Chicago, Il. 
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Field Assembly and Welding of Spiral Cases 


By C. A. McDonald‘ and P. C. Arnold® 


Spiral Casing — 


Transition 


Stay Ring Stay Ring —, 


Shop Weld 


Shop or Field Weld — Shop or Field Weld 


Fig. 8 Typical spiral case—stay-ring connections 


each shipping piece is a radial segment consisting of both stay-ring 
and spiral casing segments. This shop welding eliminates the 
need for field reassembly of the individual plates that make up 
the shipping piece 

It is especially desirable to ship the intersection between the 
spiral inlet and the small end of the spiral in one piece as this pro- 
vides proper alignment of both ends of the spiral and eliminates 
a difficult field fitting operation. Even when the small end does 
not close upon the inlet, it is an advantage to ship this yoke sec- 
tion in one piece. 

Other factors must not be overlooked. Almost certainly large 
pieces will incur additional shipping expenses and such pieces must 
be adequately braced internally so that their proper shape is 
maintained, 

Co-ordination of design, shop, and field activities should be a 
single responsibility, preferably of the turbine manufacturer. 


Field Assembly 


The field assembly procedure will be illustrated by means of 
the following example (Fig. 9). The stay ring is shipped in 
two halves and the spiral case is large enough that only portions 
can be built up in the shop, the remaining plates are shipped 
individually. 

Assembly starts with the first inlet section that attaches to the 
stay ring. This is the yoke section and it must be properly lo- 
cated in order to avoid later assembly difficulties. The other 
plates in the inlet rings attaching to the yoke are next erected to 
complete the inlet cylinder. If the attaching penstock is already 
in place, a plate of the inlet can be left out if necessary to provide 
convenient access to the inside of the casing. These plates are 


Fig. 9 Typical spiral case shipping sections and erection sequence 
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Jack (Anchor not shown) 


Anchor (Jack not shown) 


Fig. 10 Section through spiral case showing jacks and anchors 


brought into position by the overhead crane, erected or held in 
place with special devices, and then adjusted or fitted into exact 
location and held there. The spiral assembly progresses by add- 
ing adjacent sections, 

Erecting at both large and small ends permits quicker erection 
and fitting, balances the loads applied to the stay ring, and mini- 
mizes progressive fit-up errors. The entire spiral case is erected 
and fitted before any welding is done. 

A ring of jacks is provided to support and level the stay ring 
(Fig. 10). Additional jacks bearing against special brackets at- 
tached to the spiral case help to support and level the case sections 
as they are added. A cage that fitted together well in the shop 
will fit poorly in the field if it is allowed to sag or if the proper 
shape is not maintained at each radial joint. 

Erectors of plate structures use special devices which can bring 
plates into alignment, adjust the gap between abutting edges, 
and hold the plates firmly in position. These devices, sometimes 
called “key equipment,’’ are most conveniently applied to the 
upper surface of the spiral plates and consequently are often ap- 
plied on the outside of the top half of the spiral and on the inside 
of the bottom half. They make welding from the key equipment 
side awkward, The other side of the joint is unobstructed and 
the key equipment can be left in place until the other side is 
welded. 


Field Welding 


Special precautions must be taken if shrinkage and distortion 
due to welding are to be controlled. 

One method that has been used successfully is to peen the weld 
layers by means of a round-nosed tool and a pneumatic hammer. 
The weld is struck a series of rapid blows which cause the metal to 
flow plastically causing a reduction in thickness and an elongation 
in width and length. In this manner the metal is stretched to 
counteract the shrinkage that occurs when the weld area cools. 
Prior to welding, gage marks are placed across the weld joints at 
suitable intervals and sufficient peening is done during welding to 
maintain this gage. 

Peening, if done at red heat, can improve the grain size but 
subsequent shrinkage will occur during cooling. Investigations 
[1]* indicate that peening weld metal or parent plate while within 
the 300 to 900 F range reduces the impact properties considerably 
and raises the transition temperature. The loss in properties due 
to peening the last weld pass varies with the electrode type, but 
underlying weld layers have their original properties restored by 
the heat-treating effect of subsequent weld layers. Experi- 
ence indicates that peening the root pass is not practical for 
most joint details as the peening tool tends to drive the weld 
through the joint and distorts the weld root area. 

Since peening causes yielding of the metal, cracking can occur if 
the metal is peened too much. Such cracks can be difficult to 


* Numbers in brackets designate References at end of this section. 


498 / vecemBeR 1959 


detect since the peening action tends to spread the metal surface 
over the crack. Careful inspection is necessary. 

For best distortion control, peening should be done after the 
weld has cooled. The effectiveness of peening the last pass in 
controlling distortion depends upon the joint detail and the plate 
thickness, being less as the exposed weld surface is narrower and 
the plate thicker. To avoid harmful effects, the last pass should 
not be peened and this requirement almost eliminates peening as a 
distortion control measure for thin plates. 

Peening has controlled distortion with reasonable success, but 
the procedure is relatively costly and time consuming and must be 
done carefully. 


Shrinkage Allowance 


A second method of combating shrinkage and distortion is to 
provide a “shrinkage allowance’’ by making the plates initially 
slightly oversize so that after welding shrinkage has occurred the 
structure will be of the desired size. By welding the joints in 
proper order, and by using suitable welding sequences for each 
joint, shrinkage and distortion can be controlled. This procedure 
involves little or no extra cost but requires an understanding of 
shrinkage and distortion control. 

Returning to the example (Fig. 9), assume that the “shrinkage 
allowance’’ method will be used and further that the field weld 
joints are intended to have a gap for welding. When the spiral 
case is completely erected and fitted the plate edges are nearly in 
contact, that is, the desired welding gap is not present because the 
plates have been made oversize. By means of key equipment 
the desired welding gap is forced between the edges of the first 
plates to be welded. Bars are next welded across the joint to hold 
the plates in alignment for welding. The size and number of the 
bars and the amount of welding vary with the thickness of the 
plates. As welding progresses, the welds of the transverse bars 
crack allowing shrinkage to occur and the structure to return to its 
original size. 

Distortion can be controlled by the use of a back step sequence 
when depositing the root pass. With this technique, if the gen- 
eral direction of welding progression is from left to right, then 
each weld is deposited from right to left (Fig. 11). The joint is 
divided into two to three-foot increments which are welded suc- 
cessively, in each case starting at the most distant point from the 
weld already deposited and weiding back toward it. This se- 
quence, by locking the joint in advance of the welding, controls 
distortion but at the same time introduces a high transverse 
residual stress in the root pass due to this restraint. This re- 
sidual stress can cause cracking if the root pass is too small and 
careful inspection is important. The additional transverse 
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Fig. 11 Preheating and welding procedure for girth joints 
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shrinkage caused by subsequent weld layers reduces and can 
eliminate this transverse tension in the root pass. 

During the welding operation, horizontal joints are welded 
first. Radial girth joints are welded next in a sequence chosen 
to minimize the cumulative effect of transverse weld shrinkage. 
Any discrepancy between actual weld shrinkage and that 
allowed for can be distributed among the joints to be welded 
last. Preheating may be necessary due to ambient temperature, 
metal thickness, or quality. 

These procedures, while having the advantages of being quick 
and inexpensive, require considerable experience and under- 
standing. It is evident that each method of field control of 
shrinkage and distortion requires the shop to provide a slightly 
different size of plate and a different width of welding gap at shop 
assembly of the spiral case. This further emphasizes the impor- 
tance of shop and field co-ordination. 

The weld between the spiral case and the stay ring must be 
made with care as it can cause stay-ring distortion. Two or three 
welders equally spaced about the periphery start simultaneously 
and progress in the same direction using a back-step technique. 
This hot weld tends to shrink onto the stay ring much as a black- 
smith might shrink a hot metal tire onto a wooden wheel. By 
using a welding groove requiring a minimum volume of weld 
metal, by gouging only the minimum amount consistent with 
securing sound welds, and by depositing the weld using a mini- 
mum number of passes, this shrinkage can be kept to a minimum. 
The resistance of the completely welded spiral case helps to re- 
duce the effect of this shrinkage upon the stay ring. 


Quality Control 


Quality control starts before the field assembly commences. 
The contractors, personnel, erectors, fitters, welders, supervisors, 
and inspectors must be competent, understand what is required, 
and how it is to be accomplished. 

Since the steels used in the construction of spiral cases have 
varying welding requirements, and because of the great variety of 
welding methods and electrodes available, a welding procedure 
suited to the material, the equipment, and the anticipated condi- 
tions of welding must be developed and proved. It is important 
to realize that, with the increasing use of quenched and tempered 
high-strength steels, the standard minimum qualification require- 
ments of various codes will not necessarily establish the suitability 
of the procedure [2]. 

The welders must be qualified before doing any welding and 
it is recommended that this be done in accordance with the re- 
quirements of Section 9 of the ASME Boiler and Pressure Vessel 
Code. 

While radiographic examination of completed welds will detect 
the presence of defects, careful and competent inspection can 
prevent many of the defects occurring in the completed structure. 
Detection of first pass cracks, misalignment, and other defects 


The material used for weld-fabricated spiral cases is usually a 
low carbon steel plate to ASTM Specification A285, either flange 
or fire box grade. 

Recently, hydraulic turbine units were under consideration of 
such proportions that the maximum plate thicknesses of the spiral 
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Spiral Cases Weld-Fabricated of, High-Strength Steel 


By J. Fiseh’ 


prior to completion of the work will result in a better and more 
economical project. 

Visual inspection should be made during welding to detect 
cracks, entrapped slag, undercutting, and other defects while they 
remain accessible and more importantly so that appropriate steps 
can be taken early to guard against their recurrence. Magnetic 
particle inspection has been used widely to detect root-pass cracks 
after the reverse side of a joint has been prepared for welding by 
chipping. This operation, which tends to smear the metal over 
the crack, makes visual detection unlikely. 

When using are air gouging equipment to prepare the reverse 
side of joints fur welding, the exposed surface is clean and cracks 
can be seen. In addition, the heat generated causes root pass 
cracks to become readily visible to the eye during the gouging 
operation. As a consequence, magnetic particle inspection while 
recommended is not essential when joints are are air gouged. 

Radiographic inspection is a nondestructive method of de- 
tecting microscopic defects and discontinuities in the interior of 
welds. In the hands of competent personnel, radiography can 
detect porosity, slag inclusions, incomplete fusion, incomplete 
penetration, cracks, and undercutting and, in addition, indicate 
their severity. Because of its value as an inspection tool, its 
additional value in quality control is sometimes overlooked. 

When complete radiographic inspection is required, it should be 
done progressively as the joints are welded so that any steps nec- 
essary to improve weld quality can be taken as soon as possible. 
When it cannot be done progressively with the welding, the con- 
tractor should follow the welding closely with spot radiographs as 
a quality contro] measure. 


T-1 Material 


Considerable interest has recently been shown in the use of high 
tensile T-1 material for spiral cases. Seeland [3], in his paper 
“Large Spiral Casings of T-1 Material,” summarizes the ad- 
vantages of using T-1. Doty [4] has very clearly and concisely 
given the mechanical and metallurgical properties of T-1 in his 
paper. Those interested in the use of T-1 should study this paper 
carefully. The author [2] has also described in detail some of the 
problems encountered in welding T-1. 
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cases based on normal design exceeded 2 in. It was logical to 
give careful consideration to the use of materials of higher 
strength. Thinner plate thicknesses would facilitate rolling, 
forming, handling, and reduce freight. 

Available for welded pressure vessels was a relatively recently 
developed plate steel known as “T-1,” a heat-treated high- 
strength material. The minimum yield strength is 90,000 psi and 
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the ultimate tensile strength ranges from 105,000 psi min to 
135,000 psi max with high notch toughness and satisfactory 
ductility. The ASME Boiler Code Committee had issued pre- 
liminary rules, Case 1204-3, that could be used as a guide in the 
design of pressure vessels utilizing this material. 

A study indicated that it would indeed be practicable to use 
T-1 steel in spiral cases without encountering insurmountable 
problems. 


First Experience 


Subsequently two hydraulie turbine orders were obtained for 
which the spiral case material was specified as T-1. The first 
order included four units with spiral case inlet diameter of 18 ft 
and design pressure of 148 psi; the other three units with inlet 
diameter of 11 ft and design pressure of 205 psi. 

The experience gained with the first order is herewith de- 
scribed. Figs. 12 and 13 show shop views during fabrication. 

Since these spiral cases were the first tobe fabricated of the high- 
strength steel and because the shape was not as symmetrical as a 
normal pressure vessel it was decided to use as design stresses 
more conservative values than those suggested as allowable in the 
Boiler Code. The Code design stress of 26,250 psi and a weld 
joint efficiency of only 80 per cent were adapted, although all 
welds were to be completely x-rayed and some also stress relieved. 

The material for the stay ring was selected as cast steel, ASTM 
The 
difference in the yield strengths of the cast steel and T-1 plate 
required a transition section or skirt plate between stay ring and 
shell plate to transmit the hoop load to the lower strength 
stay ring. This feature permits the most critical joints at the stay 
ring to be welded, properly ground, stress relieved, and carefully 
inspected in the shop. Thus welding of field joints is confined to 
joints between T-1 plates only and post heat-treatment is not re- 
quired, 

The design layouts of the case followed normal practice for 
welded construction. Plate thicknesses at the skirt-shell plate 
joint were calculated by the usual method and varied from '5/\¢ 
to '/, in. Skirt-plate thicknesses ranged from to in. 
The outer edge was tapered to suit the matching-shell plate thick- 
Weld joints 
were designed to permit downhand welding as much as possible 


148, Grade 80-50, to satisfy stresses and safety factor. 


ness to favor stress transfer and heat dissipation. 


as is done on any other weld fabricated case. 

Flame cutting of the plates to shape and for edge preparation 
presented no problem. 
obtained on mild steel. 


Cuts were actually smoother than those 


The 


Preheat was not found necessary. 


Fig.12 Shop assembly of 18-ft inlet diameter T-1 spiral case for Brownlee 
power plant 
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Fig. 13. Internal view of Brownlee spiral case 


slight distortion of the plates due to flame cutting did not cause 
any difficulties in rolling. All edges were ground before welding, 
thereby removing the oxidized surface and most of the increased 


surface hardness. 


Rolling the T-1 Plate 


The rolling equipment used does not have sufficient capacity 
to handle the thickness of mild steel plate required for this case. 
However, the T-1 thickness was rolled without overtaxing the 
machinery in spite of the toughness of the material. More rolling 
passes had to be made and considerable over-rolling was necessary 
to accommodate the spring back. Experience gained on the first 
few plates was quickly translated into routine rolling on subse- 
quent plates. It is estimated that approximately 25 per cent more 
time was required to roll the T-1 plate as compared to mild steel 
of the same thickness. 

To avoid reheat-treating some smaller but thick plates with 
highly warped contours (Fig. 14), an attempt was made to cold- 
form them on a 400-ton hydraulic press. This work proved 
rather difficult at first. To obtain a permanent dish of a fraction 
of an inch it was necessary to push down several inches, the blocks 
used slipped out of position and were kicked all over the place. 
Eventually, however, the operation simplified production in that 
it was not necessary to send hot-formed parts elsewhere for re- 
heat-treatment. The time was approximately 
double that required for equivalent mild steel plates. 

When we began to weld the T-1 skirt plates to the stay-ring 
flange we ran into discouraging results. 


cold-forming 


In spite of the proce- 
dures based on previous experiments, an excessive number of 
cracks, mostly transverse to the weld and some extending into the 
casting, were found visually, by magnaflux, and verified by x-ray. 

Immediate steps were taken to investigate the problem. 
Chemical analyses were made of chips from various areas around 
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Fig. 14 Cold-formed spiral case sections of T-1 plate steel 


the stay-ring flange. The edge of the flange was magnafluxed and 
small radial cracks and other defects were uncovered. It was 
noted that varying ambient temperature affected the welds, air 
drafts had a quenching effect. Although electrodes were already 
baked before use, further care was indicated to reduce the time of 
exposure to atmosphere. Moisture induces microfissures. 


Welding Procedure 


The welding procedure was then modified. All stay-ring flange 
edges would be magnafluxed and repairs made as necessary before 
attaching the skirt plates. A preheat of 250-300 F was to be 
applied with a pipe ring and maintained during the entire weld- 
ing operation. The type of electrode was changed to F10016MM 
to match more closely the chemistry in the stay-ring material; 
electrodes to be baked for 6 hr at 400 F and the time of exposure 
to the atmosphere in the shop not to exceed 6 hr; the double V 
joint to be half filled on one side, root removed by are air gouging 
since chipping is difficult on T-1 welds; next the opposite side to 
be fully welded, then reverting back to the first side to fill the re- 
mainder of the V groove. Particular attention had to be paid to 
a sequence of staggering of the peripheral welds which were com- 


Where a real choice exists between a concrete case and a metal 
case, the engineer must evaluate the merits of a riveted case, a 
welded case, or a flanged and bolted case, or a plate case versus 
concrete. 

There exists an excellent reliability record in past practice to 
justify the selection of riveted cases which have not been pressur- 
ized for test or emplacement purposes. But where a particular 
installation involves a large diameter case which will be subjected 
to relatively high pressure, the point is reached where the choice 
of a riveted case versus bolted versus welded no longer exists. 
The riveted case is ruled out for the reason that rivets above 15/s 
in. diam cannot be driven satisfactorily by hand. Should the de- 
sign require a plate thickness exceeding approximately 2 in., it will 
be found that rivet efficiency diminishes so that increased plate 
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A Turbine Designer's Viewpoint on Spiral Cases 
By L. P. Litzinger, Jr.° 


pleted to within 2 in. of the radial joints. The latter joints, T-1 
to T-1, were then welded with Type C11016, low-hydrogen iron- 
powder all-position electrode to within 1'/s in. of the peripheral 
joint. Welds made with this type of electrode which does not 
contain vanadium are not subject to embrittlement during stress 
relieving. 

The highly restrained T-type intersection was then carefully 
filled in with the C10016MM electrode without much difficulty. 

All welds were carefully ground and faired to avoid notches 
which could cause cracks during service and to provide a satis- 
factory surface for radiography. 

The completed weld seams were x-rayed 100 per cent. The 
revised procedure gave good results and repairs were of a minor 
order. The experience pointed up very strongly, however, 
that it is of utmost importance to treat T-1 steel as a special 
material. 

Stay-ring and attached skirt and case plates at the small end 
were stress relieved at 1100 F. The welds were then inspected by 
the magnaflux method. 

Shop welds on the case section within shipping limits were made 
without difficulty using 100 F preheat and Type E11016 electrode. 

Particular attention was paid to the removal of temporary lugs 
welded to T-1 steel. Any tears or defects were carefully re- 
paired and ground smooth to avoid local stress raisers. Bracing 
of mild steel was attached to the case through T-1 buffer plates to 
avoid contamination of the base metal. 


Field Welding 


Field welding must follow closely the procedure established in 
the shop. All welds will be x-rayed to assure a satisfactory struc- 
ture. To accommodate shrinkage around the spiral case 
three sections suitably located are provided with extra width 
for final field fitting. 

A word of caution must be raised in regard to the design of the 
concrete structure surrounding the T-1 steel spiral case. The 
higher design stresses in the case cause expansion approximately 
twice that obtained with mild steel plate design. To avoid ex- 
cessive load on the concrete it is necessary to either embed the 
spiral case while pressurized or to provide a resilient mat over the 
top half. 


thickness is completely ineffective in providing any additional 
strength. 

In the case of flanged and bolted cases no difficulty in design is 
encountered, with the exception that the shipping clearances 
must not be exceeded with bolting flanges on girth joints only. 
If supplementary longitudinal joints must be provided because of 
size limitations, these longitudinal flanged joints, which by the 
nature of the vessel carry double the load of the girth joints, be- 
come prohibitive in size and cost. 


The Practical Solution 


A field-welded case then remains as the only practical solution. 
Many optional requirements will be considered, such as allowable 
stress, assumed joint efficiency, x-ray, magnaflux, or other in- 
spection requirements, pressure test, plate and casting material, 
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welder qualifications, welding and erection responsibilities and 
procedures. 

In spiral case design it is customary for stresses to be held to a 
maximum between 12,000 to 15,000 psi when the case is subjected 
to normal pressure rise resulting from water hammer. Shell 
plate will be a good quality killed steel of uniform controlled 
chemical composition and uniform physical characteristics with a 
yield point normally running about 35,000 psi or more in actual 
test bar results. Cast steel for the stay ring will be of comparable 
quality with a carbon limit of 0.3 or 0.32 per cent. Welds will be 
found to test out, usually, with a safety factor of 2'/: or better, 
providing a considerable margin to safeguard against flaws of un- 
usual magnitude which might be expected only with grossly negli- 
gent workmanship and inspection. 

If it were assumed that the weld were no better than 80 per 
cent efficient, an excellent factor of safety would exist considering 
the fact that a case receives substantial support from the concrete 
in which it is embedded, particularly in local areas at notches or 
points or re-entrance where local yield might tend to occur. Even 
where a case has been pressurized during embedment, such 
points receive support, but since they are local in character, 
measurable load is not imposed upon the concrete structure. 


Precautions Against Failure 


Wide and varied precautions have been exercised in numerous 
installations. One case of 12-ft inlet diameter, designed for a net 
operating head of 115 ft (173 ft including water hammer), was 
welded together and to a cast steel stay ring, concreted in place and 
put into service without test or incident. At the other extreme, 
plate-steel wing plates were welded to a cast stay ring in the shop 
and furnace stress-relieved. X-ray and magnaflux in the 
shop and field, followed by a pressure test, were required by the 
specifications. Somehow low temperature stress relief of the 
field welds was overlooked. 

The experience of one manufacturer would indicate that wing 
plates are not necessary where mild steel is to be used for the shell 
plate, but that proper welding procedure, peening, magnaflux, and 
a pressure test should be adequate to calm the most jittery en- 
gineer. 


Recently T-1 plate, having a yield strength of 90,000 psi, has 
been applied to cases. Its application is being approached cau- 
tiously since it is a heat-treated alloy steel tempered at about 1200 
F, presenting welding problems in the form of underbead and 
transverse cracks not troublesome in low carbon steels. It has 
been found that this can be controlled by proper weld rod selec- 
tion and strict adherence to prescribed and proven welding pro- 
cedures. However, design stresses have ranged from 22,000 to 
25,000 psi. This range was selected well below the ratio of design 
stress to yield strength as normally used on mild steel, in order to 
compensate for a possible reduced joint efficiency and the rela- 
tively lower ultimate strength and elongation as compared to mild 
steel (105,000 to 135,000 psi and 18 per cent, respectively, for T-1 
plate). 


Division of Responsibility 


An important point to consider is the extent of work to be per- 
formed for which a turbine manufacturer shall be responsible 
in connection with the erection of a welded case. Past practice 
has limited this to the actual welding of the components after they 
have been set into position by the turbine erection contractor. 
This arrangement has been very satisfactory and results in a mini- 
mum amount of confusion. 

More recently some specifications have required that the tur- 
bine manufacturer be responsible for moving in and setting up 
the case, provide his own power, heat, protection, living quarters, 
and facilities. When it is recognized that the usual installa- 
tion involves a general contractor who, in turn, contracts the tur- 
bine erection to a subcontractor who must set up certain com- 
ponents in advance of the case, then move out and be replaced 
by a case erection contractor, move back in after the case is com- 
pleted, some appreciation of the confusion and interference be- 
tween men and equipment can be had. 

With the turbine erection contractor responsible for moving in 
and setting up the heavy components, the same cranes, trucks, 
riggers, and mechanics can be co-ordinated and controlled on a 
single planned schedule. Welders alone present no difficult prob- 
lem to handle since their equipment needs are not great, the weld- 
ing crew is not large, and housing difficulties are considerably re- 
lieved. Mostimportant, cost will be less. 


DISCUSSION 


Fritz M. Hessemer® 


The authors are to be complimented on the imagination and 
completeness of their papers. During the past year we have built 
several field-welded spira] cases on which various types of shop 
and field erection joints were used. On Swift Creek No. 2 in 
California we used */, X 3 X 6-in. lugs shop-welded to the inside 
of the stay ring skirt, lapping across the weld, and bolted through 
the case plate. The resulting ease of field assembly as reported 
by our erector and the installation contractor gave us the confi- 
dence to try it on all field-welded joints of a spiral case. 

We are currently shipping two spirals to Paulo Afonso Hydro- 
electric Plant in Brazil. Statistics of the spirals are: Thirteen- 
foot six-inch inlet diameter, material: A 285—Gr. C, Flg., */, to 
1'/.-in. thick plates, 108,000 hp, about 260-foot head. Three 
sections were left out of the shop assembly with 2 in. extra metal 
for field trim on each girth seam of these sections. During shop 
dismantling we hung these sections in place and fitted the small 
edge to its mate at each of these 3 sections. Therefore, only 
one edge will require trimming in the field. It was very im- 
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portant that the sections be fitted properly in the shop with no 
strain. We made certain that the plates as fitted to the stay 
ring were checked to sketches after rolling. 

The lugs contain a 1l-in. diameter drilled hole about 1'/: in. 
from one end. Lineup of the holes in the case plates and the lugs 
is easily done with a boilermaker’s spud bar and a light tack weld 
prior to inserting the l-in. bolt. As a further check, we thor- 
oughly hash marked all joints on the case. 

The lugs are shop welded to the large end of each section on the 
girth seams and bolted to the small end of the adjacent section. 
After welding to one side they were heated and bent to conform 
to the angularity between sections. On the straight horizontal 
seams the lugs are welded to the bottom side and bolted to the top 
side for easy assembly. 


All sections were nested and braced to prevent distortion during 
shipping. As a check on the ease of drifting the plates into place, 
we reassembled several sections during the dismantling of the 
case and were able to duplicate our check sheet dimensions. 

We now look forward to a report from the field as to how effec- 
tive this new method is and if there are any changes which can 
improve it. 
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B. Mark Johnson*® 


Field Erection of a T-1 Spiral Case. We recently completed the 
installation of four 18-ft inlet diameter, 148-psi T-1 spiral cases 
built by S. Morgan Smith for the Idaho Power Company’s 
Brownlee Station. 

Since the material was shipped to the job site months in ad- 
vance, the contractor elected to pre-erect the case into the largest 
sections that could be handled with the project’s craning equip- 
ment. Each of the stay ring halves were set on their parting 
faces in the erection yard. 

The spiral case plates making up one ring, normally two plates, 
were fitted together and the horizontal weld made. The align- 
ment was checked by fitting to witness marks placed on the case 
when it was shop erected. When shop measurements were 
duplicated, bracing was installed in the ring. A six-inch pipe 
was used as a center support and fitted with an adjustable jack. 
This support was set in the center of the ring. Six inches inside 
the lips of the plates where the ring attached to the marginal plates 
on the stay ring, here two more adjustable four-inch pipe sup- 
ports were installed. These rings were then fitted to the marginal 
plates of the stay ring and aligned to shop witness marks, and 
horizontal and vertical shop measurements were checked. The 
single rings were then welded circumferentially into three sec- 
tions consisting of seven, five, and four rings. One ring was left 
as a pie ring for makeup in the powerhouse installation. Approxi- 
mately fifty per cent of the total welding was done in the yard, 
x-rayed, and repaired. 

The fitting gear used at the yard in making up the case to the 
stay ring was left on wherever practical to facilitate erection in 
the powerhouse. All internal scaffolding, lifting lugs, and lineup 
leaders were installed in the yard. 

A careful cost study proved without a doubt that welded case 
installation cost was far less than a comparable riveted case. 
Another important feature of the welded case is that it enabled 
the contractor to pre-erect the case, thereby gaining important 
schedule time. It is well to mention that the witness and match 
marks provided by the manufacturer played an important part 
in the speed and efficiency of erection. 

Field Welding of a T-1 Spiral Case. The field welding proce- 
dure for the Brownlee cases was set up by the manufacturer and 
adhered to very closely in the field. It can be noted that trans- 
verse cracking problems in the T-1 welds were very minor in the 
pre-erection welds and the circumferential welds made in the 
powerhouse. 

Gang heaters were applied continuously to all individual joints 
during welding. The plate temperature was kept between 113 
and 300 F during welding. After all circumferential welds were 
completed on the spiral case, it was found the case had shrunk 
creating a great pressure between the spiral case and the stay ring 
marginal plates. The top and bottom marginal plate joints were 
daylighted by flame cutting thereby eliminating this stress con- 
dition. The stay ring was then aligned without removing any 
of the marginal plate fitting gear. No difficulty was encountered 
in aligning or maintaining alignment of the stay ring from this 
point on. 

Considerable difficulty was experienced with transverse crack- 
ing on the first unit. The first was installed in the early spring 
under adverse cold weather conditions. Our experience on the 
first case showed that it was absolutely necessary to control plate 
temperature and ambient air temperature. Temperature control 
was obtained by covering the case completely while welding. 

The resulting effects in obtaining temperature control are as fol- 
lows: 


Spiral case No. 1, before covering, 117 transverse cracks 
Spiral case No. 2, after covering, 46 transverse cracks 
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Spiral case No. 3, after covering, 32 transverse cracks 
Spiral case No. 4, after covering, 20 transverse cracks 


Ambient air temperatures were held between 70 and 80 F. 
Although it is apparent that temperature control does not solve 
all T-1 steel problems, it is extremely important and should be 
given full consideration. 

All welding rod (11016) was preheated at 350 F for four hours 
before using and the welders exchanged rod at least every two 
hours. The root pass was ground and magnafluxed from the ap- 
plication side. The seam on the reverse side was arc-gouged, 
ground, and magnafluxed before welding. All fitting attach- 
ments and appurtenances were of T-1 steel. All welds were x- 
rayed 100 per cent. 


Author’s Closures 
W. N. Woodall 


The portion of this paper titled ‘Fabrication and Assembly of 
Spiral Cases Designed for Field Welding” was prepared well over 
a year ago. Since that time, many additional T-1 spiral cases 
have been fabricated and shop assembled. Progress in this field 
during te past year, has made it necessary to deviate from, 
modify, or actually eliminate certain methods and procedures 
considered to be good shop practice at the last year’s meeting. 
Therefore, certain portions of that section of the paper dealing 
with fabrication and assembly should be revised. 

Under the heading “Templates for the Case,” the paper states 
that “occasionally” it has been found necessary to provide addi- 
tional material on the edges of templates forming the circum- 
ferential joints of all the segmental case sections. 

The word “occasionally” should be deleted, as now extra ma- 
terial is always allowed on the plate edges. This extra material 
is later removed in accordance with the specialized method out- 
lined in the paper. 

No extra material is provided on the periphery of the wing 
plates as indicated in the paper. These plates are now cut neat 
on the periphery and at the ends. Extra material, however, is 
provided at the edges abutting the stay-ring casting. After estab- 
lishing the exact desired width of the plates, this extra material is 
removed and the welding bevels are prepared. 

The paragraph which states that “The most important phase 
of the shop assembly of the case is the positioning, attaching, 
and welding of the stay-ring margin plates to the stay-ring cast- 
ing”’ is still true and cannot be over emphasized. 

The present method of accomplishing this phase, however, has 
been drastically changed. 


1 The method of laying out the castings has been modified 
in order to maintain better control over the positioning of the 
wing plates. 

2 The design of the jig plates and the method of installation 
have been changed. 

3 The bracing has been considerably strengthened in order to 
avoid angular distortion of the plates during welding and stress 
relieving. 

4 Means have been provided to assure positive control of the 
position of the wing plates at the stay ring bolting joints. 

5 The desired shape and location of the outer periphery of 
the wing plates are now controlled much better through the use of 
specially designed jigs and fixtures. 

6 A preheating and welding sequence has been established 
which is producing good sound welds between T-1 plate and 
casting as well as welding T-1 to itself. 


J. Fisch 


Comparisons of rough weights of the plates of several mild 
steel spiral cases indicate a saving of about 15 per cent for the 
welded case that can be welded directly to the stay ring over an 
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equivalent case of lap joint riveted construction, for the range 
where the latter is practicable. The saving of weight is even 
greater over butt strap riveted design. 

Although exact figures are not available it appears that the 
cost of field erection and welding are equivalent to, and in some 
instances even less than, the cost for erection and riveting of 
riveted type cases. 

In the over-all manufacturing cost of a hydraulic turbine unit 
the welded mild steel case will produce a saving of about 4-6 
per cent. 

Our company has now produced seven spiral cases fabricated 
in T-1 steel, all of which are installed and several units are in 
service. Thus it has been demonstrated that high strength steel 
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plates can be substituted quite successfully when design condi- 
tions are such that mild steel plates would require excessively 
heavy thicknesses. 

The shop costs are higher, primarily due to the need for skirt 
or transition sections between stay ring and shell plates. How- 
ever, appreciable savings result in the freight bill because of 
lower weight and in field welding cost since the weld area of the 
joints is reduced to about 30 per cent of that required for a mild 
steel case of heavier thickness. 

The experience points up very strongly, however, that special 
care must be exercised during welding by adhering to prescribed 
procedure and especially to avoid air drafts over deposits and 
moisture in the coating of the electrodes. 
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Deriaz Type Reversible Pump-Turbine 


Installation at Sir Adam Beck-Niagara 


A. E. AEBERLI 


Turbine and Governor Engineer, Hydraulic 
Generation Department, Engineering 
Division, The Hydro-Electric Power 
Commission of Ontario, Toronto, 

Ontario, Canada. Mem. ASME 


the Niagara River. 


Forebay Pumped Storage Project 


This paper describes the new adjustable blade, single-speed, vertical, single-runner 
reversible pump-turbine units recently developed and placed into service at Ontario 
Hydro’s forebay storage pumping-generating station at the S.A.B. Power Project on 


The units operate under unusual variations in head. In the pumping sequence the 
limits are 59 and 90 ft and in the turbine cycle from 45 to 85 ft. Tailwater depression 
is not required on start-up. Change-over from turbine to pumping sequence is ac- 
complished in a matter of minutes and occurs several times each day. Data are given 
on the performance requirements for capacity and efficiency versus hydraulic operating 
conditions of head, tail water, and forebay reservoir levels. Information in the paper in- 


Historical 


|. MAY be of passing interest to recall that a small 
forebay storage reservoir was proposed as early as 1922 for the 
original Queenston power plant. Surplus water was to be drawn 
from the canal supplying the headworks intake of the Queenston 
station and lifted by pumps to an artificial reservoir nearby. The 
pumps were to operate between the limits of head of 26 to 36 ft. 
The stored water was to be returned to the Queenston forebay 
during the daytime peak-load periods by sluice gates. 

In 1927, an alternative was proposed using several reversible 
type pump-turbines, each with a capacity of about 7,500 horse- 
power and 1,000 cusees. There was of course very little model 
test information to support the suggestion. 

Later the first reversible pump-turbine installations were com- 
pleted in Germany and Brazil, notably: 


(i 


Baldeney, 1933 
Kaplan, 1800 horsepower, two-speed, 28-foot head 
(ii) Traicoa, 1938 

Kaplan, 7000 horsepower, 1800 cusecs, 23-foot head 
(iii) Pedreira, 1938 
Francis, 620 cusecs, single-speed, 72-foot head 


By 1950, larger reversible pump-turbines, using a single 
Francis type runner, were being supplied to Brazil for single- 
speed operation for heads up to 120 ft, with good efficiency charac- 
teristics. 


Purpose of Pumping Station 


In the period 1950-1954, the new S.A.B. No. 2 powerhouse 
construction program included the forebay pumped storage sta- 
tion. The installations constructed by Ontario Hydro in the 
vicinity of Queenston Village on the Niagara River comprise two 
major stations known, respectively, as Sir Adam Beck-Niagara 
Contributed by the Hydraulic Division and presented at the 
Annual Meeting, November 30-December 5, 1958, New York, N. Y., 
of Tae American Society oF MECHANICAL ENGINEERS. 

Note: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those of 
the Society. Manuscript received at ASME Headquarters, July 29, 
1958. Paper No. 58—A-77. 
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cludes unusual features of mechanical design. 


G.S8. No. 1 (Queenston powerhouse completed in 1930) and Sir 
Adam Beck-Niagara G.S. No. 2 (completed in 1958) together with 
the forebay storage pumping-generating station (completed in 
1958). 

Water is conveyed from intake structures, located in the 
Niagara River upstream from the Falls, to the headworks of both 
power stations by two large hydraulic tunnel conduits terminating 
in a large open-cut canal and also from the original full length 
open-cut Queenston canal. The forebay storage reservoir is lo- 
cated a short distance upstream from these two stations, Fig. 1, 
The pumping-generating station pumps to store water in the reser- 
voir at an elevation higher than the forebay and returns it to the 
main forebay as required to augment the supply diverted from 
the Niagara River during daytime high-load periods. 

The artificial forebay reservoir provides 15,500 acre-feet of 
storage capacity with a variation in pond level of about 25 ft. 
The tail water of the reversible pump-turbine units is subject to 
variations of as much as 13 ft. This is eaused by changing hy- 
draulie gradients in the feeder tunnels and canals, and reflects the 
permissible daily and seasonal treaty diversions of water from 
the upper Niagara River for power purposes. 

The civil, hydraulic, planning, and construction features of 
the forebay reservoir storage scheme and the two main power 
stations, and the economies thereof, are well described in recent 
technical papers published elsewhere. Therefore, this paper will 
deal particularly with certain mechanical and hydraulic features 
of the reversible pump-turbine equipment installed in the 
pumped-storage station. 


Operating Requirements 


In 1953, Ontario Hydro called for equipment tenders for a 
250,000-horsepower pumping-generating station. The specifica- 
tions requested single speed, vertical, single unit, reversible 
pump-turbines rated as a turbine at 83-ft head and to operate 
between the limits of 38 and 85 ft. This was of course a most un- 
usual demand in that many single-speed reversible pump-turbines 
designed for this rated head would not come up to synchronous 
speed at the minimum head. The units were to operate in reverse 
rotation for the pumping sequence rated at 75-ft head and 
capable of operating between the limits of 59 and 90 ft, Table 1. 
A number of tenders were received in 1954 offering conven- 
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Fig. 1 Forebay storage p 


“ Table 1 Hydraulic data ting station 
Headwater Levels 
Maximum—625 
Minimum—595 
These water levels reflect the usage in the forebay storage 
reservoir. 
Tail Water Levels 
Maximum—555 
Minimum—538 
These water levels reflect the variation in H.G.L. in the 
feeder tunnels and canals, due to daily and seasonal 
changes in diversions from Niagara required by treaty 
commitments, 
Heads (Static) 
625 — 538 87 ft maximum 
595 — 555 = 40 ft minimum (Turbine) 
595 — 538 = 57 ft minimum (Pump) 
Net Head on Turbine 
87 ft — 2 ft —— = 85 ft maximum 
40 ft — 2 ft (losses) = 38 ft minimum 
Dynamic Head on Pump 


87 ft + 2 ft (losses) = 89 ft maximum (90 ft specified) 
57 ft + 2 ft (losses) = 59 ft minimum 


tional Francis type reversible pump-turbine units to meet the 
specified hydraulic operating conditions. The final selection of 
the diagonal flow adjustable blade propeller pump-turbine was 
particularly interesting by reason of some unusual features, as 
follows: 

A typical load pattern for the pumping-generating station in- 
volves pumping for a 7!/,-hr interval daily during the night 
period, Operation in the turbine sequence occurs during the day- 
time load period. Consequently, this reversal of sequence from 
pumping to turbine operations, including shutting down and re- 
starting again in reverse rotation, involves a minimum of four 
starts and stopsdaily. The Dériaz type unit offers major advan- 
tages for this type of service. 

Due to the characteristics of the pump impeller in the closed 
position, tail-water depression is unnecessary and it was possible 
to select a generator-motor for full voltage ‘“across-the-line 
starting” with inrush not exceeding about 250 per cent of normal 
current. The same procedure is used in either the pumping or 
generator start-up sequence. 

The unit is designed to control the discharge of water in either 
sequence by opening and closing the blades, Figs. 2 and 3. The 
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Fig. Deriaz unit—blades closed 
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Table 2 Performance commitments 


* Pump rating: 4,600 cusecs at 75-ft head (44,500 BHP). The performance commit- 
ments for pump discharge versus head are based on a blade angle corresponding to B.A. = 
0.76. The commitments for overload pumping are for B.A. = 0.87, e.g.: 


Pump performance 


Total Normal rating Overload rating-—————. 
dynamic Motor Motor 
pumping Discharge, power, Efficiency, Discharge, power, Efficiency, 
head, feet cusecs BHP per cent cusecs BHP per cent 
90 4,050 48 , 500 86 4,450 52,500 86 
75 4, 600° 44, 500° 88.7 5,090 49, 500 88.5 
59 5,040 40,000 54 5,500 45, 000 S4 


At heads below 60 ft, pumping at B.A. = 0.94 will not overload the 55,000 BHP motor. 


*’ Turbine rating: 45,500 BHP at 83-ft head (5,600 cusecs). Blade angle for maximum 
— varies with head. At 60-ft head B.A. = 0.7, whereas at 85-ft head B.A. = 0.9. 
*erformance commitments are as follows: 


Turbine performance 
——Maximum power rating ——Best efficiency rating——— 
Net head, Output, Discharge, Efficiency, Output, Discharge, Efficiency, 
feet BHP cusecs per cent BHP cusecs per cent 
85 47,500 5,720 86 37,600 4,230 92 
83 45, 500° 5, 600° 86 
: 80 42,700 5,460 86 33,900 4,030 92 
70 33, 500 4,880 86 27 , 400 3,720 91.5 
60 24,600 4,250 86 20; 800 3,420 90 


The blades can be opened in excess of the values required for maximum power to increase 
the turbine discharge, but at a reduction in horsepower output due to the resultant change 
in efficiency. During those occasions when the turbine is used at heads of 60 ft and less, it 
is necessary to operate the stay-vane flaps to the “‘out-of-line’’ position. A constant dis- 
charge of 5,700 cusecs can then be maintained at heads between the limits of 60 and 40 ft by 
adjusting the blades from B.A. = 0.86 to B.A. = 1.04. 


conventional guide vanes, often provided with Francis type re- Fig. 4 outlines the arrangement of the water passages, including 
versible pump-turbines, have been omitted. penstock, distributor, draft tube, ete. 

The Dériaz unit, being without movable guide vanes or shutoff A general assembly of the unit is given in Fig. 5. 
valves, starts to pump against the static head in the penstock as There is another advantage which has to do with size limita- 


soon as the governor control opens the runner impeller blades. tions for fabrication. Francis type runners in single castings 
The action is smooth and without apparent vibration over the are limited in size and while split casting runners have been built, 
full range of blade-angle openings. Exact governor timingis rela- we prefer to limit our Francis type runners to the sizes available 
tively unimportant. The unit can be opened even partly and in single castings from Canadian steel foundries. The Dériaz 
again closed down in any operating sequence without disturbance. runner, consisting of a heavy hub and separate adjustable blades, 
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Fig. 5 Reversible pump-turbine unit cross section 


was not subject to the limitations of the Francis type impeller. 
The decision was then reached to install six larger units capable of 
duplicating the original eight unit proposal. 


Performance 


As already noted the supply of water to these sites varies in 
accordance with treaty commitments, on a daily and seasonal 
basis. Consequently, the forebay storage plant is required to 
operate in either pumping or generating sequence under widely 
varying loading schedules; e.g., for constant power or constant 
discharge, or for maximum discharge or maximum power. Con- 
stant discharge in the turbine cycle during depletion of the forebay 
reservoir is valuable in supplying a fixed supply of water to units 
in the No. 2 powerhouse to augment the fixed flow diversion from 
the upper Niagara River during daylight peak-load periods. 

The flexibility of performance for power, discharge, and ef- 
ficiency, under the wide range of head encountered at this in- 
stallation in both the pumping and turbine sequences, is par- 
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ticularly attractive and results mainly from the diagonal flow ad- 
justable blade runner. 

The reversible pump-turbines for the Niagara Pumping-Gen- 
erating Station were rated as follows: 

Turbine, 45,500 bhp, 83-foot net head, 92.3 rpm 

Pump, 4,600 cusecs, 75-foot dynamic head, 92.3 rpm 

Table 2 outlines the performance commitments. 


Deriaz Unit 


The eight blades close neatly against one another with each 
leading edge sealing on the trailing edge of the adjacent vane, 
Fig. 3. The leakage of water through the closed runner is 
negligible. Leakage past the tips of the runner blades during 
standstill can also be eliminated for all practical purposes by con- 
trolled deflection of the thrust bearing [1]! to reduce the clearance 
between the runner blade tips and the turbine distributor 


1 Numbers in brackets designate References at end of paper. 
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Fig. 6 Scroll case and stay vanes 


Fig. 7 Scroll case stay-vane diffuser flap 
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(runner envelope). This is done by closing the headcover drain 
valve which allows additional hydraulic thrust to build up on the 
runner hub and in turn on the thrust-bearing jack screws. On 
start-up, the hydraulic thrust load is vented and drained, and 
the rotating parts return to the normal running clearance 
position. 

The setting of the unit with reference to minimum tail-water 
conditions was determined for pump operation, which is gen- 
erally more critical to cavitation than is the turbine sequence. 
The blade tips are submerged about 18 ft below minimum tail- 
water level. The mean diameter of the runner is 19 ft. The 
blades are cast in mild steel protected at the tips with 18-8 stain- 
less overlay weld. 

The scroll case inlet diameter is 19 ft din. The seroll case and 
diffuser are placed in an unconventional arrangement at an angle 
of 45 deg to the horizontal, Fig. 6. Each of the six stay vanes has 
an attachment consisting of a movable two-position flap, Fig. 7. 
The individual servomotors, operating the flaps to the “‘in-line’’ 
or “‘out-of-line”’ positions, are controlled by water level gages and 
devices used to determine the operating head from headwater and 
tail water adjacent to the pumping-generating station. 

Conventional Woodward single cabinet actuators operate the 
Dériaz runner blade opening through a Kaplan type control head. 
The usual gate-position indicator on the actuator panel is marked 
to show blade angle in degrees, Fig. 8. The governor equip- 
ment is 10-in. pipe size. There is no interconnection of governor 
pressure between units. Each governor cabinet also houses two 
governor pressure pumps of 300-350 psi, a single sump tank, and 
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Fig. 8 Governor equipment 


Table 3 Generator/motor data 


Umbrella 
55,000 hp (plus 15% at 80 C) 
1.0 P.F. 


13,350 volts 
*31,000 kva 
0.95 P.F. (overexcited) 
14,000 volts 
60 cycles 
92.3 rpm (in either direction of ro- 
tation) 


Rated as a motor......... 
Rated as a generator 


The maximum power capability in the turbine sequence will 
exceed the generator rating* at net heads higher than 78 ft. 
However, the time required to deplete the storage reservoir to 
this level involves overload operation of the generator for only 
1 to 2 hours daily and ean be accomplished within the limits 
of allowable temperature rise. 


some interconnecting piping. Three governor pressure tanks are 
supplied for each unit comprising one oil tank adjacent to the 
cabinet actuator and two air-cushion tanks located on the floor 
below, for economy of space. 

The governor flyballs are driven from a standard Woodward 
type Permanent Magnet Generator mounted on top of the main 
generator-motor exciter. The usual overspeed and auxiliary 
speed-switches are supplied: For application of the generator air- 
brakes, starting the pumps of the forced oil lift on the main 
thrust bearing, and in case of abnormal runaway to close the 
runner blades, lower the headgates, and to turn the stay vane 
diffuser flaps to the “deflected’’ position. 

Generator/motor data are shown in Table 3. 


Automatic Control 


Equipment is being provided to permit automatic control of 
the pumping-generating station; fully flexible to make it possible 
to set any desired schedule of either power or discharge in pump- 
ing or generating sequences and to set the desired rate of change 
in megawatts per minute or cusecs per minute. The operator can 
reset the schedule setter manually at any time. The equipment 
will also record and integrate the total station discharge in both 
pump and turbine sequences from the relations between blade 
angle and head which are fed into a computer to calculate the 
discharge for the individual units and, in turn, the total for the 
station. 


Model Tests 


Performance data for the prototype units were based on un- 
usually complete tests on a fully homologous model with a 24-in. 
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runner diameter. This was a large model and due to limitations 
of the test laboratory facilities (water supply, discharge measuring 
flume, dynamometer brake, etc.) it was not possible to test at 
prototype heads. 

The test data from the 24-in. model were stepped up to proto- 
type size and head. The performance curves shown as Figs. 9, 
10, and 11 do not represent the actual performance data for the 
Dériaz prototype units installed at the Sir Adam Beck-Niagara 
Pumping-Generating Station; rather these curves indicate “trend 
performance’ with respect to blade angle and head to give the 
reader a picture of the performance capability of the Dériaz units. 
It was felt by the author that these trend performance curves 
would be of interest even though they were not based on actual 
performance. Instead, these curves were developed by the author 
from the manufacturer’s model test data using considerable lati- 
tude in their construction. Therefore, the individual curves of 
cusecs versus blade angle and efficiency versus blade angle will 
not necessarily agree with horsepower versus blade angle for any 
given head. 

The actual performance data for the Dériaz units at Sir Adam 
Beck-Niagara Pumping-Generating Station are purposely withheld 
at this time until confirmed by field test data, which will no doubt 
be the subject of another paper at a later date. 

Figs. 9 and 10 show typical prototype turbine performance data. 
Fig. 11 shows pump performance. These curves in turn can be 
compared with published [2] information on conventional Francis 
type reversible pump-turbines. 

The decision to proceed with construction and immediate com- 
pletion of the pump-storage project to the ultimate capacity with- 
out delay presented an unexpected challenge. The pump-tur- 
bines were of a new and previously unproved design. The proto- 
types were to be very large machines, to meet the specified 
station capacity with a minimum number of units. 

It was therefore a condition of the specified requirements for 
model testing that observations for cavitation and general opera- 
tion, and some performance data, be obtained at prototype heads. 
This would prove that the units would pump at heads beyond the 
limits known to exist for pure axial-flow propeller-type units. 

A completely homologous 12-in. model was constructed for the 
second series of tests. This model contained a blade servomotor 
to enable remote control of blade angle for all operating se- 
quences and cavitation observations. 

During the initial start-up and commissioning of the first proto- 
types of these units, there was naturally some concern over the 
possibility of unknown or unusual characteristics developing in 
commercial operation. However, the pump-turbines performed 
to all intents in accordance with the model findings exhibited at 
various blade angles; thus justifying the extensive model-test 
program carried out during the development period. 

Of unusual interest were tests on the 12-in. model to determine 
the value of differential pressure taps [3] in the scroll case for dis- 
charge measurement of both turbine and pump sequences, re- 
spectively. These tests were later duplicated in field tests on the 
prototype units. The relationship between discharge and dif- 
ferential pressure head was useful in the turbine cycle, but as 
might be expected, the pump cycle showed marked discontinuity 
[4] at different blade angles. None of the taps tested appeared 
satisfactory for flow measurement in the pumping cycle. 

A comparison of performance curves (Figs. 9 and 11) of the 
Dériaz diagonal flow adjustable blade reversible pump-turbine 
with data already published for conventional Francis type re- 
versible units, is of interest. Figs. 12 and 13 show performance 
data for Francis [2] type pump-turbines. 

From the data available, it would appear that Francis type 
units in the pumping sequence reach saturation at about 90 per 
cent gate. Consequently, obtaining extra discharge by overload 
pumping would not seem to be feasible. By comparison the 
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Deriaz unit is capable of unusual overload discharge by opening 
the runner blades well in excess of the angle for best efficiency, 
particularly at the lower heads. The only restrictions appear to 
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be considerations of motor overload (temperature) and the struc- 
tural strength of the equipment. 

In the turbine sequence, the Dériaz unit produces useful power 
at synchronous speed under very low head of less than one half 
the normal rated head (e.g., 38 ft versus 83 ft rated). Stay vane 
flaps are moved to an “‘out-of-line’’ position at heads below 60 ft. 
The hydraulic effect is to increase the turbine discharge considera- 
bly and although the turbine efficiency is reduced, there is the 
advantage also of increased turbine output (horsepower). 

The model step-up formulas are those used in conventional 
European practice, as follows: 

Select best n:(@) values from model contour performance curve. 


(E)' 
(e) 


(E)'/: 


1 
N=mX X x (1) 


= (F)? 
xX (e) 


where 


diameter of prototype D 
scale factor = 
diameter of model d 


= maximum efficiency expected for prototype 
maximum efficiency obtained on model test 
Moody exponent; sometimes allowed as 1/4; but usu- 
ally 1/5 or 1/5.6, ete. (depending somewhat on the 
model size ) 
Some majoration was allowed for expected prototype 
efficiency of the pump [4] 


N and n, are rpm values 
Q and q are discharge values 
H is prototype head 
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DISCUSSION 
Hans Gerber? 


Almost 30 years ago, this discusser was dealing with the model 
tests and the construction of the Baldeney plant, mentioned by 
the author as the first main installation of this type. I would 
like to express the high interest evoked by this paper. Both 
manufacturer and user are to be congratulated on their courage 
and on the result of their work. In this connection some remarks 
are in order. 

While axial-type machines seem to be the right solution for low 
head, radial types are right for high head. It has been shown 
here that, for intermediate heads, a combination was used of the 
well-known diagonal-type pumps and high specific speed Francis 
runners. Combined with the use of fixed guide vane blades and 
movable runner blades, the Dériaz type may surely be the most 
appropriate solution for intermediate head plants such as the Sir 
Adam Beck project. 

The runner blades are very long and it is certain that the regu- 
lating forees must be high at certain circumferential specific 
velocities, even if there are “attachments” in the form of movable 
two-position flaps. To put it in more exact terms, we are dealing 
with a double governing system. 

It was necessary to deviate from the most favorable shape for 
best efficiency in order to get the best possible closing shape of the 
runner blades, as many experiences showed during the work on 
submerged axial-flow “tube turbines.”’ It will be interesting to 
hear how the hydraulie thrust system will function over a longer 
observation time in compressing certain parts of the thrust bear- 
ing to reduce the leakage at the tips of the runner blades. 

The author is speaking of “unusually complete tests”’ on a fully 
homologous model with a 24-in. runner diameter. May I remind 
him that in European, Escher Wyss, e.g., has been working for 35 
years with 24-in. models for Kaplan type runners and even 40-in. 
for Francis low specific speed runners; and Voith (Germany ) has 
been working with runners up to 28-in. diameter at the same 
time. 

The relative curve given here are really only of limited interest. 
After tests are made at the site, we will appreciate reading the data 
for the real efficiency values for the two model turbines and for 
the prototype. The choice of the testing methods for the eon- 
ditions in the Sir Adam Beck plant will be important. 


F. E. Jaski* 


The author states that the Dériaz diagonal flow runner with 
adjustable blades was selected because of its advantages over 
a Francis type runner. 

The writer wishes to discuss these so-called advantages. 

1 The author states that the operating cycle requires a mini- 
mum of four starts and stops daily. He then states that the 
Dériaz unit offers major advantages for this type of service. A 
Francis type unit can also be operated in this manner for not only 
four but more starts and stops if necessary. 

He states that it was possible to select a generator motor for 
full voltage ‘across the line starting’? with current inrush not 
exceeding about 250 per cent of normal current. Perhaps the 
author should have said “it was necessary to select full voltage 
starting’ because he would not have sufficient starting torque at 
reduced voltage. The Francis type pump turbine can be started 
with water depressed and it would only require about 1800 hp in- 
stead of about 4950 hp required for the Dériaz unit with blades 


? Professor, Swiss Federal Institute of Technology, Zurich, Switzer- 
land. 

3 Engineer-in-Charge, Pump Turbines, Hydraulic Department, 
Allis-Chalmers Manufacturing Company, Milwaukee, Wis. Mem. 
ASME. 
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closed. The Francis type can then be started on reduced voltage 
and the current inrush or starting kva would be less than rated 
kva. 

There would be no appreciable advantage in time consumed for 
successive starts and stops by the Dériaz type over the Francis 
type. 

2 The Dériaz unit does not have movable wicket gates. It 
does have six movable flaps and the writer fails to see the so- 
called advantage over movable wicket gates. The Dériaz unit 
requires six separator servomotors (one for each flap), whereas 
the Francis type would have only two servomotors. The flaps on 
the Dériaz unit cannot be used to shut-off the flow which is a dis- 
tinct advantage on the side of wicket gates. 

3 Francis type runners were not selected because in the larger 
sizes they have to be split into segments. The writer fails to see 
the so-called advantage of a Dériaz runner with eight separate 
blades subject to centrifugal and bending stresses, and held in the 
hub by means of a thrust collar, as compared to a Francis runner 
made in three segments securely doweled and bolted together 
with very heavy flanges. After the Francis runner is assembled 
and bolted to the shaft it is more nearly a one piece runner than 
the Dériaz runner. 

4 “The flexibility of performance for power, discharge, and 
efficiency, under the wide range of head...... results mainly from 
the diagonal flow adjustable blade runner.”’ 

The writer has plotted some curves of comparative performance 
for the six Dériaz units and six Francis type which could be used 
in this installation. 


z 

| 

[20900 

woope | FRANCIS. PUMP TURBINES-94,7RPM 

Fig. 14 


Fig. 14 shows the expected turbine performance of the two 
types over the normal operating head range from 85 feet to 60 feet 
net head. The expected efficiency is relatively the same. The 
Francis type has a greater output and higher discharge capacity 
than the Dériaz type. This is a distinct advantage because 
the greater cfs are then used in the lower plant to produce more 
valuable kw under the higher head. The Francis type unit would 
run at 94.7 rpm as compared to 92.3 rpm for the Dériaz type. 
Therefore, there is no advantage in specific speed for the Dériaz 
propeller-type to permit the use of a higher speed generator. 
Fig. 15 shows the expected performance for pumping over the 
range of dynamic head from 59 to 90 feet. 

The Francis type has higher discharge at the lower heads while 
the Dériaz has higher discharge at the higher heads. This has no 
particular significance since either type with six units pumping 
will fill the storage reservoir in the specified time of about seven 
hours. 
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Fig. 15 


The Francis type has higher efficiency over the greater part of 
the head range. The Francis type will only require a motor rated 
at 47,600 hp or an input of about 36,500 kva. 

The Dériaz unit requires 57,500 hp at maximum head. The 
motor purchased was rated 55,000 hp with 15 per cent overload 
capacity or about '/; more kva than is required for the Francis 
type. 

The author shows performance curves in Figs. 12 and 13 which 
are supposed to represent a Francis type unit. The writer wishes 
to state that these curves would not apply for this installation and 
the writer fails to find curves in reference [2] which could be used 
as data for the figures. 

5 The writer wishes to show additional comparisons between 
the two types as follows: 


Francis type Dériaz type 
Bottom runner blades, el..... 535 519 
Bottom draft tube, el......... 495 490 
Vertical leg draft tube....... 2.27D 1.76D 
Runaway, speed. . . 176°% normal 226% normal 
Total thrust load 480,000 Ib 2,400,000 Ib 


The Dériaz type due to its required lower setting adds ma- 
terially to the cost of excavation. The draft tube on the Dériaz 
unit with its shorter vertical leg is not as good a regainer of energy 
as the one that would be used with the Francis type. 

The higher runaway speed of the Dériaz unit adds additional 
cost to the price of the generator motor. The higher thrust, plus 
the special type of thrust bearing required for the Dériaz unit 
added an appreciable amount to the cost of the thrust bearing, 
which still remains to be proved reliable in service. 


R. S. Sproule* 


This most interesting paper makes a comparison between the 
performances of Francis type pump turbines and the Dériaz type. 
Making a simplifying assumption that the maximum peak ef- 
ficiency of one machine (as a turbine or pump, whichever is high- 
est) equals the maximum peak of the other, superposition of the 
author’s Fig. 12 on Fig. 9 shows the latter to have a higher ef- 
ficiency as a turbine and to permit higher discharge at low heads. 
On the other hand, superposition of Fig. 13 on Fig. 11 shows the 
Francis (centrifugal) type to be more efficient as a pump, with 
the Dériaz type capable of greater overloads. Higher discharge 
as a turbine and as a pump can be achieved to some degree with 


* Manager, Hydraulic Division, Dominion Engineering Company, 
Ltd., Lachine, Quebec, Canada. Mem. ASME. 
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the Francis type by using a larger unit, which might be no more 
expensive than the smaller unit of a more complex design. 

Considerable variation of the Francis type curves is possible 
by improving the pump operation at the expense of the turbine or 
vice versa. 

It is the writer’s impression that the feature of high turbine dis- 
charge under very low head was important in the decision as to 
whether to install Francis type or variable blade pump-turbines 
at Sir Adam Beck. The hydroelectric industry will be watching 
with interest to see what proportion of pump-turbine plants have 
this requirement, which puts a premium on the variable blade 
feature. 

The author states that in the model testing observations for 
cavitation and general operation, and some performance data, 
were required at prototype heads. The writer would like clarifiea- 
tion of the reasons for this stipulation. 


W. G. Whippen® 


The specification for the Sir Adam Beck-Niagara Pumped 
Storage Project required single-speed, vertical-shaft, single- 
runner, reversible, Francis type pump turbines with conventional 
wicket gates, ete. The head range for the pump duty cycle was 
from 59 to 90 ft (75 ft rated) and from 38 to 83 ft (80 ft rated) for 
the turbine duty cycle. Although the author states that the 
diagonal-flow adjustable-blade units installed produce useful 
power at synchronous speed under 38 ft head in the turbine 
cycle, Table 2 and Figs. 9 and 10 do not show any output for 
heads below 60 ft. Extrapolation of the curves would indicate 
very little, if any, useful output at 38 ft head. The writer's 
company bid on this job in strict accordance with the specification 
with a design that produced over 10 per cent of the rated output 
when operating at synchronous speed under 38 ft head. 

The writer’s company built the first adjustable-blade reversible 
pump-turbine unit in this hemisphere at the Traicao Plant in 
Brazil, which went into operation in 1940, as well as the first large 
Francis type unit at the Pedreira Plant in 1947. 

The author emphasizes the ability of these adjustable-blade 
units to return large quantities of water from the storage reservoir 
to the forebay of Generating Station No. 2. If this be their main 
function at heads below 60 ft it appears that conventional 
Francis type units, as specified, augmented by the sluice gates 
mentioned in the author's first paragraph, would have represented 
a more economical and reliable solution to the problem. Even 
the author’s own curves indicate that Francis type units would 
develop more turbine output and discharge more water than the 
diagonal-flow units at 60-ft head. 

It is true that the specification restricted bidders to the size of 
Francis runner that could be cast in one piece. However, many 
sectionalized Francis runners have been built in the past and 
proved to be entirely satisfactory in service. Larger units of the 
Francis type would have been feasible, reliable, and economical. 
As a matter of fact, none of the author's specific technical reasons 
for adopting the diagonal-flow type units sounds very convincing. 
Starting a Francis unit as a pump, with the wicket gates closed 
and tail water depressed by compressed air is not expensive, in- 
convenient, or time-consuming. 

Using the eight long blades for shut-off as well as control is in- 
genious, but has no practical advantages over the use of conven- 
tional wicket gates. It appears to the writer that compromising 
the hydraulic design of the blades so that they would close com- 
pletely and seal against each other must have resulted in a 
measurable loss in efficiency. Some model or prototype per- 
formance curves, instead of “trends,” would make the paper 
much more interesting and convincing. 


* Hydraulic Engineer and Supervisor of Hydraulic Laboratory, 
8S. Morgan Smith Company, York, Pa. Mem. ASME. 
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Author's Closure 


The answers to some of the questions will be outlined: 

The demand starting torque for the Niagara Dériaz units is 
only 2800 horsepower (watered start). A comparison with a 
Francis type reversible pump-turbine is indicated in Fig. 17. 

Comments on generator/motor capacity are as follows: 


1 In the turbine cycle we obtain “double regulation’”’ by con- 
trolling blade angle together with controlled deflection of the 
stay vane flaps to achieve unusual flexibility of performance to 
suit the appropriate operating requirements which change sea- 
sonally and sometimes hourly in the event of network disturb- 
ances. At the time when this paper was prepared, we had used 
double regulation only at low heads (below 60 feet), as indicated 
in the center portion of our Fig. 9. We have since recognized the 
advantages of controlled flap deflection at all operating heads up 
to 83 feet. Consequently, it is also now possible to achieve the 
same more or less maximum uniform discharge (turbine cycle) of 
better than 5700 cusecs at the higher heads (60-83 feet). 

2 In the pumping sequence we use “single regulation’’ only, 
by controlling the blade angle. Overload pumping in the order 
of 20 per cent is quite practical (120 per cent of 43,000 = 52,000 
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horsepower). The motors were purposely rated at 55,000 horse- 
power to take advantage of these normal overload capabilities. 
During one test at full blade angle (pumping), the Dériaz unit 
motor drew 74,000 horsepower, Fig. 16. 


During the initial design stages of the station, based on 8 units 
of proportionately smaller size, a comperison was made of the 
different capabilities of the two types of units offered in the ten- 
ders and this is outlined in Fig. 16. 

It is noteworthy that much of the present discussion indicates 
a genuine interest in prototype and model efficiency. This 
information will become available in due course. However, the 
preoccupation with minor variations in the efficiency character- 
istics indicates that there is an obvious unacquaintance with the 
basic requirements of a forebay pumped storage plant which is in 
fact a “slave’’ station designed to meet specific requirements of 
the master stations (Sir Adam Beck-Niagara Generating Stations 
No. 1 and No. 2). Here the requirement is flexibility.* 

Flexibility in turbine performance (double regulation) is useful 


¢“Economic Advantages of Variable Pitch Runners for Water 
Turbine Pumps,” World Power Conference, Montreal, September, 
1958, Paper 130-A2-5, Section A-2. 
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during short periods in system operation when high load and dis- 
charge demands on the pumping-generating station coincide with 
low reservoir level and high tailrace canal (low head). 

Flexibility in pump performance (nonsaturation at “overload”? 
blade angles) is useful during nights when a market exists for 
power after 10:30 p.m. Pumping can be deferred until 09.30 
a.m., and then by overload pumping (55,000 hp) the reservoir can 
be filled in less than six hours. 

In a conventional run of the river pumping-generating station, 
the important factor is optimum efficiency performance. 

In explanation of our final decision to install Dériaz units, we 
recognize that there is an accepted policy among the larger util- 
ities in the U.S. A. to put aside bids for equipment that are “‘non- 
compliant”’ with the specifications. Such rigid adherence to the 
specifications is NOT necessarily conducive to progress in the 
art. At Ontario Hydro it is our practice to compare tenders on a 
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compliant basis first and then to examine alternatives which may 
be considered advisable by reason of either manufacturing or 
experience, or the customer’s interests. The competitive price 
for such alternatives is generally lower than tenders submitted 
by others on a compliant basis. 

The reader will understand that any indication of seemingly 
professional disagreement (among the discussers and the author) 
does in fact represent progress in the art and should be weleomed 
as such. Nevertheless, it is the customer’s prerogative to make 
the final selection from the various types of equipment offered by 
the industry. Our experience in the operation of the six Dériaz 
reversible pump-turbines at Niagara, for well over a year now, 
has been entirely satisfactory. 

In conclusion, we wish to express our sincere thanks to all the 
individual hydraulic engineers who have participated in the dis- 
cussions, both oral and written. 
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DERIAZ Reversible Pump-Turbines for Sir Adam 


Chief Engineer, Water Turbine 
Department, The English Electric 


compony ts BACK-Niagara Pumping-Generating Station 
J. G. WARNOCK 


The paper describes the origin of the new machine and its application to the storage 
Manager, Hydraulic Turbine scheme at Sir Adam Beck-Niagara where it operates as a reversible pump-turbine. 
Department, English Electric D ‘ation is viv 4s hydraulic ch tevists ] t} tant 
Canada, a Division of escription is given of its hydraulic characteristics and of some of the more importan 
John Inglis Co., Ltd., mechanical design features. 
Toronto, Ontario, Canada 


Sie N1aGaRa reversible pump-turbine is derived The Dériaz turbine runner shown in Fig. 2 is characterized 
from developments in high-head, variable-pitch, turbine runners. — by: 
s As is well known, the Kaplan turbine, Fig. 1, is limited to 1 The oblique position of the runner-blade trunnions YY. 


heads below 250 ft. Attempts to exceed this head meet with 
very serious difficulties, both of a hydraulic and of a mechanical 
nature, as outlined hereafter. 


This gives the mixed-flow characteristics of the Francis vane, 
with its short radial extent AR, of the vane-inlet edge, and in- 
creased room between the bearings of the blade trunnions. 
Hydraulically, a lower specific speed is necessary than that of 2 The spherical surfaces of the hub and skirt at BB which 
a normal Kaplan turbine. This can be shown by an analysis of permit rotation of the blades while maintaining close clearances, 
the problems of safety against cavitation and of maintaining are an essential departure from the corresponding toroidal sur- 
high efficiency. The hydraulic requirement of a lower specific faces BB of the Francis runner of Fig. 3. 
speed calls for a shorter radial extent AR, of the inlet edge of 3 The operating levers Lo, Fig. 2, are placed at right angles 
the turbine-runner vanes. to the shortest distances between blade trunnions, thus securing 
Mechanically, the enormous loads to be supported by the the advantages of much longer levers and Jess crowded construc- 
runner-blade pivots require a very large hub diameter to accom- tion than is conveniently possible in high head Kaplan design. 
modate large bearings. The hydraulic requirement, of increasing 4 The runner blades are of simpler shape than those of the 
the number of blades and increasing the ratio of blade length to Kaplan. Adjacent blades can be made to touch one another 
pitch, makes the accommodation of large bearings very difficult, | over their entire width in the closed position. This is an es- 
quite apart from the accommodation of the operating levers sential difference from the Kaplan where, in closed position, the 
which in a Kaplan are placed in between the blade trunnions. For blades may be in contact at the periphery while a large gap re- 
a Kaplan, these levers become extremely short (Fig. 1, lever mains between blades near the hub. 
length Z,) at the same time as the blades, of necessity, become 5 Fig. 4 shows the variation in mean diameters of inlet and 
longer. Disproportion results in the size of levers and blades. outlet edges of the blades resulting from blade movement. 
The stroke-to-diameter ratio of the operating servomotor be- This feature has no equivalent in the purely axial Kaplan runner. 
comes excessively small. 
~¢ ‘ontributed by the Hydraulic Prime Movers Conimittee of the Hy- markable advantages for operation under variable heads. 
draulics Division and presented at the Annual Meeting, November 
30-December 5, 1958, New York, N. Y., of Toe American Society 
Francis turbine, surrounding the new mixed-flow runner with 
Note: Statements and opinions advanced in papers are to be i 
understood as individual expressions of their authors and not those 1 P, Dériaz, “‘La Turbine-Pompe Reversible Axio-Centrifuge a Pa: 
of the Society. Manuscript received at ASME Headquarters, August Variable,” Bulletin Technique de la Suisse Romande, Lausanne 
4, 1955. Paper No. 58—A-108. Switzerland, October 20, 1955, pp. 382-387. 


It conveys to the turbine, and more especially to the pump, re- 


The original concept of the turbine is given in Fig. 5.' It 
shows the conventional scroll casing and gate apparatus of the 
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Fig. 1 Kaplan turbine runner Fig. 2 Dériaz turbine runner Fig. 3 Francis turbine runner 


A Blades, adjustable about axis A Blades, adjustable about ob- 4 Fixed blades 
lique axis Y-Y B Toroidal surfaces of hydraulic profile 
B, B- Spherical surfaces of hydraulic B, B) Spherical surfaces of hydraulic AR; Short radial extent of blade inlet edge 
profile profile Ws Direction of flowing water-—radially 
IL; Length of operating lever L2 Length of operating lever inward, axially outward 
AR: Radial extent of blade inlet AR: Radial extent of blade inlet 
edge edge 
W_ Axial direction of flowing water W Oblique direction of flowing 


water 
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Fig. 4 Variation in diameters by blade movement 
D; Mean inlet diameters 
Dz: Mean outlet diameters 
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Fig. 6 Efficiency versus load of Dériaz turbine and Francis turbine of 
equivalent specific speed and size 


adjustable blades. It was then described as a “feathering 
Francis” turbine.? 

The layout of Fig. 5 gave very good results on the hydraulic 
model tests and is now being developed further for reversible 
pump-turbine operation under increased heads. 

Fig. 6 shows results of the Dériaz turbine model tests com- 
pared with those of a Francis turbine of equivalent specific 
speed and size. The very flat efficiency curve is achieved by 


* This expression is a misnomer. The true description is a ‘imixed- 
flow, variable-pitch hydraulic turbine (or pump).” It is now cus- 
tomary to refer to this type as the *‘Dériaz”’ type. 


Fig. 5 Original form of Deriaz turbine 
Conventional scroll casing 
Conventional stay vanes 
Conventional gate apparatus 
Adjustable runner blades 
Draft tube 


“on-cam” operation; i.e., combination of most favorable blade 
and guide-vane angles. The efficiencies are stepped up to rep- 
resent prototype performance. 


The Sir Adam Beck-Niagara Reversible Pump-Turbines 


A cross section of the machines, installed at the Sir Adam Beck- 
Niagara Pumping/Generating Station of the Hydro-Electric 
Power Commission of Ontario, is shown in Fig. 7. A more direct 
“through flow’? and more compact design of scroll case than that 
of Fig. 5 are of importance at the relatively low heads and large 
discharges prevailing at the Niagara pump storage scheme. 


The complete closure of the runner blades mentioned earlier 
has the following advantuges: 


(a) The machine can be shut down without using a con- 
ventional gate apparatus or inlet valve. The omission of the 
gate apparatus allows considerable simplification and reduction 


Fig. 7 Sectional elevation through reversible 
pump-turbine at Sir Adam Beck-Niagara Pumping / 
Generating Station (Ontario) 


(1) Runner blades 
(2) Blade lever 
(3) Spider pivots 
(4) Spider 

(5) Rotating servomotor 

(6) Restoring tube 

(7) Return motion cam 

(8) Blade-tip clearance 

(9) Balancing pipe 

(10) Stay vanes 

(11) Flap servomotor 

(12) Flaps 

(13) Draft tuoe (suction pipe) 
(14) Scroll casing 

(15) Guide bearing 

Shaft gland 
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Fig. 8 Pump-turbine runner being lifted at site ready for placing in final 
position; runner blades shut 


of the over-all size of the machine and consequent reduction in 
cost of the power-house structure. 

(6) The torque required to rotate the runner at full operating 
speed with the blades shut, as shown in Fig. 8, is reduced con- 
siderably. Thus, when starting as a pump, the synchronous 
motor can be thrown directly on the line with the runner sub- 
merged well below the tailwater level. 

(c) Should operation as a synchronous condenser be re- 
quired, no tailwater depression by compressed air is necessary. 

(d) The change from pump to turbine operation involves 
reversal of the direction of rotation. It is only necessary to 
feather the blades, stop, and then restart. This operation re- 
quires only a few minutes. The head gate remains fully open. 
The turbine output is adjusted to meet requirements simply by 
controlling the blade angle. The runner with half-open blades is 
shown in Fig. 9. 

(e) Starting for turbine operation is carried out most con- 
veniently by running up as a motor. No synchronizing by 
governor control is required as the machine is thrown straight 
on the line. This results in considerably simplified operation, 
particularly for an automatic plant. 

(f) No emptying of the penstock is required on shutdown. 
The obliquity of the vanes is employed to advantage by arranging 
for a reduction in tip clearance (Point 8 of Fig. 7) during shut- 
down, by lowering the runner and thus closing the blade tips on 
to the stationary runner envelope. This is achieved by in- 
creasing the hydraulic thrust on the turbine by closing the 
balancing pipe (9) and building up pressure over the hub. The 


Fig. 10 Efficiencies and discharges of the variable-pitch pump versus 
head. Curves for blade angles of 75, 100, and 120 per cent are shown. 
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Fig. 9 Shop assembly of Niagara runner with blades in half-open 
position 


thrust-bearing load is conveniently increased thereby and a pre- 
cisely preloaded element within the bearing support allows addi- 
tional axial displacement. The design of this latter device has 
been fully described by D. K. Venus and G. C. Sargeant.* 

A feature of considerable value in pumped-storage applications 
results from the variation in discharge diameter obtained by 
feathering, as illustrated in Fig. 4. It is well known that, for con- 
stant speed, the discharge diameter of the runner has a con- 
trolling effect on the total dynamic pumping head. The optimum 
feathering angle of the blades for higher heads is greater than for 
lower heads, where a reduced outlet diameter affords a better 
match for the pumping requirements. Thus for operation at best 
efficiency, the discharge increases with increasing head and the 
pump is capable of a greater discharge at the upper storage levels 


2D. K. Venus and G. C. Sargeant, “Vertical Waterwheel Turbine 

Clearance Adjustment Through the Controlled Deflection of Genera- 
tor Thrust Bearing Supports,’’ AJEE Trans. vol. 76, 1957, part 3, 
pp. 837-842. 
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Fig. 11 Pump performance: in full lines, operation by adjusting blade 
angle to best efficiency. In broken lines: perfor at constant blade 
angle 
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than would be obtainable from a conventional centrifugal 
pump quantity /head relationship. 

Figs. 10 and 11 show typical discharge and efficiency char- 
acteristics, in relation to head, plotted from model tests of the 
Dériaz variable-pitch runner for Niagara when operating as a 
pump. In Fig. 10 the discharge and efficiency characteristics 
are plotted for three different blade settings corresponding to 
75, 100, and 120 per cent blade opening. As would be expected, 
each of these characteristics corresponds, in general form, to the 
performance of a fixed-pitch, modified Francis-type pump. 
The reduction in discharge, as the head increases, will be noted 
for each blade opening. 

However, in Fig. 11 the full-line curves show the result of 
choosing the blade angle for optimum efficiency at each head. 
This demonstrates how a flat efficiency curve is obtained over a 
wide head range. The characteristics for the fixed blade setting 
corresponding to 100 per cent opening are drawn as dotted lines 
in Fig. 11 to show the difference. The shaded area of the figure 
thus represents the efficiency gain over the head range resulting 
from the variable-pitch system. 

Moreover, it will be noted how this choice of optimum blade 
angle results in a rising discharge characteristic with increasing 
head. This is the opposite of that obtaining with the fixed- 
blade (lrancis) runner. This characteristic of increasing dis- 
charge with increasing head can be controlled at the design stage 
by suitable location of the exit edge of the runner blade. The 
rising discharge characteristic is of major importance in pumped- 
storage projects where considerable variation in the storage- 
reservoir area with head can occur. If the setting of the pump- 
turbine is correctly selected, high overloads at high efficiency 
are achieved over that range of head where the maximum water 
volume has to be pumped. 


Runner-Speed Considerations 


The high efficiency existing over a wide head range permits a 
variable-pitch, reversible pump-turbine to operate with the ad- 
vantages of peak efficiency at the same speed for both pumping 
and generating duties. Fixed-blade, reversible pump-turbines 
would require a higher speed for pumping operation than for 
generating to perform at optimum efficiency for both duties at a 
given head. In some cases, this has led to the use of different 
running speeds for pump and turbine operation, with the attend- 
ant complications of synchronous-machine, pole-changing tech- 
niques. Such differing speeds are unnecessary with mixed-flow, 
variable-pitch, reversible pump-turbines, since, as shown in Fig. 
4, the effective runner diameter is altered by feathering and the 
zones Of peak-efficiency operation are brought within reach for 
both duties. Thus a compromise between the best speeds for 
pumping and generating is unnecessary. 


Guide-Vane and Runner-Blade Operating Angles 


For optimum conditions when operating as a turbine, the an- 
gle at which water is admitted to the runner must be controlled 
suitably. For reduced losses at the turbine-runner exit, the in- 
let. vortex is clearly defined.6 As the machine operates at con- 
stant angular velocity, this condition must be fulfilled by guiding 
the incoming water suitably according to head and discharge. 
The usual gate apparatus of a Francis or Kaplan turbine is suita- 
ble for the mixed-flow, variable-pitch runner, Fig. 5. How- 


*L. R. Sellers and J. E. Kirkland, Jr., ‘‘Pump-Turbine Addition 
at TWA Hiwassee Hydro Plant,” Electrical Engineering, vol. 75, 
1956, pp. 263-269. 

Dériaz and J. G. Warnock, ‘‘The Economie Advantages of 
Variable Pitch Runners for Water Turbine Pumps,” World Power 
Conference, Montreal, Canada, 1958. 
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ever, for economy of space, it is desirable to reduce the number 
of guide vanes. Since the runner blades themselves permit 
complete closure, the guide apparatus can be greatly simplified. 

The guide-vane and blade control arrangements to meet these 
requirements and conditions at Niagara are illustrated in Fig. 7. 
The guide-vane requirements are met by the provision of one ad- 
justable flap on each of the fixed stay vanes. (See also Figs. 16 
and 17.) The axis on which the flaps pivot is at 45 deg to the 
vertical, each flap being controlled by an individual oil-pressure 
servomotor. The flaps control the flow angle at inlet to the tur- 
bine runner and are deflected to a maximum at the lower heads 
on turbine duty. 

Stabilization of the flow at the runner exit during pumping is 
achieved by setting the flaps in line with the stay vanes, the 
design being so arranged that they are then held in a preloaded 
condition against stops on the stay ring. These stops eliminate 
any backlash effect in the servomotor linkage and flap vibration 
is thus avoided. 

On the original design for Niagara, the flaps are operated so as 
to take one of two positions only, Fig. 17: 

(a) Position in line for pump operation and for turbine 
above 60 ft head. 

(b) Position deflected for turbine operation at heads below 
60 ft. 


Also, in the event of runaway, the flaps could be deflected to 
reduce cavitation in the draft tube. 

The control of the flaps in this simplified way does not give 
all the benefits that could ultimately be derived from their use. 

Later tests show that correlation of flap deflection and runner- 
blade angle, linked by a combinator cam depending on the head, 
can improve the performance further. 

The control then resembles the system in use for Kaplan 
turbines. 


Hydraulic Model Tests 


Tests were carried out in the Hydraulic Test Station at Rugby 
and included model investigations on: 


1 Eight different designs of blading on a 24-in-diam model 
runner. The test head was 12 ft. 

2 Three forms of spiral casings and diffusers for the foregoing. 

3 A prototype head machine with 12-in-diam runner driven by 
Ward Leonard dynamometer for tests under all heads up to 90 
ft, with prototype submergence for cavitation observations 
and with various sets of runner blades and diffuser flaps. 

4 A model pump-turbine incorporating a servomotor for 
observations of transient conditions on the 12-in-diam runner. 


Special Problems of Design 


Rotating Runner Blade Servomotor. [1 order to determine the 
dimensions of the rotating servomotor for operation of the runner 
blades, it was necessary to investigate in detail the hydraulic 
forces that apply during both pump and turbine operation. 

The investigation could not be based on theoretical calcula. 
tions because the hydraulic conditions are extremely complex 
and were almost completely unknown. 

The determination of hydraulic forces was, therefore, carried 
out experimentally. 

For this purpose, the 24-in-diam model was provided with a 
torque rod calibrated to permit the torques developed by the 
operating forces on the runner blades to be read. 

The deformations of the torque rod were read by stroboscopic 
illumination. This gear worked quite satisfactorily for turbine 
operation and gave complete information for this condition. 
However, as the model was operated as a pump, an unexpected 
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difficulty was encountered. It appeared that the form of flow, 
in transient conditions, was such as to cause permanent de- 
formations of the torque rod. 

It was necessary to fit the torque rod with a damping device 
to stabilize it. The damping was produced by a form of rotating 
servomotor similar to the one intended for the full-size machine 
for operation of the blades by governor oil pressure. 

With this damping, stable conditions were obtained and the 
whole field of pump operation was covered without further diffi- 
culty. 

The data on hydraulic forces on the runner blades were needed 
not only for the determination of servomotor energy, but were 
required to check the balance of the blade on its trunnion. 

Initially, the center of pivoting of the blade in relation to its 
profile had been chosen entirely by designers’ judgment. 

It was found that the choice was a happy one and did not 
require revision. This finding was very important since, if a 
new center of pivoting for the blade had been required, the 
hydraulic tests and the operating-foree tests would have had to 
be repeated on a displaced blade with very considerable delay in 
settlement of the design. 

The model tests carried out on the 24-in-diam runner gave 
information for steady-flow conditions. It was very desirable, 
however, to obtain information on transient conditions such as 
prevail during servomotor movement. To attain this end the 
12-in-diam model, designed to operate under prototype head and 
submergence, was fitted with a homologous rotating servomotor 
which was operated by oil pressure and which permitted re- 
production of the complete sequence of control. 

This test showed the behavior of the turbine when starting up 
from rest under servomotor control and when crack opening the 
runner blades. The control of blade opening simulated governor 
operation for starting and loading the turbine. 

For pump operation, the model demonstrated the start by 
motor with the expected small hydraulic torque for running up 
the pump to speed with blades closed tight under full head. As 
was expected, at synchronous speed the power absorbed at zero 
discharge was found to be approximately 5 to 6 per cent of full 
load capability. 

The operation of gradually opening the runner blades under 
servomotor control and pumping for all heads was carried out. 
Observations were made of the flow as the blades gradually 
opened 

Luring all these tests the oil pressure in the rotating servomo- 
tor was noted to check that the prototype servomotor would be 
of suitable dimensions for the chosen governor oil pressure of 
350 psi. As the model was operating under prototype head, 
the oil pressure in the model servomotor, itself correct to scale, 
gave, according to the laws of similarity, the prototype oil 
pressures that were to be expected on the full-size machine. 

The operation at site after final installation of the full-size 
machine, showed agreement in the operating oil pressures. 

This result not only proved that the technique of model testing 
had been applied correctly, but it showed also that the manu- 
facture of the runner and its servomotor and the fitting of these 
parts had achieved the designer’s requirements. 

Blade Servomotor Design. To operate the runner blades, whose 
trunnion center lines are inclined at 45 deg, the conventional 
reciprocating servomotor of the Kaplan turbine cannot con- 
veniently be used and a hydraulic servomotor of the rotary type 
is adopted. This servomotor is similar to that used on the 
butterfly valves at Hoover Dam, but on the Dériaz turbine it 
has four fixed and four movable vanes, thus doubling the torque. 
The cross section is diagrammatically shown in Fig. 12. 

The inside diameter of the stator cylinder of the servomotor is 
5 ft 11 in., the height is 3 ft 9'/, in., and the maximum operating 
pressure is 350 psi. 
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Fig. 12 Cross section through blade servomotor 
1 Stator cylinder 
2 Rotor vanes 
3 Stator vanes 


The energy of the blade servomotor is 2,500,000 ft-lb. 

In designing the servomotor, one of the most important 
problems to be solved was the provision of a satisfactory sealing 
arrangement. It must be appreciated that apart from the 
difficulties created by the sharp corners on the rotor vanes, the 
total sealing length between the stator and rotor is considerably 
more than that of a conventional servomotor. 

The sealing arrangement consists of bronze staunching bars 
and rings located in fine machined grooves in the rotor and 
stator vanes. Each individual staunching bar or ring is free to 
move to take up wear. The sealing bars are preloaded with 
springs and hydraulically loaded directly from the servomotor 
chamber pressure. 

The right-angle corners at ends of staunching bars are provided 
with special overlapping seals. 

Due to lack of experience with this type of servomotor, it was 
decided to make a model at quarter full size and test it in our 
mechanical laboratory for leakage, stresses, and deformation. 

When all desirable adjustments had been carried out, the 
leakage decreased more than tenfold and was found to be in- 
dependent of the position of the vane, thus showing that the 
deformation of the servomotor was well within the prescribed 
limits. It should be mentioned that, when the prototype 
servomotor was shop-tested, the leakage was found to be close 
to the value deduced from laboratory tests. 

The second important problem was that of stresses and de- 
formation of the stator cylinder. 

As it was intended to prove the design for pressures of at 
least twice the full working pressure, the problem of resisting the 
torque developed by the servomotor was largely responsible for 
limiting the size of the model. The maximum torque developed 
by the model was of the order of 80,000 ft-lb. Various methods 
of resisting it were considered. Finally, a method employing 
a friction clutch was adopted. This allowed positive locking 
of the rotor in any position and also enabled tests to be made 
during which the servomotor was moved against predetermined 
torque. A series of deflection tests was carried out, their pur- 
pose being to determine the patterns of deformation for various 
modes of loading. 

On completion of the deflection tests, stress measurements 
were made by strain gages both inside and outside the servo- 
motor shell. The strain-gage leads from inside the vessel 
were taken out through the oil-pipe connections. 

Fig. 13 shows the stator cylinder and rotor, with sealing bars 
removed. 

Fig. 14 shows the assembled model servomotor in its test rig 
and the friction clutch lying on the floor in the foreground. 

The tests carried out proved the adequacy of the sealing 
arrangement. The maximum deformations of the stator cyl- 
inder for various positions of the rotor are shown in Fig. 15. 

Stay-Ring Design. This part of the pump-turbine has to fulfill 
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Fig. 13 Stator and rotor of model blade servomotor 


Fig. 14 Test rig for model blade servomotor 


two distinct and very important functions, one hydraulic and 
the other mechanical. 

Hydraulic Requirements of the Stay Ring. When the machine is 
working as a pump, the stay ring with stay vanes operates as 
a pump diffuser. It is important that losses be reduced at the 
pump discharge and for this reason the diffuser is placed in line 
with the runner vanes. The result is the oblique position of the 
stay ring, illustrated in Fig. 7. 

The form of the stay vane is such as to accommodate the cir- 
cumferential, radial, and axial components of the flow. It was 
chosen to conform to a free-vortex flow, to give the least losses. 
Consequently, the shape of the stay vane is a segment of a loga- 
rithmic spiral with an oblique generatrix. 

Working as a turbine, the flow is reversed in direction and the 
spiral form of the stay vane leads the water at a given angle on 
to the runner. 

The addition of flaps at the downstream end of the stay vanes 
permits variation in this angle of approach. The diagram, Fig. 
16, illustrates the position of the flaps on the end of the stay vane 
in sectional elevation and Fig. 17 in the conical development 
along CC. 

Mechanical Requirements of the Stay Ring. The stay vanes, six 
in number, are designed to transmit the weight of the generator, 
the weight of part of the concrete superstructure, and the hy- 
draulic thrust to the foundations. This weight, amounting to a 
total of 6,000,000 Ib cannot be carried vertically downward 
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Fig. 16 Diagram of loads on stay ring 
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Fig. 17 Flaps on ends of stay vanes 
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because of the oblique position of the stay vanes. The diagram, 
Fig. 16, shows that the vertical load is resisted by a compressive 
force on the stay vanes and a radial force arising from the cir- 
cular upper portion of the stay ring working in compression. 
The stay vanes rest on the concrete foundations through the 
footings which spread the load over the required concrete sur- 
face. Compressive force on each stay vane amounts to 1,350,000 
Ib and in order to avoid bending moments in the stay vanes their 
generatrix is a straight line at 45 deg to the vertical. 

The stay-vane footings carry the load to the foundation at 
45 deg and the concrete foundations are so reinforced as to 
take the radial component of this load by tension on the rein- 
forcing rods of the concrete structure. The stay ring is com- 
pleted by the upper ring and the lower ring through which the stay 
vane passes. 

The scroll-case plates are attached to the upper and lower 
rings by the usual butt-weld joint. 

As can be seen in Fig. 16, the weight from the generator and 
upper structure plus the hydraulic thrust is carried through the 
pit liner, heavily reinforced by steel beams, into the top of the 
stay ring. 


Mechanical Laboratory Tests on Model of Stay Ring 


The stay ring in this form is a complete departure from normal 
practice. Extensive mechanical tests were carried out in our 
laboratory on a model to check the design calculations. The 
purpose of the tests was to determine the magnitude of deflections 
and stresses and insure that the basic design concept of trans- 
ferring the weight of concrete and machinery to the fcundations 
was achieved without excessive bending of the stay ring. With 
this purpose in mind, 1:9.5 model of the structure was manu- 
factured and was subjected to two series of tests. The first 
series corresponded to the condition of the plant in the dry and 
the second series represented the plant under hydraulic pressure. 

During the first series, only dead load, representing to scale 
the weight of the concrete and machinery, was applied. 

The arrangement for testing was such that the stay ring was 
supported on pads under each of its six stay-vane footings and 
the load was applied at points coinciding with the positions of 
the main structural members of the generator support. There 
was no turbine top cover on the model and the stay ring was not 
restrained anywhere except at the stay-vane footings. 

The measurements of deflection indicated only slight twisting 
of the upper ring; the stay ring deflected vertically down under 
the action of the load, and only a slight decrease of diameter of 
the upper ring was taking place. 

The maximum stresses in the stay ring were predominantly in 
the tangential direction and were compressive in nature. The 
skin stresses were extremely low and, taking bending into 
account, nowhere exceeded 5500 psi. The maximum stresses 
were found at points of attachment of stay vanes to the rings. 
These, too, were within requirements. 

The average stress in the stay vane was observed to be just 
under 4500 psi which compared favorably with the calculated 
value of 5000 psi. The maximum stress was found to be asso- 
ciated with the leading edge of the stay vane and it was just under 
10,000 psi. In all, several hundred strain gages were employed, 
most of them of the rectangular rosette type. The test rig is 
shown in Fig. 18. 

During the second test series the loading was modified by the 
addition of hydrostatic pressure in the scroll case and dead load 
proportional to the hydraulic thrust exerted by the runner. A 
model top cover also was incorporated in this test arrangement. 
The number of strain gages was increased to obtain additional 
data concerning the behavior of the scroll casing. Fig. 19 shows 
the scroll-case model being fitted with strain gages. 
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Fig. 18 Model stay ring under mechanical test 


Fig. 19 Fitting strain gages on model of scroll casing 


As anticipated, the effect of the hydrostatic loading was to 
reduce the stresses in the stay vanes to a negligible value of 
compression or even tension, and to reduce the compressive 
tangential stress in the upper ring. The stresses at the junction 
of the stay vanes with the rings were not appreciably affected. 

One of the difficulties of these tests was the time factor in- 
volved; to be of use, results had to be available well in advance 


pecember 1959 / 527 


aa 
— 
| 
} a " 
4 
q 


of the commencement of manufacture of the prototype. The 
model stay ring was therefore manufactured in stages, each 
stage being tested prior to further work being carried out. This 
involved the protection of strain gages—already attached—from 
damage due to welding. 


Shaft Gland 


The trend toward sealing the main shafts of water turbines 
at pressures much in excess of those hitherto encountered called 
for revision of the existing design of carbon glands. Although 
of robust construction, these existing designs allowed leakage to 
increase with running time, because there was no compensation 
for wear. The rate of leakage also could be relatively high. 

In the early stages, the development was confined to obtaining 
satisfactory shapes of the carbon segments rather than to per- 
formance at high pressures. 

The old butted segments were replaced by overlapping seg- 
ments and these were found more satisfactory. The segments 
were robust, the rate of leakage was small, and the arrangement 
was capable of taking up wear. 

The problem of satisfactory performance at high pressures 
caused much more difficulty. A great variety of carbon-based 
materials and many different types of impregnation were tried 
The number of hours of testing must run into five figures. Even- 
tually, a mixture was found to be most suitable and this is now 
used as the standard material on all glands. 

These developments found application on the Niagara pump- 
turbines where a maximum submergence of 25 ft when running 
and the full head of 90 ft on the gland during shutdown con- 
ditions, called for special attention to the gland design. 


Self-Lubricating Bearing 


The reversible characteristics of the machine necessitate spe- 
cial provision in the guide bearing of the main shaft. 

This bearing is of the self-lubricating type where the oil is 
circulated by viscosity pumping by the journal. 

Separate pads, white-metal lined and water-jacketed for cool- 
ing, provide the bearing surface. The grooves which operate 
for viscous pumping are provided with nonreturn valves so as 
to obtain the oil-pumping effect in either direction of rotation. 


Runner Blades and Operating Mechanism 


Runner-Blade Manufacture. These are precision castings in mild 
steel finished by hand grinding to template over the whole 
surface. 

A special feature of this machine is the closure between blades, 
and to fulfill requirements of a close fit, the blades were finish- 
ground in special jigs to give exact location of the sealing sur- 
faces. The vanes thus prepared were assembled in pairs on 
the shop floor as shown in Fig. 20 to prove the bedding, which 
was again checked on assembly in the runner. 

The blades are protected at their tips by stainless steel as a 
safeguard against gap cavitation. 

Fig. 20 does not show the vane trunnion finish-machined. As 
can be seen in the cross-sectional elevation, Fig. 7, the larger of 
the two trunnion-blade bearings is made conical for two reasons: 


1 The control of the close clearance required between the 
trunnion journal and its bushing is facilitated by adjustment of 
the axial position of the bushing to finish to the exact fine clear- 
ances. This was deemed essential for the reversible pump- 
turbines since the hydraulic load on the trunnion varies so much 
in direction that, unless close clearances are maintained, dif- 
ficulties could arise in the hydraulic seal around the trunnion 
which separates the oil in the hub from the water outside. 
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Fig. 20 Pair of runner blades assembled on shop floor to prove the 
bedding 


Fig. 21 Connection between servomotor and blade levers. Using 
notation of Fig. 7, the following can be seen: The forked ends of the 
blade levers (2) engaging the sliding blocks on their pivots (3) which are 
attached to the spider (4). The view shown is downward with the 
servomotor (5) removed, and the levers in the closed position. 


2 The conicity of the trunnion bearing is a great help in 


assembling the large, heavy blades when these are threaded into 
position in the bearing bushes. Again, this facility is all the more 
important because of requirements for close running clearances. 


The conical trunnion bearing was first introduced on the Ni- 
agara machines. This design is found most desirable in large 
Kaplan runners for the same reasbns of maintaining close clear- 
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ance for satisfactory seal and of facilitating the blade assembly 
in the hub. 

Runner Control Gear. Bearing in mind the advantages of the 
oblique adjustable vane runner, it is perhaps surprising that 
such a technique has not been applied at an earlier stage in the 
evolution of hydraulic machines. However, the design of a 
major mechanical feature of such a machine has raised diffi- 
culties which have prevented its use. This is the design of a 
blade-adjusting mechanism which would suit the oblique position 
of the blade trunnions and satisfy all the requirements of servo- 
motor energy in the limited space inside the runner hub. 

Fig. 7 illustrates the arrangement adopted for the Niagara 
machines. It comprises the blade lever keyed to the trunnion of 
the obliquely positioned blade 1, and engaging with the operating 
spider 4 which is doweled to the vertical rotor shaft of the servo- 
motor 5. This shaft is concentric with the runner axis. The 
essential feature of the design is the common intersection on 
the servomotor center line, of the blade trunnion and spider 
pivot axes. The transmission of the servomotor torque is then 
obtained without further intermediate links by blocks pivoted on 
3 which slide inside the parallel faces of the forked ends of the 
blade levers 2. Fig. 21 shows a view looking downward on 
the blade-operating mechanism with the servomotor removed. 

The rotation of the servomotor rotor relative to the runner 
hub is translated into an axial displacement of the central tube 
6 by the cam 7 to operate the governor restoring mechanism. 


Connections to Governor 

These are the same as the usual Kaplan gear, where the con- 
trolling oil pressure from the governor is introduced through the 
top of the generator shaft. The restoring-mechanism con- 
nection also passes up the whole length of the turbine and 
generator shafts. 

The original intention was to supply the oil to the turbine 
shaft below the generator, and thus avoid passing through the 
generator shaft. This simplification would have kept the oil 
away from places where the risk of leaks can be objectionable. 
It is expected that this arrangement will find favor with cus- 
tomers on some future installations. It would also have brought 
about a more complete separation of pump-turbine and motor- 
generator contracts. 

However, as the Niagara design had to be settled in record 
time, it was thought best to reduce, at least by one, the number 
of novelties incorporated in it. Therefore the well-proved 
Kaplan connections were used. 

The gear has proved itself satisfactory. 
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DISCUSSION 
1. W. McCaig and J. L. Haydock’ 


The authors are to be congratulated on an excellent presenta- 
tion of the design and development of this new type of reversible 
pump turbine. The scope of the paper has necessarily been 
limited to the application of the machine to a particular case of a 
pumped storage installation, the principal features of which are, 
perhaps, somewhat unusual. In the circumstances, the writers 
believe that some review of the possible significance of the new 
machine within the broader field of the electric power industry 
as a whole, would not be out of place. 

Since 1936, when the first true “tubular’’ turbine, also known 
as the “Arno Fischer’ turbine, was built by the Swiss firm of 
Escher Wyss for the Rostin plant in Pomerania, no new basic type 
of hydraulic turbine, other than the Dériaz turbine, has been 
produced. We use the word “new”’ with considerable diffidence, 
since it is as axiomatic in engineering as it is in any other field, 
that nothing is entirely new. Indeed, there is a marked similarity 
between the mixed flow characteristics of the Dériaz runner and 
those of the early Moody and Lawaczeck types. 

It is, of course, true that during the past twenty years the 
maximum output of each of the conventional turbine types has 
been greatly augmented and concurrently with the increase in 
size and output, the upper limit of head for propeller, Kaplan, 
and Francis types has been gradually extended. In this period, 
the upper limiting head for Kaplan units has advanced about 25 
per cent from 184 feet to 230 feet, the latter head being at the 
Bort-Rhue installation in France. The Kaplan thus encroached 
appreciably on the range of heads in which Francis turbines had 
previously been the only practicable choice. It is noticeable, 
however, that the Kaplan turbines built for heads exceeding 200 
feet, have been of relatively small capacity, and it has been ap- 
parent for some time that any great extension of the upper head 
limit for adjustable blade type turbines could only be achieved 
by some fundamental changes in design. 

The Kaplan turbine has not been extensively used in Canada 
up to the present time, the combined output of all such units 
being less than one per cent of the total Canadian hydroelectric 
capacity, whereas, in the U.S. A. almost 20 pe: cent of the in- 
stalled hydro capacity is accounted for by Kaplan turbines. It 
may well be that the Dériaz turbine, by permitting the ad- 
vantages of adjustable blade operation to be obtained in a higher 
head range, will find application in Canada for heads above 200 
feet at sites where little or no storage can economically be de- 
veloped, so wide variations of flow exist. The writers believe 
that the future will offer substantial opportunities for the use of 
the Dériaz machine as a pure turbine. 

In order to assess the economic advantages which must accrue 
from adjustable blade operation to make it competitive with the 
Francis turbine, could the authors give approximate comparative 
capital costs of Dériaz and Francis turbines for the same rated 
output at a head of say 300 feet. The authors do not give any 
indication of the runaway characteristics of the turbines. Pre- 
sumably, for a Dériaz turbine with conventional guide vane ap- 
paratus, the “off cam’’ runaway speed would be a good deal 
higher than that for the Francis unit and more dependent upon 
sigma. As mentioned in Mr. A. EK. Aeberli’s paper’ the setting 
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of the reversible pump turbine at Sir Adam Beck No. 2 was 
dictated by the critical sigma when operating as a pump. For 
pure turbine operation, how much higher could the unit have been 
set? 

While the practical application of pumped storage is now 70 to 
80 years old, the first large installations were constructed in the 
1920’s and 1930's in Germany and Switzerland, and its introduc- 
tion into the North American hydroelectric industry on a large 
scale, is relatively recent. Canada’s total generating capability 
has always been predominantly hydroelectric, and will no doubt 
be so for many years tocome. Speaking very generally, Canada’s 
hydroelectric plant has been called upon to meet the system’s 
base load requirements while, in common with most countries 
with ample and cheap water power, the thermal stations are used 
to firm up hydropower and for peak generation. As the hydro 
sites yet to be developed become increasingly remote from the 
load centers and thus incur an increasing transmission liability, it 
would appear reasonable that, in line with recent trends, thermal 
sources of power will assume an increasing role in the Canadian 
electric power industry. We are, therefore, faced in certain 
areas with an impending transformation from a preponderantly 
hydroelectric system to a mixed generation system. Conse- 
quently, quite apart from its possibilities in conjunction with future 
nuclear power plants, the use of pumped storage in Canada is 
likely to increase in order to augment the capacity factors of con- 
ventional thermal stations or to provide peak power where the 
natural storage hydroplant capacity is deficient. 

The successful development of the Dériaz reversible pump tur- 
bine constitutes a major step in the development of flexible, re- 
liable, and efficient machinery for the exploitation of the eco- 
nomic possibilities of pumped storage for low and medium heads. 
Simplicity in operation as opposed to alternative designs and the 
speed with which conversion from pump to turbine operation 
can be effected render it eminently suited to fulfill pumped storage 
requirements in large integrated systems and easily adaptable to 
remote control or automatic operation. 

In describing some of the principal features of the mechanical 
design, the authors have given some indication of the very con- 
siderable amount of research and testing undertaken by their 
company in the development of the many novel features incor- 
porated in the unit. The successful performance of the machin- 
ery at this generating station shows that the authors’ company is 
to be congratulated on a thorough and competent piece of work. 

While the hydraulic rotor is, in most applications, a good deal 
more expensive than the conventional reciprocating servomotor, 
it would, in this case, appear to be the most economic and elegant 
solution, considering the inclined position of the runner blades, 
the relatively large amount of space available in the hub, and the 
limited stroke of the rotors. 

The provision of an efficient main shaft seal is a problem that 
has exercised the ingenuity of the water turbine designer for 
many years. In Canada, the segmented carbon ring and garter 
spring design has almost entirely superseded the old soft packing 
type of gland. The writers believe that this is also the case in 
Britain except for the smallest units and that, in fact, the carbon 
ring seal was used fairly successfully in that country some 20 
years ago. It would appear, however, that it is not yet generally 
adopted in the U.S. A. As the authors point out, the conventional 
type of carbon ring seal has not been altogether satisfactory in 
service, since it is difficult to permit self-adjustment for wear and, 
at the same time, assure effective sealing. The problem of sealing 
under higher pressures is becoming increasingly important with 
the growing number of underground plants where the units may 
be operating under quite high back pressures, especially during 
surge conditions. Lower settings associated with the adoption 
of higher specific speeds to reduce turbine dimensions and genera- 
tor costs also tend to make the problem more acute. 
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A modified design of the carbon seal recently developed by one 
Canadian turbine manufacturer may, in the writers’ opinion, 
offer a solution to the difficulties. In this modified design, the 
seal is effected between a segmented carbon ring projecting inward 
from a seal housing and the upper surface of a disk projecting 
outward from the turbine shaft and rotating with it. The 
cylindrical seal housing is free to move vertically within limits in 
guides on the head cover, the seal here being effected by an “O” 
ring. ‘The carbon ring seal is, thefefore, an annulus in a horizon- 
tal plane and the assembly is consequently self-adjusting for 
wear since radial wear is obviated. Furthermore, by proportion- 
ing the diameters of the upper carbon ring and the lower “O”’ ring 
seal and the weight of the seal housing, the designer is free to select 
between wide limits, the operating pressures on the carbon. Ex- 
perience so far available indicates that the modified seal is ex- 
tremely effective. Certainly, the design appears to possess an 
attractive simplicity from the manufacturing, assembly, and 
maintenance points of view compared with the recent refined 
types of conventional carbon ring seal. One wonders whether, if 
a similar design had been adopted for the Dériaz machine, much 
of the research and testing mentioned by the authors in de- 
veloping the seal would not have been obvia ed. 


R. E. Brunswick Sharp® 


Everyone will agree, I think, that it is the manufacturer’s re- 
sponsibility and duty to offer equipment that he thinks will best 
meet the purchaser’s requirements, in addition to that which has 
been specifically called for. For, as a result of effective research, 
the manufacturer should be one step ahead of the purchaser in 
knowing what can be done. Consistently, the purchaser’s speci- 
fications should not be so rigid as to exclude any manufacturer’s 
alternative, and a flexible attitude on the part of the purchaser is 
important in encouraging research. 

Mr. Dériaz and The English Electric Co. are to be highly com- 
mended for their enterprise and courage in offering the type of 
equipment finally selected, although this was not originally calied 
for. 

A Kaplan turbine with diagonal runner blades is the logical 
solution where the head is so high as to require an unduly large 
runner hub for an orthodox Kaplan unit. In fact, where still 
higher heads are encountered the runner blade axes might be 
parallel with the shaft centerl ine. This was suggested in Mr. J. 
Fisch’s paper on “The Kaplan Turbine—Design and Trends,”’ in 
ASME Trans., July, 1954, p. 765. These statements apply es- 
pecially to pump-turbine operation where a radial component of 
flow is important and where control of runner blade angle and dis- 
charge are valuable characteristics for obtaining optimum results 
with constant speed for both functions. 

It is hoped that with the authors’ closure they will be in position 
to include test information for generation and pumping to permit 
some study to be made of the effect of the Dériaz blade closing 
feature. The authors’ Fig. 6 indicates good efficiency when 
generating, with conventional gates surrounding the runner, 
but no information as to efficiency is yet available either when 
generating or when pumping with the design and arrangement 
adopted for Sir Adam Beck. 

I can well believe that advantages accruing from adjustable 
runner blades amply justify their use. The ability to increase the 
flow when generating, to better serve the high head turbines as 
required, seems most valuable, as well as to start the pumping 
operation without depressing the tail water. 

The essential similarity of the pumped-storage projects on the 
two sides of the Niagara river, that is, at Sir Adam Beck and at 
Tuscarora, should afford a striking comparison of the over-all 
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performance and value of the Dériaz type, with the fixed blade 
Francis type now under construction for this side of the river. 

The efficient performance of the Francis type either when 
pumping or when generating (but not for both functions at a 
constant speed) is well recognized. Of course, good efficiency is 
most important, and several pump-turbine installations are in 
satisfactory operation. But surely the size of the Tuscarora 
project, and the future demand for pumped-storage justified 
some imaginative thinking and research particularly into the 
realm of adjustable blade runners. Yet only the Francis type was 
offered. 

It is well known that a normally designed Kaplan runner does 
not perform well as a pump, but, by providing additional blade 
area for cavitation and by proper attention to the pumping re- 
quirements including the provision of diagonal blades with the 
attendant radial component of flow, the pumping performance can 
be greatly improved, as Mr. Dériaz has found out. Only re- 
search was needed. 

The American turbine manufacturers are all equipped with 
excellent laboratories, and there is no lack of testing, that is, 
testing to insure contract performance. My criticism is in the 
lack of research testing toward the development of new types and 
the finding of new ways to meet changing requirements. What, as 
another example, is being done toward the development of tur- 
bines for effective use with extremely low heads, such as will be 
increasingly encountered in the future? I have had occasion to 
study the Neyrpic tube or bulb turbine, and found that the 
specific speed obtained therewith is so far beyond that possible, 
or at least so far obtained, with the conventional vertical shaft 
semispiral encased turbine, that there is no comparison. It 
seems to me that this is important enough to deserve attention. 

With the exception of Norman Gibson’s notable contribution 
to water measurement, the only American names one hears today 
are Pelton and Francis, and they are of the past century. Nowa- 
days it is Kaplan whose contribution was and is tremendous, 
more recently Danel, and now Dériaz comes forward with a new 
concept. What has happened to Yankee Ingenuity! However, 
the late Roger Terry’s work deserves recognition here. The 
Newport News Kaplan turbines embody his automatic blade 
adjustment design, and only a relatively small blade servomotor 
capacity is required in practice. See ‘‘Development of the Auto- 
matic Adjustable-Blade-Type Propeller Turbine,” by R. V. Terry, 
Trans. ASME, July, 1941, p. 395. 

While this discussion is partly self-criticism, I did want to em- 
phasize our failings to my old associates and, perhaps I should 
say, my former friends. My plea is for a more adventuresome 
and imaginative approach to our hydrodynamic problems. 


R. S. Sproule’ 


The authors have made a definite contribution to the field of 
turbine and pump design. The writer wishes to say nothing to 
detract from the credit for this contribution. However, it should 
appear in the record that an identical blade adjusting mechanism, 
with oblique blade trunnions, was patented by Lewis Moody. It 
was incorporated in the Back River turbines of the Montreal 
Island Power Company in 1929. A vane type servomotor was 
not incorporated. The blades are adjusted by hand movement 
of the operating shaft, with the turbines stopped. 

The Back River turbines have a much smaller angle between 
the blade axis and the horizontal, closer to the usual Kaplan de- 
sign. This has an advantage in getting almost all of the blade 
area within the diameter of the top of the draft tube. This 
feature, common to propeller and low head Francis turbines, 
should make possible smaller over-all dimensions and so lower 
cost than the Dériaz design. 
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The authors are to be commended on a fine presentation of an 
obviously difficult problem and the manner in which it was 
solved. 

The authors admit that a conventional mixed-flow Kaplan 
pump-turbine as shown in Fig. 5 gives very good results and is 
being developed for increased heads. Yet the Sir Adam Beck 
Niagara reversible pump-turbines were made to the design shown 
in Fig. 7. It appears that most of the specific problems discussed 
in the paper are a result of this questionable choice. The use of 
conventional mixed-flow Kaplan pump-turbines would have 
eliminated all of the mechanical testing described except the 
blade servomotor tests. The Fig. 5 design with conventional 
wicket gates would have eliminated the necessity of compromis- 
ing the design of the blades which must seal in the closed position 
and would have permitted the use of a standard governor and 
Kaplan control to maintain optimum blade-gate relationships. 

It is regrettable that actual model performance data have not 
been supplied to enable comparison with apparently higher 
efficiency Francis designs and with the more conventional design 
in Fig. 5. Model test data should also be supplied to support the 
authors’ statement that their design operates with peak efficiency 
at the same speed for both pumping and generating duties. 


Authors’ Closure 


Messrs. I. W. McCaig and J. L. Haydock have made a very 
interesting review of present trends in turbine design and the 
possible significance of the Dériaz machine in future develop- 
ments. The authors entirely agree with the opinion expressed 
that sites, where wide variations of flow or of head occur, may 
well offer substantial opportunities for the use of the Dériaz 
design as a pure turbine. 

We believe that for heads above 150 feet the Dériaz turbine 
offers sufficient important advantages over the Kaplan turbine to 
replace it in future applications. Furthermore, the Dériaz 
machine will replace Francis turbines in the selection of plant for 
operation under heads considerably higher than the maximum 
for Kaplan units (see Fig. 22). 

As an indication of comparative capital costs between Dériaz 
and Francis turbines, we could consider machines of identical 
rated output operating under a head of, say, 300 feet. The 
differential in initial cost would be similar to that existing be- 
tween Kaplan and Francis turbines at a head of 100 feet. 

The “off-cam’’ runaway speed characteristics of the Dériaz 
turbine is somewhat higher than the relative runaway speed of a 
Francis turbine. It is, however, significantly lower than the 
off-cam runaway speed of an axial flow Kaplan design. 

Concerning the setting of the Dériaz reversible pump-turbines 
at Sir Adam Beck, the plant sigma of 0.575 (for maximum dy- 
namic pumping head and minimum tai! water level) was selected 
for pump operation. Turbine operation under a considerably 
reduced plant sigma would be practicable. 

Actual values of relative settings for turbine and reversible 
pump-turbine operation at Niagara would not give a correct 
appreciation, because the blading designed for pure turbine 
operations would be very different from that used for the dual 
operation machines. 

Cavitation is of a completely different nature for the pump 
than for the turbine, and the critical sigma value applies to a 
different phenomena in each instance. For a pure turbine appli- 
cation of the Dériaz type, the critical sigma to be taken into con- 
sideration would be that value applicable to the degree of over- 
load capacity to be utilized. The overload capabilities of the 
Dériaz design are large when compared with the Francis turbine, 
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Fig. 22 Comparison of anticipated applications of Dériaz turbines and reversible pump turbines with Kaplan and Francis turbine applications 


and may in many instances justify deeper submergences on eco- 
nomic grounds. 

An alternative design of carbon seal for the main shaft is de- 
scribed, incorporating self-adjusting features to take care of wear. 
It is doubtful whether any reduction in the amount of research 
and testing would have been achieved with such a design, as test 
laboratory proof of its success would have been considered essen- 
tial before application to prototype units. Much of the testing 
applied to the Niagara units formed part of a general program 
of investigation into carbon material qualities. 

In answer to the discussion by R. E. Brunswick Sharp, it is 
interesting to recall the suggestions in Mr. J. Fisch’s paper, ‘““The 
Kaplan Turbine—Design and Trends,” presented in December, 
1953, and included in Trans. ASME, vol. 76, 1954, pp. 
765-774. By this date model test investigations by the Eng- 
lish Electric Co. Ltd. on the Dériaz runner had reached a satis- 
factory conclusion, resulting in the order for the six pump tur- 
bines for Sir Adam Beck Pumping-Generating Station. 

The authors have recently studied a paper by Professor Dr. 
Kviatkowsky, presented at a Conference on Water Turbines at 
Brno, Czechoslovakia, in May, 1958. This reports laboratory 
tests on a mixed flow turbine with movable blades, and 
reference is made to publication of articles on the subject made 
in Moscow in 1952. In the recent paper, sketches are shown of 
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runners with various blade trunnion inclinations, including one 
with them parallel to the turbine shaft. 

This work confirms that the mixed flow principle has been 
recognized as correct by more than one authority, but its practi- 
cal development in a prototype installation has so far only been 
achieved at Niagara. 

Considerable interest has been expressed in the level of effi- 
ciency performance achieved with the Dériaz reversible pump 
turbine of the Niagara type, where effective blade closure is 
achieved. Fig. 23 shows model test data applicable to the final 
design adopted, with turbine efficiency in full line and pump 
efficiency superimposed in broken line. The discharge Q; is in 
liters per second for one meter head. The speed n, is the revolu- 
tions per minute for one meter head. Blade angle 8 is the blade 
opening in degrees. 

The scale effect from model to prototype size results in an 
estimated majoration of five points on turbine efficiency and three 
points on pump efficiency. It will be seen that for both pump 
and turbine cycles a considerable range of operation is covered 
at efficiencies in excess of 90 per cent (pumping) and 91 per cent 
(generation). 

The authors agree that head variations and operating require- 
ments at the Tuscarora development, being basically similar to 
those of the Canadian scheme, would be more adequately handled 
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Fig. 23 Extract from model pump-turbine tests (Niagara); efficiencies 
without step-up (pump: test No. 1.192; turbine: test No. 307 A-G) 


by reversible pump turbines with adjustable blades. Operating 
experience being accumulated by the Hydro-Electric Power 
Commission of Ontario at Sir Adam Beck-Niagara supports this 
view, and we await with considerable interest an opportunity in 
1962 for direct comparison between the two types of turbines in 
day-to-day operation. 

The blade adjustment on an oblique blade trunnion could not 
be patented by Lewis Moody near the date given by R. 8. Sproule 
since it is described in the original Kaplan patent claim of first 
foreign application in Austria: 7th August, 1913. 
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From descriptions of the mechanism used to control the turbine 
blades in the Back River turbines, referred to by Mr. Sproule, we 
are aware of several major features of substantial difference from 
the design used on the Niagara Dériaz pump turbines. 

The design of the mechanism for transmission of the very 
heavy forces from the vane type servomotor to the oblique blade 
trunnions did not exist before 1954 and this mechanism, applica- 
ble to all blade trunnion inelinations, is protected by patent. 

The oblique stay rings and spiral casings for the Niagara 
machines have permitted a reduction in the over-all size of the 
scroll case and center-to-center distance, with resultant economy 
on power-house size. The omission of the gate apparatus and 
conventional regulating ring has also permitted simplifications 
which were applicable to the particular conditions at Niagara. 
The general layout of the machine as per Fig. 7 is hydraulically 
more perfect in streamlining than the layout according to Fig. 5. 

The mechanical problems involved in the design of the oblique 
scroll case were of a very straightforward nature and have been 
introduced in the paper for the general interest of mechanical 
engineers. 

With regard to model performance data to support the state- 
ment that the blade adjustment permits operation with the ad- 
vantages of peak efficiencies at the same speed for both pumping 
and generating duties, the graph of the model pump-turbine 
characteristics (Fig. 23) indicates how the zones of high effi- 
ciency can be superimposed on the optimum choice of blade angles 
for generation and for pumping at the same speed. 

The authors wish to thank contributors to the discussion on 
this paper and believe that the interest shown in both this and the 
associated paper, “Dériaz Type Reversible Pump-Turbine In- 
stallation at Sir Adam Beck-Niagara Forebay Pumped Storage 
Project,’ by A. E. Aeberli, emphasizes the commendation due to 
the Hydro-Electric Power Commission of Ontario for their con- 
fidence in this advance in the design of the water turbine. 
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British Columbia Power Commission, 
Victoria, B. C., Canada 


Canadian Allis-Chalmers Ltd., 
Montreal, Que., Canada 


Some Hydraulic Features of Puntledge 
Generating Plant 


Puntledge Generating Plant has an exceptionally long penstock in relation to head, and 
pressure fluctuations are limited by means of an automatic pressure regulator. 
automatic and remote-control features of the plant are described in relation to this 


The 


equipment. In Part I the reasons for the design adopted are outlined, and the testing 
and control features are described. In Part II a detailed description is given of the 
pressure-regulator design and construction. 


Part 1 Reasons for the Design, Testing, and Control Features 


—_—— Generating Plant of the British Co- 
lumbia Power Commission is a full automatic plant, with remote 
supervisory control. The plant has an unusually long penstock 
in relation to the developed head. Limitation of pressure surges 
in this penstock for lower-cost penstock design, therefore, was an 
important consideration in the economy of the project. 


General Description of Plant 


The power development at Puntledge replaces an older and 
smaller one in the same location, constructed by Canadian 
Collieries (Dunsmuir) Ltd., in 1912. The same diversion dam 
was used for the new development, but all other parts of the plant 
were rebuilt. The new plant, which feeds into the Commission’s 
138-kv Vancouver Island transmission system, was commissioned 
in 1955. 

Puntledge plant consists essentially of a low diversion dam on 
the Puntledge River which directs the water into a penstock ap- 
proximately three miles long, leading to a single generating unit. 
The penstock varies from 12 ft in diam at the intake to 9 ft at the 
powerhouse and consists of approximately 4500 ft of woodstave 
pipe and 12,500 ft of steel pipe. 

The steel portion of the penstock is of all-welded construction 
with expansion joints averaging 1000 ft apart, the maximum dis- 
tance between joints being 1600 ft. Concrete anchor blocks are 
provided at horizontal and vertical bends and at changes in pipe 
diameter, the expansion joints being placed midway between an- 
chor blocks. 

The pipe is supported by bedding in the ground to within one 
foot of its horizontal diameter, the embedded portion being pro- 
tected against external corrosion by a coating consisting of two 
layers of coal-tar pitch-base paint, followed by a layer of asbestos 
fabric and finished with a final coat of paint. 

The turbine is of the vertical-shaft Francis type. It is rated 
35,000 hp at 340 ft net head and drives a 30,000 kva, 90 per cent 
pf generator, the speed being 277 rpm. 

The hydraulic equipment at the powerhouse includes a hori- 
zontally pivoted butterfly valve 108 in. in diam, and a pressure 
regulator connected to the turbine scroll case. This discharges 
excess water rejected by the turbine through an energy-absorption 
chamber discharging into the river below tailwater level. The 
governor is of the cabinet-actuator type. 


Contributed by the Hydraulic Division and presented at the 
Annual Meeting, New York, N. Y., November 30—December 5, 1958, 
of Tae American Society or MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received ai ASME Headquarters, July 
31, 1958. Paper No. 58—A-100. 
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The turbine, butterfly valve, and pressure regulator were sup- 
plied by Canadian Allis-Chalmers Ltd., the generator by Cana- 
dian Westinghouse Ltd., and the hydraulic governor by Wood- 
ward Governor Company. 

The general layout of the powerhouse, as indicated in Fig. 1, 
is fairly conventional and, as the plant is normally unattended and 
is in no sense a show place, the design was made on strictly utili- 
tarian lines. 

Operation of the plant is normally automatic with supervisory 
remote control from the Commission’s John Hart generating 
station, some 40 miles distant. A resident attendant is retained 
on call at the site, and if necessary, the plant can be operated 
manually, 


Basis of Design 


Puntledge plant is intended generally to operate on base 
load, generating the maximum possible energy from the available 
water supply. The principal reasons leading to the decision to 
provide this type of plant were as follows: 


1 The exceptionally long conduit in relation to head. Due 
to the physical characteristics of the site this length could not 
economically be reduced. 

2 Increasing the diameter of the conduit to suit larger in- 
stalled generating capacity would have been costly in relation to 
increased capacity obtained. 

3 The closeness of the hydraulic gradient to the top of the 
woodstave pipe required some means of limiting rapid increases 
in demand for water which might cause negative pressure con- 
ditions within the pipe. For this reason the plant could not lend 
itself to dealing with rapidly fluctuating loads. 

4 The interconnected system contains other plants where 
adequate peak-power facilities can be added more economically 
than at Puntledge. 

5 The pond upstream of the dam is too small to provide for 
greatly fluctuating demands. It had been hoped to remedy this 
in part by increasing the height of the dam, but this has not as yet 
been found desirable due to possible interference with a fish- 
spawning area. 

6 Due to fishery requirements it is necessary to provide a 
continuous and sizable flow of water in the river downstream of 
the powerhouse, even if the plant is shutdown. A bypass valve 
at the powerhouse was necessary to meet this requirement. 


While Puntledge plant is normally operated in parallel with 
other plants of the Vancouver Island system, it may, in 
emergencies causing interruption to power supply from these 
plants, be required to operate isolated. In such circumstances 
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flow would be established through the penstock and the relief 
valve would function as a synchronous bypass, on a “‘water- 
wasting’’ basis. 


Elimination of Surge Tank 


To provide regulation in a base-load plant for the conditions 
as outlined, two schemes were possible—either an appropriate 
pressure regulator, or a surge tank primarily to meet load-off con- 
ditions, with an opening-rate-limiting device on the governor. 

Due to the comparatively uniform slope of the conduit, a surge 
tank located near the powerhouse would have been of exceptional 
size. For instance, an appropriate location for a surge tank would 
be in the vicinity of Station 160 + 00, Fig. 1, but a tank located 
here, if of the differential type, would be about 350 ft high and 
have a diameter of about 28 ft. The cost, including foundations, 
was estimated at about $600,000. 

It was found that a pressure-regulating valve, costing about 
$100,000 installed, would perform the same duty as the surge tank, 
as well as meeting requirement 6, previously mentioned, of main- 
taining adequate river flow in all circumstances. 
fore, decided to eliminate all surge-tank provision and to provide 
complete regulation by this means. 


Design and Operation of Pressure-Regulating Valve 


Basically the pressure regulator is required to perform two 
functions: (a) To establish or shut off flow in the penstock; (b) 
to open and close automatically as a synchronous bypass in con- 
formity with turbine-gate movements. 

The specifications called for the pressure regulator to be de- 
signed to discharge full turbine flow and to limit the pressure 
surges in the penstock to within 20 per cent of the net turbine 
head. 

Normally the plant runs with the pressure regulator closed. 
By interlocking arrangements described in Part II of this paper, 
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Fig. 1 Puntledge powerhouse—general layout and penstock profile 


It was, there-— 


4 400 
ELEv 3640 


4 300 


the turbine gates cannot be opened further than the limiting 
position set by the regulator. Should the gates close, the regula- 
tor opens and discharges water rejected by the turbine, then it 
may be slowly closed to any required extent. 

The butterfly-type shutoff valve is located just upstream from 
the turbine. This valve, when closed, performs the usual func- 
tions of preventing loss of water from leakage through the turbine 
gates and consequent deterioration of gates and adjacent sur- 
faces, and allows the turbine to be inspected and repaired without 
draining the pipeline. It also can be used as an emergency- 
shutdown device and is designed to close under full conduit flow in 
event that the turbine gates or the pressure regulator cannot be 
closed. 

Operation of the turbine gates and governor and also of the 
pressure regulator and shutoff valve, is by oil pressure from a 
single system. This system operates at a pressure of 300 psi 
and includes two 40-hp pumps with a large pressure tank. The 
pressure tank with one pump operating has sufficient capacity to 
operate the pressure regulator, shutoff valve, and turbine servo- 
motors, simultaneously. The second pump is held in reserve. 


Water-Hammer Calculations 


The conduit was designed so that normal stresees in the steel 
would not exceed 15,000 psi for a pressure rise of 20 per cent also 
that in no circumstances would the hydraulic grade line fall be- 
low the top of the pipe. Water-hammer calculations were made 
with the objective of determining suitable rates for opening and 
closing the shutoff valve, regulator, and wicket gates to satisfy 
these requirements. Arithmetical integration methods as set 
forth in George R. Rich’s book, “Hydraulic Transients,’’ were 
used in dealing with this problem. 

Before commencing water-hammer calculations it is necessary 
to establish with as close a degree as possible the acoustic velocity 
of pressure waves and the pipe friction. 


DECEMBER 1959 / 539 


rT [ 
: 
PLAN 
300 | +4 + — 
200 + ‘ + + + —+ — + + 4 200 
100 + + + -— ~ + + a+ 100 


1 Acoustic Velocity. The velocity of elastic wave travel in a 
thin-walled steel pipe can be calculated by 


where a = wave velocity, fps 
K = modulus of elasticity of water, 294,000 psi 
D = internal pipe diameter, in. 
E, = modulus of elasticity of steel, 29,400,000 psi 
e = thickness of steel plate, in. 


This formula does not make any allowance for the method of 
support of the pipeline previously described, and some doubt 
existed regarding the effect on acoustic-wave velocity of the pipe 
bedding and of the concrete encasement at the anchor blocks. 

The wave velocity in the woodstave section was computed 
by the same method as for the steel pipe, allowance being made 
for the composite characteristics of the pipe material, the modified 
formula being 


where a, K, D, and E, are as previously noted 


E,, = modulus of elasticity of wood, 1,600,000 psi 
b = thickness of woodstave, in. 
@ = area of steel bands per inch-length of pipe 

The same precision of results of computations of wave velocity 
cannot be expected in the case of woodstave pipes as for steel. 

The computed weighted-average wave velocity for the whole 
pipeline worked out at 2422 fps. Test results gave 2435 fps. It 
seems likely, therefore, that the conventional formula can be ap- 
plied with close accuracy to this type of pipeline, the method of 
support adopted in this case having little influence on the wave 
velocity. 

On the basis of an acoustic-wave velocity of 2422 fps, the re- 
flection time of the conduit (16,905 ft long) is 13.96 sec. 

In computing conduit pressure surges, an extreme possible 
range of acoustic-wave velocity of 2000 to 3000 fps was con- 
sidered. 

2 Friction Factor, The conduit friction factor was computed 
by using Hazen and William’s coefficients on the basis of two ex- 
treme conditions: 


Worst 30-yr-old, steel pipe, H. W. coefficient, 90 
30-yr-old, woodstave pipe, H. W. coefficient, 110 
Best new steel pipe, H. W. coefficient, 120 
new, woodstave pipe, H. W. coefficient, 145 

The resulting factor C in the formula F = CV? worked out as 
0.512 for worst and 0.298 for new condition. For the new con- 
dition this gave a friction loss with the pressure regulator full open 
of 32.42 ft. Tests gave 31.1 ft. 

Based on the assumed pipeline characteristics, and the require- 
ments as to pressure variation, it was found that the complete 
opening and closing rate of the pressure-regulator stroke should 
not be faster than 6 minutes. 


Speed Rise and Runaway Conditions 

The specified generator-inertia effect was 4,100,000 ft/lb*. 
However, the manufacturer had developed a generator having an 
inertia effect of 5,400,000 ft/lb, and on the basis of this ma- 
chine being installed the turbine manufacturer guaranteed a maxi- 
mum speed rise for total-load rejection of 20 per cent, based on 4 
sec complete governor stroke (an effective time of 3 sec with 1 sec 
allowed for cushioning at the end of the servomotor stroke). 
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Tests disclosed an actual speed rise of 21 per cent, which was con- 
sidered sufficiently close to the guarantee. 

Runaway Conditions. For a generating unit of this specific 
speed (35.5), the speed rise with the wicket gates jammed full 
open and with full load rejection, should not exceed a maximum 
value of 180 per cent of the rated speed, and should level off to a 
stable speed of about 175 per cent of rated speed. 

The maximum computed pressure rise under ‘‘runaway’’ con- 
ditions was 27.5 per cent. While somewhat higher than the pres- 
sure rise specified under normal operating conditions, in view of 
the low probability of such a runaway occurring, this computed 
pressure rise was considered acceptable. 


Tests and Adjustments 


Reference has already been made to the results of some of the 
tests made before the plant was accepted for operation. Briefly 
the main tests carried out were as follows: 

1 On the Pressure Regulator. A series of tests were made to de- 
termine maximum pressure variation in the pipeline due to vary- 
ing times for opening and closing the pressure regulator. This 
speed is controlled by a small d-c motor driving through ap- 
propriate gearing. 

The finally adjusted periods for complete opening and closing of 
the pressure regulator were established at 7 min 24 sec and 7 min 
2 sec, respectively—or a little slower than was indicated as safe 
by the computations. 

A comparison of computed and observed pressure variations 
during opening and closing is given in Figs. 2 and 3. 
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2 On the Turbine. The main tests on the turbine included: 
(a) Load Tests. These aimed at establishing the turbine-gate 
opening-output relationship. 

(b) Throttle-Valve Setting. A throttle valve on the oil-supply 
line is provided to prevent the turbine gates from closing rapidly 
on load rejection should the pressure regulator fail to open. This 
valve was adjusted so as to close the turbine gates in 9 min 20 sec 
for the full stroke. 

(c) Wicket-Gate Timing. The turbine-gate timing is 32 sec 
for full-opening stroke and 4 sec for a closing stroke. The slow 
opening speed is a compromise found best adapted to meet three 
requirements: 

(1) Limitation of pressure variations arising from operating 
time lag between regulator and gate movements, and slight dif- 
ferences between rates of discharge at certain proportional open- 
ings. As previously noted, the upper part of the penstock is close 
to the hydraulic gradient, and is, therefore, particularly vulnerable 
to negative pressure surges. 

(2) Slow gate opening gives a measure of safeguard to the 
penstock in event that the regulator should fail to close for any 
reason as the turbine gates open. 

(3) This speed has been found sufficient for ‘“get-away’’ pur- 
poses when starting up. No damage to the generator thrust 
bearing which is of the Kingsbury type occurs at this speed 
unless the unit has been shut down for a considerable period of 
time. In such event the generator should, before starting, be 
raised by hand pump—a manual operation. 

The fast closing rate of 4 sec was found to be satisfactory with 
reference to penstock pressure rise arising from time delay in op- 
eration of the pressure regulator and with regard to turbine over- 
speed on load rejection. 

(d) Overspeed Test. 
the result of this test. 
at 360 rpm. 

3 On the Pressure-Regulator-Turbine Correlation. This group of 
tests was the most important one conducted, the object being to 


Reference has previously been made to 
The overspeed shutdown solenoid was set 


insure correct correlation between wicket gate and pressure-regu- 
lator movements to limit pressure variations to within the speci- 
fied requirements. 

At the outset, as was to be expected, wide divergence between 
the turbine and regulator-gate discharge curves was found to 
exist. The total possible turbine discharge was found to be con- 
siderably in excess of the regulator discharge. However, the maxi- 
mum regulator discharge was sufficient to give more than the 
specified turbine output of 35,000 hp at 340 ft net head. In 
other words, the turbine was found to be more oversize than the 
regulator. To meet this condition the extreme turbine-gate open- 
ing was limited and blocked at 82 percent. Following the making 
of this provision, detailed adjustment of the control lines, cables, 
and cams of the pressure regulator was made to bring about ap- 
proximate coincidence of Fig. 4 
shows the relation between head loss and gate opening as finally 
established for the turbine and regulator. 

4 On the Butterfly Valve. In event of failure of the pressure 
regulator to close, it might be found desirable to close the butter- 
fly valve under full-flow conditions. As expected, tests on the 
butterfly valve showed that only about 10 per ceni of the dis- 
charge is cut off during the first two-thirds of the stroke, the re- 
maining 90 per cent being cut off during the last third. Fig. 5isa 
derived curve for the butterfly valve obtained by comparing a 
pressure-recorder graph of valve closure with a similar curve for 
the pressure regulator. In view of these conditions, the full 
closure stroke of the butterfly valve was established at 21 min 
7 sec. As the butterfly valve was specified to open only under 
balanced-pressure conditions, the full opening time was set at 
7 min 20 sec. 


the two discharge curves. 


Tests were made of closing under varying flow conditions, in- 
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Fig. 5 Butterfly valve—derived characteristic curve 


cluding full-open pressure regulator. The valve closed satis- 
factorily, although with some noise and vibration from the 15th to 
the 20th minute of closure. 


Remote Control and Operation 


The principle followed in operating this plant is to establish 
steady penstock pressure before initiating any control action. 
The unit can then be brought into operation in several different 
manners, but the one usually adopted is as follows: 


1 After checking that the shutoff valve is open, the pressure 
regulator is opened usually to about 70 per cent of capacity and is 
left open to this extent for at least one minute to allow any pres- 
sure surges in the pipeline to die down before the turbine is 
started. 

2 The generator can then be started. The turbine gates will 
normally open about 30 per cent while the generator is coming up 
to speed before dropping back to about 5 per cent when the gen- 
erator is at normal speed. 

3 The pressure regulator is then adjusted to the load position 
required. 

4 The final stage is to raise the governor speed control to a 
point beyond the fully loaded position. The turbine then takes 
over the water supply from the pressure regulator until this is fully 
closed. It cannot take more load than that corresponding to the 
load-position setting of the pressure regulator. 

5 On the Oil-Pressure System. 


and butterfly valve are operated by a common oil system of suffi- 


The turbine, pressure regulator, 


cient capacity to operate them simultaneously. 


Two oil pumps, each with a capacity large enough to handle 
normal loss of pressure are provided, the installation being so 
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arranged that if one pump cannot maintain system pressure, the 
other will cut in. 

Control of the hydraulic components of the plant should oil 
pressure fail is different from that usually adopted in hydro- 
electric power stations where a loss of oil pressure initiates a shut- 
down sequence which closes first the turbine gates and then the 
shutoff valve. At Puntledge, due to the slow rate of closing of 
the shutoff valve and, in addition, the pressure regulator, this 
could not be done. If this normal procedure were followed, it 
would be possible to lose oil pressure before the turbine, pressure 
regulator, and shutoff valve could be closed. The shutoff valve 
and the pressure regulator would then open fully and the turbine 
gates drift open to about 20 per cent in a very short period. Since 
this could cause damage to the penstock, a different procedure has 
been adopted as follows: 

If oil pressure falls to 260 psi, an alarm will ring. On further 
fall of pressure to 220 psi, an electrical contact is broken and the 
turbine gates close, the circuit breaker remains closed and the 
generator motors. Once the turbine gates have shut and the 
regulator has opened to its equivalent position, the control motor 
will run the regulator full open at its normal rate. The regulator 
thus opens initially in synchronism with the gates and finally at 
its controlled rate which prevents it opening under conditions 
which might damage the penstock. The shutoff valve will be 
left in its open position. As the oil pressure continues to fail, the 
turbine gates will drift open to their balance point of about 20 
per cent. 

No other movement can then occur until oil pressure is re- 
stored. The pressure regulator cannot close a corresponding 
amount, but the gate-opening rate in this situation will prevent a 
large penstock pressure drop. 


Electrical Features 


Automatic Control. Three methods of control are provided— 
manual, automatic, and supervisory. Hydraulic considerations 
made it impractical to include the shutoff valve and pressure 
regulator in the automatic sequence. Before starting, as already 
noted, the shutoff valve must be fully open and the pressure 
regulator should be open about 70 per cent. 

The governor is equipped with a shutdown solenoid and a 
speed-no-load solenoid. Because of the slow gate-opening time 
it was found that for satisfactory ‘“‘break-away”’ the gates had to 
be open to approximately 30 per cent. A special circuit was de- 
signed using an auxiliary relay and a gate limit switch to permit 
starting in this manner and still retain the usefulness of the speed- 
no-load solenoid. In receiving a start signal the control checks 


Part Il 


General Description of Pressure Regulators 


The pressure regulator is a device to contro] the rate of change 
of water flow in a penstock in a manner that will keep the pressure 
in the penstock within prescribed limits yet permit the flow 
through the turbine to vary widely and rapidly, thus maintaining 
close speed regulation with wide load changes. 

If the turbine has to operate with rapid on-load changes as 
well as rapid off-load changes, a water-wasting regulator is 
necessary where negative pressures might damage the penstock. 
For off-load changes only, a water-saving pressure regulator can be 
used. 

There are several different types of pressure regulator in use, 
one of these being the mushroom-disk type. Water or oil may be 
used as the operating medium for the servocylinder. The regula- 
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that conditions are correct for starting and then energizes the 
master relay. The master relay picks up the shutdown solenoid 
and the speed-no-load solenoid to open the gates and start the 
unit. When the gates reach 30 per cent a gate-position switch and 
auxiliary relay de-energize the speed-no-load solenoid to bring the 
gates back quickly to just above the speed-no-load position. At 
approximately 50 per cent voltage, the speed matching and auto- 
synchronizing relays are energized to synchronize the unit onto 
the bus. The magnetic-amplifier-type voltage regulator is ap- 
plied when the generator breaker closes. The field rheostat is 
automatically preset before starting to insure normal voltage on 
the unit and voltage matching is not required. 

The relay protection on the generator is more or less standard 
and includes split-phase, differential, current-balance, voltage- 
restrained-overcurrent, overvoltage, loss-of-field, generator- 
ground, field-ground, and thermal-overload relays. 

Supervisory Control. The supervisory control points used di- 
rectly for control of the generator are as follows: 


1 Supervise station-service breaker, telemeter 13.8-kv bus 
voltage 
Supervise generator breaker, telemeter generator megavars 
Start, stop, generator; supervise master relay 
Supervise generator lock-out relay 
Raise-lower voltage, telemeter generator voltage 
Raise-lower load, telemeter gate position 
Close-open pressure regulator, telemeter pressure-regulator 
limit position 
8 Supervise pressure regulator 
position, telemeter generator frequency 
Supervise shutoff valve open-closed position 
Low battery-voltage alarm 
Generator creep alarm 
Station general alarm 


‘not-closed fully-clused” 


In addition, generator megawatts are telemetered continuously 
to John Hart Station. 

The supervisory control equipment is the all-relay type, using 
a number of impulse codes with automatic check back for point 
selection. Two types of telemetering equipment are used, one 
using rate of impulse and the other length of impulse. 

The carrier-current equipment for supervisory control is a 
broad-band type suitable also for carrier relaying. Narrow-band 
frequency-shift carrier is used for continuous and selective tele- 
metering. A frequency-modulated, manual simplex communica- 
tion channel provides communication between Puntledge and 
John Hart Stations. 


Pressure-Regulator Design and Construction 


tor may be “gate retarding’’, which, in case of failure of the regu- 
lator to open, mechanically retards closing of the gates by means 
of linkage connecting the regulator with the turbine gates; or the 
retarding action may be accomplished by throttling the discharge 
of oil from the turbine servomotors. 


Operating Requirements for the Puntledge Pressure 
Regulator 


For the Puntledge Generating Station the British Columbia 
Power Commission specified an oil or water-operated pressure 
regulator with a preference for oil operation from the turbine- 
governor system. The plant would normally be operated on a 
uniform base or fixed load and under this condition the pressure 
regulator would be water saving, protecting the penstock for off- 
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loads only. However, the regulator would be water wasting when 
it was required to operate the turbine on a variable load and pro- 
vision for this feature was to be made. 

The station was to be unattended, therefore provision for re- 
mote control was necessary. 


Design and Construction of the Pressure Regulator 


The regulator shown in Fig. 6 is the mushroom-disk type 
“gate-retarding”’ and, for minimum servomotor size, oil was 
chosen as the operating medium. The regulator body is elbow- 
shaped and, together with the servocylinder, diffuser, and energy 
absorber, is of fabricated-steel construction. 

The only major parts made from castings are the mushroom 
valve, valve seat, and seal rings and the components constituting 
the main relay valve. 

The valve seat and seal rings are type 409 stainless steel. 

Water discharging vertically downward past the valve disk 
enters the energy absorber through a cone-shaped diffuser or dis- 
charge pipe. This disperses the water into the energy absorber; 
and holes in the base ring surrounding the diffuser, together with 
holes around the periphery of the valve disk, permit the entrance 
of air into the water stream to further aid energy dissipation. 

The energy absorber is a simple cylindrical steel chamber closed 
at the bottom with its axis vertical. A rectangular, horizontal 
outlet welded to the cylindrical portion leads the water to the tail- 
race through a passage parallel to the leg of the turbine draft 
tube. 

The servocylinder, mounted on the top of the regulator body is 
single-acting. It is a power cylinder on the closing stroke and a 
dashpot on the opening stroke. Thus only one cylinder volume of 
oil is used during one complete cycle of the regulator. The 
pressure-tank volume and oil-pump capacity is considerably re- 
duced when compared with a regulator that requires a double- 
acting servocylinder. Because the turbine and pressure regula- 
tor act together, the pressure tank has to supply the oil for both 
servomotors at the one time. The total volume of oil used at 
Puntledge during one complete cycle, i.e., a closing and opening 
stroke of the turbine, is seven times what it would be if the turbine 
had no pressure regulator. 

Another pressure regulator recently installed by Canadian Allis 
Chalmers Ltd., has by necessity a double-acting servomotor, re- 
sulting in a total oil capacity for one cycle of 15 times that for the 
turbine alone. It is thus seen that, when considering the use of an 
oil-operated pressure regulator, cognizance must be taken of the 
abnormally large pressure tank, pumping unit, and sump tank re- 
quired. Although the Puntledge turbine requires only a 3-in- 
pipe size actuator, the pressure regulator has 8-in. oil lines. 

The main relay or distributing valve is attached to the side of 
the servocylinder and the control mechanism is at the top with the 
mounting base doubling as the top cylinder cover. 

The regulator is thus a completely self-contained unit, except 
that the throttling valve is mounted in one of the pipes between the 
turbine servomotors and actuator. When using a regulator of this 
type the sump tank should be installed below the elevation of the 
regulator cylinder and control mechanism to take care of the leak- 
age of oil. This requisite presents a powerhouse construction 
problem because the elevation of the center of the regulator inlet 
of this type of regulator is coincident with the elevation of the 
center of the spiral casing. The regulator is thus deep inside the 
powerhouse and the sump tank would have to be in a deep pit. 
At Puntledge this is, unfortunately, not only impossible but un- 
desirable because the oil pumps are mounted upon the sump tank. 
Therefore it was necessary to provide a small secondary sump 
tank with pumps and float switch to collect leakage oil and re- 
turn it to the main tank. 


The control assembly shown in Fig. 7 follows the same principle 
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Fig. 6 Puntledge power plant—pr e-regulator assembly 


as that of a governor, with the gear motor likened to the speed 
adjustment of a governor. It includes the main relay valve, the 
pilot valve for the throttle valve, the lever assembly, and the gear 
motor for auxiliary gate limit or pressure-regulator opening-limit 
adjustment. 

The main relay valve shown in Fig. 7 includes its servo and 
pilot valve. The control of the regulator is centered around the 
gear motor. By driving a lead-screw and lead-screw nut this 
motor sets the auxiliary gate limit on the actuator and imparts 
motion to the lever assembly. The position of the lead-screw 
nut determines the unit’s discharge while the turbine load deter- 
mines the turbine discharge. The pressure regulator takes up a 
relative position for the flow to remain constant at the value set 
by the lead-screw nut. For the pressure regulator position to be 
maintained, the main relay valve must be centered and, to do this, 
its pilot valve must also be centered. Thus point F, Fig. 7, must 
always return to the same position. 

When the turbine is operating at the gate limit set by the lead- 
screw nut, the pressure regulator is closed, i.e., water saving, and 
the turbine cannot pick up additional load. Then if the lead- 
screw-nut gate-limit setting is reduced, the turbine gates will close 
in synchronism, the pressure regulator remaining closed. 

If the nut is at a gate limit setting higher than that of the tur- 
bine gates, then the pressure regulator will open an amount equal 
to the difference, i.e., water wasting. In this position the turbine 
can rapidly pick up the equivalent additional load. 

Should the turbine gates be closed by the standard gate limit on 
the actuator or prevented from opening by the same or other 
means, the gate-limit setting of the lead-screw nut will cause the 
pressure regulator to open an equivalent amount. 
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Fig. 7 Pressure regulator schematic arrangement of pressure regulator and governor contro! mechanism 


The purchaser specified that, as a water-saving pressure regula- 
tor, on load being dropped the gates were to close quickly and the 
pressure regulator was to open and maintain a constant discharge 
through the unit. This first sequence was to be followed by the 
pressure regulator closing slowly, at a rate which would limit the 
penstock pressure rise to the stated value. The Puntledge regula- 
tor meets the first requirement by the displacement and subse- 
quent centering of the main relay valve. The slow closure se- 
quence is achieved by manually switching the auxiliary gate 
limit to zero with the gear motor speed controlling the closing 
rate of the regulator. The water-saving cycle is thus seen to be 
not automatic; but rather than being a disadvantage, this fea- 
ture is an asset for the Puntledge Station. On a normal shut- 
down there is no necessity to close the regulator automatically. 
At other times a load rejection will be unintentional so keeping 
the regulator open allows the load to be assumed again quickly. 

The regulator could have been designed to close automatically ; 
but then, when it did, the majority of occasions would require it to 
be immediately reopened, the complete cycle taking approxi- 
mately 15 min. 

A spring-mounted pivot shown at / in Fig. 7 at the extreme end 
of the main floating lever prevents the floating levers from over- 
travel during testing, should the pressure-regulator piston drop 
down when oil pressure is shut off and the controls are not 
properly adjusted. 

The gear motor may be electrically operated either locally at the 
station or remotely. It may also be manually operated by the 
handwheel in the event of a power or line failure or when adjust- 
ments are made. When manually operated the electric motor is 
automatically declutched from the input shaft of the gear- 
reduction unit. Selecting a high gear-reduction ratio for the hand- 
wheel drive prevents excessive rate of closure when the handwheel 
is used. 

The actuator, turbine, and pressure regulator together form a 
closed-loop system. The link between the pressure regulator and 
actuator, and the pressure regulator and turbine-gate operating 
ring is a weight-tensioned cable. The first part of this paper men- 
tions that the turbine has a greater discharge potential than the 
pressure regulator, and both can discharge more water than that 
required for the maximum rated output. This was known when 
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the equipment was designed, so provision was made on the tur- 
bine servomotors for the stroke to be limited after field tests had 
been taken. Similarly, the stroke of the pressure regulator servo- 
cylinder is limited by the travel of the lead-screw nut, which again 
was finally determined after tests. 

Providing cable sectors, Q in Fig. 7, of different radii for the 
link between the gate-operating ring and pressure regulator ena- 
bles the desired proportionate movement between the pressure 
regulator and gate-operating ring to be obtained by test. A 
slotted lever, R in Fig. 7, in the link between the actuator aux- 
iliary-gate limit mechanism and the pressure regulator lead-screw 
nut correctly proportions their respective movements. A slot at 
the fulcrum G in Fig. 7 of the main floating lever is a further aid 
in achieving precise proportioning. 

Since the flow of water through the turbine and pressure regula- 
tor is not linear with their respective strokes, the shape of a cam 
compensates for these differences. Adjustment is made by 
changing the cam shape. No modification was done to the eam 
of the Puntledge regulator. 


Associated Control Devices 


1 The pressure-regulator limit switch is operated by the con- 
trol linkage and normally prevents closure of the turbine-shutoff 
valve until the pressure regulator is fully closed, permitting clo- 
sure of the butterfly valve only when there is no flow. However, 
on overspeed, a relay initiates closure of the butterfly valve re- 
gardless of the pressure-regulator position and simultaneously 
causes the pressure regulator to close. 

2 A limit switch operated by the butterfly valve has one con- 
tact in the pressure-regulator opening circuit which prevents 
opening of the pressure regulator until the butterfly valve is fully 
open, thus, the butterfly valve can open only under a balanced- 
pressure condition and with zero flow. 

3 The throttling valve, Fig. 7, and throttling-valve pressure 
switch protect the penstock should the pressure regulator fail to 
open. Many pressure regulators are equipped with a heavy 
mechanical connection between the turbine shifting ring and 
pressure regulator controls. This mechanical mechanism is de- 
signed to transmit full turbine servomotor thrust to the pressure 
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regulator control. Since the throttling valve method of retard- 
ing the rate of gate closure in the event of regulator failure con- 
fines the turbine servomotor thrust within the governor oil pres- 
sure system, the mechanical connection between the turbine gate 
operating ring and pressure regulator may be of much lighter con- 
struction. While the pressure regulator opens in synchronism 
with the turbine-gates closing, the pilot-valve trip lever remains 
stationary. If, however, the pressure regulator fails to open, the 
trip lever moves and trips the pilot valve, Fig. 7. This pilot 
valve then permits the pressure line normally holding the throt- 
tling valve open to drain through a needle valve, adjusted to pre- 
vent sudden closure of the throttling valve. Oil discharging from 
the turbine servomotors as the gates close can now close the 
throttling valve, restricting the flow of oil from the servomotors to 
the sump and thus slowing down the gate movement in the clos- 
ing direction. Because the pressure line normally holding the 
throttling valve open is open to drain when the throttling valve 
trips, a flow-restricting valve is provided in the pressure line to 
limit the loss of oil from the pressure tank during the time that the 
throttling valve is held tripped. With the pilot valve closed, the 
flow is sufficient to overcome normal leakage past the throttling 
and pilot valves and still maintain system pressure in the line. 
The loss of the pressure that normally holds the throttling valve 
open, closes the throttling-valve pressure switch which, with the 
aid of a relay, initiates closing of the pressure regulator and trips 
the actuator shutdown solenoid. However, the unit is kept con- 
nected to the line, which prevents it from going to overspeed as a 
consequence of the slow gate closure. Before normal operation 
can be restored, the pilot valve and pilot-valve trip lever must be 
manually reset. An operator is thus forced to visit the station be- 
fore the unit can be restarted, giving an opportunity for the cause 
of the pressure-regulator failure to be obtained. To date there is 
no record of the regulator failing and the throttling valve being 
closed. 

4 Limit switches operated by the auxiliary gate-limit-adjust- 
ing gear motor open the motor circuit at each end of the lead- 
screw-nut travel to automatically limit the movement of the valve 
disk. 

5 A limit switch operated by the lead-screw nut prevents clo- 
sure of the unit start circuit until the pressure regulator is 70 per 
cent open. This has been found in practice to be the optimum 
position for minimum penstock pressure changes when the unit is 
started. 

6 Armature and field rheostats permit speed adjustment of the 
gear motor, hence the opening and closing rate of the pressure 
regulator, when this is being done by the gear motor. 

7 A pressure-regulator control switch is on the actuator for 
controlling the movement and direction of the lead-serew nut 
which, in turn, opens or closes the pressure regulator. The 
amount the gates can open depends upon the amount the pressure 
regulator is open, so this control is referred to as the “auxiliary 
gate limit.””. A duplicate supervisory control is at the remote sta- 
tion. 


A gate-limit indicator, additional to the normal gate-limit indi- 
eator, is mounted on the actuator. This indicator, together with a 
gate-limiting mechanism, is operated from the lead-serew nut. 
Thus the maximum permissible opening of the pressure regulator 
and, in turn the turbine gates, is visibly shown. A potentiometer 
provides indication at the remote-control point. Signal lights 
on the actuator and at the supervisory control indicate open (red) 
and closed (green) positions of the pressure regulator. 


Operating Experience 
The arrangement adopted at Puntledge Generating Station is 


an economical one both as to first cost and as to water use and is 
applicable where the plant can be operated strictly on base load, 
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leaving other plants to do the governing. However, the plant 
can be readily connected to operation in a rapidly varying load by 
using the pressure regulator as a synchronous bypass. Wastage 
of water would, however, occur when operating in this manner. 

The relative economy in plant cost arises from elimination of a 
very large surge tank which would otherwise be required and from 
reduced penstock thickness due to reduction of pressure surges. 

While under normal operating conditions a small amount of 
water is wasted during start-up and shutdown operations, the 
amount is insignificant since the plant under all normal conditions 
is operating steadily with the pressure regulator closed. 

The Kingsbury type of generator thrust bearing calls for a quick 
turbine-gate opening time in order to “break away’’ from the 
stationary position. Due to slight time lag and nonconcurrence 
of turbine gate and relief-valve discharge characteristics, this high 
speed can result in marked pressure variations. While at Punt- 
ledge a completely satisfactory compromise solution of this diffi- 
culty was found, it would seem desirable in such a plant to con- 
sider use of a different type of generator thrust bearing which does 
not have any limitations as to speed of break away. 

The plant has now been operating for three years. No diffi- 
culties have been experienced in regard to the mechanical and 
electrical features of the automatic-control and supervisory equip- 
ment, nor on the operation of the relief valve. 
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DISCUSSION 
B. R. Nichols’ 


This paper contains a considerable amount of valuable data 
from field tests, observations, and comparison of computed and 
observed results. 

The paper clearly illustrates the economic advantages gained 
by the use of pressure regulators on projects where the installation 
of a surge tank is impractical. 

The description of the Puntledge pressure-regulator control 
may seem to be a bit complicated; however, this control is made 
up of components which have been in successful use for a number 
of years. For example, certain components of the Puntledge 
regulator control have been in successful operation on a regulator 
installed in Pacific Gas and Electrie Company's West Point Plant. 
Other components included in the Puntledge regulator control 
were included in pressure-regulator controls furnished with the 
regulators installed in the Mexican Light and Power Company's 
Patla Project. The development of pressure-regulator controls of 
the type used at Puntledge requires a considerable amount of pre- 
vious experience in this type of control equipment. 

The initial start-up of a power plant with a very long penstock 
is indeed a critical time, as it is difficult if not impossible to pre- 
determine the exact adjustment of the protective equipment 
that will be required to prevent excessive pressure surges in the 
penstock. 

A detailed procedure for starting the unit must be worked out 
carefully before the initial start and each individual involved in 
the initial start must be thoroughly familiar with the equipment 
for which he is responsible. Although the Puntledge Project is 
not a large hydroelectric development, the successful completion 

1 Engineer-in-Charge, Mechanical Design, Allis-Chalmers Manu- 
facturing Company, Milwaukee, Wis. Mem. ASME. 
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of such a project requires a great deal of experience, co-ordina- 
tion, and co-operation on the part of the owners, the consultants, 
and the equipment manufacturer. In so far as the turbine- 
regulator manufacturer was concerned, in this case the co- 
operation with the owners of this project and consultants was 
excellent. The authors are to be congratulated on the prepara- 
tion of this interesting paper. 


Authors’ Closure 


In the section of the paper dealing with tests and adjustments, 
reference was made to an overspeed test. This wording is mis- 
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leading if it is taken to relate to tests made of the speed rise with 
the turbine gates jammed fully open and with full load rejection. 
It was considered undesirable and unnecessary to make tests of 
this type and no such tests were made. The only speed rise tests 
were those to determine the speed rise on allowing the gates to 
close normally from full-open in a governor period of four seconds. 
The authors apologize for some lack of clarity in this reference. 

They would like to endorse Mr. Nichols’ comments regarding 
the co-operation which existed between the Commission’s en- 
gineers and those of the turbine-regulator manufacturer. This 
has resulted in a very economical and practical plant to suit the 
special conditions at Puntledge. 
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Application of Boundary-Layer 
Theory in Turbomachinery 


Some of the results of a new approach to a theoretical and experimental study of 
flows through cascades. 


- PROGRESS in the solution of fluid-mechanics 
problems of turbomachines requires a detailed theoretical and 
experimental study of flows through cascades. These play a 
prominent role in turbomachines of all types. A new approach 
was outlined by the author in 1954 [1],' and work along these lines 
has been conducted at the Institute of Fluid Mechanics of the 
Technical University in Braunschweig since that time. The pres- 
ent paper will survey what has been achieved. 

The guiding principle in this new approach to cascade-flow 
problems is the recognition that an intimate synthesis of theory 
and experiment is necessary to achieve real progress, and fur- 
thermore, that the theory of cascades should be considerably ex- 
tended by taking into account the influence of viscosity. Only a 
theory of viscous flow through cascades can answer such impor- 
tant questions as to how the smallest possible loss coefficient and 
the best possible efficiency can be obtained, and by what mecha- 
nism stall affects the efficiency of a turbomachine. First, a very 
brief survey will be given of the aerodynamic coefficients of cas- 
cades and of turbulent boundary layers. Then, the way in which 
the aerodynamic coefficients of cascades can be calculated from 
boundary-layer theory will be outlined, and the measure of suc- 
cess that can be expected will be indicated. Finally, the way in 
which the preceding results can be used in the theory of turbo- 
machines will be very roughly indicated. 


Calculation of the Aerodynamic Coefficients of a Two- 
Dimensional Cascade by Viscous-Flow Theory 


The Aerodynamic Coefficients. A two-dimensional incompressible, 
viscous flow through a cascade, as given in Fig. 1, is uniform for a 
considerable distance in front of the cascade and for a considerable 
distance behind the cascade. Actually due to the influence of 
viscosity in the boundary layer along the blades and in the wake 
of the blades the flow ceases to be homogeneous at a short dis- 
tance behind the cascade. Owing to the mixing process, this non- 
uniform flow is transformed into a homogeneous one at some dis- 
tance behind the cascade. The following notation will be used, 
Fig. 1: 


In front Behind 

of cascade cascade 
Velocity Ws 
Direction 
Static pressure Pi 
Total head 


! Numbers in brackets designate References at end of paper. 

A lecture contributed by the Hydraulic Division and presented in 
the Fluid Mechanics Symposium at the Annual Meeting, New York, 
N. Y., November 30-December 5, 1958, of Tae AMERICAN Socrerty oF 
MECHANICAL ENGINEERS. 

Note: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those of 
the Society. Manuscript received at ASME Headquarters, June 1, 
1959. This paper was not preprinted. 
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Fig. 1 Viscous flow through a two-dimensional cascade 


The main purpose of the cascade is to give a deflection of the 
flow, the angle of the deflection being 

AS = — ps (1) 
The cascade gives an additional velocity component in the circum- 
ferential direction Aw,. The direction of inflow and outflow, 
B, and : respectively, the whirl component Aw,, and the axial 
velocity component w, satisfy the relation, Fig. 1: 

= 6, = cot — cot 
a 

The quantity 6, introduced here represents the dimensionless de- 
flection coefficient of the cascade. 

If the flow were nonviscous, the total head would remain con- 
stant in the whole flow field g: = g2 In a viscous fluid, how- 
ever, the flow through a cascade ‘is of the boundary-layer type 
provided that the Reynolds number of the blade is sufficiently 
large. The boundary layers of both sides of the blades give rise 
to a wake behind each of them, as indicated in Fig. 1. 

The simplest way of describing the energy loss which occurs in 
the viscous flow through the cascade is to introduce the loss in 
total head 

Ag = — (3) 


in the uniform flow very far downstream of the cascade. Conse- 
quently the following dimensionless-loss coefficient of the cascade 
will be used 


loss in total head 


dynamic pressure of axial-velocity component 
(4) 
For a two-dimensicnal cascade it is convenient to give this loss 
coefficient {y as a function of the deflection coefficient 6, accord- 
ing to equation (2). 
An alternative way of representing the characteristic coefficients 
of a two-dimensional cascade in viscous flow is to use a lift co- 
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efficient c, and a drag coefficient cp, as is common for a single 


airfoil. These coefficients are introduced by the following 
formulas: 


1 
Lift coefficient: L = Cych 2 pw.” (5) 


1 
Drag coefficient?: D = Cych (6) 


Here h is the blade length and w,, the vector mean velocity of w; 
and w, Fig. 1. 

The most important result of the application of boundary-layer 
theory to cascades is the calculation of the relation between the 
loss coefficient ¢y, the deflection coefficient 6,, the angle of inflow 
6, and all the geometric parameters of the caseade. From the 
practical point of view it is most important to study ‘“‘optimum 
cascades,"’ i.e., cascades which give large deflections, but have 
low loss coefficients. It will become clear later, that these opti- 
mum cascades are closely associated with the phenomenon of 
boundary-layer separation on the blades, i.e., with the phe- 
nomenon of stall. 

The theoretical calculation of the loss coefficient as well as of 
the other aerodynamic parameters of the cascade requires the 
calculation of the boundary layer on the blade surface. The 
basis for calculating the boundary layer is the knowledge of the 
potential flow-velocity distribution around the blades. But this 
latter problem will not be dealt with here.* The calculation of 
the boundary layer can be confined to the turbulent case, because 
in a multistage turbomachine the flow is turbulent in the majority 
of cases, 


Calculation of the Aerodynamic Coefficients by Boundary-Layer Theory 

Calculation of a Turbulent Boundary Layer. The calculation of a 
boundary layer on a blade profile of a cascade is identical with 
that of a single airfoil. Fig. 2 shows the boundary layer on a 
single airfoil together with a co-ordinate system, in which z is 
measured along the wall and y at right angles to it. U(2z) is the 
potential flow velocity and u(z,y) describes the velocity dis- 
tribution in the boundary layer. 

In order to calculate turbulent boundary layers it is still 
necessary to refer to semiempirical approximate methods which 
are usually based on the momentum-integral equation and the 
energy-integral equation. Recent papers by Clauser [25] and 
Coles [26] on turbulent boundary layers have given a deeper in- 
sight into the mechanism of this flow. But the approximate 
method for calculating turbulent boundary layers which has been 
used in our cascade work is based on earlier papers such as that 
by Truckenbrodt [5] and other authors. 

The momentum-integral equation and the energy-integral 
equation, which form the basis of the approximate methods for 
calculating turbulent boundary layers, can be given in the 
following forms: 


? Applying the momentum equation it is simple to show that the co- 


efficient of deflection 5,, the loss coefficient fy, and the lift and drag 
coefficients satisfy the following relations: 


CL = 25, 8in 8. + fy sin Ba cos Ba (5a) 


Cop = fy sin’ (6a) 
For nonviscous flow ({y = 0) this reduces to 
c A 


Cr =2—" = Bq (cot — cot 
d Wea 


+A convenient method for calculating the potential flow around 
cascades with blades of moderate thickness and camber is contained 
in Schlichting [7]. 
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Fig. 2 Boundary layer of an airfoil section. U(x) = potential flow 
velocity; u(x,y) = velocity distribution in the boundary layer; 5 = 
boundary-layer thickness. 


Momentum equation 


dU T 
(out) — = (7) 
dz dz p 
Energy equation 
dz o P oy 


Here 7(y) is the turbulent shearing stress in the boundary layer 
and 7 is the shearing stress at the wall. In these two equations 
there are three different boundary-layer thicknesses, which are 
listed below: 

Displacement thickness 


6*U = — u)dy (9) 


Momentum thickness 


= u(U — u)dy (10) 


Energy-dissipation thickness 


4 
6**U? = u(U? — u®)dy (11) 
The phenomenon of separation of a turbulent boundary layer is 
governed by the shape parameters, H and H: 
6* 6** 


Shape parameters: H = Fr ; H= ry (12) 
The condition of separation is approximately: 
Separation: H > 2.0 or H < 1.57 (13) 


The empirical formulas for the shearing stress at the wall in 
equation (7) and for the turbulent energy dissipation in equation 


(8) are 


with = 0.012 (14) 


and 


1 Ou B 
pu ’ T > dy = Reo” with 8 = 0.0013 (15) 
Here Res = Ud/v is the Reynolds number formed with the 
momentum thickness #. 

For the details of the calculation of turbulent boundary layers, 
the papers by Truckenbrodt [5] and Speidel and Scholz [8] may 
be consulted. It is sufficient here to mention that the two basic 
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equations (7) and (8) can be solved by integration and thus give 
the momentum thickness # and the shape parameter H along 
the blade surface. 

Fig. 3 shows the result. of such a calculation of the turbulent 
boundary layer for the suction side of a single airfoil. The dis- 
tribution of the shape parameter H along the blade surface has to 
be calculated in order to obtain the point of separation. The 
momentum thickness at the trailing edge or at the point of separa- 
tion gives the drag coefficient and the loss coefficient. 

Calculation of Loss Coefficients of a Two-Dimensional Cascade. Whereas 
the coefficient of deflection of a two-dimensional cascade can be 
calculated rather accurately from potential flow, the loss co- 
efficient can be obtained from viscous-flow theory only, and that 
means from boundary-layer theory. The losses associated with a 
cascade consist of losses in the nonseparated boundary layer, of 
additional losses due to separation (if it occurs), and of losses due 
to turbulent mixing in the wake. In the results, which will be 
presented in the following section, all three parts have been 
taken into account. Here again the details of the calculation will 
be omitted. The most important formulas are transferred from 
Speidel [8]. The loss coefficient and the deflection coefficient 
are obtained from: 


20 


Loss coefficient : 
sin? Becorr 


and 
Deflection coefficient: 


6, = (1 + A* — 8) cot Becorr — cot B, (17) 


Here 6 and A* denote the dimensionless momentum thickness 
and the dimensionless displacement thickness, which are obtained 
from the momentum thickness at the trailing edge of the blade 
by the following formulas. In these J, and 6,* denote the 
momentum thickness and the displacement thickness, respec- 
tively, at the trailing edge for the suction side S and the pressure 
side P of the blade. 


d sin 


Ors + Orp 


+ 
d sin Becorr 


A* = (19) 


Furthermore B2.orr is the angle of outflow in the potential flow, 
which has been corrected to take into account the influence of the 
boundary layer on the potential flow. 

Formulas (16) to (19) sre valid for those cases where there is 
no separation on the blades. As will be shown later, optimum 
cascades occur frequently for flow conditions with a certain 
amount of stall on the blades. In such cases the loss coefficient, 
as calculated by equation (16), must be increased by the loss due 
to separation. This additional loss is caused by the fact that 
behind the point of separation the pressure distribution on the 
blade is altered as compared with potential flow theory. A rough 
estimation of this additional loss coefficient has been given by 
Speidel [8]. This is obtained by an additional momentum 
thickness }, which has to be added to the sum (#ps + Ppp) in 
equation (18). For #, one obtains 


1 w, \* 
nal 
W2corr 


Yea Means half the profile thickness at the point of separation and 
w, the potential flow velocity at the point of separation A. 

The difficult stall problem can seldom be disregarded when 
calculating loss coefficients. Before dealing with this case, a very 
simple example will be given which contains the whole viscous- 


(20) 
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Fig. 3 An example for the calculation of the turbulent boundary layer 
on the suction side of an airfoil ction; parison between 
theory and measurements. Theory by different authors: (a) Potential 
flow velocity distribution U(x). (b) M tum loss thick v. (ce) 
Shape p ter H ding to equation (12). 
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Fig. 4 Influence of viscosity on two-dimensional flow through cascades 
of fiat plates, after Gersten (18). Angle of stagger Sy = 45 deg, Reynolds 
number Re, = wic/v = 5 X 10°. (a) Angle of deflection, A. (b) Loss 
coefficient, 


flow theory of a cascade except for stall. This is a flat-plate cas- 
cade as given in Fig. 4 with the inflow velocity w, parallel to the 
plate (compare Gersten [18]). In this case the deflection Ap 
and the pressure drop across the cascade Ap are due to viscosity 
effects only. Both of them are seen plotted in Fig. 4 against the 
solidity ratio c/d for different values of the thickness of the plate 
tye. 
ment in this simple case. 


There is very good agreement between theory and experi- 
In the next section we shall discuss the 
calculation of loss coefficients for the more complicated case, 
when stall plays an important part. 

Opti Cascades; Separation and Stall. The problem of opti- 
mum cascades is rather important for turbomachinery 


As men- 
tioned earlier, an optimum cascade means one which gives mini- 
mum loss coefficients with maximum deflection. The problem of 
designing an optimum cascade is closely related to the stall 
problem. 

In Fig. 5 the problem of an “equal pressure cascade’’ is dis- 

4 By an equal pressure cascade is meant one for which there is no 
pressure drop across it: p: = m, and thus w: = w;, but 6: + 4). 
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Fig. 5 Drag coefficient for two-dimensional cascades against solidity 
ratio d/c. Reynolds number Rez = wec/v = 5 X 10°. For (1), (I), (Ill) see 
pressure distribution in Fig. 6. 


cussed with a prescribed angle of deflection AB = 30 deg. This 
corresponds to a deflection coefficient 5, = 0.55. The same deflec- 
tion can, of course, be obtained with different values of the 
solidity ratio, d/c. It is the particular value of the solidity ratio 
d/c, which gives the minimum-loss coefficient that is being sought. 
That such an optimum value of the solidity ratio d/c exists is 
evident, if the expression for the drag of the cascade blades is 
examined. The drag of one blade is 


1 
D’ = Coe 


and therefore the total drag of a cascade of length L with z = L/d: 


1 


Thus the total loss is proportional to ( ; Co): 


c 
Du~ 


For a small spacing d, the blade has a low lift coefficient and 
therefore also a small drag coefficient Cp, but (Cp:c/d) is large 
because c/d is large. For large values of the spacing d the blade 
has a large lift coefficient and therefore a large drag coefficient 
Cy. In this case the product (Cp:c/d) is large again because 
of the large value of Cp. In the latter case the blade may be 
partly stalled. In Fig. 5 both values, namely, Cp and (Cp:c/d), are 
seen plotted against the solidity ratio d/c. The scale for the lift 
coefficient also is included. The curve Cp against solidity ratio 
d/cincreases steadily. The curve of (C p:c/d) against solidity ratio 
d/c has a minimum value at about d/e = 1.1. This minimum 
value of (Cp:c/d) corresponds to the optimum cascade of this 
special case. The part of the blade which is separated on the 
suction side has been indicated in Fig. 5 by the value of z,/c. 
For the optimum cascade the separation point on the suction 
side is at z,/c = 0.79. This means that 21 per cent of the blade 
chord on the suction side near the trailing edge is stalled. This 
example has made it clear that for the optimum cascade the flow 
is partly stalled. 

The important fact that the optimum cascade is closely related 
to the stall problem can also be demonstrated by examining the 
pressure distribution on the blades. The pressure distributions 
on the blade are plotted in Fig. 6 for the three values of solidity 
ratio d/e = 0.5, 1.0, and 1.5 marked in Fig. 5. For the narrow 
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Fig. 6 Pressure distribution of cascades of profile NACA 8410 with 
equal deflection Af and different solidity ratios d/c. a = coefficient of 
separation ding to equation (22). AS = 30 deg, Reynolds number 
Re: = woc/v = 5 X 105. 
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Fig. 7 Optimum loss coefficients of two-dimensional compressor cas- 
cades (8g = 120 deg). Adu op: range of nonseparated flow. 


spacing (d/c = 0.5) there is no indication of separation on either 
side of the blade. For d/c = 1.0, which is very close to the opti- 
mum cascade of Fig. 5, the pressure distribution shows the be- 
ginning of separation on the suction side. For the large spacing 
d/c = 1.5, which is far beyond the optimum cascade, the pressure 
distribution indicates considerable stall on the suction side of the 
blade. 

An empirical criterion for separation on cascade blades is given 
by Ackeret [11], who found that the onset of stall is determined 
by the following coefficient of pressure distribution: 


Here pr denotes the static pressure at the trailing edge, pmin the 
minimum static pressure along the blade, and g; the total head. 
In Fig. 6 the numerical values of @ are included and it isfound that 
Ackeret’s criterion agrees quite well with our measurements. 
The optimum cascade can also be found by plotting the loss 
coefficient [y according to equation (4) against the dimensionless 
coefficient of deflection 6,, as given in Fig. 7. This example re- 
fers to a compressor cascade (8, = 120 deg) for which the solidity 
ratio d/c has been varied between d/c = 0.5and 1.5. Small values 
of d/c (narrow spacing of the blades) give a loss-coefficient curve 
with rather high loss coefficients {y, but with a rather wide range 
of deflection coefficients 6, (nonseparated flow). On the other 
hand, large solidity ratios (wide spacing) give small loss coeffi- 
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cients, but only in a very limited range of deflection coefficients. 
This range of deflection coefficients is marked by Ad, op: in Fig. 7. 
The optimum cascade for a given deflection 6,, but varying solid- 
ity ratio, is obtained by the envelope of the curves which cor- 
respond to different solidity ratios d/c. Fig. 7 shows that opti- 
mum cascades are obtained in that range of deflection coefficients 
where the flow is partly stalled on the suction side of the blade. 
This is in complete agreement with the data of Fig. 5. 

Examples. The theoretical results of some examples of the 
theory of cascades in viscous flow will be compared with measure- 
ments on two-dimensional cascades, which have been carried out 
in the last few years in the Institute of Fluid Mechanics in 
Braunschweig. The full details of these theoretical and experi- 
mental investigations have been published by Speidel and Scholz 
[8]. 

As already explained, two different methods of plotting the re- 
sults of cascade theory of viscous flow are used. In the first, the 
drag coefficient is plotted against the lift coefficient, as is well 
known for a single airfoil. In the second method, the loss co- 
efficient. (y is plotted against the coefficient of deflection 6,. 

For comparison of theory and experiment it is important to 
make sure that the transition from laminar to turbulent flow in the 
boundary layer does not influence the result. For this reason a 
fully turbulent boundary layer has been assumed in theory, and 
in the measurements tripping wires were attached to the blade 
surface close to the leading edge in order to fix the point of tran- 
sition. 

Polar Curves. Fig. 8 presents the first set of curves of drag co- 
efficient against lift coefficient for cascades with an NACA 0010 
profile. The blade angles Bg, are 90 deg and 150 deg and the 
solidity ratios are d/e = 0.5 to 1.25. The full curves are the 
theoretical results and the points give the measurements. The 
agreement between theory and experiment is excellent for all 
cases. In the case of the unstaggered cascade (8g = 90 deg) the 
drag curves are symmetrical with respect to the axis C,; = 0, 
whereas in the case of the staggered cascade (8g = 150 deg) 
these curves are asymmetrical. All these polar curves are of a 
type which shows a steeply increasing drag coefficient for a cer- 
tain lift coefficient. The physical reason for this is the onset of 
stall. On the theoretical curves the onset of stall has been 
marked by giving the point where the separation point is situated 
at z,/c = 0.8. 

Similar results are presented for cascades with NACA 8410 
blades in Fig. 9. They have also been obtained for two different 
angles of stagger 8, = 90 deg and 8g = 30deg. The camber of 
the blade profile shifts the range of low drag coefficients to larger 
values of lift coefficients. Otherwise the appearance of the curves 
is the same as in Fig. 8. The agreement between theory and 
experiment is good here, too. 

Loss-Coefficient Curves. Some examples of the second method of 
plotting, namely, diagrams of loss coefficient against deflection 
coefficient, are given in Figs. 10 and 12. Fig. 10 gives a diagram 
of the loss coefficient [y against the deflection coefficient 6, for 
an unstaggered cascade (8g = 90 deg) with an NACA 8410 pro- 
file and for different solidity ratios d/c. This example shows again 
that for narrow spacing the range of déflections with a moderate 
loss coefficient is large, whereas this range is small for wide spac- 
ing. Three points (1, II, III) have been marked on one of the 
curves. The pressure distributions corresponding to them will 
be given in the next figure. The angle of outflow (; is also given 
in Fig. 10 and then compared with the theoretical curves with 
and without the influence of viscosity. In the case of the loss- 
coefficient, agreement between theory and experiment is quite 
satisfactory. In the case of the angle of outflow, there are some 
minor differences, but the influence of viscosity on the angle of 
outflow is rather small. 

Fig. 11 shows the pressure distributions on the blade for three 
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Fig. 9 Polar curves Cp(C,) for cascades with profile NACA 8410 and 
angles of stagger Sg = 90 deg and fs = 30deg. Reynolds number 
Rez = wic/v = 5 X 10°. 
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Fig. 10 Cascade loss coefficient curves {y and angle of outfiow f; for 
cascades with profile NACA 8410 and angle of stagger 2 = 90 deg. 
Reynolds number Re: = wic/v = 5 X 10°. For (I), (It), (Ill) see pressure 
distribution in Fig. 11. 
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Fig. 11 Pressure distribution for cascades of profile NACA 8410 with 
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Fig. 12 Loss coefficient (y against deflection coefficient 5, for turbine 
cascades with different solidity ratios d/c = 0.5, 0.75, 1.0, 1.25. Profile 
NACA 8410, angle of stagger 6, = 30 deg, Reynolds number Re. = 
wic/u = 5 X 10°. 


different values of the angle of inflow: 6, = 95 deg, 115 deg, and 
125 deg; this corresponds to three different values of the deflec- 
tion coefficient 6,. For the largest value of the deflection co- 
efficient the flow is partly stalled as can be seen from the pressure 
distribution. Here again Ackeret’s criterion, equation (22), for 
the onset of stall has been compared with the measurements. 
Complete agreement is found with this criterion which predicts 
that stall begins at a = 0.7. 

As a last example of this kind, Fig. 12 presents the loss coeffi- 
cient curves, Cy against 6,, for a turbine cascade with a very high 
amount of stagger, 8g = 30 deg, again for different solidity ratios 
d/e = 0.5 to 1.25, In this case very large values of the deflection 
coefficient are obtainable up to about 6, = 4. A very remarkable 
feature of this cascade is that the range of deflection coefficients 
with moderate losses differs very much with the solidity ratio for 
all its values. This very peculiar feature is also well described by 
theory. 

The results given in Figs. 10 and 12 as well as in Figs. 8 and 9 
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are not yet complete insofar as they give no indication as to the 
angle of inflow 6;. The information on the angle of inflow (, 
and also on the angle of outflow 2 is given in further diagrams 
in [8] which have not been included here. 

The preceding results on loss coefficients of two-dimensional 
cascades can be summarized as follows: 


1 The loss coefficient depends to a very large extent on the 
angle of inflow 8; and thus on the deflection coefficient 6,. 

2 There is always a rather small range of values of the de- 
flection coefficient 6,, for which the flow is not separated on both 
sides of the blade. 

3. The beginning of separation (onset of stall) is always con- 
nected with asteep increase in the curve of loss coefficient against 
deflection coefficient. 

4 Optimum cascades, i.e., cascades with large deflections at 
small loss coefficients, are obtained for such angles of inflow Q,, 
for which the flow on the suction side of the blade is partly stalled. 


Influence of Reynolds Number on Loss Coefficient. The question of 
the influence of the Reynolds number on the aerodynamic 
parameters of a cascade is rather important when use is made of 
results of model tests. Primarily this influence is connected with 
the loss coefficient, whereas the other parameters are nearly inde- 
pendent of the Reynolds number. In the literature there exist 
numerous papers on this subject [19], [20], [21], [22], [24]. 
From a physical point of view the influence of Reynolds number 
on the loss coefficient of a two-dimensional caseade is the same 
as that of the drag coefficient of a single airfoil, because in both 
cases the Reynolds number effect is due to the presence of the 
boundary layer. 

In certain cases, especially those with very large deflection, the 
strong adverse pressure gradients cause separation of the flow in 
the cascade and thus losses due to pressure forces. An example of 
this kind is given in Fig. 13, taken from measurements of Jau- 
motte [20]. In this case’ the loss coefficient normally depends 
very little on the Reynolds number. But a critical Reynolds 
number may occur, for which the loss coefficient decreases very 
suddenly with increasing Reynolds number in a way similar to 
the drag coefficient of a circular cylinder. This case is not 
amenable to theoretical calculations because the flow is highly 
separated in the subcritical range of Reynolds numbers. 

If, however, the pressure distribution in the cascade is of a 
kind which nearly prevents separation from occurring, the losses 
in the cascade will be mainly due to viscous forces. In this ease 
the loss coefficients behave almost like the skin-friction co- 
efficient of a flat plate or a single airfoil. That means that for 
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Fig. 14 Loss coefficient (v2 = Ag/qo), of a turbine cascade against Reyn- 
olds number Re. = woc/v. Theory after Gersten [17]|. 


laminar flow the loss coefficient ean be expected to be proportional 
to Re~’/? and for turbulent flow to Re~’/*. In this case the loss 
coefficient depends considerably on the position of the transition 
point, which moves forward with increasing Reynolds number. 

The latter case can be treated theoretically, as has been done by 
Gersten [17], [17a]. A result of this kind is given in Fig. 14. 
In this figure the loss coefficient of a turbine cascade is plotted 
against the Reynolds number for a rather large range of Reynolds 
numbers Re: = wc/v from 4 X 104 to 4 XK 105. There are two 
theoretical curves in this figure. The first refers to a theory 
which does not take into account the losses due to separation, 
whereas the second theoretical curve does so in a way given by 
equation (20). For the theoretical calculations the point of 
transition has been taken at the pressure minimum. The experi- 
mental results are from measurements in different cascade tun- 
nels of the Braunschweig-Institute. Fig. 14 shows that the 
agreement between theory and measurement is very good. In 
this special case involving a turbine cascade with large deflec- 
tion the additional loss due to stall is only about 10 per cent 
of the total loss coefficient. 


Three- Dimensional Flow in Cascades 


So far only two-dimensional flows in cascades have been dealt 
with, but a few remarks on three-dimensional flows should be 
added. In many cases the side walls of a ‘straight cascade” and 
the tip clearances cause strong deviations from two-dimensional 
flow. In this connection the boundary layer in the corner be- 
tween the blades and the side walls is very important. The 
boundary layers in the corner give rise to strong interference ef- 
fects between the blade and the side wall and thus lead to con- 
siderable additional losses, which are called ‘secondary flow 
losses.” The interference effects of the boundary layers in the 
corner always cause premature separation. A few results 
of this kind are given in Fig. 15. This contains plots of 
loss coefficients for a compressor cascade, which is attached 
to a wall on one side, whereas on the other side there is a 
clearance between the blades and the wall [23]. The ratio 
of blade length to blade chord is h/e = 3. Owing to the 
interference effects between the boundary layers at the blade 
and at the wall the onset of stall for such a three-dimen- 
sional cascade occurs in the corners between the blade and the 
wall. The sketch in Fig. 15(a) shows the separated area on the 
suction side of the blade. It can be seen how the stalled area, 
which originates from the side walls, increases considerably with 
increasing lift coefficient of the blade. The local loss coefficients 
are plotted against the co-ordinate normal to the side wall in Fig. 
15(b). There is a very strong increase in the losses in the 
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Fig.15 Influence of side wall on the separation of the flow and the losses 
of a compressor cascade, from |23|. (a)Separated area. (b) Local loss 
coefficient (without clearance between blade and side wall). 


vicinity of the wall, and this is caused by the secondary flow in 
the corner. This secondary flow is not restricted to the boundary 
layers, but also influences the potential flow in the region between 


the blades. 


Application to the Calculation of the Characteristic Curves 
of an Axial-Flow Compressor 

These results can be applied to the calculation of a turbo- 
machine, especially to a single-stage axial-flow compressor. This 
will be described briefly since a detailed description of this method 
has been given by Scholz [9] and Muesmann [10]. In the en- 
suing discussion the following quantities will be used: 
Theoretical delivery head = Hy, 
Head loss = Hy 


Effective delivery head = H=H;,—-— Hy 


H Hy 
Stage efficiency of the cascade = ns = =1- (23) 
Peripheral velocity of cascade = u 
Dimensionless mass-flow co- 
w 
efficient = (24) 
u 
Dimensionless pressure coef- 
2gH 
ficient ¥=~ (25) 
u? 


The curves of pressure coefficient V against mass-flow co- 
efficient ® and efficiency n against ® are called the characteristic 
curves of an axial-flow compressor. From Euler's turbine equa- 
tion, one obtains 


1 
Hy, = - udw, 26) 
g 


The head loss is 


where g is the acceleration of gravity and Ag the loss in total head. 
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Furthermore the loss coefficient {y, as introduced earlier in 
equation (4), can be written 


(28) 


From the previous equations one obtains for the stage efficiency 


and for the pressure coefficient 
WV = (26, — Pf,). (30) 


From equations (29) and (30) the characteristic curves V(®) and 
(®) of the axial-flow compressor can be calculated, if the loss 
coefficient {y and the deflection coefficient 6, of the cascade are 
given. If the use of the lift coefficient C, and of the drag coef- 
ficient Cp instead of 6, and ¢y is preferred, the relations (5a) and 
(6a) should be employed. 

The next two figures give some results of the theoretical calcula- 
tion of the characteristic curves of a single-stage axial compres- 
sor. Fig. 16 gives some results from Muesmann [10] who cal- 
culated the characteristic curves of an axial-flow impeller from 
the lift and drag coefficients of a single airfoil measured over a 
very large range of Reynolds numbers. The calculation of the 
characteristic curves from measured values of lift and drag co- 
efficients has been performed with the aid of equations (29) and 
(30) and (5a) and (6a). The results in Fig. 16 refer to two dif- 
ferent Reynolds numbers, Re = 6.4 K 10° and Re = 2.1 X 10, 
which correspond to two different rotational speeds n of the 
compressor. The curves in the upper diagrams show the distribu- 
tion of the local pressure coefficient Vice and the local efficiency 
Nice Over the radius of the blade. The lower curves describe the 
total pressure coefficient V and the total stage efficiency nst 
against the mass-flow coefficient ®. In all four diagrams the 
measurements have been compared with curves calculated from 
the experimental drag and lift coefficients as explained. Sur- 
prisingly, for the large Reynolds number the measured and 
calculated curves agree very well, but for the low Reynolds 
number there is a considerable discrepancy between measured 
and calculated curves. The physical reason for this discrepancy 
is the fact that the critical Reynolds number of the rotating blade 
and of the single airfoil in a wind tunnel are entirely different. 
At low Reynolds numbers the flow on the single airfoil in the 
wind tunnel is laminar and separated, whereas it is turbulent 
and unseparated on the rotating blade. In other words, the 
secondary flow which is caused by the centrifugal and Coriolis 
forces and also the higher turbulence level in the compressor 
cause a shift in transition to considerably lower Reynolds num- 
bers and thus avoid laminar separation on the rotating blade. 

Finally, Fig. 17 gives the characteristic curves for a single-stage 
axial compressor calculated theoretically by Scholz [9] with the 
aid of theoretical-cascade coefficients as discussed in the fore- 
going. The cascade losses include two-dimensional flow losses 
and also secondary flow losses due to the effects of side walls and 
tip clearances. In Fig. 17 point D refers to the theoretical “design 
point” for potential flow. The curve of the pressure coefficient 
WV against the mass flow coefficient ® is, of course, considerably 
below this design point owing to the influence of the losses. 
The calculated curve of the pressure coefficient against the 
mass-flow coefficient has a maximum which nearly coincides with 
the maximum of the efficiency curve ns against ®. At the 
left-hand side of these characteristic curves the flow is stalled 
at the suction side of the blades at a short distance behind the 
pressure minimum. On the right-hand side of these characteris- 
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Fig. 16 Pressure coefficient and efficiency 7 of an axial-flow compres- 
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Fig. 17 Pressure coefficient Y and stage efficiency ng; against mass- 
flow coefficient } of an axial-flow compressor; calculation of Scholz 


tic curves there is separation on the pressure side of the blades. 

So far it is not possible to extend the calculation of the charac- 

teristic curves beyond these points, i.e., where stalling has 

reached a certain amount. At the condition of maximum effi- . 
ciency the blades are partly stalled on the suction side. 

The two characteristic curves of Fig. 17 are of a type which is 
well known from measurements. A quantitative comparison of 
a calculation of this kind with measurements has not yet been 
performed. But measurements are in progress to permit com- 
parison with this method of calculating the characteristic curves 
from boundary-layer theory. 


Summary 


A general survey has been given of methods of calculating the 
flow of a viscous and incompressible fluid through two- 
dimensional cascades, as worked out in the Institute of Fluid 
Mechanics of the Technical University of Braunschweig in recent 
years. 

The method permits theoretical calculation of all aerodynamic 
coefficients for two-dimensional cascades, including loss coeffi- 
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cients from boundary-layer theory, in good agreement with ex- 
periments. Special attention is given to optimum cascades, i.e., 
to cascades which give a maximum of deflection at a minimum 
loss coefficient. For optimum cascades the flow is found to be 
partly separated in most cases. The theory also gives the in- 
fluence of Reynolds number on the loss coefficients of cascades 
provided that the region of separated flow is small. Finally, the 
results of cascade theory are applied to the calculation of the 
characteristic curves of a single-stage axial-flow compressor. 
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Introduction 


I. THE stuDY of axial-flow rotating machinery, it is 
convenient to examine the performance of a two-dimensional 
cascade as a first step in analyzing the more complicated three- 
dimensional problem. In the simplest case, the two-dimensional 
results can be wrapped around a cylinder, reducing the three- 
dimensional flow to two-dimensional flows on concentric coaxial 
cylinders. The actual flow through the transformed two-dimen- 
sional cascade will no longer be on a plane but on the sur- 
face of the cylinder. A radial pressure gradient must exist to 
overcome the resulting centrifugal force produced by the cireum- 
ferential motion not experienced in the two-dimensional study. 
If this radial pressure gradient is not correct, then the flow will 
depart from the design path on the cylinder and the strictly two- 
dimensional results can no longer be applied directly to the 
three-dimensional flow. 

The radial equilibrium conditions in subsonic compressors has 
received considerable attention. Solutions for the restricted case 
of flow on coaxial concentric cylinders has been available for 
many years and the transformation of two-dimensional results for 
cases where significant radial velocities have been experienced 
also have been obtained. The general procedure has been to 
satisfy the radial-equilibrium conditions at a station just ahead 
of and just behind the blade passage. Since the pressures vary 
quite smoothly from entrance to exit conditions, the detailed flow 
within the blade passage has not been an important consideration. 
However, the application of radial equilibrium conditions to 
supersonic flows has brought several new problems into the in- 
vestigation. The general procedure was again to apply radial 
equilibrium ahead of and behind the supersonic compressor-blade 
passage. However, in the case of supersonic flows where shock 
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Nomenclature 


Radial Equilibrium in 
Supersonic Compressors 


The radial equilibrium of flow through nearly radial shock waves in supersonic com- 
pressors is considered. The most restricted useful cases for which equilibrium is 
possible are a normal shock in a rotor, an oblique shock in a stator, or a normal shock 
with variable total head in a stator. The equilibrium requirement restricts the range 


of solutions but many useful ones are still possible. 


waves may be experienced in the blade passages, very strong 
pressure gradients may occur which are not directly connected 
with the usual application of radial equilibrium ahead of and be- 
hind the blades. For such cases, the specific relations across the 
shock waves must be satisfied and impose restrictions in addition 
to the usual radial equilibrium relations. If the conditions at the 
shock waves are not satisfied, large deviations from the design 
flows will result. 

The analysis presented herein is restricted to the cases where 
the flow approximates that on coaxial concentric cylinders. This 
flow is not the only type possible; but it permits the direct ap- 
plication of supersonic two-dimensional cascade tests and shock- 
wave boundary-layer studies. It permits the design of three- 
dimensional supersonic blade passages, including shock waves, in 
which complete radial equilibrium can be established throughout 
the entire blade passage. 

The study on single shock waves presented in this paper is part 
of an investigation carried out for the Wright Air Development 
Center during the period of 1950 to 1954. The study of the two 
shock-wave configurations was part of an investigation carried 
out for the Fairchild Engine Division of the Fairchild Engine & 
Airplane Corporation during the period of 1954 to 1955. The 
authors would like to express their apppreciation to both of these 
groups for their permission to publish these results. 


Analysis 


Geometric Considerations. If the shock wave is to be a radial sur- 
face with symmetry of revolution, it must be a radial helicoid of 
constant pitch. This case, for normal shock waves, is analyzed in 
Reference [1].! If a less restrictive assumption is made, namely, 
that the shock at only one circumferential station need form a 
radial line and may depart slightly from the radial at other sta- 
tions, a much wider range of solutions is possible. The errors 
introduced by this approximation depend on the number of 
blades in the cascade and approach zero for an infinite number 
of blades. The error also depends on the pitch of the radial heli- 
coid, being zero at zero and infinite pitch. The geometric rela- 


1 Numbers in brackets designate References at end of paper. 
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Fig. 1 


tions are shown in Fig. 1. The following analysis will be carried 
out using this approximation to the true radial shock conditions. 

Another approximation which will be made in this analysis is 
that the change in the angle between the shock wave and the 
axial direction, as a function of radial position, will be unrestricted. 
The radial helicoid would give a particular value for the radial 
variation of this angle. This angle may vary for oblique shock 
waves and for normal shock waves in conjunction with the stagger 
angle of the flow. The departure from radial surfaces for both 
these effects is small for a cascade with many blades. Fig. 2 
shows the vector diagram and terminology to be used in the 
analysis of the single shock and two-shock configurations. 

Single-Shock Analysis. The radial-equilibrium relations may be 
written both in front of and behind the shock wave as 


dp, 
—e—— ged 
dr r dr r 


dp, sin? i dp, sin? 
= - and = — 
dr r = dr r 


(1) 


The flow conditions at 1 and 2 must be related by the shock rela- 
tions and the conditions at 1 to the initial stagnation conditions 
by the isentropic flow relations. 

By applying the isentropic flow relation for a perfect gas, the 
radial-equilibrium conditions at 1 which must be satisfied may be 
written as 

sin? B; 


IM, 1 dpo 


1 M.2 dr Por dr 


It is interesting to note that the stagnation-pressure variation 
with radius enters this expression but the variation of the speed 
of sound or stagnation temperature with radius does not. Ex- 
amination of Equation (1) will show that, since the density varies 
inversely, and the velocity squared directly, as the stagnation 
temperature at any given Mach number, the product is unaf- 
fected by stagnation-temperature variation. In general, a varia- 
tion in the stagnation pressure with radius would have to be 
created by the cascades ahead of the one being considered in this 
analysis. The efficiency of these cascades would dictate the stag- 
nation temperature-pressure relation. However, this efficiency 
need not be specified in consideration of the radial equilibrium 
conditions at 1. 

The next step in the analysis is the formulation of the radial- 
equilibrium conditions at station 2. The conditions at 2 are re- 
lated to 1 by the shock relations 
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sin? a, — 
¥+1 


pr ~ — sin? a, + 2 


V sin a, sin ¢» —1 Vs 
= = = +] pido, (1 + 
Ver Sin a sin 2 


Pi Qo; Mu sin 
SIN SIN 
sing; Sin @, =p; 


M,,,? sin 2a; — 2 cot a 


ti )= 
2+ Murty + cos 2a;) 


where @ = u/do, is a nondimensionalized peripheral speed. If 
these relations for the shock wave are now substituted into the 
radial-equilibrium equation at station 2, the following equation is 
found 

4 d(M,, sin @) 
¥+1 dr 

r Wy tl + sin? 


Ay, (: + 2 
SIN SIN Pe 
+ 


sin a SiN 
My sin 


Sin ¢ SiN Sin SiN 
1 2 
2 
¥+1 (¥ + 1)Muai? sin? 


9 
(. + j Mu sin* a y+1 (4) 


Four auxiliary relations also are required which are easily ob- 
tained from the vector triangles. 
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Mau sin g = My sin +75 Mu?) 


tan 8, = 


V/s 
(y + 1) aM, sin a, (: Mu) 
2 


/s 
(: Mu?) + Ma sin 
oon ao1 2 
Ma cos 
Sin 


To solve the problem, it is necessary to satisfy Equations (2) 
and (4). The unknowns are Mu, 6:1, a, Po, and a. ao; is not 
considered an unknown but is related to Pa by the previous his- 
tory of the flow. The stagnation-temperature relation enters 
only in connection with the rotating speed. Since this term is zero 
for a stator, it is only important in the rotor. There are five un- 
knowns and two equations, so it is possible to specify any three 
conditions and still obtain a solution. 

Specific Solutions. Since any three parameters may be specified, 
an infinite number of solutions may be obtained for various values 
of these parameters. In this analysis, a few of the more interest- 
ing cases will be considered: 

If we consider the case of the normal shock wave, a, = 90 deg, 
Equation (4) simplifies to 


dr r 
V/s 
y¥-1 (1 + Mu?) 
1+ : 
(¥ + a Mu sin 


(y¥ + 


If the further specification of constant total head is made, Equa- 
tion (2) becomes 


Ma. sin? 8, 1 


r dr (6) 


1+ 
It is still possible to specify a and obtain a solution. 
For a = 0, the case of a stator, Equation (5) becomes 


dMu sin*® 
(y 1)M,,? + 1 dr r 


Combining Equations (6) and (7) gives 


y-1 
— — — 1 r 


The only solution valid over a range of r is the trivial one of sin? 6; 
= 0 or axial flow. If the condition of constant total head is re- 
laxed for 7 = 0 Equation (2) replaces (6). Equation (7) may be 
integrated to give 


sin? B, My? — + 1\] 
[( Ma? — +1 ) 


and for 8; constant with r 
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C08 ¢: sin? a, — (y — — sin + 2]}'/* cos 


= Gi — — &%) 


and Equation (2) integrates to give 


2 1 
Po Mu? — 1 yMu? + 1 


for all 8; distributions that satisfy (7). 

If the case of a rotor is considered, d@ ~ 0, then the equilibrium 
relations will result in other 8-distributions beside the trivial case 
of 8 = 0 found for ad = 0. 

Oblique shock solutions may be found by specifying a value of 
a; not equal to 90 deg. If a; is specified as a function of r, the 
same restrictions exist for oblique shocks as for normal shocks. 
If, however, the value of a; is only specified at one value of r, then 
the variation of a, with r allows sufficient freedom so that po; can 
be held constant in the case of oblique shock in the stator. For 
these cases numerical integration must be used to solve the result- 
ing equation. 

Twe Shocks. If the case of two shocks in one cascade is con- 
sidered, the first one must be an oblique and the second one either 
oblique or normal. If considerations are limited to the cases 
where there are no changes between the shock waves, an analysis 
similar to the one presented for the single shock wave can be 
made. The vector diagram for this case is shown in Fig. 2. In 
principle, the analysis is similar, but algebraically considerably 
more complicated. An oblique shock wave with variable a gives 
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sufficient freedom so that it may be added without imposing any 
new restrictions. The second shock wave may be normal in a 
rotor for constant total head and normal in a stator for variable 
total head. 


Results 


The general results found are that the most restricted condition 
for which radial equilibrium can be obtained in stators is a normal 
shock wave with variable total head or an oblique shock with con- 
stant total head but variable shock angle. In rotors, radial equi- 
librium can be obtained for normal shocks at constant total 
heads. These results are based on the assumption that My and 
8; are unspecified functions of r. If it is desired to restrict one 
of these parameters, one other parameter must be left free. The 
oblique shock with variable angle has enough free parameters to 
be fitted into any flow condition which gives radial equilibrium in 
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front of the shock. A shock of this type can be added to a cascade 
which is in radial equilibrium without restricting the possibility of 
a solution. 

Numerical calculations have been made for several cases to de- 
termine the variations of the different parameters with radius. 
In all cases, the parameters which are not specifically mentioned 
are held constant. 

Several cases of a normal shock in a stator have been calculated 
and are presented in Fig. 3. Calculations have been made for 
8B, = 30 and 60 deg with My, = 1.5 and 2. It should be noted 
that 8B; = 30 deg and M,, = 1.5 gives relatively uniform condi- 
tions down to r/r; = 0.5 but that for 8; = 60 deg and Mu, = 2 
a reasonable solution can be found only to about r/r,; = 0.85. 

The case of a normal shock in the rotor at constant total head 
is shown in Fig. 4. The calculation has been carried out for B,, = 
30, 0, and —30 deg and a, = 1.33, 1.64, and 1.93. My, has been 
taken as 0.6 for all of these calculations. If the inlet stagger angle 
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¢: is limited to 75 deg, the results for 8;, = 0 and —30 fall within 
this limit up to reasonable radius ratios, but 8, = 30 deg gives 
results which are generally beyond this limit. The values of My 
and M,: seem reasonable for all cases except that the Mu for 
Bi: = —30 deg and %, = 1.33 is probably too close to one for a 
useful design. 

Fig. 5 shows the case of an oblique shock in a stator. The calcu- 
lation was made for 8; = 30 and 60 deg and 6, = 10 deg. For 
the higher Mach number-higher stagger angle case, the variation 
with radius is large and the maximum deflection angle is reached 
for relatively small change of radius. Large changes in 6 mean 
corresponding changes in a; which may cause the shock to deviate 
markedly from a radial surface. 

Calculations have been for only one case of two shocks in a 
rotor. This calculation, for a rotor with an oblique and normal 
shock, has been carried out for the following numerical values: 


fly Mas But Limiting value of 
r/re 

5 0.8 0 15 _ Between 0.6 and 0.5 

5 0.8 0 10 Between 0.6 and 0.5 

5 0.8 30 5 Between 0.8 and 0.7 

a) 0.8 —30 5 No limit to 0.5 


This table also shows the limiting value of r/r, to which the calcu- 
lation could be carried. The variation of Mii, 8:, and ¢; with 
r/r, is shown in Fig. 6. As the figure shows, the variation with 
radius can be rather large for some of the initial values of the 
variables. 


Discussion 


These calculations show that, in all cases, it is possible to obtain 
reasonable compressor designs using the radial equilibrium restric- 
tions presented in this analysis. In some cases,the radial equi- 
librium relations impose rather severe restrictions on the varia- 
tion of the flow parameters with radius, but it seems possible to 
comply with these restrictions. 

Probably the most common cascade design would involve a 
leading-edge oblique shock followed by a normal shock. This 
case has been treated and a solution is shown to exist. In many 
cases, expansion and compression waves might be introduced be- 
tween the shocks. This addition would complicate the calcula- 
tion but the problem could still be handled by the same methods. 
The analysis presented does not cover all possible cases, but may 
be extended readily. The analysis and calculations show the 
areas in which solutions are possible and the variations with 
radius which are required to satisfy the equilibrium requirements. 


Conclusions 


1 Radial equilibrium through shock waves in both rotors and 
stators of supersonic compressors is possible for both oblique and 
normal shocks. 

2 The most restricted case for which equilibrium is possible 
in a stator is a normal shock with variable total head or an oblique 
shock with variable shock angle. 

3 In a rotor, a normal shock will satisfy radial equilibrium 
with constant total head in front of the rotor. 


1 Pierre Schwaar, ‘“‘Contribution to the Study of Supersonic Axial 
Compressors,”” Zeitschrift fiir Angewandte Mathematik und Physik, 
1954, pp. 136-150. 

2 §S. M. Bogdanoff, “Axial Flow Compressors—Part 1: A Study 
of the Fluid Mechanics Problems Associated With Optimizing Per- 
formance,”” WADC Technical Report 54-514, 1954, confidential. 
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DISCUSSION 
J. F. Klapproth? 


The problem of radial equilibrium in supersonic compressors 
has been of concern to designers since the early work in these com- 
pressors. The initial work by Dr. Kantrowitz at NASA Langley 
attempted to establish equilibrium conditions ahead and behind 
the shock by use of annulus curvature. Later work at the NASA 
Cleveland Laboratory was based on establishing simple radial 
equilibrium at the rotor inlet and behind the shock location. This 
paper extends these considerations with a much more detailed 
mathematical treatment, as well as considering any number of 
axial stations between the inlet of the compressor to just down- 
stream of the shock. 

_ The question of the number of axial position inside the blade 
row where simple radial equilibrium (no radial flow) can 
be established might be raised. It is apparent that, if substantial 
changes in the swirl component are made inside the compressor- 
blade row, then simple radial equilibrium cannot be established 
continuously for compressible flow. There must be some radial 
flow adjustment. It was the feeling at NASA that the important 
locations for establishing simple radial equilibrium were (1) ahead 
of the rotor, (2) behind the normal shock, and (3) between the 
rotor and the following stator. Equilibrium will be nearly estab- 
lished, in any case, ahead and behind the blade rows for the low- 
aspect-ratio blading generally used, and the problem here is one 
of determining proper angle distributions for a given total flow 
and desired tangential-velocity distribution. Oblique shocks that 
are formed near the inlet, in most instances, will be forced to exist 
because of blade shape. Both their strength and their position 
will be fixed by the blade contour and the upstream equilibrium 
condition. 

The strong shock, on the other hand, will be a result of a back 
pressure with the radial distribution determined by the down- 
stream flow conditions. In order to form a normal shock, the 
downstream pressure distribution must be compatible with the 
normal shock. Thus, for compressors of constant hub and tip 
radii, the condition of simple radial equilibrium at the shock 
position was considered critical. 

The examples used in the paper for the rotor case shown in Fig. 
4(a) are quite similar to those obtained at NASA, considering 
simple radial equilibrium behind the shock.? The examples which 
were computed for Fig. 6(a) show a relatively small difference for 
the same tip-inlet condition of 8,, = 0. The question can be 
raised as to whether this slight difference results primarily from 
the different equilibrium conditions which must exist behind the 
shock because of the change in the absolute swirl angle rather 
than from considerations of equilibrium behind slightly differing 
weak shocks between the entrance and the normal shock. 

A statement made in the paper regarding Fig. 6(b) deserves 
some comment. Mach numbers resulting from 8;, = —30 deg 
and uip = 1.33 were considered as “probably too close to 1.0 for 
a useful design.’’ The early history of supersonic-compressor de- 
sign followed the philosophy of designing with relative Mach 
numbers well above 1.0 to insure shock attachment and ease of 
mathematical description of the flow. The net result was, gen- 
erally, that at tne fully supersonic design condition, performance 
was mediocre. On the other hand, the maximum efficiency for 
most designs was quite close to the condition where the relative 
Mach number was 1.0. This was the case for the compressor 
designed for simple radial equilibrium behind the normal shock 


? Supervisor, Compressor Development Unit, General Electric 
Company, Cincinnati, Ohio. 

3 Harold Lown and M. J. Hartmann, “‘Investigatian of a 24-Inch 
Shock-in-Rotor Type Supersonic Compressor Designed for Simple 
Radial Equilibrium Behind Normal Shock,"” NACA RM E51H08, 
1951. 
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which corresponded closely to 8; tip = 0 and u, = 1.64 of Fig. 
4(a). The conclusion was reached at NASA that, for most de- 
signs, the difficulty arose from the shock boundary-layer interac- 
tion and separation. 

The primary point the writer believes should be made is that the 
most critical design problem for supersonic compressors is that 
of shock boundary-layer interaction, and either the prevention of 
separation or the insurance of reattachment if separation does 
oceur. The author is well qualified to comment on this problem. 
Only after this condition is met does the writer consider radial 
equilibrium as being a significant design problem. The question 
can then be raised as to the need for satisfying equilibrium at 
stations intermediate to the inlet and the normal shock. 


L. C. Wright* 


The expressed intent and purpose of this paper certainly con- 
curs with the writer’s beliefs derived from both experimental and 
analytical experience; that is, it is absolutely essential to establish 
a close approach to radial equilibrium throughout a highly loaded 
blade row if we expect to obtain efficient operation while ap- 
proaching the maximum loadings or diffusion rates one-dimen- 
sionally or two-dimensionally allowable. However, the restric- 
tion of the current analysis to flow between coaxial concentric 
cylinders for the entire axial-blade depth appears to eliminate, 
from a practical viewpoint, all compressor performance levels for 
which the use of supersonic compressors now appear justified. 
The use of high loadings implies large pressure ratios which must 
require an annulus-area reduction over the blade row in order to 
stay within the two-dimensional loading limits. 

This is, of course, a real consideration which does not in any 
way affect the analytical problem or its solution except for its 
applicability. 

Speaking from a practical viewpoint again, it appears possible 
to use the one normal shock solution or the oblique and normal 
shock solution for establishing an inlet-flow region of a supersonic- 
blade row of reasonable radius ratio. Then after suitable correc- 
tion for boundary-layer effect on the shock strength and allowance 
of a short stabilizing area, the solution would be continued with 
an axisymmetric stream-filament treatment, beginning with the 
conditions behind the shock, for the annular converging subsonic 
passage in which both streamline curvature and entropy variation 
would be considered. 

With regard to the equations used in this paper it would appear 


¢Compressor Aerodynamic, Design and Development—CES, Gen- 
eral Electric Company, Cincinnati, Ohio. 
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that the assumption of simplified radial equilibrium even for a 
cylindrical annulus in itself implies another relation to the effect 
that the summation of all other terms (excluding V¢?/r) in the 
complete equation of motion must be zero. Terms in this second 
relation which do not enter explicitly into equation (2) for SRE 
may vary so long as the foregoing summation is zero. When this 
is no longer true, equation (2) will no longer represent the actual 
flow conditions. Hence, while the effects of arbitrary stream 
and stagnation-temperature variations along the radius may not 
affect equation (2), it will affect the validity of using such a radial 
equilibrium equation. 

The results of Fig. 4(b) for a single normal shock rotor would 
constitute a useful and interesting experimental check problem 
if the inlet portion of the rotor were designed as herein described. 
The rotor design would then be completed as previously men- 
tioned by means of an axisymmetric stream-filament procedure. 
The transition region where the two calculational procedures meet 
could probably be modified by empirical results from boundary- 
layer shock studies. 

It appears that any practical application of the stator proce- 
dures to a stator for deceleration through sonic velocity may re- 
quire a fortunate combination of circumstances in order to match 
the rotor-outlet absolute total pressure to the required stator-inlet 
distribution. This may be possible, however. 

In conclusion the writer considers the subject paper of prac- 
tical interest as a design procedure for inlet regions of supersonic 
shock in rotor-type rotors (with shock at or near inlet) and pos- 
sibly for supersonic stators where deceleration to subsonic veloci- 
ties are required. In other practical applications the simplified 
radial-equilibrium equation is of questionable applicability. 


Authors’ Closure 


The comments of Mr. Klapproth and Mr. Wright point out 
the consideration which has been given to the radial equilibrium 
problem in supersonic compressors. The solution given in this 
paper is merely an attempt to point out the limitations imposed 
by equilibrium considerations. It is perfectly true that, in the 
design of a compressor, many other problems would have to be 
considered. 

The calculations have been made for the cases which are the 
most restricted with a rather arbitrary choice made in fixing 
certain parameters. Because of the large number of parameters, 
it is necessary to make these arbitrary restrictions. In an actual 
design, much greater freedom can be obtained by relaxing these 
conditions to fit specific requirements. 
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Résumé of the Supersonic-Compressor 
Research at NACA Lewis Laboratory 


Each phase of the supersonic-compressor program conducted at the NACA Lewis 


Laboratory is reviewed with a discussion of the objectives and results of the various ex- 


Aeronautical Scientists, National 
Aeronautics and Space Administration, 
Lewis Research Center, Cleveland, Ohio 


periments and associated analyses. Particular emphasis is placed on the state of de- 
velopment at the time the work was done, the advancement resultii:g due to this program, 
and the association of the several phases of the research program. 


all the reference material of this program serves as a background for further work in 


the area of supersonic compressors or related fields. 


comments on the results of the supersonic-compressor research program avd a meition 


A; Wortp War II came to a close, the aircraft- 
propulsion field was deeply engaged in the development of the 
turbojet engine. Development of the turbojet had progressed 
to the point where supersonic flight was on the horizon, As 
higher flight speeds were obtained the effect of engine weight 
per unit thrust became even more significant. The designer was 
forced toward the use of higher engine air flows per unit frontal 
area and the use of lighter weight engine components in order to 
meet the high-speed flight requirements. The compressor was 
often the component that established the engine diameter. To 
improve engine compactness, higher compressor unit air flows and 
stage-pressure ratios were necessary. Higher stage-pressure 
ratios were desirable to obtain the required pressure rise with as 
few compressor stages as possible, making feasible a lighter and 
more compact machine. 

At this time it was customary (because of the blade shapes 
being used) to limit relative flow velocities to values no higher than 
that equivalent to a Mach number of 0.7. Above this value per- 
formance deteriorated rapidly. This limitation of relative velocity 
limited both the weight flow per unit frontal area and the rota- 
tional speed of the blade rows, resulting in low stage-pressure 
ratios. Obviously, if performance deterioration could be avoided 
at higher relative blade velocities, large potential gains in the com- 
pressor field could be realized. These were the reasons for the 
considerable effort expended to develop high-speed compressors. 

At that time (about 1945) information became available from 
numerous investigators demonstrating that supersonic flows in 
passages could be handled efficiently. Analytical studies based 
on these results indicated the feasibility of supersonic flow in 
compressor-blade passages. The first NACA experiment on a 
supersonic compressor was conducted at Langley Field, Va., using 
Freon-12 as a test medium. These results were later checked 
by the NACA Lewis Laboratory using air as a test medium in the 
early part of 1948; the experimental performance obtained indi- 
cated both the potentiality and the problems for this type of 
compressor. 

This was the beginning of the supersonic-compressor research 
program at the NACA. This program at Lewis Laboratory 
eventually included approximately a dozen research compressors, 
several supersonic-cascade experiments, and numerous analytical 
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of possible future applications. 


and design investigations. The supersonic-compressor program 
at the Lewis Laboratory extended to 1956 and involved the efforts 
of a considerable number of people, all of whom to the authors’ 
best knowledge are credited in the reference list. 

The subject of this paper is the research program on supersonic 
compressors at the NACA Lewis Laboratory. The method of 
presentation is to discuss related groups of investigations, their 
origins, problems encountered,” and results. (This method of 
presentation was selected rather than a chronological discussion.) 
These areas of investigation are then related to one another to 
indicate the scope of the program, the philosophy, and the results 
of these investigations. 

This paper provides an over-all reference and discussion of 
supersonic-compressor work at the NACA Lewis Laboratory and 
other research organizations. 


First Concepts and Experiments 


The first supersonic compressors were designed from supersonic- 
diffuser concepts and data obtained by Kantrowitz and associates 
[1].! Fig. 1 presents the internal compression supersonic diffuser 
and considerations made to adapt these concepts to compressor 
blading. Normal operation of an internal supersonic diffuser, 
shown in Fig. 1(A), is as follows: Supersonic velocities are reduced 
as area is reduced until a normal shock occurs near the minimum 
area, which transforms the velocities to subsonic values. These 
subsonic velocities are then further reduced by the divergent or 
increasing area portion of the diffuser. The losses occurring in 
this process are largely due to the normal shock and the down- 
stream subsonic diffusion. It was recognized that, if super- 
sonic deceleration could not be established in the convergent 
portion of the diffuser (unstarted operation), a bow wave would 
form ahead of the diffuser, Fig. 1(B), resulting in much higher 
shock losses due to the higher Mach number at the shock-wave 
position. Therefore objectives of the early diffuser investigations 
were to determine experimentally the contraction ratios which 
would allow supersonic flow to exist in the converging portion 
of the diffuser and to determine the rate of area increase suitable 
for efficient diffusion after the normal shock. 

Application of the knowledge gained by this investigation to 
compressor use is shown by the supersonic-compressor blade 
passage in Fig. 1(C) and is discussed in reference [2]. Also shown 
are inlet and outlet vector diagrams. It is obvious that the com- 
pressor-blade shape derived from supersonic-diffuser considera- 
tions differs greatly from the airfoil sections previously used. 
The inlet vector diagram indicates the vector addition of a sub- 
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Fig. 1 Internal compression diffusers and supersonic blade passages 


Fig. 2 24-in. supersonic-compressor reter used in initial supersonic- 
compressor investigations [5| 


sonic axial velocity V, with a high blade rotational speed U 
resulting in a supersonic inlet relative velocity V’,;. This super- 
sonic velocity V’; decreases as it approaches the minimum area, 
which was determined frém diffuser experiments with a correction 
for blade curvature (this correction was suggested in ref. [2] and 
was experimentally verified in the cascade investigation of reference 
{3}). After the minimum area where a normal shock is induced, 
the passage area is increased to allow further reduction in the 
subsonic velocity following the normal shock. Thus the relative 
velocity shown in the outlet vector diagram is drastically reduced 
with a small amount of passage turning. When this outlet 
relative velocity is vectorially added to the blade rotational speed 
U, a large energy addition AV» results. When shock and dif- 
fusion losses obtained by the diffuser investigation were applied 
to this compressor-vector analysis, good compressor performance 
was indicated. 

To verify this analysis, a compressor model was designed, 
built, and tested in Freon-12 (use of Freon reduced blade stresses). 
The model test results [4] indicated that it was necessary to use 
a lower subsonic diffusion rate than that determined in the dif- 
fuser tests. This modification was accomplished by decreasing 
the compressor passage height at the exit. 

Following these initial investigations, 
air compressor [5, 6] was built. 


1 24-in-diam supersonic 
Combination of thin blades and 
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high stresses (caused by the 1600-fps rotational tip speed) neces- 
sitated a tip shroud. This compressor rotor is shown in Fig. 2. 
The tip shroud, blades, and hub were milled from a single steel 
forging. The performance of this rotor, presented in Fig. 3, 
shows a peak total pressure ratio of 1.93 and an adiabatic efficiency 
of 0.79 [6] at the design equivalent tip speed. Although ef- 
ficiencies were not as high as expected, performance of this*com- 
pressor rotor was considered encouraging. 

In order to improve the relative inlet Mach-number distribu- 
tion near the hub, a set of inlet guide vanes was designed to 
turn the air flow in a direction opposite to the rotor rotation. 
These guide vanes were expected to produce an increased pressure 
ratio because of an increase in energy addition. Tests results, 
however, did not corroborate this supposition. The use of 
inlet guide vanes decreased the total-pressure ratio from 1.93 
to 1.85 and the adiabatic efficiency from 0.79 to 0.77 [7]. This 
reduction in performance was presumed to be a result of the 
unsteady effects caused by guide-vane wakes entering the region 
of shock patterns in the rotor. Reduced diffusion in the rotor 
passage or increased mixing losses accompanying thicker boundary 
layers or separation could also have occurred. 

The supersonic diffuser-cascade studies and the initial super- 
sonic-compressor investigations indicated that blade rows could 
be operated with supersonic relative velocities with reasonably 
good results. Thus these initial experiments brought out some 
problems as well as the potentiality of the supersonic compressor. 


Supersonic-Compressor Vector Diagrams 


The success of the initial experiments mentioned previously 
encouraged a number of investigators to make more thorough 
studies utilizing relative supersonic velocities in compressor blad- 
ing [2, 8, 9]. An over-all picture of the supersonic compressor 
potentiality can be obtained from reference [9]. Numerous 
variables such as blade speed, turning, relative Mach number, and 
so on, were taken into consideration in this one-dimensional, 
vector-diagram analysis [9]. In this study the compressor 
configuration was limited to one moving and one stationary 
blade row. Four combinations of subsonic and supersonic 
relative velocity in the passages were studied and will be discussed 
in the following paragraphs. 

Compressor | (shock in rotor) consisted of a normal shock in 
the rotor and conventional subsonic stators. This rotor was 
the type used in the initial experiments and is illustrated in 
Fig. 4(A). 

In this case the relative inlet-rotor velocity encounters a 
normal shock at the minimum area and is reduced to subsonic 
values. The velocity entering the stationary stator blade row 
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Fig. 4 Sketch of four sup ic-compressor types (9) 


is subsonic. A study of the vector diagrams of this con- 
figuration showed that reasonable performance might be expected 
at a total pressure ratio of 3.5. Above this pressure ratio, high 
values of stator inlet angle and relative Mach numbers are en- 
countered, which may pose a difficult design problem. 

Compressor I1 is a natural extension of the previous compressor 
in which the vector diagrams are such that supersonic velocities 
are allowed at the stator entrance. The illustration of this com- 
pressor in Fig. 4(B) shows a normal shock in both the rotating 
and stationary blade rows. A stage pressure ratio of about 6.0 
may be available before the passage turning angles become ex- 
cessive. However, some special means of stabilizing the shock in 
both blade rows may be necessary. 

Compressor lil [supersonic turning—Fig. 4(C)] is similar to that 
previously described in that both blade rows have supersonic 
entering velocities. It is different, however, in that no strong 
shock is taken in the rotating blade row. The energy addition 
(or torque on the fluid) is produced largely by supersonic turning. 
A shock is necessary in the stator blade row to obtain subsonic 
outlet flow. The pressure ratio obtainable by this configuration 
can be very large depending on the amount of supersonic turning. 
However, the stator-entrance Mach number increases rapidly with 
the rotor turning. Fig. 4(C) shows a pressure ratio of 5.0, which 
should be available with relatively good performance character- 
istics. 

Compressor IV shown in Fig. 4(D) consists of a subsonic high- 
turning rotating blade row followed by supersonic stators. The 
stators would require a strong shock to obtain subsonic velocities. 
A pressure ratio of approximately 4.0 seems reasonable with this 
type of machine but, at this level, high turning angles and high 
losses can be expected in the stators. 

When the field of supersonic compressors is viewed in this 
manner, three main areas of research appear, which include 
strong shocks in rotating blade rows, strong shocks in stationary 
blade rows, and supersonic turning without normal shock waves 
in rotating blade rows. The supersonic-compressor groups shown 
in Fig. 4 represent various combinations of these three research 
areas. 

Compressor II appeared to have an extra complication due to 
the necessity of establishing the shocks in the two blade rows 
at a given design condition. For this reason, study of this 
compressor was deferred until the detail flow phenomena were 
better understood. 

Compressor IV had the same shock-in-stator problems as 
compressor combinations II and III. An axial-discharge cen- 
trifugal impeller, which had been designed for an earlier research 
program, fell in this category. Results of tests with this machine 
are given in references [10] and [11]. Thus some information 
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was available on this type of compressor and the remainder of 
this discussion will deal with the three research areas mentioned 
previously. 


Shock-in-Rotor Superssaic Compressors 


As previously mentioned, the first application of supersonic 
relative flows was in a design of the shock-in-rotor type. Whereas 
the results of tests of the 24-in. supersonic compressor were 
encouraging for the over-all viewpoint, rather poor distributions 
of velocity existed at the rotor outlet. This condition, which 
would complicate stator design, was attributed to radial trans- 
port of low-momentum air; that is, strong secondary flows were 
suspected. This maldistribution of velocity limited the dif- 
fusion that could be obtained by the rotor blade row, thus re- 
ducing the possible energy addition. 

In an effort to improve this situation, a rotor was designed 
in which radial equilibrium was to be established behind the 
normal shock [12]. The shock configuration for this rotor, 
shown in Fig. 5, utilized a weak compression wave from the pres- 
sure surface followed by small expansions to the normal shock 
at the minimum area section, Experimentally, a pressure ratio 
of 2.02 was obtained at an adiabatic efficiency of 0.74. The 
fact that no appreciable improvement over previous experiments 
was obtained was attributed to failure to obtain the design- 
shock configuration. This failure to obtain design-shock con- 
figuration prevented the establishment of the design radial 
equilibrium. At this time very little was known of the shock 
boundary-layer interaction in rotating rotor blades, but this 
phenomenon was suspected to be one of the major reasons for 
departure from the design conditions, 
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Fig. 5 Design pitch section of 24-in. supersonic-compressor rotor [12] 
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sonic-compressor rotor component with e mpression [14] 


In the parallel field of supersonic diffusion as applied to air 
intakes, tunnel diffusers, and so on, interest in the external-spike 
type of diffusion (Oswatitsch) had been increasing. The use of 
external oblique compression waves to decelerate to low Mach 
numbers, as shown in Fig. 6(A), allowed better over-all pressure 
recovery than was obtainable from diffusers which required 
supersonic flow into a throat area. The application of these 
principles to compressor blading is shown in Fig. 6(B) and was 
first tried in a stationary cascade at Mach numbers varying from 
1.35 to 1.64 [13] and indicated that such a flow condition could 
be established. 

A rotor designed to incorporate this principle of external 
diffusion was investigated in reference [14]. This rotor was 
first designed to diffuse isentropically to Mach 1 at the passage 
entrance and then was recontoured in steps to reduce the external 
compression to values suggested by the work of reference [4]. 
As might be expected from boundary-layer considerations, the 
isentropic compression model did not achieve design entrance 
conditions. Although the recontouring of the blade resulted in 
a close approach to design, improvement in performance was 
relatively minor. At design speed of 1600 fps this rotor had a 
pressure ratio of 2.20 at an adiabatic efficiency of 0.72 per cent. 
One feature of this rotor, which is worth noting, is the fact that 
there is some range of operation at all speeds as shown in Fig. 7. 
It is a characteristic of the external-shock system that some 
adjustment of incidence angle is possible. 

One other rotor was built along the principles of external 
compression diffusers that attempted more nearly to consider the 
limitations determined in the cascade study [15]. No particular 
improvement in over-all performance was noted, although the 
detailed data obtained in these tests allowed a better under- 
standing of the flow phenomena at various blade elements. The 
authors of this work suspected shock boundary-layer interaction 
and suggested that any further work with this type of compressor 
should consider the loading limits given in references [16] and [17]. 

The experiments described represent a summary of the work 
on shock-in-rotor supersonic compressors. In general, the losses 
encountered were somewhat higher than expected, resulting in 
low compressor efficiencies. Also, because of shock boundary- 
layer interaction and radial flow effects, the amount of over-all 
diffusion that could be obtained was somewhat lower than ex- 
pected, thus limiting the experimental pressure ratios. These 
experimental compressor rotors were designed to operate at a 
rotor tip speed of 1600 fps. At these speeds the blades could 
not be extended to a very low hub diameter without encountering 
blade-stress limitation. Thus mass flow per unit frontal area 
was somewhat limited. These experiments included only rotor 
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performance; it was felt that whereas the stators were sub- 
sonic some penalty would be taken because of the poor flow 
distributions existing behind these rotors. Further discussion 
of the results of this research program will be taken up in a fol- 
lowing section. 


Supersonic-Compressors Rotors Without Normal Shock 


The one-dimensional analysis had pointed out the considerable 
potential of rotors utilizing supersonic turning without shocks. 
Some experimental results [18] of a cascade investigation in- 
dicated that 90 deg of supersonic turning could be accomplished 
with very little loss. If this turning could be accomplished in a 
rotating blade row, efficient, high-pressure ratio compressor 
rotors would result. This type of compressor requires large 
diffusion rates in the stators. Whereas considerable trouble had 
been encountered when diffusing in rotating blade rows, it was 
felt that more sophisticated diffusion techniques could be used in 
the stationary stator blades. 

The first rotor channels of this type were designed graphically 
by a modified three-dimensional method of characteristics. Since 
the main purpose was to achieve turning without shocks and dis- 
turbances, the turning in this first rotor was kept to a moderate 
value (a mean value of approximately 47 deg) by the use of inlet 


Fig. 8 16-in. high-turning super 
shock" (turning less than oxial, 
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Fig. 9 Performance characteristics for 16-in. (turning less than axial) 
impulse-type supersonic-compressor rotor [19] 
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roter without strong shock, with turning post 
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Fig. 11 16-in. high-turning supersonic-compressor rotor without strong 
shock with turning to the axial direction [21] 


guide vanes and blade turning to less than the axial direction. 
Fig. 8 shows a rotor that was constructed [19] to follow this 
design as cl ly as mechanically possible. The rotor achieved 
a peak pressure ratio of 3.6 and adiabatic efficiency of 0.80 at 
design speed of 1600 fps as shown in Fig. 9. 

The vector diagram for the second experimental supersonic 
turning rotor, which utilized considerably higher passage turning 
and the same outer shroud, is shown in Fig. 10, the mean turn- 
ing angle being increased from 47 to 72 deg [20]. This resulted in 
a turning of about 10 deg past the axial direction. As shown 
in Fig. 10, the experimental performance at design speed gave a 
pressure ratio of about 5.5 at an adiabatic efficiency of about 
0.75. These experimental performance values were reasonably 
good but some undesirable characteristics can be observed in 
Fig. 10. First, as expected, the discharge absolute Mach numbers 
become very high and could be a source of losses in stators. 
Also, when back pressure was applied to the rotor (a decrease in 
the M,’-vector), a decrease in the energy addition AV¢ resulted. 
With stators in place, it was difficult to establish the supersonic 
flow throughout the rotor passage. 

Although supersonic turning past the axial direction was ob- 
tained in this experiment with reasonably good rotor performance, 
vector-diagram analysis indicated some difficulties in matching 
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Fig. 13 High-turning supersonic-compressor rotor (0.6 hub-tip radius 
ratio) without strong shock with turning to the axial direction [22] 


these rotors with stators. From this standpoint, it was concluded 
that turning should be limited to about the axial direction. 

Two more experiments dealing with this type of compressor 
rotor were conducted, both of which utilized turning to the axial 
direction. The first rotor was designed by a quasi-three-dimen- 
sional method, which employed the stream-filament approach 
to determine blade mean line, thickness distribution, and change 
in annulus height of the passage. This method, described in 
reference [21], with suitable assumptions allows complete descrip- 
tion of the flow in this type of compressor rotor and assignment 
of appropriate blade loadings. 

The resulting high-solidity compressor rotor is presented in 
Fig. 11. Mechanical considerations limited the hub-tip ratio 
to 0.75. The experimental performance of this rotor is shown in 
Fig. 12. A pressure ratio of 5.7 at an adiabatic efficiency of about 
0.89 was obtained. This high level of adiabatic efficiency was 
maintained over the speed range investigated and is thought to 
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Fig. 14 Over-all performance of supersonic-compressor rotor with turn- 
ing to axial direction [22] 


be the result of the uniform blade loadings incorporated in the 
design. The flat operating curve is a characteristic of turning 
to the axial direction, whereby energy addition is unaffected by the 
outlet relative velocity. 

The second rotor with turning to the axial direction was designed 
to obtain a higher unit mass flow as well as high rotor-pressure 
ratio and efficiency [22]. In order.to accomplish this, a larger 
blade height was utilized (hub-tip-radius ratio, 0.6). To make 
this experimental rotor further approach practical application, 
the design tip speed was reduced to 1400 fps (previous experiments 
had design tip speeds of 1600 fps), and inlet guide vanes were 
used to produce a better radial distribution of energy addition. 
This rotor with turning to the axial direction was designed with 
the same quasi-three-dimensional method that was found to 
give good results in the previous experiment. The resulting 
rotor, shown in Fig. 13, had somewhat higher blade heights and 
shorter axial length blades than that of the previous experiment. 
The performance of this rotor is shown in Fig. 14. A peak pres- 
sure ratio of 4.7 at an adiabatic efficiency of 0.86 was considered 
quite good for this design, which approached that of a practical 
application. 

The type of characteristic curve shown in Fig. 14 points up a 
discovery in connection with these so-called impulse-type rotors. 


Fig. 15 High-turning supersonic-compressor rotor without strong shock designed by axisymmetric method [25] 
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Except at design Mach number or above there was usually a 
normal shock stabilized in the entrance to the rotor passage, 
followed by an expansion, which was dependent on the back 
pressure. The position of a second shock wave could be con- 
trolled by varying the back pressure. As shown by the curves in 
Fig. 14, the highest pressure ratio and efficiency occurred at the 
high flow rate, although a considerable operating range was 
available. 

Recognizing that the main problem of this type of compressor 
rotor was obtaining high turning without strong shocks or dis- 
turbance, several experiments were conducted with rotors de- 
signed by an axisymmetric method of characteristics. This 
design method, which accounts for shock waves in the hub-to- 
shroud plane, is outlined in references [23] and [24]. In general, 
this method was used for high unit-mass-flow rotors and was 
capable of describing the flow conditions on all surfaces. Fig. 15 
illustrates a rotor designed by this axisymmetric solution, in 
which the leading edges have been swept behind the Mach cone 
to provide subsonic relative flow. The blades were of constant 
thickness and had an unusually large axial length as the result of 
the leading-edge sweep. A typical performance curve at a design 
tip speed of 1480 fps is shown in Fig. 16. Peak pressure ratio 
obtained during impulse operation was 7.2 at an adiabatic 
efficiency of approximately 0.77. These rotors are characterized 
by a large drop in pressure ratio and efficiency when a shock 
wave was forced into the passage by increasing back pressure. 

At this lower performance level, the rotor operated over a 
rather large range of flow rates, probably because of the swept 
leading edges. This performance characteristic (‘‘knee’’ shape) 
had been noted to a lesser degree in previous experiments. The 
performance characteristic shown in Fig. 16 was taken from ref- 
erence [25] and is typical of rotors designed by the axisymmetric 
method [26, 27]. Tests of a similar rotor with unswept leading 
edges showed a decrease in pressure ratio to 5.3 with an efficiency 
of 0.77 [28]. 


Supersonic Stators 


The results of the supersonic-turning rotors were very encourag- 
ing. However, for these rotors to be useful, the supersonic 
absolute discharge Mach numbers had to be diffused by means 
of stationary blade rows. In general, these stationary blade 
rows must accomplish two things: (a) Diffusion through a Mach 
number of 1; and (6) turning of the flow toward the axial direction. 
This suggests several possible combinations of shock location, 
supersonic turning, and/or subsonic turning, to be done in one 
or two stationary blade rows. Numerous stator configurations 
were tried with very little success. It is the purpose of this 
section to review the various stator experiments and to indicate 
in general the results of these experiments. 

The stator experiments conducted at the NACA Lewis labora- 
tory are as follows: 


1 Stators with supersonic turning toward the axial direction 
followed by a normal shock and subsequent diffusion are shown in 
Fig. 17( A) and are reported in reference [29]. 

2 Stators with a strong shock location in the entrance region 
followed by a small subsonic diffusion and turning are shown 
in Fig. 17(B) and are reported in reference [30]. 

3 Stators with a strong shock located in the entrance region 
followed by larger subsonic turning and diffusion are shown in 
Fig. 17(C). Three sets of stators designed for various inlet shock 
configurations and amounts of diffusion and subsonic turning were 
investigated in reference [31]. 

4 Stators with tilted and swept leading edges, Fig. 17(D), were 
investigated in references [26 and 32]. The design of these 
stators also incorporated compression waves from outer and inner 
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Fig. 17 Sketch of stator types investigated in ref. (26, 29, 30, 31] 
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Fig. 18 Peak total pressure recovery as a function of stator-inlet Mach 
number for the stators investigated [20, 26, 29, 30, 31) 


annulus walls in an effort to obtain efficient diffusion at high inlet 
Mach numbers. 


In general, in the foregoing investigations, the stators were 
operated over a range of Mach numbers and stator-setting angles 
in an effort to determine the best stator operating conditions. 

These stator investigations are summarized in Fig. 18, which 
presents recovery of pressure in the stators in terms of stator- 
entrance Mach numbers. The data in this figure represent the 
best performance obtained from each of the stator investigations. 
This presentation is not to be taken as a correlation of the data 
but to indicate that total-pressure recovery decreases (stator 
losses increase) rapidly with increasing stator-entrance Mach 
numbers. The line represents normal shock recoveries for 
the given stator-inlet Mach numbers and it can be noted that the 
experimental data are all below these values. 

Reference [31] presents a detailed study of stator losses at an 
entrance Mach number of 1.4 and indicates that for one stator 
configuration the normal shock losses account for only a small 
portion of the total loss (16 per cent). A somewhat larger portion 
of the losses were attributed to shock—boundary-layer interaction 
in the stators (29 per cent). A large portion of the losses must 
be attributed to viscous and momentum mixing that result 
because of nonuniform conditions out of the rotor, which would 
exist in the annulus with or without stator blades. (This loss, 
in effect, should be charged to the rotor rather than to the stators.) 
Over the range of conditions and configurations investigated, 
the relative magnitudes of these loss components were varied a 
great deal but the over-all result is a low recovery as indicated 
in Fig. 18. 

Because of these low experimental stator pressure recoveries, 
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Fig. 19 Typical peak total pressure-ratio performance of high-turning 
22,31] shock supersonic-compressor rotor with and without stators 


it was extremely difficult to obtain good stage performance 
from a high supersonic turning rotor and diffusing stators. 
A typical example of the effect of stator losses on stage perform- 
ance is taken from references [22 and 31] and is shown in 
Fig. 19. In this case, the rotor produced a design-speed pressure 
ratio of 4.7, which was reduced to 3.2 when stators were used. 
The efficiency dropped from approximately 0.86 to 0.67. Of 
course the decrease in performance when stators are installed 
will vary with stator conditions, such as stator-inlet Mach 
number. Better stage performance can be obtained by de- 
signing for relatively low stator-entrance Mach numbers. 


A Middle-of-the-Road Supersonic Compressor 


The final experiment to be discussed [33] is one in which the 
lessons learned in practically every phase of the supersonic- 
compressor program were applied. This rotor achieved a 
high level of performance and most nearly approached a practical 
supersonic compressor. The design philosophy of this rotor 


Fig. 20 “Middle-of-the-road” super 
of 1400 fps [33]) 
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Fig. 21 Performance characteristics of the 1400-fps-tip-speed super- 
sonic-compressor rotor 


1 The rotor relative velocities were supersonic whereas the 
stators were designed at high subsonic velocities. (Stators 
were not experimentally investigated.) This is similar to a 
shock-in-rotor supersonic compressor. 

2 The magnitude of diffusion was divided between the rotor 
and stators. Previous experience indicated that blade rows 
(both rotating and stationary) with large diffusion rates had 
encountered large losses. Such a division of the loading greatly 
reduces the tendency for radial flows and maldistributions 
resulting from flow separation and boundary-layer-shock inter- 
actions. 

3 The inlet-flow velocity was diffused before the passage 
closure point by a radial reduction in flow area. Thus the 
effects of external compression could be obtained without the 
sharp reversal in blade curvature encountered when external 
compression on the blade surface was considered. 

4 Since the design diffusion was smooth and gradual (strong 
shock effects were minimized), the rotor was designed by the 
stream-filament method found useful in the high-turning rotor 
without shock. 


Thus the design concepts represent a compromise of the major 
problems encountered in all phases of the supersonic-compressor 
research program. The resulting rotor is shown in Fig. 20, 
from which it can be observed that relatively wide blade spacings 
resulted with a large change in radial blade height. Fig. 21 
shows that at a design tip speed of 1400 fps an over-all rotor pres- 
sure ratio of 2.2 was achieved at an adiabatic efficiency of 0.89. 
Furthermore, weight flow at this operating point was about 28 
Ib per sec per sq ft of frontal area. At speeds below design 
the performance was good over a wide operating range. Peak 
efficiency of 0.94 was reached at 82 per cent of design speed at a 
pressure ratio of 1.68. Although this rotor was not tested with 
stators, the absolute Mach number at the outlet was in the high 
subsonic region and reasonably good stator performance could 
be expected. The compromises utilized in this supersonic 
compressor resulted in good compressor performance and repre- 
sents the application of a large part of the knowledge gained in the 
supersonic-compressor program. 


Summary 


Although the supersonic-compressor program at the NACA 
Lewis laboratory did not result in the widespread application 
of this type of compressor to turbojet engines, the knowledge and 
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benefits derived from this work were considerable. It is that 
purpose of this section to indicate some of these results and how 
these results have advanced the compressor field. 

It has become obvious that the very high performance values 
indicated in early analytical studies are not obtainable in practical 
compressors. In some configurations, high flow rates per unit 
annulus area were obtained, but because of the high blade stresses 
resulting from high rotational speed, large blade heights were not 
obtained. During the period of development of supersonic com- 
pressors, the» specific flow rate of its subsonic competitors was 
also being improved. As a result, the specific weight flow ad- 
vantage originally envisioned did not materialize. 

The application of high relative Mach numbers and high 
diffusion rates (large reductions in relative velocities) has resulted 
in excessive performance losses when applied to either rotors or 
stators. Thus, to obtain suitable compressor performance, it 
has been found necessary to design for relatively low Mach 
numbers and diffusion rates. This is illustrated by comparing 
some of the compressor types of the initial vector diagram analysis 
where stage total pressure ratios of 6 seemed to be available with 
the final more practical configurations where stage total-pressure 
ratios of about 2 were obtained. This is indicative of the effect 
of practical limitations that must be imposed on supersonic blade 
rows to obtain reasonable performance values. Departures from 
design and ideal flow conditions are very detrimental to super- 
sonic compressors, 

Whereas no extensive areas of application can be noted, there 
will undoubtedly be specific applications where the character- 
istics of supersonic compressors can be utilized. It has been 
shown in a vector-diagram analysis [34] that two supersonic 
rotors could offer considerable advantage when staged as counter- 
rotating compressors. In this application no stator blade 
rows would be required between rotors. This analysis indicated 
that even when the severe limitations observed in this research 
program were considered, good performance could be obtained 
at total pressure ratios of about 5. Even though this represents 
a mechanical complication some applications of supersonic 
compressors may result in this area. Other than the counter- 
rotating compressor, applications may result in specific cases 
where the compact, lightweight arrangement of supersonic 
compressors may be useful, especially when the medium being 
compressed is a fluid with a low sonic velocity. 

Perhaps the most important result of the supersonic-com- 
pressor research program was the development of the transonic 
compressor. Early experimental results of supersonic-com- 
pressor rotors indicated very good performance at part speeds, 
In this speed regime the relative velocity varied along the 
inlet radius from high subsonic to low supersonic Mach numbers. 
It is shown in reference [35] that rotors designed for these 
transonic inlet conditions have good performance character- 
istics. This represents only a slight reduction from the compro- 
mised conditions found suitable for supersonic compressors. 
A wide spectrum has now been established: The low-speed 
subsonic compressor of some 10 years ago, the relatively new 
and potent transonic compressor, and the supersonic compressor, 
which has been the subject of this paper. No sharp dividing 
line should be drawn between these compressors but rather a 
gradual change in character occurs over the wide speed range 
discussed. 

The information contained in this paper may be helpful to 
the reader in recognizing applications where the characteristics 
of supersonic compressors may be useful. It is hoped that 
this discussion has removed any shred of mystery surrounding 
supersonic compressors. This type of compressor is not the 
answer to all the problems of the future. 
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DISCUSSION 
Seymour M. Bogdonoff? 


A comparison of the most recent supersonic compressor with 
the original supersonic compressor of Kantrowitz seems to show 
that, in actuality, relatively little progress has been made. The 
major contribution of the subject research has been the transonic 
compressor, which was really not designed, but came about simply 
from running a compressor designed at supersonic speeds through 
the transonic regime. This contribution should not be belittled, 
since it is today a significant part of our high performance com- 
pressors. However, little of the real potential predicted in the 
original analysis of supersonic compressors has been realized. 
The problem of actually designing a supersonic compressor in 
which deceleration from supersonic to subsonic velocities within 
a rotor and a stator are actually experienced has not been solved. 
This problem, a purely fluid mechanical one, has been receiving 
considerable attention by fundamental fluid mechanical investi- 
gators. There is still a great deal to be done in these studies and 
their application to the design of supersonic compressors which 
will, indeed, have the very high pressure ratios per stage pre- 
dicted in the original analysis. There is no real reason, from a 
fundamental point of view, to expect efficiency lower than that 
of modern subsonic and transonic axial flow compressors. 

? Professor, Head, Gas Dynamics Laboratory, Department of 


Aeronautical Engineering, The James Forrestal Research Center, 
Princeton University, Princeton, N. J. 
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Application and Analysis of a 
irvine verkowirz COMputer Control System’ 


Assistant Professor of Mechanical 
Engineering, Case Institute of The electronic computer offers the possibility of achieving complete and precise con- 
Technology, Cleveland, Ohio trol of physical systems. An application of particular interest is the computer control 
of industrial processes to specified criteria of performance; e.g., control of the process 

DONALD P. ECKMAN 


such that product of uniform, specified quality is produced under conditions of minimum 


Professor of Mechanical Engineering, cost. 
Case Institute of Technology, A computer control application to a batch-type process is presented. The method of 
Cleveland, Ohio 


control, based on repetitive computer action and fast-time scaling makes it possible to 
obtain a specified end point consistent with a prescribed criterion of optimum per- 


formance. 
Dynamic analysis of the computer control system is difficult because of the nonlinear 
e and sampled-data characteristics of the computer element. A method for approximate 


determination of system behavior based on perturbation techniques is described. It is 
shown, in particular, that the effect of a disturbance signal on the processing path varies 
in almost direct proportion with the sampling period. Thus, by making the sampling 
period small relative to the duration of the process, simplifying approximations to the 
mathematical model may be employed in the derivation of the computer-control equa. 
tions. 

The study is augmented by data on computer control of a three-component-batch 
chemical process. The results of the dynamic analysis are compared qualitatively with 
the experimental results of predictor and optimizing control runs. 


* application of computer control to a batch 


The reactions are described by first-order equations: 
process has been studied in some detail by the Process Control 


Group at Case Institute of Technology [1, 2].2_ The primary ob- dr ‘ 
jective set for the computer control system is the control of the dt 
process to a specified performance. In this respect, the following 
distinction has been found useful: dy 
= kx — hey (1b) 
1 Predictor-computer control: Computer control of the dt 
process along some simple operating path yielding the specified ; 
product. where 
p — r of x = mol fraction of component X 
"ess TE pe le 4 > desire » 
process along an operating path yielding the desired product y = mol fraction of component } 
consistent with some specified criterion of optimum performance. 
Derivation of Computer Control Equations Assuming there are only the three components present, then 
The process under consideration is represented by the following ttyte=l 
reaction equations: 
where 


X + Hydrogen © Y z = mol fraction of component Z 


Y + Hydrogen ke Z _The kinetic coefficients are functions of the operating condi- 
tions. Itis assumed, however, that the only variable manipulated 
is the process pressure and that all other conditions affecting 
k, and ky are relatively constant. The relationships are deter- 


where 


X, Y, Z identify chemical components of the reaction mix- 


mined (experimentally) to be of the form: 
ture; ki, represent kinetic reaction coefficients 

1 Paper presented at the Fourth Annual ASME-IRD Conference i= A,p™ (2a) 
at the University of Delaware, Newark, Dela., April 4, 1958. The : 
paper is based on a part of the thesis, “Analysis of a Computer Con- ke = A,p™? (2h) 
trol System,” presented to Case Institute of Technology in partial ful- 
fillment of the requirements for the Doctor of Philosophy. where 

? Numbers in brackets designate References at end of paper. 

Contributed by the Instruments and Regulators Division and pre- Aj, Ao, Ni, and N; are constants 


sented at the Annual Meeting, New York, N. Y., November 30-De- 


p = pressure 

cember 5, 1958, of Toe American Society or MECHANICAL ENaI- 

t is convenient to transform these equatic ew variables 
Note: Statements and opinions advanced in papers are to be Iti . - quations to # = 


understood as individual expressions of their authors and not those of = “> % and m defined as follows: 
the Society. Manuscript received at ASME Headquarters, October 
27, 1958. Paper No. 58—A-281. 


u = y/z 
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t = log. 
where 


z, = value of z existing at the start of the nth computing in- 
terval 


Making the substitutions in equations (la, b), a single equation 
independent of the time variable is obtained: 


d 


= mu + 1 (3) 


The function u(v)* is termed the processing path.‘ The nature 
of this function depends on the operating path m(v). Thus, for 
m constant, equation (3) integrates directly to: 
(mu,, + -1 


m 


u(v) = 


(4) 


where 


u, = Yy,/xr, (composition values at the start of the nth com- 
puting interval) 


In particular, if the co-ordinates of the desired product are 
(zy, Yn), then the (constant) value of m necessary to satisfy this 
boundary condition [starting from an initial composition (z,, y,)] 
is determined from the equation: 


muy + 1 
vy mu, + 1 


(5) 


Uy = Yn/ty 
vy = loge 


Since m may be varied during the course of the reaction by 
manipulating the pressure, there are an infinite number of operat- 
ing paths which can satisfy the given initial and final composition 
values. This degree of freedom permits the introduction of an 
optimizing condition. 

The optimizing problem has been simplified by assuming that 
the total processing time is the predominant factor in the cost 
equation. 

The total processing time is derived from equations (1) and 
(2a, b): 


ly = A (1 — dv (6) 


where 


ty = total processing time 
N I 
1,34 Ne 


A,® 


B 
- N, 


The Euler-Lagrange equation applied to the integrand of equa- 
* The variable v is purposely defined in such a way that it increases 
monotonically from an initial value of zero. This assures u(v) and 
m/(v) being single valued functions. 

It may be convenient to consider v as the normalized time variable, 
u as the normalized composition variable (controlled signal), and m as 
the normalized manipulated variable. 

‘The term “path” is used throughout this report to signify an ob- 
served or computed function of the variable with respect to the in- 
dicated argument (either time ¢ or the composition function »). 
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Fig. 1 Comparison of optimum control with predictor control (constant 
rate) path 


tion (6) supplies a necessary condition for minimizing the inte- 
gral. Thus, for minimum time: 
of(v) d aOf(v) 


(7) 


ou dv du'(v) 
where 
f(v) = (1 — m)!-8 


However, m(v) is subject to the constraint imposed by the proc- 
essing path. Thus, applying equation (3) to equation (7), the 
following optimizing equation is obtained: 


1—m 


Bu (8) 


Given the boundary condition (u,, 0), (uy, vy), the simultane- 
ous solution of equations (3) and (8) is unique; i.e., if the u(v) 
curve is made to pass through the given points, then both u(v) 
and m(v) are determined. 

The u(v) and m(v) curves are plotted in Fig. 1 for the following 
two conditions: 


1 Constant m path (curves A) 


dm 
= 


dv 
2 Optimum path® (curves B) 


u 


Description of Computer Control System 


Equations (3) and (8) are set up on a fast time repetitive type 
analog computer. The variables are transformed by application 


* Value of B in equation (8) is estimated from data found in the 
literature. 
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Fig. 2 Two-time scale repetitive computer control action 


of appropriate transformation equations such that u and m are 
represented by proportional values of voltage and pv is repre- 
sented by computing time 7 (measured from the start of the 
computation). 

The process composition existing at the start of a computing 
cycle (z,, y,) supplies the initial condition (u,, 0) and the vy 
value of the boundary condition (uy, vy). This supplies two 
points® on the u(v) curve, sufficient for a particular solution of the 
equations. 

The process is controlled along the computed operating path 
m(v) by manipulating pressure according to the relationship 
[derived from equations (2a, b)]: 


1 


Where necessary, pressure may be expressed as a direct function 
of the process time variable (¢) by application of equation (6) 
(replacing the upper limit of integration by »). 

An important factor in the proposed method of control is that 
the computer operates on a fast time scale relative to the process; 
i.e., the computer generates the entire processing path u(v) in a 
small fraction of the time it takes the process to follow this path. 
Therefore, the computer is able to determine the optimum path 
from the present state of the process to the desired final state and 
repeat this computation each time new information describing 
the state of the process is available. Asa result of this repetitive 
action, control errors are not cumulative; in fact, there is a strong 
controlling action tending to force the process to the specified 
end point despite appreciable discrepancies in the representation 
of the process kinetics. 

The repetitive control action is illustrated (very much exag- 
gerated) in Fig. 2. The abscissas ¢,, tas, .. . ty represent the 
start of each successive computing cycle (relative to time meas- 
ured from the start of the process). The ordinates u,, tens, . . 
are the composition ratio values transmitted to the computer 
at the instants ¢,, tai:, ..., respectively. The ordinates m,, 
Mat, . . . represent the initial values of the m(v) functions de- 
termined in the nth, (n + 1)th, . . . computing cycles, respec- 


* Note that uy is fixed by the specified product composition. 
7 Ziebolz and Paynter [3] refer to this as two-time scale control. 
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tively. The computed paths are drawn as dot-dash lines (Fig. 2). 
The path actually followed by the process is shown solid. Ideally, 
these curves should coincide; however, errors and approximations 
in the equations, computer circuitry or composition measure- 
ments introduce differences between the two. 

The dashed lines in the figures are continuations of the solid 
lines and represent the composition paths which would be fol- 
lowed if the previously computed operating paths were main- 
tained. Since each successive computation is based on the new 
initial conditions, the end point draws closer as the reaction pro- 
ceeds and the discrepancy in final composition becomes progres- 
sively smaller (assuming system stability ). 

The actual processing path may deviate from the computed 
path for any of a number of reasons. Some of the more prominent 
factors are: 

1 Approximations in the mathematical model of the process. 

2 Errors in the information describing the state of the process. 

3 Changes in equation parameters due to process variables 
not amenable to direct measurement, (e.g., catalyst activity). 

4 Errors and approximations in generating the process con- 
trol functions. 


For the purpose of the present investigation, any factor which 
contributes to a deviation of process behavior from the com- 
puted path is considered a disturbance. The combined effect 
of all the disturbances acting on the process is represented in the 
following by a single disturbance signal which is assumed to be 
relatively constant in the vicinity of any given operating point. 


Analysis of Computer Control System 


The response characteristics of predictor-computer control of 
the simple batch process described earlier are investigated in terms 
of difference equations. Several assumptions are made in order to 
simplify the analysis. 

1 Description of System 

A block diagram of the basic system under consideration ap- 
pears as Fig. 3. The signal functions refer to the linearized per- 
turbation variables to be defined in the next section. The com- 
puter acts on the process through a control signal 7, modified by 
a disturbance signal L,. It is assumed that the process kinetics 
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Fig. 3 Block diagram of predict 


are slow relative to the dynamics of the instrumentation and 
control equipment. Consequently, lags in measured and manipu- 
lated variables are neglected. It is assumed, further, that the 
variables are defined at the sampling instants, which coincide with 
the start of each successive computer cycle. Thus the sampling 
period coincides with the computing interval.® 

The processing path is described by equation (3). The par- 
ticular operating path selected for predictor-computer control is 


m(v) = constant® 


Accordingly, the equations programmed into the control computer 
are 


du 
- = mu + 1 


9a) 
dv 


dm 


= OA ) 
0 (9b) 

The computer determines a new solution to these equations 
during each computing cycle. As noted previously, the boundary 
conditions for the nth computation are represented by the co-ordi- 
nates (u,, 0) and (uy, vy), where u, and vy are determined from 
the composition, (z,, y,) sampled into the computer at the start 
of the nth cycle. 

The solution to equations (9a, b) for the boundary values (u,, 
0), (%y, vy) in the fast time scale of the computer is the pair of 
functions, a,(7) and m,(r). These are shown in Fig. 4 by the se- 
quence of dotted curves. Note that, by virtue of equation (9b), 
m,(T) is a constant. 

The computed processing path expanded to the real-time scale 
of the process is designated 7,(v) and appears in the figure as the 
sequence of dot-dash curves. 

The actual path of the process is represented by u,(v) and is the 
solid curve of Fig. 4. Note that at each sampling instant the 
origins of the computed functions, @,(7) and a,(v), shift to the 
sampled value on the u,(v) curve. 

Because the computer must fit the u,(7) curve through the 
boundary point (uy, vy), the m,(7) function is not determined 
until at least the end of the nth computing cycle. Consequently, 
there is an effective delay of one computing interval between the 
introduction of new conditions (sampling instant) and the re- 
sponse of the computer in the form of a new value for m. 

A holding cireuit within the computer maintains the value of m 
fixed over the duration of the computing interval. Therefore, the 
operating path transmitted to the process changes in discrete 
steps, the width of a step being equal to the sampling interval. 
Designating the m value transmitted during the nth interval by m,, 
then, 


Mm, 


where 7™,—: is the value computed as a result of the (n — 1)th 
computation. 
The process is actually controlled to the computed operating 


* The sampling period is determined by either the repetitive rate 
of the computer or by the frequency of the composition measure- 
ment, whichever is the smaller. In either case, the computing cycle 
is synchronized to start at the instant new composition data are 
available. 

* This corresponds to a constant pressure path. 
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Fig. 4 Processing path for predictor-computer control 


path through the medium of the process pressure. Since the 
pressure response lag is assumed negligible, the transition through 
the pressure phase need not be considered; i.e., the computer 
control may be assumed to manipulate the kinetic function (m) 
of the process directly. 


2 Derivation of the Difference Equations 


The perturbation signal U(v) is defined as the difference be- 
tween the actual and computed processing paths. In equation 
form, 

}=u,(v) — u,(v) (10) 
0<v<d 
where 


6 = duration of sampling interval 
actual processing path during nth interval 
computed processing path during nth interval 


u,(v) = 
u,(v) = 


Since the signals existing at the sampling instants are of par- 
ticular interest, the following notation is adopted (see Fig. 4): 
= u,(0) = = u,, 
= i, 
Applying these definitions to equation (10): 
U,(0) = 0 (11a) 
(11b) 


J, =U, — t, 


The control signal, M,, is defined as the change in computer 
output occurring at the nth sampling instant (as a result of the 
nth computation). Thus, 


M, = ™, — ™n-1 (12a) 
Taking into account the computer delay, then 
M,, My — (126) 


If the computer described the process kinetics exactly, the 
processing path would follow the computed path; i.e., u,(v) would 
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coincide with d,(v). As a result, m would not change from one 

computation to the next and both U,, and M,, would vanish. 
Deviation of the computed path from the actual processing 
path is considered to be the result of a disturbance signal L (see 
Fig. 3). Since the a,(7) curve must shift its origin from @, to u, 
at the nth sampling instant, a change in the value of ™ is re- 
quired to satisfy the same terminal point, (uy, vy). Referring to 
equations (116), (12a), the shift of the origin is equivalent to U,; 
the resulting change in m is given by M,. Therefore, considering 
M,, to be the output response of the computer to an input signal 
U,, the computer function is expressed, 
Ve, = —R,U,, 


(13) 
where 


—R, = computer gain at nth sampling instant. 
Since the computer gain expresses the ratio of the change in m,, 
caused by a change in u,, it may be approximated (for small sig- 
nals) by the derivative of m, with respect to u». The necessary 
functional relationship is given by equation (5) specialized as 
follows: 

+1 


m, = log, - 
+ 


Differentiating with respect to u,: 


dm, 
nlty € 


2 


R 


The magnitude of F?,, depends on both m, and vy. It is as- 


sumed that the change in m,, is relatively small. However, vy 
decreases monotonically to zero as the process proceeds to the 
end point; consequently, its change is significant. 

If g, represents the effective kinetic function” for the process 
during the nth sampling interval, then u,s; is determined from 
equation (4) by substituting q, and 6 for m and v, respectively. 


Thus, 


(15a) 


1 
= + — 1] 
In 


where 6 = log, z,/zn41 = duration of the sampling interval. 

The reference path for the nth interval is determined from 
equation (4) by substituting m, and 6 for m and », respectively. 
Recalling that the origin of the reference path is chosen to coincide 
with that of the actual processing path, there results: 


= [(m,u, + — 1] 


m 


(155) 


The difference between the kinetic function value transmitted 
by the computer and that actually generated in the process has 


been used to define the disturbance signal L,. Thus, 


L, = — (16a) 
But, from the notation of the block diagram of Fig. 3, 
Q,= M, (16b) 


where Q, represents the input signal to the process. Combining 
equations (12a) and (16a, 5) 


Q, = — m, 


(17) 


The difference between equations (15a) and (15b) yields the 
perturbation signal, (7,.;. Applying equation (17) and the as- 
sumptions, Q, << m,, Q,6< 1, the following expression for the 
process function is obtained: 


© The effective kinetic function is the value of m which best satis- 
fies equation (9a) in the immediate vicinity of the operating point. 
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Usn = 
imu, + 1) * + 1 


n — 
My? 


where 
S, = process gain constant at nth sampling instant 


The difference equations for the system of Fig. 3 may now be 
written! 


where 
X,, R,S,, is the open loop gain of the system 
This difference equation is solved by standard procedure to 
yield, 
n- 1 


L 
+ 


(n = 1,2,3,...N) 


n—k 
Il 


j=l 


| 
U,=U, A, 


k=0 


where 
U> represents the initial condition (U = Uo, n = 0) 


Equation (20) is composed of two parts, response to an initial 
deviation U» and response to the disturbance function L,. Con- 
sidering each part separately and assuming constant disturbance 
signal: 


“= Il A, 
k=0 


1 n —k 
IT 


j=l 


k=0 


An analogous expression for the computer output signal 
is obtained by substituting equation (13) into equation (20): 


n—1 


Il A, — &, 
Ry k=O 


M. 


The computer control function m,, is also of interest. It is de- 


termined by solving the difference equation, 
m 


and employing the initial condition, My = m, — mo. This vields 


Finally, substituting the expression for M/, given by equation (22): 


R, 
14 II A, 


1! Method and notation used is that of reference [4} 
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(18b) 
= 
l 
—- 
n—k 
k=O R, j=1 
(n = 1,2,3,...) 
m, — = > M, 1,23... 
k=0 
k—1 k 
RL 
| 


3 Open Loop Gain 


The open loop gain is the dominant factor determining the re- 
sponse characteristics of the computer control system as indicated 
by the response equations (20) through (23). 

The loop gain expression is given by the product of equation 
(14) and (184): 


+ — ef) 


where 
g = muy + 1 
= mb 


Since vy measures the distance from the end point, it-may be ex- 
pressed in terms of n, the number of sampling instants from some 
point of reference. Thus, 


ty = (N — 


where 


N = value of n at the end point 
Substituting for vy in equation (24): 
_ abet + — 
+ 1 — 
ie 


(25) 


The loop gain is a function, therefore, of both the sampling period 

and the number of sampling intervals, assuming a given set of 

boundary conditions. This is shown in Fig. 5, where the ratio 

i,/¢ is plotted against n/N for several values of the parameter @. 
The following observations are drawn from the graph: 


1 The loop gain increases monotonically as the process pro- 
ceeds toward the end point. The slope of the curve remains quite 
small over most of the processing path, then rises quite sharply as 
the end point is approached. 

2 The loop gain varies very nearly in direct proportion to the 
sampling period. Departure from linearity increases as the end 
point is approached. 

3 The loop gain exceeds unity only for the sampling instant 
immediately preceding the end point. This limiting value for A, 
is determined by letting N — n = 1 in equation (25). Thus, 


Awa = 


Equation (25) is essentially nonlinear with respect to n. The 
relationship is profitably examined, however, for two limiting 
conditions: 


1 nsmall 
2 N -nsmall 


It may be shown! that, for n small, equation (25) may be ap- 
proximated by the simple exponential, 


A, = Ace4* (26) 
where 
A = positive constant 


The data of Fig. 5 are replotted on semilogarithmic co-ordi- 
nates in Fig. 6. The points plot straight lines reasonably well 
over about the first two thirds of the processing path. 


12 The subscript of m, has been dropped for convenience, assuming 
relatively small change in its value over the processing path. 
13 See reference [5], appendix B. 


574 / DecEMBER 1959 


12 
2s 
3 
© t t t 1 
+ + I + 
2 A 


Fig. 5 Open-loop gain as a function of 


perating point 


The factor N — n becomes small in the region of the end point 
and equation (25) reduces to:"* 


(27a) 


N-n 


where 


A=¢+1 
B = $/muy 


Thus the loop gain should vary inversely with N — n in the 
vicinity of the end point. Furthermore, if ¢< 1, then equation 
(27a) becomes very simply, 


1 


(27b) 
These results are verified by the plots of A, versus 1/(N — n) 
shown in Fig. 7. The data plot straight lines well beyond the end- 
point region. 
4 System Response 
The effectiveness of the computer in controlling the process 
along the desired path may be measured in terms of the behavior 
of the deviation U, as n increases. General indications of this 
behavior are obtained by examination of equations (21a, b) with 
respect to the behavior of the open loop gain. 
Since X,, increases monotonically with n, equation (21a) yields 
the inequality 
U, 
(28a) 
Us 
Then, since A, < 1 for n < N — 1, the response to an initial de- 
viation Uo tends toward zero as the number of computations 
grows large. 
In like manner, equation (21b) yields the inequality 


‘ 


Referring to equation (18b), it may be shown that 
8, < S, < Sunt, k <n 


Consequently, the inequality (29a) may be expressed, for A, < 1, 
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(29b) 


By an analogous procedure, a similar expression can be developed 
for the lower limit of the ratio U,/L. The essential point here is 
that the response to a disturbance signal does not tend to zero but 
to some limiting value which increases directly with the comput- 
ing interval. 

The system response given by equation (20) may be put in 
somewhat simpler form by substituting the appropriate expres- 
sion for A, and summing the series. In particular, reference to 
Figs. 6 and 7 show, respectively, that equation (26) is a reasonable 
approximation of the open-loop gain for the range 

n 2 
os N s 3 


and that equation (27) is useful over the range 


<3 
In the range where equation (26) applies 
An(n—1) 
II Ay = exp (4 =re 
k=0 k=0 


But this last expression may be alternatively written: 
] - A"n-1 
2 


Applying this result to equation (20): 
U, = Udn-1" + L (30) 


(n = 1, 2, 3,.. 5 */sN) 


The nature of the response in the second half of the processing 
path is determined by substituting equation (27) into equation 
(20). The computation is not difficult when the sampling period 
is large because N is small and only a few terms are contained in 
the series. On the other hand, when the sampling period is 
small (less than about ten per cent of the total processing period) 
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Fig. 7 Open-loop gain approximation for end-point region 


the results follow reasonably close to the asymptotic representa- 
tion given by equation (276) (as indicated by Fig. 7). This yields 
the following somewhat simpler expression for response: 


(N n—E 
(31) 
(n= E+1, E+2,...,N) 
where 


E>N/2, N>10 


Here E represents the (arbitrary) point in the processing path at 
which equation (276) starts to apply. 

The deviation at the final sampling instant is of particular in- 
terest, for this represents the deviation of the product from the 
desired value. 

Setting n = N in equation (31) 


N-E 
Us 
3 
Uy a@-m (32a) 


Since the sampling period is assumed to be small, N — E will 
generally be very large. Hence the first term in equation 
(32a) can be neglected. Looking at the second term then,'* 


N-E 


Uy 


where e = base of natural logarithms 


Thus the upper bound on the final deviation Uy varies directly 
with both the sampling period and the magnitude of the disturb- 
ance signal. 

Expressions for the computer output signal (M,) and the 
kinetic function (m,) are given as equations (22) and (23), re- 
spectively. The approximations for the open-loop gain may be 
applied in the same manner as in the development of equations 
(28) and (29) for U,. The resulting equations are used in plot- 
ing the curves of Fig. 8 and Fig. 9, which illustrate the over-all 
response of the computer control system. 

Fig. 8 shows the system response to a deviation of the process 


MAS in the derivation of inequality (29b), S, © Sw.1 < duy, 
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Fiz. 9 Computer control resp to disturb signal 
composition from the computed processing path, assuming the 
disturbance signal to be zero. The signals U’,, and m, are plotted 
against the variable n for sampling periods of 0.01 and 0.1.!5 
The response is shown for a deviation existing at the start of the 
process (0) and for one occurring in the end-point region U(vg). 
Note that U decreases rapidly toward zero following some initial 
departure, while m integrates to a new steady-state value. The 
rate of convergence increases as the sampling period decreases. 

Fig. 9 shows the system response to a disturbance signal, the 
initial deviation assumed zero. The same set of curves are 
plotted here as in the preceding figure. Note that the composi- 
tion deviation (U’) increases markedly as the sampling period in- 
creases. Note too, the quite rapid rate of change of the kinetic 
function (m) in the end-point region. 


Optimizing Computer Control System 


Analysis of the optimizing control system is more complex 
than that of the predictor control case because the computed 


control function (m) is no longer constant. As a result, the dif- 
ferential equations describing the processing path [equations (3) 
and (8)] are nonlinear and their solution is not readily expressed 
in simple, closed form. However, by considering the processing 
path to deviate only small amounts from the computed path, the 
system equations can be linearized and the same general method 
of analysis described for the predictor control system may be 
applied here. Thus, defining 


U(v) = — wv) 
M(v) = m(v) — m(v) 


(33a) 
(33b) 
where di(v) and m(v) are the computed functions corresponding to 
“4 Only one set of curves is shown for the end-point region of Fig. 8 


since the behavior in this region is relatively independent of the 
sampling period. 
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u(v) and m(v), respectively, linearized relationships in terms of the 
perturbation variables U(v) and M(v) may be derived. 

The computer, as in the predictor control case, acts as a simple 
proportional element, generating an output response M,, propor- 
tional to the input signal U’,. An expression for the computer 
gain factor (R,) is derived by application of the perturbation 
equations (33a, b) to equations (3) and (8)."* 

In control application, it is expedient to approximate the m(v) 
function by a sequence of pulses of width equal to the interval 
between successive computations and of amplitude equal to the 
initial value m,(0) corresponding to the nth computation. The 
process receives, then, a stepwise control signal exactly analogous 
to the predictor control signal. Hence the process gain factor(S,,) 
is still given by equation (18b). 

The stepwise approximation to the computed m(v) path is 
taken into account by an equivalent disturbance signal J,. Thus 
the optimizing computer control function is expressed: 


M, = —R,U,+ J, (34) 
Combining this with equation (18a) for the process response, the 
difference equation for the system, analogous to equation (19) is 
obtained. 


(L, — J,) (35) 


n 


where 
A, = R,S, (open loop gain) 


Solution to equation (35) yields the response equations for 
optimizing computer control of the same form as equations (20), 
(22), and (23) for the predictor control case. 

The signal J, is derived as a function of the operating point in 
a procedure analogous to that employed for deriving R(n) for 
the optimum control path."® As expected, the magnitude of J» 
varies directly with the sampling period. In particular, for rela- 
tively small sampling periods, the signal may be considered a con- 
stant in the vicinity of the operating point and combined with 
the disturbance signal L,. The open-loop gain function is found 
to follow the curves of Figs. 5 through 7 reasonably closely, so that 
the general behavior of the system is quite similar to that pre- 
sented in Figs. 8 and 9. 

The analytical procedure outlined here can be extended to the 
more general case involving dead-time delays.in the feedback loop 
and time constant lags in the process.” In the general case, a 
z-transform approach to the analysis has proved effective.” 


Experimental Results of Computer Control 

Predictor-computer control of the process represented by equa- 
tions (la, 5) is illustrated in Fig. 10. The computer operated 
repetitively based on continuous composition measurement of 
the process. Lags in the system were negligible. 

In this and similar runs, the computer proved effective in con- 
trolling the batch chemical process to the specified end-point 
composition. This substantiated the method of two-time scale 
control described here. 

Optimizing computer control of the same process is illustrated 
in Fig. 11. The results show the effectiveness of the computer 
action in controlling the process to a specified end point consistent 

16 Reference [5], Section III C. 

17 Dead-time in the feedback loop is generally introduced by com- 
position measuring instruments which operate intermittently. 

Time constant lags of the actuating and feedback elements as well 
as lags in the response of the process to input signals are conveniently 
considered here under the common heading of process lags. 
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Fig. 11 Optimizing control with continuous feedback 


Also indicated 
by these results, is the effectiveness of the stepwise approxima- 


with a given criterion of optimum performance. 


tion to the operating path when the step width is small. 

Figs. 12 and 13 show the results of a computer control applica- 
tion under somewhat more stringent conditions than represented 
by the two previous figures. Here, the process composition is 
measured intermittently and there is an appreciable delay of the 
feedback signal. Further, very significant disturbances are intro- 
duced to the control operation because of errors in composition 
measurement and because of approximations in the representa- 
tion of the process kinetics. 

Fig. 12 demonstrates the performance of the predictor control 
computer. Here, the measured composition variables (xz, y) and 
the manipulated variable (process pressure) are plotted directly 
as functions of the process time. Samples for composition meas- 
urement were taken every five minutes; however, there was a 
delay of from eight to ten minutes before the information was 
transmitted to 1 .¢ computer. The scattering of the composition 
points gives a measure of the errors inherent in their measure- 
ment. The final product composition was reached within about 3 
percent. It may be remarked, however, that this error was of the 
order of magnitude of the uncertainty of the composition meas- 
urements in the region of the end point. 

Optimizing computer control of the process under the same 
conditions just outlined is shown in Fig. 13. The process is con- 
trolled to a stepwise approximation of the operating path (as 
previously described); the pulse duration in this case is five 
minutes. The results appear somewhat improved over those of 
the previous run. This is attributed primarily to improvements 
in the accuracy of the composition measurements (reducing the 
magnitude of the effective disturbance signal). The system con- 
trolled almost exactly to the specified end point. In addition, the 
computed optimum operating path (not shown in the figure) was 
followed fairly closely except in the vicinity of the end point 
where the effect of disturbances was most important. 

The sampling period for the runs of Figs. 10 and 11 was ap- 
proximately 0.01 second, corresponding to an open-loop gain of 
the order of 10-5. By comparison, the sampling period for the 
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runs of Figs. 12 and 13 was 5 minutes, indicating a loop gain of 
several orders of magnitude larger. The general behavior of the 
computer control runs agrees qualitatively with the analysis as 
represented by the response curves of Fig. 9. A quantitative 
correlation is not attempted because of insufficient information 
regarding the nature and magnitude of the disturbance signals. 


Summary 


The feasibility of computer control of a batch process according 
to specified performance criteria is demonstrated. It is shown, in 
particular, that the proposed method of control, based on repeti- 
tive computer action and fast time sealing is effective even where 
the mathematical model of the process is inexact 

A method for approximate determination of the dynamic be- 
havior of the computer control system based on sampled-data 
The analytical results 
are correlated qualitatively with experimental results taken from 


and perturbation techniques is described. 


a pilot plant operation. 

The deviation of the actual processing path from the com- 
puted optimum path due to inexactness of the mathematical 
model may be decreased by decreasing the sampling period. The 
use of higher-order compensative functions and self-checking to 
further improve control accuracy are considered in a later study 
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The Response of Pneumatic 
Transmission Lines to Step Inputs’ 


An equation was derived which describes the pressure-time relationship that occurs at 
the end of a dead-ended or volume-terminated pneumatic transmission line following 
a sudden pressure change at its input. 
are solved are basic for transient fluid flow in pipes and analogous to the equations for 
transient electric current in lines without leakage. 


The two partial differential equations which 


The derivation was based on a one- 


dimensional uniformly distributed system, small, reversible, adiabatic-pressure changes, 
and laminar flow. Experimental results obtained from tests on 3/8-in. and 1/4-in. 
tubing showed good agreement with the theoretical results. 


Was a disturbance occurs at one end of an instru- 
ment or control line the pressure-time relationship at the other 
end will show an initial time delay and also transient attenuation 
or amplification. The ability to predict this relationship is useful 
in sizing lines and in estimating the performance of proposed in- 
strument and control systems. 

Some work in this general field by various investigators has 
been reported in the literature [1-6].?. Practically all of the 
analytical work in the previous studies has been concerned with 
sinusoidal disturbances. The study of step inputs, which is of 
major interest to the application engineer, has been handled 
largely on an experimental! basis. 

Thus an investigation was made to find, and verify by test, an 
equation which would give pressure-time relationships in an in- 
strument volume following a sudden pressure change at the 
other end of the connecting tubing. 


Derivation of the Equation 


The system to be analyzed is shown in Fig. 1. The receiver 
represents the internal volume of the instrument or controller and 
the sending end refers to the connection at the pressure vessel or 
the output of a pneumatic transmitter. The fluid in the system is 
initially static until time ¢ = 0 when a sudden pressure increase 
of magnitude p,, occurs at the sending end. Our problem is to 
find the corresponding pressure-time relationship at the receiver 
end. 


! Taken in part from an MS thesis by C. B. Schuder, Purdue Uni- 
versity, June, 1958. 

2? Numbers in brackets designate References at end of paper. 

Contributed by the Instruments and Regulators Division and pres- 
ented at the Annual Meeting, New York, N. Y., November 30- 
December 5, 1958, of Tue American Society or MECHANICAL EN- 
GINEERS. 

Norte: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, June 8, 
1958. Paper No. 58—A-136. 


Nomenclature 


PRESSURE 


ISENDING END 


Fig. 1 System nomenclature 
The two basic differential equations governing transient flow in 
pipes are 


where 


= velocity 
distance from sending end 
= fluid density 
acoustic velocity 
= time 
pressure 
= tubing resistance. 


The derivation of these equations is given in the Appendix. 
They are based on the conversion of mass, energy, and momentum 
for the one-dimensional, adiabatic flow of a compressible fluid with 


cross-sectional area of tube, sq ft 
velocity of sound, fps 

tubing inside diameter, ft 

ratio of specific heats, C,/C, 

tubing length, ft 

pressure, psfg 


time, sec 
velocity, fps 
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Laplace transform of pressure 
receiver volume, cu ft 
frictional resistance, lb-sec/ft* 
Laplace transform variable 


Laplace transform of velocity 


distance along tube from sending 
end, ft 


= dynamic viscosity, slugs/ft-sec 
density, slugs/cu ft 
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friction. FR is taken as a constant and is to be evaluated on the 
assumption of fully developed laminar flow. Pressure and tem- 
perature changes are assumed to be small so that the density and 
acoustic velocity can be treated as constants and evaluated at the 
initial temperature and the mean pressure of the system. 

Taking the Laplace transform of both members of Equation (1) 
with respect to gives 


( oV(z, 8) _sP(z, 8) + p(x, 0) 
or ox pe? pe? 


Substituting the boundary condition that the initial pressure is 
zero, gives 


Differentiating Equation (6) and substituting in Equation (4) 
gives 


1 
—~ — (10) 


V= 
(R + sp) 


where 
B = + 


’ Substituting the boundary conditions, Equations (7) and (9), 
in Equations (5) and (10) to evaluate the constants A and B 
gives as a solution to Equation (5) for the Laplace transform of 
pressure 


(3) Dn + 
ox pe? P(z, 8) = \ 14 =) (1i) 


Repeating the procedure for Equation (2), but with the bound- 
ary condition that the initial velocity is zero, gives 


> P 
= —spV(z, 2) + pu(z, 0) — RV(z, 8) 


or 


where 


_ — + sp) 


#Q(R + sp) + B(ac*p) 


oP(z, 8) = —V(z, ssp +R) (4) Rewriting Equation (11) in terms of the hyperbolic functions 
ox and simplifying gives 
cosh (L — z) + Q k sinh (L — z) | 
Pm pe? a pe? pc? 
cosh (L) [ate + — ‘| sinh (L) = ] 
pe? a pe? pe? 


Differentiating both members of Equation (4) with respect to 
z and substituting in Equation (3), gives 


+> — (R + ps)(s/pe*)P = 0 (5) 
Oz? 
The solution to Equation (5) will be of the form 
P = 4 (6) 
The boundary conditions and their corresponding Laplace 
transforms are obtained as follows: 


When x = 0, p = p,, times the unit step function 


L(p) = P = p,,/s (7) 


When z = L, the mass rate of flow into the terminal volume is 
equal to the rate of mass increase within the volume 


pau = Q — (8) 


Assuming that changes within the terminal volume occur 
adiabatically and reversibly gives 


and also pk = 
pk 


Substituting in Equation (8) and taking the Laplace transform 


gives 
(2 
ac*p \ dt 


ac*p ac*p 


L(u) = V = (9) 
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This is the solution for the Laplace transform of pressure. To 
find p as a function of x and ¢ we must find the inverse of Equation 
(12). Jaeger [7] has shown, for all problems involving wave 
action within finite boundaries, that the inverse of transforms de- 
scribing such action may be found by the following relationship: 


ao 
P(z,t) = >> (<2) (13) 


ay 


where 


and 
ee . are the poles of P(z, s) 


One pole is at s = 0 which gives, by Equation (13), p,, as the 
first term of the inverse of Equation (12) 
To obtain the other poles of Equation (12) let 
L{(R + sp)(s/pc?)|'/* = ia (14) 
then 
ia tania = —aL/Q 
and 


a tana = aL/Q (15) 


The poles are then the values of s satisfying Equations (14) 
and (15). The values of a@ satisfying Equation (15) may be ob- 
tained by a graphical solution as shown in Fig. 2. 

Values of a, to a, as a function of Q/aL are given in a con- 
venient form in Fig. 6. For accurate results the values as read 
from the curves should be improved by a trial-and-error process 
using tables. 
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ve 
| 
f(s) 
= 8) 
g(s) 
dp 
dp 
> 


To evaluate Equation (13) we need the derivative of the de- 
nominator of Equation (12), except for terms that become zero 
when the values of @ are substituted. Taking the derivative and 


Rt 


P = Pn — 


omitting these terms, gives 


/s 
sinh (L) od 
pe 


[(R + ps)s 


Ve 


QL R + ps)s 
( ) cosh (L) | = ar (16) 
pc? 


x 


Fig. 2 Method for obtaining values of « 


Before substituting in Equation (13), we must solve for s and 


for 
2s 
pe? 


Equation (14) gives 


R i (7°) ( R 
L p 


2p 2 
2a? 
L? 


( R 
Ri 2ac \? R\?]"2 
I (18) 


2p*c? 
Using Equations (12), (14), (16), (17), and (18) in Equation 
(13) and adding the steady-state term from the pole at s = 0, 
gives the following result: 


in terms of a. 


yy 


tac [cos (L — X) 
au 
p(x, t) = Pn + Pm — 


580 / pecemBerR 1959 


a R Ot a Qa . 
sin —) (cos(L — X) — sin(L X) — 


+ sinh (L — X) =| 2p ( 


R 


This is the solution for p as a function of zand¢t. By substitut- 
ing the trigonometric functions and rearranging we can eliminate 
the + signs, the complex numbers, and the double values of a. 


(20) 


Jara 


This gives us a complete picture of pressure as a function of x 


and t. We are mainly interested however, at z = L. Making 
this substitution gives 


where 


WL, t) = py, — 2p,e~ 


Ot + R 
2 


ta + i) sina + cos a| 


Depending on the values of a, L, Q, R, p, and c, the first few 
values of # in Equation (21) may be imaginary. Where this is the 
case, hyperbolic functions will replace the trigonometric functions 
in the numerators of these terms. 


cos 


(21) 


Since the derivation was based 
on p as a gage pressure, we can extend it to mean pressure levels 
other than atmospheric by rewriting it in the form 

Rt 
P — Po 
Pm — Po 


(22) 


where 


p = receiver pressure at time ¢ 
Po = 


Pn = 


initial tubing and receiver pressure 


sudden pressure applied at sending end 


Since the fluid starts from a statie condition and eventually 
ends in a static condition, part of the flow will always occur in the 
laminar region. Most of the flow should be in this region for 
problems of a practical nature involving long, small-diameter 
lines. For short, large-diameter lines where a portion of the flow 
may be turbulent, there is little need for analysis because of the 
insignificant time delay involved. Assuming laminar flow, we 
can obtain R from the Hagen-Poiseuille law as follows: 


32uuL 


Ap 2 


= Rul, R = 32y/d? (23) 


where d = inside diameter of tubiag and wy = dynamic viscosity 
of the fluid. 
For the majority of problems requiring analysis the value of 


19 
L 


1a 


L) sinh ia + a cosh ia] 
a 
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— 
= 

a +1 

( = ( 

pe? a 

+ 

7 

cos - sin - 

— 

aL aL 

) 

i 
and 
& 

pe? 

¥ 


6 in the first transient term will be imaginary. Rewriting Equa- 
tion (22) for this condition, i.e., R/p > 2a,c/L, gives 


Pm — Po 


+ sinh 


+a +1)sina + = cos 
aL aL 


For values of 19/2: of the order of 2 or more, both of the hyper- 
bolic functions will be close to 


1 Gey)’ 


so that we can write 


cosh 


t 
= [(0/i) —(R/p)) 


(1 + 


¢ ¢ 
a| ( + 1) sin + = cos 
aL aL 


Also, when Rt/2p is large and @ is real for the other terms in the 
series, it is interesting to note that the response can be described 
accurately by using no more than one transient term in Equation 
(24). The form of the equation for such a system will be simply 


(24) 


G 


P — Po 
Pm — Po 


=l1- (25) 


where G and M are constants as determined from Equation (24). 

If we start the response curve at t = L/c then Equation (25) 
will cover a wide range of practical problems. For extremely long 
time delays further values of 6 may be imaginary but have little 
effect except for small values of ¢. 


Test Procedure 


Tests were run using */s-in-OD (0.31-in-ID) and !/.-in-OD 
(0.19-in-ID) copper tubing in lengths from 50 to 200 ft. The 
tubing was left in coils as received. Three terminal volumes were 
used; namely 294, 91.2, and 0.73 cu in. 

Fig. 3 shows the test setup. 


The measuring system was cali- 
brated over all by observing recorder pen positions corresponding 
to various manometer deflections over the test range. 

The tests were run by putting the system under a slight vac- 
uum, starting the recorder, and puncturing the membrane over 
the end of the tubing. The time of puncture, relative to the 


AMPLIFIER BRUSH RECORDER 


Fig.3 Test setup 
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chart position, was obtained by subtracting L/c see from the 
first appearance of the pressure pulse. 


Correlation of Theory and Experiment 


Figs. 4 and 5 indicate the deviation found between the experi- 
mental and analytical approach. Other combinations of length, 
diameter, and volume were tested but the correlation was essen- 
tially the same as for the eight selected combinations shown. 

The calculated curves (A) and (B) in Fig. 4 were obtained 
from Equation (22) and required four terms for satisfactory con- 
vergence. All other curves were obtained from Equation (24) by 
starting at 1 = L/c and using only the first term of the series. 

In all cases the measured pressure was found to lag behind the 
calculated pressure and show slightly more attenuation. This 


100 = 
Cc 
or 
lh 7 0 
/ 


7 
~~ EXPERIMENT 
CALCULATED 


ou i i i i i 
TimE , SECONDS 


Fig. 4 Comparison of experi tal and analytical results 
L, Q, OD, 
Curve ft cu in. in. 
A 100 91.2 3/8 
B 100 294.0 3/8 
Cc 100 91.2 1/4 
D 100 294.0 1/4 
Fete) 


—— —EXPERIMENT 
CALCULATED 


TIME , SECONDS 


Fig. 5 Comparison of experimental and analytical results 


91.2 
294.0 
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L Q, OD, 
MANOME TER Curve ft cu in. in. 
A 200 0.73 1/4 
B 200 294.0 3/8 
C 200) 1/4 
D 200 1/4 


difference may be due to some turbulent flow, some partially de- 
veloped laminar flow, end effects, fittings, finite coil radius, or lag 
in the measuring system. 

Even with the observed deviation, the analytical approach ap- 
pears to be entirely adequate for problems of this type. 

The discrepancy between theory and experiment is of such a 
nature that it probably could be compensated for by the intro- 
duction of an empirical multiplier for the resistance term. Such 
a correlation, however, does not appear to be justified considering 
the limited range of the experimental work and the small devia- 
tions found. 


Conclusion 


An equation has been developed which is considered to be of 
practical value in the analysis of instrument and control lines as 
found in many industrial processes. Prior to this development 
considerable theoretical work had been done on these systems 
based on sinusoidal inputs. The previous study of step inputs, 
however, had been handled largely on an experimental basis and 
was limited to a rather narrow range of system dimensions. 

The equations developed in this paper do not involve empirical 
correction factors and are free from the restrictious which arise 
from an approach which neglects wave action. The application 
of the basic equation to systems involving short, large-diameter 
lines with small terminal volumes is rather tedious. For systems 
with appreciable time delay, however, a modification of the equa- 
tion permits rapid evaluation of the system response. 

The agreement between the experimental results and the 
analytical work was found to be satisfactory. The practical use 
of the equation is such that the deviations observed are of little 
consequence. For example, we might be interested in the problem 
of recording a steam-generator furnace pressure at a remote 
location. We have a limited number of possibilities: (a) Direct 
measurement through a limited number of economic tubing sizes, 
(6) pneumatic transmission at the commercial pressure level, and 


160 


\ 
\ 


aN 


Fig. 6 Graphical solution for a tana = al/Q 
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(c) electrical transmission. The information obtained by applica- 
tion of the equation should provide an adequate basis for a de- 
cision. The differences in response which would be found in the 
three approaches would be large in comparison with the devia- 
tion noted between theory and experiment. 
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APPENDIX 


— of Relationships Governing Transient Flow in 
ipes 
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Consider a mass of fluid as shown in Fig. 7 which is between 
boundaries 1 and 2 at some period of time and between boundaries 
3 and 4 at a later period. The mass is the same in both cases so 


that we can write 
= pa (a + = az) 
ox 


(+2) 
or 


Assuming (0y/dz)? to be small in comparison to 1 


poadz 


2 


Y+(a¥/ax) dx 


GIG 


Fig. 7 Notation for transient flow 


R(FRICTION RICTION FORCE). 


Fig. 8 Notation for transient flow 
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oy 
| Po oz 
# | 
P — Po = dy/dzr) 
80 
Ne N 
| 
° [SS pa (P+ dx)q 
0 \ 2 3 4 5 SSS 


dp 
Also = » +— (p— 
Pp Po dp (p — po) 


Assuming that the pressure-density relationship in the tubing 
can be approximated by a reversible adiabatic relationship, gives 


p/p* = const, dp/dp = Kp/p = c* 
P — Po = Op/dr = —poc{d*y/dzr*) 
Op/at = Ap — po)/dt = 
= —pyct(dy/dt)/dz 
Let u = velocity = dy/dt 


at 

ou 26) 
or poc? ot 


Equating the forces on the section of fluid shown in Fig. 8 to 
the mass times its acceleration, gives 


op ou 

uRadz = poadz 
op ou 


These basic relationships for pneumatic lines, Equations (26) 
and (27), are similar to relationships which have been developed 
for electric and hydraulic lines. These are given in the following 
for comparison with the pneumatic-line equations: 

For electric transmission lines with no leakage 


(28) 
de ot 
-L Ri (29) 


where ¢ is current, e is voltage, L is inductance, R is resistance, 
and c is velocity of propagation. 
For hydraulic transmission lines 


or K bE] at 
op ov 
— =-p— -F 3 
or ol (38) 


where v is velocity, p is pressure, D is pipe diameter, k is volume 
modulus of compression of water, b is pipe-wall thickness, E 
is modulus of elasticity of pipe walls, p is water density, and F is 
frictional resistance. 


Example Problem 


Consider the problem of a draft gage which is to be located 500 
ft from the furnace connection. The gage volume is 50 cu in. and 
the ambient air temperature is 75 F. We could consider first 
using '/,-in-OD (0.19-in-ID) copper tubing: 


d = 0.0158 ft 
um = 4 X 107 slugs/ft-see (air at 75 F) 


R = 0.0512 lb-sec/ft ‘ (from Equation 23) 
p = 0.0023 slugs/cu ft (specific weight /32.2) 
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R/p = 22.3 
Q = 0.029 cu ft 
A = 0.000196 sq ft 
L = 500 ft 
Q/AL = 0.296 
@ = 1.22 radians (from Equation 15 or Fig. 6) 
sina, = 0.939 
cosa, = 0.344 
c = 1130 fps 
ai 


(from relationship following Equation 20) 
For Equation (25) 


G 1 + (22.3/21.5) 
1.22[(0.296 + 1)0.939 + 0.296 « 1.22 x 0.344] 


1.24 


M= ; (22.3 — 21.5) = 0.4 


If a sudden pressure change occurs in the furnace the part of it 
that will appear at the draft gage in ¢ seconds is 


1.24 


We could plot a pressure-time curve from this expression (ig- 
noring the negative values which result from values of ¢ less than 
L/c) or check the response for some value of t in which we are 
interested. For example, when ¢ equals | sec the equation shows 
that only 17 per cent of the pressure change has appeared at the 
gage. This is too slow for this application so we should repeat the 
calculations using */s-in. tubing. If this response was still too 
slow we could try larger tubing or pneumatic transmission, both 
of which would decrease R/p and increase the response speed. 


DISCUSSION 


D. C. Union® 


The time solution to the approximate wave equations as ap- 
plied to pneumatic transmission lines has been missing from the 
literature and the authors are to be congratulated for admirably 
filling this void. This time solution, given by Equation (22) with 
6 defined in a preceding expression and the values of @ given in 
Fig. 2, is the chief contribution of the paper. 

In their derivation of the acoustic wave equations in the Ap 
pendix, the authors might have discussed the velocity gradient 
across the tube, without which no viscous friction is possible; or 
they could have referred the reader to the exceJent derivation in 
their reference [6]. Accounting more rigorously for this velocity 
gradient, or the first-order effect of viscosity, leads to an alteration 
in Equations (2) and (27) as follows: 


op 4 ou 
— = —-p— — Ru, 


Or Ot 


whose chief effect is to decrease the speed of sound from c to c’, 
where 


ce’ = (3/4)'/tc 
Thus the square of the effective speed of sound cannot be substi- 


tuted for dp/dp, so that Equations (1) and (26) are more safely 
given as 


*Engineer, Shell Development Company, Emeryville, Calif. 
Assoc. Mem. ASME. 
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dp dy Op 
dp or Op 
= 
| 
oe 
_ 
| 


These alterations apply for adiabatic pressure changes and 
laminar flow, which the authors assume, but have only minor en- 
gineering significance. 

For field engineering, a simpler expression than Equation (25) 
and its various defining expressions can be obtained by making 
the assumption of a single transient term plus transportation 
time while in the s-domain and then converting to the time 
domain.‘ The resulting expression is 


P — Po 


e~t—Ta)/T 
Pm — Po 


where 7, = L/c’ and 


RL? (@Q 
7 = 
kpo 


‘J. E. Samson, ‘Dynamic Characteristics of Pneumatic Trans- 
mission,”’ Trans, Society of Instrument Technology, vol. 10, 1958, pp. 
117-134. 
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This simpler expression allows one to observe that, when Q is 
small, the exponent is proportional to L*. A graphical plot of 7; 
versus Q for several long lengths and the two common tubing 
diameters has proved very useful to our field engineers. Agree- 
ment with experimental data for lengths of common tubing greater 
than 200 ft will be within 10 per cent if R is replaced by 1.2 R to 
account for slight turbulence and if k is evaluated as 1.2 to ac- 
count for some heat transfer. (The velocity of the leading edge of 
a pressure step should still be characterized by no immediate heat 
transfer, however.) 

A mental note for essentially dead-ended tubing is that, for 200 
ft of '/;-in-OD tubing, 7; = '/; sec and increases with the square 
of the length. Multiply by 0.6 for */,-in-OD tubing. 


Authors’ Closure 


The authors wish to thank Mr. Union for his valuable discus- 
sion. His comments regarding the difference in sonic velocity in 
tubes and in free space are well taken. 

The substitution of 1.22 for R, after reference [6], improved 
the correlation of theory and experiment, but was omitted from 
the paper because of the limited range of the test work. 
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A General Approach to the Practical 
Solution of Creep Problems 


A general method is presented for the solution of creep problems by the use of successive 
approximations. The method is equally applicable to different creep laws and loading 
paths. Examples are presented for the creep in a flat plate with a temperature gradient 


and for several cases of rotating disks. In these disk problems the transient conditions 
prior to the establishment of steady-state stress distribution are included and shown 
to have an appreciable effect on the total creep strains. The use of different cumulative 
creep laws such as the time-hardening and strain-hardening laws are illustrated. 


Introduction 


x PRESENT TREND in stress analysis is to take 
into account in a more rigorous fashion the complex phenomena of 
plastic flow and creep. This is due to the many more high-tem- 
perature applications and the necessity of designing for maximum 
stress in order to reduce component weight. Furthermore, the 
widespread availability of high-speed computing machinery 
makes such computations more feasible. However, although 
there exists 2 great deal of literature on the subject of plastic 
flow and creep, very little has been done in presenting simple 
numerical methods for solving specific problems of engineering 
interest and, in most cases where such methods have been pre- 
sented, restrictive assumptions were made to obtain the solutions, 

A relatively simple solution to plastic-flow problems for rotating 
disks using the deformation theories of plasticity was presented 
by Millenson and Manson [1].!_ A more general approach to the 
solution of plastic-flow problems using successive approximations 


' Numbers in brackets designate References at end of paper. 

Contributed by the Metals Engineering Division and presented 
at a joint session with the Joint ASTM-ASME Committee on Effect 
of Temperature on the Properties of Metals at the Annual Meeting, 
New York, N. Y., November 30-December 5, 1958, of Tue AMERICAN 
Society or MecHANICAL ENGINEERS. 

Note: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, August 
5, 1958. Paper No. 58—A-98. 


Nomenclature 


was given by Mendelson and Manson [2]. An extension of this 
method for problems of radial symmetry making use of the more 
rigorous incremental theories of plasticity is presented by Hanson 
in reference [3]. A considerable amount of work has been done 
by Wahl and his co-workers [4, 5, 6, 7] on the creep of rotating 
disks. In this work, as well as in most other creep problems that 
have been solved in the literature, steady-state creep has been as- 
sumed and the elastic strains have been neglected. This neglect 
of the transient stress distribution can, however, lead to ap- 
preciable error. 

In the present paper it will be shown how the general method of 
references [2 and 3] can readily be adapted to the solution of creep 
problems with arbitrary creep laws and without neglecting the 
transient conditions leading to the approximately steady-state 
stress distribution. The method itself will be illustrated first 
for the simple case of the creep in a flat plate under a temperature 
gradient and then for several cases of creep in rotating disks simi- 
lar to the ones of reference [4]. It will also be shown that dif- 
ferent assumptions with regard to cumulative creep, such as the 
strain-hardening, time-hardening, or life-fraction rules |S}, ean 
be used with equal ease. This will be illustrated for the case of a 
rotating disk using both the strain-hardening and time-hardening 
rules. 


Method 


In reference [2] a method of successive approximations was de- 
scribed for computing plastic flow in plates, cylinders, and 


inner and outer radii of disk, respectively 

integration constant defined in text 

half width of plate 

constants 

modulus of elasticity 

original and current thickness of disk, respec- 
tively 

coefficient in creep equation 

exponents in creep equation, unless otherwise 
specified 

original and current radial position of point on 
disk, respectively 

temperature above some arbitrary zero 

arbitrary constant temperature 

time 

directions of co-ordinate axes 

linear coefficient of thermal expansion 
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time increment 
equivalent strain increment, defined in text 
Ae,,, Aces, 


strain increments in time interval, At 
Ae 


zp 

oa total strains in z, y, z, 7, and @ directions, re- 
€,, spectively 

Esp» 
€ 


plastic parts of the total strains 
2p? €p 


€, = total equivalent creep or plastic strain 

v Poisson's ratio 

p density 

0, equivalent stress defined in text 

0, normal stresses in z, 6, r, and z directions, re- 
spectively 

w rotational speed of disk 


Other symbols are defined in the Appendixes as they are used. 
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Hh = 
j AK = 
mn = 
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spheres. Briefly, this method involves starting with the elastic 
solution of the problem and calculating first approximations to 
the strains. The plastic strains are then used to calculate new 
stress and total strain distributions. Better approximations to 
the plastic strains can then be computed and this procedure is 
continued until convergence is obtained. This same technique 
can also be applied to creep problems. The method will be il- 
lustrated first for the uniaxial case of creep in a flat plate and then 
for the biaxial case of creep in rotating disks. The solution to 
more general three-dimensional problems is discussed in Appendix 


~ Uniaxial Case of Flat Plate 


Consider the simple uniaxial case of a thin infinite plate of 
width 2¢ as shown in Fig. 1, with a temperature distribution 7(y) 
across the width. Under these conditions, the only nonzero stress 
is 

o, = o,(y) (1) 
As in the usual theory of bending it is assumed that plane sec- 
tions remain plane. This requires that 

6, = + cy (2) 


where ¢, and ¢; are constants to be determined. Let €, and o, be 
the total strain and stress at the middle of the time interval At, 
€,, the total creep strain up to time ¢, and Ae,, the additional 
increment of creep strain during the time interval At. Then 


(3) 
from which 
E («. al — 


The boundary conditions require that 


c 

f ody 

f ,ydy 


The constants c; and ¢, of equation (2) can be determined by sub- 
stituting equation (2) and (4) into (5). Substituting these 
values of c, and ¢; back into equation (2) and assuming E to be 
constant results in the following: 


Ae., 
(ar +. + ‘) dy 


(5) 


(e, — al’) 


(ar + €,, ydy —aT (6) 
2 


As a specific example, let 
T = + — 1/3) 
E = 28 X 10° 
c=1 
a = 9.5 X 


(7) 


Substituting these values into equation (6) and noting the sym- 
metry of the problem results in 


1 
€ = —0,00570(y? — 1/3) +f («, + & 
0 


This equation along with the stress-strain relation (4) and some 
relation between stress and creep rate are all that are needed to 
solve the plate problem. Let it be assumed that the relation be- 
tween stress and creep rate is of the following form: 


Ae,, = 3 X 1070, (9) 


The procedure for obtaining the solution to this problem is now as 
follows: 


(a) At the start of the first time interval Ad, €,, is known to be 
zero and Ae,, is assumed to be zero. Substituting these values 
into (8) gives the elastic solution as a first approximation to the 
total strains. 

(b) Substitute this first approximation for the strain distribu- 
tion into the stress-strain relation (4) and solve for the first ap- 
proximation to the stress distribution. 

(c) Substitute this first approximation to the stress distribu- 
tion into the creep relation (9) and solve for the second approxi- 
mation to the incremental creep strains during the first time 
interval. 

(d) These incremental strains are substituted into equation (8) 
and the iteration proceeds from equation (8) to (4) to (9) back 
to (8), ete., until the procedure converges to the correct set of 
incremental strains and stresses. 

(e) At the start of the second time increment, the total strains e,, 
are now known and are equal to the incremental creep strains 
developed during the previous time increment. In fact the total 
creep strains at the beginning of any time interval will always be 
known and will be equal to the accumulated incremental strains 
up to that time interval. The procedure for calculating the 
average stresses and strains for the second or any other time 
interval is then the same as in steps (a), (6), (c), and (d) 
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Fig. 1 Flat plate with temperature distribution 
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Fig. 2 Stress relaxation in flat plate 
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The results of this calculation are presented in Fig. 2. This 
figure shows a plot of the variation of the stress with time at the 
center and at the edge of the plate. For this problem as well as 
the subsequent ones the unknown integrals were evaluated 
numerically using Simpson’s rule. 


Biaxial Case of Rotating Disks 


The simple example of the flat plate just illustrated involves 
uniaxial stress, hence making it possible to determine directly the 
creep strains once the total strains and stresses are known. In 
most cases of practical interest the stresses are biaxial or triaxial 
in nature but the general procedure is the same. Creep in a ro- 
tating disk, for example, would constitute such a problem. Before 
a solution to this type of problem can be attempted, however, 
several questions must first be answered. Namely, how are the 
strains related to the stresses in the plastic range and what is 
the effect of strain history or the accumulation of previous creep 
strains? These questions will now be briefly discussed before the 
solution to the problem of the rotating disk is described. 

Stress-Strain Laws. In order to determine the new values of 
the incremental strains at any point of the calculation, a stress- 
strain law for biaxial or triaxial stresses is needed. The validity 
of the method just described does not depend upon the precise 
form of the law used, but for illustrative purposes it was necessary 
to choose some specific relation. Thus it is assumed in this paper 
that the von Mises yield criterion and the Prandtl-Reuss stress- 
strain relations are valid for both plastic flow and creep. These 
relations can be written as follows for problems of radial sym- 
metry: 


(20, oe— @,) 


(209 — o, — @,) 


Ae,, = —Ae,, — Ace, 


where 


tt 


Ae, V (Ae,,)? + (Aeo,)* + (Ae, 


V : 


1 
Vi — + (o, — o,)* + — o,)? 


| 
(10a) 


toll 


The increment in equivalent strain Ae, will in general bes func- 
tion of the equivalent stress o,, the total equivalent strain ¢,, the 
temperature 7’, the time ¢, and the strain history of the material. 
Such a general relationship can be written as follows: 


Ae, = T, t) (11) 


Cumulative Creep Laws. For problems of plastic flow without 
creep, the increment of equivalent strain Ae, is a function of the 
equivalent stress 7,, and the strain history or loading path. For 
creep problems the strain path becomes time dependent. For 
this time dependency of the strain path a number of laws have 
been proposed [8]. Three such laws are illustrated in Fig. 3. 
These are the strain-hardening, time-hardening, and life-fraction 
laws. The strain-hardening law assumes that in going from one 
stress level to the next the creep rate depends on the existing 
strain in the material. The time-hardening law assumes that the 
creep rate depends upon the time from the beginning of the creep 
process. The life-fraction law assumes that the creep rate depends 
upon the fraction of life used up. However, no matter which law 
is used the strain increments for successive time increments can 
be calculated by the method of successive approximations. The 
method will now be illustrated in detail for the case of creep in 
rotating disks. 
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Fig. 3 Hypothetical curves illustrating proposed creep laws 


Equations for Rotating Disks 


The compatibilty relation for the plain stress problem of the 
rotating disk is 
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The stress-strain relations can be written as follows: 
(o, — voo) + al’ + Ae, 


(a9 — vo,) + al’ + + Ae, | 
) 


where €,, and €9, represent total creep strains up to the time ¢, and 
Ae,, and Ae, are the increments of creep strains in the interval of 
time At. Ae,,, and Aes, are given by equations (10) and (11) 
and the rule governing the time dependency of the strain path is 
yet to be specified. 

Substituting equations (13) into (12) gives the compatibility 
equation in terms of stresses, 


d (+ 


+ aT + & + Ae) 


BE r r 


- 


rp 
The equilibrium equation for the rotating disk is 


l 
(hra,) — hoe + pw*r*h = 0 (15) 


Equations (14) and (15) must now be solved simultaneously for 
the stresses ¢, and o@ subject to the proper boundary conditions 
for the disk. 
€,, and €, up to that time ¢ are known, The increments in creep 
strain Ae, and Aes, for the next time interval At are not yet 
known, but a set of values is assumed (such as the incremental 
Since all the 
creep strains now have known values, equations (14) and (15) 
form a linear pair of equations which can readily be solved for the 
stresses o, and og. From the assumed values of Ae, and Aeg,, 
Ae, is calculated by the first of equations (10a). This value 
of Ae, corresponds to a particular value of a, as given by equation 
(11). From these values of Ae, and o,, as well as the stresses 
computed from equations (14) and (15), new values for the creep 
increments Ae,,, and Ae, are now computed from equations (10). 
These better approximations to the incremental creep strains are 
put into equations (14) and (15) and the process is repeated until 
convergence is obtained, 

Equations (14) and (15) may be solved in a number of ways 
once the incremental strains are assumed to be known. Two 
methods have been used in this paper as described in Appendix 2. 
One of these involves replacing equations (14) and (15) by their 
finite difference equivalents as described in reference [1] and 
solving these finite difference equations by successive approxima- 
tions. The second method is to convert equations (14) and (15) 
to integral equations and to solve these equations by successive 
approximations. Both methods gave the same results for the 
problems treated in this paper. 

It should be noted that since a disk under creep conditions will 
grow and change dimensions with time, the values of r and h ap- 
pearing in equations (14) and (15) should be the true values at the 
time ¢ and not the original values at zero time. Thus if H is the 
original thickness at the original radial position R, the current 
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At any time ¢ the total accumulated creep strains 


strains computed for the previous time interval). 


C= 


2 
r 3 


values h, r are given approximately by 


H 
(1 + + €,) 


r = + €,) 


Furthermore, the strains appearing in equations (10) and (11) 
should be natural strains. However, since the strain increments 
will generally be small and the current dimensions of the disk 
will always be used, the error in using conventional strains in 
equation (10) will be negligible. 

Several cases of creep in rotating disks will now be considered. 
The first case treats the same problem as that presented by Wahl, 
et al. [4]. Since reference [4] neglects the transient condition 
the same will be done here in order to compare the results of the 
present method with those of that reference. This is done by 
neglecting the elastic strains, since the compatibility relation 
(14) then becomes independent of time if the creep rate is given 
by a function of stress times a function of time. The same prob- 
lem will then be treated including the elastic strains in order to 
determine the effect of neglecting the transient stress distribution 
upon the creep strains. The second case will treat a similar disk 
using more complicated creep laws. The solution to the problem 
will thus be presented using both the time-hardening and strain- 
hardening rules. 


Case I(a). Creep in Rotating Disk Neglecting Transient Condition 


Consider a constant-thickness constant-temperature disk of 
12-in. O.D. and 2.5-in. I.D. rotating at 15,000 rpm. Assume 
steady-state creep with the creep rate as used in reference [4] 


Ae, = 4.41 10° 


Neglecting the elastic strains is equivalent to letting £ approach 
infinity in equation (14), and since the stress distribution now be- 
comes independent of time, we can arbitrarily choose any time 
interval At and compute the stresses. The strains will of course 
be directly proportional to the assumed time interval At. 
method of solution is therefore as follows. 


One 
Solve equation (10) 
for the stresses. 


This gives (since o, = 0) 


» 
20. 
(2Ae,, + Aeo,) 
3Ae, 
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Letting EF approach infinity, integrating equation (14), and 
substituting into (17), results in 


r 
Ae,, — dr + 
3 Ae, a r 


Integrating (15) and substituting (18) into the resultant equation 
gives 


r n Ae, 4C 
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3r 
where C is determined from the rim loading o,(b) and is given by 
b 2 
pw 
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Fig. 4 Creep stresses in rotating disk neglecting elastic strains 


The solution now proceeds as follows: 


(a) Assume a value for At, say 1 hour 
(b) Assume values for Ae,,, and Aeg,, say 0.001 everywhere 
» 
V + (Atay)? + 
Ae 1/6-2 

(d) Caleulate o, = { 
441 XK At 

(e) Caleulate C from (20) 

(f) Caleulate o, and o¢ from (18) and (19) 

(yg) Caleulate new values for Ae,,, and Ae, from (10) 

(h) Go back to (c) 


(c) Caleulate Ae,, = 


The results of carrying out this calculation are shown in Figs. 4 
and 5 and compared with the results of reference [4]. It is seen 
from the figures that the agreement is excellent. The strains 
shown in Fig. 5 were obtained by multiplying the strains com- 
puted using a At of 1 hour by 180. 


Case I(b). Creep in Rotating Disk Including Transient Conditions 


The same disk as in Case I(a) was considered with the elastic 
strains this time included. The modulus of elasticity E was taken 
to be 18 & 10° corresponding to a disk temperature of 1000 F. 
The creep rate was the same as previously given for Case I(a). 
To start with, a time interval Aft of 0.01 hour was chosen, and as 
a first approximation the creep increments Ae,, and Aes, were all 
taken to be constant at 0.00001, the total creep strains €,, and 
€s, of course being zero at zero time. The calculation then pro- 
ceeded as follows: 


(a) Ae was computed from the relation Ae, 


VW ( Ae, )? + (Aeo,)? + Ac,, Ace, 


(b) Equations (14) and (15) were solved for the stresses o¢, and 
og by the methods described in Appendix 2. 
(c) ¢, was computed from the relation ¢, 


( Ae, 1/6.2 


(d) New approximations were obtained for the strain incre- 
ments Ae,,, and Aes, from (10). 

(e) Steps (a) through (d) were repeated until there was no 
‘hange in two successive computations of the strain increments. 


The creep strains were thus computed at the end of 0.01 hour. To 
obtain the creep increments for the next 0.01 hour the same pro- 
cedure was followed except that the total creep strains ¢,,, and 
€s, were no longer zero but were equal to the accumulated creep 
strains up to that time. A first approximation to the creep incre- 
ments Ae, and Ag, was assumed (usually the values obtained 
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Fig. 5 Creep strains in rotating disk at 180 hours neglecting elastic 
strains 


for the previous time interval), and steps (a) through (e) re- 
peated. In this way the incremental and total creep strains were 
computed up to 180 hours. The time interval was arbitrarily 
chosen so that the stress during any interval would not drop by 
more than approximately 1000 psi. Thus this time interval Af 
was rapidly increased as the stress approached steady-state 
conditions. 


The results of this computation are shown in Figs. 6 and 7. 
Fig. 6 shows the relaxation of the tangential stress with time at the 
inner and outer radii of the disk. It is seen that steady-state con- 
ditions are obtained at about 10 hours and that the tangential 
stress at the inner surface persists for a long time at a slightly 
higher value than that computed neglecting the transient stress 
distribution. 

The tangential and axial creep strains at the end of 180 hours 
are shown plotted in Fig. 7 together with the results obtained 
neglecting the elastic strains and the scatter band of test results 
given in reference [4]. The authors of reference [4] have also 
computed the strain distribution using the maximum shear 
theory and since the results obtained by the von Mises criterion 
show appreciable discrepancies from the seatter band, they have 
concluded that it is best to use the maximum shear theory for this 
problem. However, it can be seen from the figure that if the elas- 
tic strains are not neglected in the computation, almost all of the 
discrepancy between the experimental results and the theoretical 
results using the von Mises criterion disappears. This is due not 
to the elastic strains themselves, which are negligible, but to the 
fact that the transient stress distribution is such that slightly 
higher stresses persist for a long time as is shown in Fig. 6. 
These slightly higher stresses can produce a relatively large 
accumulation of creep strain since the creep rate is proportional 
to the 6.2 power of the stress. It is thus seen that neglecting the 
transient stress distribution can have an appreciable effect on the 
total creep. 

Returning to Fig. 6 it can be seen that after a long period of 
stability the stresses start rising. As the disk grows due to creep 
the centrifugal loading increases and the thickness at the center 
decreases as can be seen from Fig. 8. This increase in centrifugal 
loading and decrease in cross section will eventually balance and 
finally surpass the stress relaxation due to the creep. The stresses 
will start increasing all over the disk and the disk may start creep- 
ing at an accelerating rate. This is illustrated in Fig. 6 which 
shows that after a long period of stability the stresses gradually 
start rising. The disk has now reached an unstable condition 
which may result in failure. 


Case ll. Nonlinear Creep Laws 


In the previous examples the creep curves were assumed linear 
with the creep rate independent of time. It will now be shown 
that more complicated creep curves and creep laws can be used 
without any appreciable increase in the complexity of the compu- 
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Fig. 6 Stress relaxation in ro- 
tating disk, Case I(b) 
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Fig. 7 Strain distribution at 180 hours, Case I(b) 
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Fig. 8 Variations in disk dimensions with time, Case I(b) 
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tations. Any nonlinear creep law can be used; for illustration it 
will be assumed that the creep data can be represented by the 


following equation: 
= (21) 


The same disk as in Case J will now be considered, with the creep 
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data given by equation (21), using both the time-hardening and 
the strain-hardening rules previously mentioned. 

For the time-hardening rule, since the creep rate depends on the 
actual time elapsed, the creep rate at constant stress at the middle 
of the time interval between ¢ and ¢ + At is obtained directly 
from (21). 
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Fig.10 Creep at bore of disk using strain-harden:ng and time-hardening rules 
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Fig. 11 Creep curves used with strain-hardening and time-hardening 
rules 


(22) 


where @, is the stress at the middle of the time interval and is as- 
sumed to be constant during the interval. Solving (22) for o,, 


gives 


For the strain-hardening rule, the creep rate depends upon the 
total accumulated creep rather than the accumulated time. 
Eliminating the time between equations (21) and (22) results in: 


Ae nim Ae (i-n)im 
(« 2 ) 


where €, is the total accumulated creep strain up to the beginning 
of the time interval under consideration and Ae, is the strain in- 
crement during the time interval. The solution to this problem 
is now obtained in exactly the same way as for Case I(b), except 
that in step (c), o, is computed by equation (23) for the time- 
hardening rule and by equation (24) for the strain-hardening 
rule. For the time-hardening rule track must be kept of the total 
elapsed time, whereas for the strain-hardening rule track must be 
kept of the total accumulated strain. 

Part of the results of this calculation for m equal to 6, n equal 
to 2/3, and K equal to 1.5 X 10-®, are presented in Figs. 9 and 


(23) 


(24) 
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10. The creep curves represented by these constants are shown 
in Fig. 11. As would be expected, Fig. 9 shows that the stress 
does not relax quite as rapidly using the strain-hardening rule 
as with the time-hardening rule since the creep rates will gen- 
erally be lower for the strain-hardening rule. This can be used 
to explain the results of Fig. 10 which shows that the tangential 
creep strain is essentially the same for both rules. (Although the 
strain-hardening rule actually gave slightly lower creep strains, 
the difference is too small to show up on the figure.) Although as 
seen from Fig. 3, in going to a given stress the creep rate will be . 
smaller for the strain-hardening rule than for the time-hardening 
rule, this is compensated for in this problem by the fact that the 
stress does not relax as fast so that the total creep turns out to be 
about the same using either rule. 


Discussion 


It is apparent from the foregoing that the method of successive 
approximations described can be a powerful tool for the solution 
of creep and plastic flow problems in general. In particular it is 
seen that the utility of this method does not depend upon the 
plastic flow or creep law used and that many simplifying assump- 
tions that have been used in the past are not really necessary. 
Of course, except for simple cases such as the problem of the flat 
plate herein described, it is necessary to use some sort of high- 
speed computing machine to carry out the necessary iterations, 
However, with the current widespread use and increasing availa- 
bility of such machines, this is not as serious a drawback as it 
would have been a decade ago. 

The question of convergence of this method requires more ex- 
tensive investigation. It has been found from experience that 
the method will not converge for these creep problems if the time 
increment is taken too large. 
sented herein, it has been found that the time increment must be 
taken sufficiently small so that the strain increment does not 
exceed about '/: per cent. On the other hand, numerous plastic 
flow problems have been solved where convergence has been 
Until 
further work is done on determining the radius of convergence of 


Thus, for the ereep problems pre- 


readily obtained for plastic strains as high as 20 per cent. 


this method for the general plastic flow and creep problem, the 
maximum increments of creep or plastic flow used will have to be 
dictated by experience. Once such a problem has been set up on a 
high-speed computing machine, it can be ascertained in a matter 
If such is the case 
it is merely necessary to reduce the time or loading increment. 
Concerning the specific problems treated in this paper, two re- 
sults are worth emphasizing. The first concerns the effect of the 
transient stress distribution. As has been shown this effect can 
be of appreciable importance. Although the elastic strains 


of minutes whether the problem is diverging. 


pecemBer 1959 / 591 


' 

PSI, 

‘ 40,000 
35,000 
30,000 
25,000 

100 120140 
Ae, = nKo,.” (: + At 


themselves are small and can be neglected, the persistence of 
slightly higher stresses for an appreciable time can cause an 
appreciably larger accumulation of strain since the creep rate is 
generally proportional to some high power of the stress. The 
second is the fact that the strain-hardening and time-hardening 
rules may not give appreciably different results even if the creep 
rate is not constant, due to the slower stress relaxation inherent 
in the strain-hardening rule. This effect would seem of sufficient 
importance to warrant further investigation, 


APPENDIX 1 
General Elasto-Plastic Equations 


The technique for solving plastic flow and creep problems by 
successive approximations has been illustrated in this paper for 
the cases of creep in a flat plate and in rotating disks, It is ap- 
parent, however, that the method is very general and is readily 
adaptable to many different types of problems. For any given 
problem the procedure to be followed can be set down as follows: 


(a) Obtain the equilibrium and compatibility relations for the 
problem in the most convenient co-ordinate system. 

(b) State the stress-strain relation in a form similar to equa- 
tions (13). 

(c) Choose the plastic flow laws or creep laws to be used. 

(d) Combine the equations of (a) and (6) in an appropriate 
manner, such that the unknown plastic flow or creep strains are 
grouped together on one side of the resulting equations. 

(e) Treat these unknown terms as known by assuming some 
values for them for the first iteration, and by using the values com- 
puted for them from the previous iteration for the next iteration, 

(f) Solve the resultant equations. 

(g) Using the laws given by (c), obtain better approximations 
for the unknown plastic flow or creep strains. 

(h) Repeat (e) through (g) until convergence is obtained. 


A block diagram showing the possible flow of the calculations 
from the nth iteration to the (n + 1)st iteration for this type of 
process is shown in Fig. 12. Such a diagram was used for the disk 
problems illustrated herein, 

In this diagram, Ae, is obtained from the Ae,,,,, by means 
of equations such as (10a), @,,,, is obtained from Ae,,,, by means of 
the stress-strain curve or the creep curves in conjunction with the 
assumed path dependency. Ae;,,,+; is then obtained by using 
the appropriate plasticity flow laws such as, for example, equa- 
tions (10). 

In order to indicate the successive approximation procedure for 
the most general case of plastic flow and creep the general three- 
dimensional elastic-plastic differential equations for the dis- 


placements, equations (26) and (27), are set down. It is recog- 


nized that these equations in themselves are usually not very use- 
ful and that for specific problems much simpler equations can 
generally be obtained. 
The stress-strain relations including plastic flow and/or creep 
can be written as follows: 
) 
+ o,)| + aT + Ae., 
+ ¢,)] + aT + ¢€,, + Ae,, 
+ ¢,)| +6, + 
+ AYeyp 


+ BY 


Ve + &y 


where €,,, €,,, ete., are the accumulated plastic flow and/or creep 
strains up to the time interval or loading interval under considera- 
tion, and Ae,,, Ae,,, ete., are the increments in these strains dur- 
ing this interval. Equations (25) are combined with the equi- 
librium equations and the compatibility relations and, after carry- 
ing out the exact same manipulations as is done for the elastic 
case (see for example, ref. [9] p. 228), the following equations are 
obtained; 
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Fig. 12 Block diagram for computing plastic flow or creep strains by successive approximations 
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where u, v, and w are the displacements, ¢ is the sum of the total 
strains, \ and G are Lamé’s constants, and X, Y, Z are the hody 


force components. The general boundary condition equations 
in terms of displacements are 
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where ¥ is the surface force component and /, m, and n are direc- 
tional cosines, with similar expressions involving the surface forces 
¥ and Z. The shear terms in these equations will of course dis- 
appear if x, y, and z are taken in the directions of the principal 
axes. It is also to be noted that the differential equations can in 
many cases be put in the form of integral equations [2]. 

A direct substitution for the creep or plastic strains into the 
differential equations or into the integral form of these equations 
results in very complicated nonlinear equations which are gen- 
erally not readily solvable. These complications can be avoided 
by using the method of successive approximations. The first ap- 
proximation for the total strains €,, €,, €, is determined by either 
first neglecting the terms involving the creep or plastic flow strain 
increments or assuming some values for these strains. From 
these values of the total strains (and the corresponding stresses), 
the increments of creep or plastic flow strains are determined from 
the plastic flow or creep laws. These values of creep or plastic 
strains are now treated as known values and are substituted back 
into the differential or integral equations to determine the second 
approximations to the total strains from which new approxima- 
tions to the creep or plastic strains can be determined. This 
process is repeated as many times as necessary until successive 
approximations show sufficiently little change to permit being 
considered as converged. 

For each of these successive approximations the plastic flow or 
creep terms are assumed to be known. Since, as can be seen by 
inspection, the plastic flow and creep terms can be considered 
as representing a fictitious set of body and surface forces for an 
otherwise elastic problem, Ilyushin [10] refers to this method as 
the method of successive elastic solutions. 

This successive approximation process is carried out for creep 
and /or plastic flow in each increment of time Af starting with the 
beginning of the loading process. Thus the incremental or flow 
theories of plasticity can be approached as closely as desired as 
the time (or loading) increments are made smaller and smaller. 
The complete history of loading can therefore be taken into 
account, 


APPENDIX 2 
Solution of Differential Equations 


Equations (14) and (15) ean be solved in various ways once 
the plastic strains are assumed to be known. If the thickness and 
the modulus of elasticity are constant throughout the disk then 


Journal of Basic Engineering 


the equations can readily be integrated in closed form. This has 
been done in reference [2] where the solution is given for a solid 
disk in terms of strains rather than stresses as follows: 
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For a given set of strain increments Ae,,, and Aeg,, the total 
strains are computed from the preceding equations and the stresses 
are then computed through the stress-strain relations (13). 
These are the stresses needed in step (b) of Case I(b). The 
integrals in the preceding equations can readily be evaluated 
numerically by the use of Simpson's rule. 

For the more general case where the thickness and modulus 
vary through the disk (this will always be true when the disk 
creeps enough so that its dimensions change) a similar set. of 
integral equations can be obtained which can then be solved by 
successive approximations. However, these integral equations 
will contain double integrals and will in general be much more 
complicated than (28). In this case it is probably simpler to 
convert the differential equations (14) and (15) into finite dif- 
ference form as was done in reference [1]. A simple numerical 
solution can then be obtained. The solution will be presented 
here using simple matrix algebra. Those unfamiliar with matrix 
multiplication and addition are referred to reference [1] where the 
required linear combinations and substitutions are carried out 
using ordinary algebra. 

If the disk radius is divided into N intervals (not necessarily 
equal), and equations (14) and (15) are evaluated in finite dif- 
ference form at the mid-points of these intervals, then it can 
readily be shown [1] that the stresses at the ith station are 
linearly related to the stresses at the (¢ — 1)st station as follows: 

(20) 
C;'0,, — = — + Hy! — P,' 


where: 
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It isto be noted that, if the disk dimensions do not change ap- 
preciably with time, all these coefficients except P;’ depend only 
on the geometry and operating conditions of the disk and are 
evaluated once and for all. Only P,’ is a function of the creep 
or plastic flow. Also for a solid disk rj; becomes zero when i 
equals unity so that some of the primed coefficients become 
infinite. This can be avoided by assuming for the first radial 
position some small nonzero number, or by multiplying all the 
primed coefficients by r;-, before they are computed. 

Equation (29) can be easily solved for the stresses at the ith 
station in terms of the stresses at the (i — 1)st station. When this 
is done the results can be written as the following matrix equa- 
tion: 

o, = + M,; (31) 


where o, is the stress matrix at the ith station, 


L,isa2 X 2 matrix whose elements are given by 


Ca’ ™ 


+ DG,’ 
C,'D; 
(32) 
C,'F; — CF,’ 


a + CG, 
C.D! — 


C.D,’ — C,'D, 


22 


and MM, is a column matrix whose elements are 


HD! — HYD, 


my = 


(33) 
_ OP! AC! — HEC, 
C.D, = C,'Ds 


Equation (31) represents a linear recurrence relation between 
the stress at the ith station and the stress at the (i — 1)st station. 
Obviously, by successive application of (31) the stress at the ith 
station can be linearly related to the stress at the zeroth station. 
Let this linear relation be written as: 
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= A,oo + B, (34) 


where A, and B; are as yet unknown. Substituting (34) into 
(31) leads to 
(A; L,Ai-1) 0 = M, (35) 


Now go in equation (35) is arbitrary since the boundary conditions 
have as yet not been specified. The only way for (35) to be true 
for arbitrary values of oo, is for both sides of the equation to 
vanish identically. Therefore 


A, L,Aw 
B, = L,Bia + M, 


(36) 


Comparing equations (31) and (34) for 7 equal to one, it is seen 
that A; equals L; and B, equals M,. By means of the recurrence 
relations (36), A; and B; can now be computed for all the sta- 
tions. For the last station (r equal to b) expanding the matrix 
equation (34) gives 


= + + bie 
For a solid disk 


— dis 
= 009 = (37) 
+ 
For a disk with a central hole of radius a, ¢,,, = 9,0 = 0. There- 
fore 


(38) 


Having computed the A, and the B; by means of (36), and 0,5 by 
(37) or (38), the stresses at every station can now be computed 
from (34). 

To summarize then, the ZL; and M; matrices are computed from 
(32), (33), and (30). The A; and B; from (36), and then the 
stresses from (34) with either (37) or (38). 

It is to be noted that this procedure takes into account with 
equal ease variations of E, h, p, or even v along the radius of the 
disk. 


References 


1 M.B. Millenson and 8.8. Manson, ‘‘Determination of Stresses 
in Gas-Turbine Disks Subjected to Plastic Flow and Creep,”” NACA 
TR 906, 1948. 

2 A. Mendelson and S. 8. Manson, “Practical Solution of Plastic 
Deformation Problems in the Elastic-Plastic Range,” NACA TN 
4088, 1957. 

3 Roger S. Hanson, “Practical Solution of Plasticity Problems 
by the Incremental Theory of Plasticity,’’ PhD thesis, Iowa State 
College, 1958. 

4 A.M. Wahl, G. A. Sankey, M. J. Manjoine, and E. Shoemaker, 
“Creep Tests of Rotating Disks at Elevated Temperature and Com- 
parison With Theory,” Journal of Applied Mechanics, vol. 21, TRANS. 
ASME, vol. 76, 1954, pp. 225-235. 

5 A.M. Wahl, “Analysis of Creep in Rotating Disks,” Journal 
of Applied Mechanics, vol. 23, Trans. ASME, vol. 78, 1956, pp. 231- 
238. 


6 A.M. Wahl, “Stress Distributions in Rotating Disks Subjected 
to Creep,” Journal of Applied Mechanics, vol. 24, Trans. ASME, vol. 
79, 1957, pp. 299-305. 

7 A.M. Wahl, “Further Studies of Stress Distribution in Rotat- 
ing Disks and Cylinders Under Elevated-Temperature Creep Condi- 
tions,” Journal of Applied Mechanics, vol. 25, Trans. ASME, voi. 80, 
1958, pp. 243-250. 

8 Howard R. Voorhees and James W. Freeman, “Notch Sensi- 
tivity of Heat-Resistant Alloys at Elevated Temperatures,” Wright 
Air Development Center Technical Report No. 54-175, part I, 1954. 

9 §. Timoshenko and J. N. Goodier, “Theory of Elasticity,” 
McGraw-Hill Book Company, New York, N. Y., 1953. 

10 A. A. Illyushin, “Some Problems in the Theory of Plastic 
Deformations,”’ Prikladnaia Matematika i Mekhanika, vol. 7, 1943, 
pp. 245 272. 


Transactions of the ASME 


Sag 
Fy = Cos 
Ass 
dD, = G, D; 
h, 
1 1 
D,! = G,’ = — -},; 
(30) 
= a, = a; : 
— bie 
12,6 
| 
= 
egy 


DISCUSSION 


N. C. Dahl? 


This paper should prove to be a useful tool to the engineer faced 
with designing and constructing machinery and structures for 
operation under creep conditions. It represents a rational and 
useful application to the creep problem of techniques which the 
authors have been developing over the past several years for deal- 
ing with practical problems involving nonelastic deformation. 
The remarks which follow are offered in the spirit of increasing 
the usefulness of the paper since this area of design is so obviously 
one in which resort must be had to numerical calculation for any 
important structure. 

There is some lack of clarity about some of the nomenclature 
and, as the writer understands it, the intention of the authors is as 
follows (where the underlined parts are the writer’s additions): 


At 
Cer Cy Cs \ = total strains at time ¢ + — 
2 
Cops Op } = plastic strains at time t 
€4p 
€, = total equivalent creep or plastic strain at time t 
Ja Ty \ = normal stresses at time ¢ + : 
C,, f 


o, = equivalent stress at time ¢ + 


If the foregoing definitions are correct then it would appear that 
there should be a factor of 2 in the denominator of the last term 
in each of equations (13). Similarly for equations (25); equa- 
tions (26) and (27) then need revision. 

In the iteration process outlined, it is suggested that o, be ob- 
tained from (11) and no mention is made of using the second of 
(10a). Surely, at some point it is necessary to bring in the defini- 
tion of an effective stress—or at least to check and see that it is 
satisfied (this was not necessary in the uniaxial problem of the 
plate). One way to do this would be to calculate a, from the 
second of (10a) and average this with the value from (11) before 
proceeding to calculate new values of Ae,, and Aggy. Also, since 
one is trying to converge on the plastic strain increments might 
not the following iteration scheme converge faster than the one 
outlined in the paper: 


1 Assume Ae,, and 

2 Calculate a, and o9 from (14) and (15). 

3 Calculate o, from second of (10a). 

4 Calculate Ae, from (11). 

5 Calculate Ae, from first of (10a). 

6 Average Ae, calculated in steps (4) and (5). 
7 Caleulate Ae,, and Aes, from (10). 

8 Repeat until convergence is obtained. 


Mention is made in equations (16) of using the current dimen- 
sions of the structure and it is pointed out that in such a case the 
strains in the structure and in the creep law should be expressed 
as natural strains. It also should be pointed out that this implies 
that the stress in the creep law should be the “true” stress, and 
this involves difficulties because of the usual practice of making 
constant load creep tests. This remark is not intended to suggest 
one should not take into account the changes in dimensions (in- 
stabilities such as discussed in the paper will remain hidden unless 
dimensional changes are considered) but rather to indicate the 
full complexity of the problem. 

Are the results shown in Figs. 4 and 5 for the calculations made 


? Associate Professor of Mechanical Engineering, Massachusetts 
Institute of Technology, Cambridge, Mass. 
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in reference [4] those for the von Mises criterion and not those for 
the Tresea criterion? 


With regard to Fig. 7, Wahl* made an order-of-magnitude esti- 
mate on the time required to reach a steady-state stress distribu- 
tion (using the Tresca criterion) and he found this to be of the 
order of 0.1 hr, a factor of 100 less than that found by the calcula- 
tions presented here. It also should be pointed out that Wahl’s 
calculations cover the general creep law of 


= f(G,)9(t) 


and thus cover tr: nsient as well as second-stage creep for the case 
of steady-state stress distribution. 

No attempt has been made to point out the many excellent 
features of the paper —these will be obvious to one who has been 
faced with a practical calculation in this field-—but rather to dwell 
on a few minor points which might improve its usefulness. In the 
writer’s estimation it represents an excellent contribution to the 
engineering literature. 


A. M. Wahl‘ and M. J. Manjoine® 


The authors have presented an interesting method of calculat- 
ing transient-stress distributions in rotating disks based on the 
Mises criterion and the associated flow rule as used in plasticity 
theory. 

The authors attempt to show that in the case of the rotating 
disks tested by the writers [4]* an appreciable error was made by 
neglecting the transient stress distribution, and conclude that the 
discrepancy observed between the spin-test results and the 
theoretical results calculated using the Mises criterion could be 
largely eliminated by considering this transient-stress condition 
and the accompanying elastic strains. They base this conclusion 
on Fig. 7. The writers, however, do not agree with this conclu- 
sion for the reason that, as will be shown later, the stress-creep- 
time relation, assuming constant creep rate and used by the 
authors in calculating Figs. 6, 7, and 8 for Case I(b), was greatly 
in error compared with the actual test values on the disk material. 
Hence the curves of these figures do not actually apply to disks 
made of the material used by the writers [4] and a comparison of 
the full lines of Fig. 7 with the writers’ test results has no meaning. 
In addition, the authors have used a much more realistic stress- 
creep-time relation for their Case II and one which agrees ap- 
proximately with average tensile creep data reported in [4] during 
the range between 50 and 400 hr. Using these data, the authors’ 
calculated results for Case II show only a small effect due to 
neglecting the transient-stress distribution, and even this dis- 
crepancy can be largely accounted for by the fact that the creep 
rates assumed for Case II during the first few hours were much 
too low compared to average test values. 

Fig. 13 of this discussion shows the creep strain plotted against 
time for the first few hours as obtained by tensile-creep tests at 
29,000 psi on the material used for the spin tests-of [4]. The 
points represent test values on different specimens, the average 
tensile-creep curve being shown by the full line (curve D). Curve 
A was obtained from the following relation used by one of the 
writers [5] to calculate relaxation based on the Tresca criterion: 


= 0.002 39) 
29000 (39) 


‘A. M. Wahl, “Analysis of Creep in Rotating Disks,”’ Journal of 
Applied Mechanics, vol. 23, Trans. ASME, vol. 78, 1956, pp. 231- 
238. 

‘Westinghouse Research Laboratories, Pittsburgh, Pa. Fellow 
ASME, 

* Westinghouse Research Laboratories, Pittsburgh, Pa. Mem. 
ASME, 

* Numbers in brackets designate references in the paper. 
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Fig. 13 Comparison of actual tensile creep curves at 29,000 psi with 
curves based on equations used for Cases I(a), I(b), and Il in range 1-3 hr 


wheré € = creep strain, o = stress, and ¢ = time. Curve B is 
based on the following relation used by the authors for Case IT: 


em 15 X (40) 


This was obtained by using particular values for K, m, and n in 
the authors’ equation (21). Curve C represents calculated re- 
sults based on the linear creep-time relation used by authors for 
Cases I(a) and 1(b). This relation is 


Ae = 4.41 & (41) 


In this Ae = strain increment in time At. 

Incidentally, the authors imply that the writers used this rela- 
tion in [4]; however, this was not the case since in that paper 
the actual tensile-creep curve was used, taking the steady-state 
value of stress as a basis. 

Comparing curves D and C of Fig. 13, it can be seen that the 
creep rates used by the authors in calculating their Case I(b) were 
only a small fraction of the actual creep rate during the first hour 
when most of the relaxation occurs. Thus the rate of relaxation 
of stress during the first hour is greatly underestimated if curve C 
or equation (41) is used as was done by the authors for Case I(b). 
Better results are obtained if equation (40) corresponding to curve 
B is used, but even here the creep rate during the first hour is 
greatly underestimated. 
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Fig.14 Calculated transient stress at bore versus time, based on various 
creep-stress-time relations 


Curves C and B of Fig. 14 represent bore stresses as given by 
the authors in their Figs. 6 and 9 for Cases I(b) and II, respee- 
tively. (Here a linear time scale is used.) Curve C corresponds 
to the linear creep-time relation given by equation (41) of this 
discussion and used by the authors for Case I(b). By applying 
equation (40), which represents the more realistic creep law used 
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by the authors for Case II, a much more rapid rate of relaxation 
is obtained, Curve B, Fig. 14, the stress dropping to within about 
1000 psi of the steady state within about 3 hr. By using equation 
(39) and the Tresea criterion, Curve A, Fig. 14, was obtained by 
one of the writers [5]. This latter curve shows a much more 
rapid relaxation than does curve B, the stress dropping to prac- 
tically the steady state within about 0.2 hr. Incidentally, curve A 
does not start at the elastic stress but at an initial stress of 37,000 
psi for zero time which was estimated using the actual stress- 
strain diagram of the material at 1000 F. 

If the authors had used the actual tensile-creep data (curve D 
in Fig. 13) in calculating the transient stress, a much more rapid 
relaxation in stress would have been obtained, and their curve 
would have fallen much nearer to curve A in Fig. 14. Thus it 
may be said that both curves B and C, but particularly curve C, 
overestimate the length of the transient period. 
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Fig. 15 Assumed tensile-creep curves at 29,000 psi compared with 
average test curve 


Fig. 15 shows a comparison of the average tensile-creep test 
data in the range 0-400 hr at 29,000 psi with the creep curves 
calculated on the basis of equations (40) and (41). This stress 
is approximately the steady-state stress at the bore for the disks 
tested, based on the Mises criterion. Curve A represents the 
average tensile test curve while curves B and C represent values 
obtained from equations (40) and (41). It may be seen that curve 
B represents a reasonable approximation to the test data in the 
range from about 50 to 400 hr, while curve C is greatly in error. 


10 


% 


A-Calculated ( Tresco, ref 5) 


= 


E-Average Spin Test 
(ref. 4) 


.+—C- Calc. Case la, Mises) | 


. 


Calculated (Mises, ref.4) | 
(Steady Stote) 


wo D-Calc. Transient Condition, 
(Mises, Case 2) 


Creep Strain at Bore of Disk, 


4 i 1 1 
100 200 300 400 500 600 


Time, hours 


o2 


Fig. 16 Creep strain at bore of disk calculated by using various methods 


Fig. 16 shows a comparison between test values and calculated 
creep strains at the bore of the disk up to 400 hr based on various 
calculation methods. Curve E represents average measured 
strains at the bore of the disk. Curve A shows the calculated 
curve based on average tensile-creep data and on the Tresca 


Transactions of the ASME 


|_| 
= 
° 
|_| = 
o ~*—A-Curve Used in Ref. 5 
4 
4 
% 
ae 
= 8 
gO 
20 
. 
2 3 


(maximum-shear) criterion (method 3 of [5]), while curve B 
represents a similar curve calculated on the basis of the Mises 
criterion [4]. Including the effect of the transient stress condi- 
tion does not change these curves appreciably. Curve C repre- 
sents bore strains obtained using the linear creep-time relation of 
(41) and used by the authors for Case I(a), while Curve D is that 
calculated by the authors for Case II (Fig. 10 of the paper) using 
equation (40). Note that curve D obtained by the authors con- 
sidering the transient condition checks closely with curve B ob- 
tained by the writers using the Mises criterion and neglecting the 
transient condition. Also, curve B is only a little higher than that 
which would have been obtained by the authors for Case IT had 
they considered only the steady-state condition with 29,000 psi 
stress at the bore. By considering the transient condition and 
using the Mises criterion, results are obtained which are a little 
more than half the average spin-test results at 100 hr. This 
again shows that considering the transient condition will not 
resolve the discrepancy between the test and theoretical results if 
the Mises criterion is used. 

In Fig. 4 the authors show agreement between the steady-state 
stress distribution obtained by the writers [4] using the Mises 
criterion, and that which the authors obtained using the linear 
creep-time relation for Case I(a). The reason for this is found in 
the fact that the steady-state stress distribution depends only on 
the value of m in equation (21) and is independent of the form of 
the time function. Since for Cases I(a) and I(b) the authors as- 
sumed the same value m = 6.2 as that used by the writers in the 
range 0-180 hr, the agreement shown in Fig. 4 would be expected. 

The authors also obtained agreement with the strains found by 
the writers at 180 hr(Fig.5). This is because the constants of the 
linear creep-time relation used were so chosen as to give approxi- 
mate agreement with the writers’ values at 180 hr for the steady- 
state condition. However, as shown in Fig. 16, the bore strains as 
calculated by the authors for the steady-state condition (curve C) 
are only about 70 per cent of the values of curve B at 80 hr based 
on the actual tensile-creep data. Consequently, no significance 
can be attached to the agreement shown in Fig. 5. 

Calculation of the strains at the outside diameter of the disks 
using the Mises criterion also shows values only about half of the 
average test value (Fig. 7 of [4]). If the effects of the transient- 
stress condition are included, these calculated strains would be 
even less than those obtained from the steady-state condition, 
since as shown in Fig. 9, the stresses at the rim during the transient 
period are less than the steady-state values. Thus considera- 
tion of the transient condition could not remove the discrepancy 
between test and theoretical values using the Mises criterion. 

It also should be mentioned that the caleulated curves of Fig. 8 
of the paper, showing a rapid increase in disk expansion during the 
period from 200 to 1000 hr, do not apply for the material used 
in the writers’ tests [4]. This is because the creep rates assumed 
in the calculation are much too high in this range (compare curves 
A and C of Fig. 15). 

It should be noted that in the writers’ tests the peripheral speed 
of the disk was maintained approximately constant after about 
180 hr by slowing down the disk slightly to compensate for ex- 
pansion. For comparison between tests and calculated results 
this should be considered. Also, average true stresses, obtained 
from the tension-creep tests, should be used (Fig. 12 of [4]). 

The writers are in agreement with the authors that there may 
be cases in practice where it is necessary to consider the transient- 
stress distribution to obtain reasonably accurate results. 


Authors’ Closure 


The authors would like to thank Professor Dahl, Dr. Wahl, 
and Mr. Manjoine for their interest in this paper and their com- 
ments. 
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There does exist a lack of clarity in the nomenclature. It is 
correct as pointed out by Professor Dahl, that the stresses ap- 
pearing in the various equations are those occurring at the middle 
of the time interval under consideration. However, since these 
stresses are assumed to be constant during the time interval, the 
strains, €,, €,, €,, €,, and €,, were taken to be those at the end of the 
time interval (except for the case of the flat plate). The neces- 
sity of carrying through the factor of 2 was thus avoided. E-qua- 
tions (13) and (25) through (27) are therefore correct as given. 
In plotting the various figures, care was taken to plot the stresses 
at the middle of the time intervals and the corresponding strains 
at the end of the time intervals. 

With regard to the calculation of ¢,, it is not necessary to use 
the second of (10a). Once the process has converged, the second 
of (10a) will automatically be satisfied. since the equations form 
a self-consistent set. If desired, one can use this equation to 
check the convergence. However, one should not be tempted 
to use the second of (10a) to calculate o, and use this value of o, to 
calculate Ae, from (11) without using the first of (10a). This pro- 
cedure will generally result in divergence since a slight change in 
o, will generally produce a large change in Ae,, since Ae, is a 
function of some high power of a,. However, the suggestion of 
Professor Dahl to average the values of Ae, as obtained from (11) 
and the first of (10a) is excellent. The authors have tried this 
scheme and found that convergence is materially speeded up. 

Dr. Wahl and Mr. Manjoine are correct in their assertion that 
equation (41) which was used in computing Case I gives creep 
rates which are small compared to the actual creep rates of this 
material during the first few hours. However, as stated in the 
paper, the only purpose of computing Case I(a) was to check the 
general method presented in this paper with the well-established 
method of the discussers in reference[4|. For this purpose, since 
steady-state creep was assumed, it did not matter what the creep 
rate was since the stress distribution, as pointed out by the dis- 
cussers, depends only on the stress exponent, m. The creep rate 
was therefore assumed to be constant at its average value be- 
tween 0 and 180 hours. Figs. 4 and 5, therefore, are a valid 
check of the method presented. For a different time interval 
other than 180 hours, a different average creep rate would have 
been used in order to calculate the strain distribution. 

Case I(b) was then computed to show that the method pre- 
sented could be used with equal ease without neglecting the 
transient stress distribution. It was then found that for the 
same creep rate, there was a large difference between the results 
obtained with and without including the transient distribution as 
shown in Figs. 6 through &. 

These results are still valid even if the average constant creep 
rate (41) is replaced by the actual varying creep rate, although 
not to the same extent. Thus these caleulations were re- 
peated using equation (39) for the first three hours and equation 
(40) for the rest of the time. These equations fit the data fairly 
well as shown by the discussers, Figs. 13 and 15. The results are 
shown in Figs. 17 and 18. Fig. 17 shows the creep strain distri- 
bution after 180 hours. It is seen that including the transient 
stress distribution raises the creep strains by an appreciable 
amount although not quite so much as shown in Fig. 7. Fur- 
thermore, using the Tresea criterion and including the transient 
conditions gives creep strains much too high. 

Although it is mentioned in the paper, it should be emphasized 
again that the importance of the transient phase is not due only 
to what happens in the first few hours, but also to what happens to 
the stresses for a long period of time. As a matter of fact, for the 
present case, what happens in the first few hours is of negligible 
importance. It matters little whether the steady-state condition 
is almost reached in 0.2 hours or in 2 hours. It is the fact that 
the transient stress persists at a slightly higher value than the 
calculated steady value for a long period of time, as shown in 
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Fig. 17 Strain distribution at 180 hours using various methods 


Fig. 6 and the discussers’ Fig. 14, which cause the additional ac- 
cumulation of creep strain. Thus the fact that the stress drops 
to within 1000 psi of the steady state in 0.1 hour as given by Dr. 
Wahl in [5] does not mean that the transient distribution can be 
neglected. An increase of 1000 psi in 30,000 psi can correspond 
to more than a 20 per cent increase in creep rate if the creep rate 
is proportional to the sixth power of the stress. It is for this 
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Fig. 18 Strain at bore using various methods 
reason that the transient effect is small at low times and becomes 
larger with increasing time as seen in Fig. 18. 

In conclusion, it should be pointed out that this discussion on 
the effect of the transient phase is only an incidenta! part of this 
paper, the purpose of which is to present a general method wherein 
such restrictive assumptions as neglecting the transient distri- 
bution are not necessary. 
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Multiaxial Creep Studies on Inconel at 1500 F 


Design engineers have become concerned with the effect of multiaxial stresses on the 
creep rate and on the rupture life of metals as the demands for higher performance have 
necessitated the use of higher operating temperatures. The goal of applied research in 


this field is the development of failure criteria based on properties measured in the 


oss MOsT common laboratory methods for studying 
multiaxial stresses under creep conditions employ (a) capped 
pressurized tubes (line D in Fig. 1), and (6) tubes under com- 
bined torsion and tension (region A in Fig. 1). In the former case 
the ratio of the two larger principal stresses is always approxi- 
mately two to one and the third principal stress is negative. In 
the latter case the two nonzero principal stresses are always of 
opposite sign. The stress states in many design situations, how- 
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Fig. 1 Regions of principal multiaxial stress combinations studied in 
present work relative to those previously reported for tubular specimens 
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Nomenclature 


conventional uniaxial tension creep test. 


ever, are quite often different from those which oceur under these 
rather specialized test conditions. 

The purpose of the present investigation was to exam- 
ine the effect of multiaxial stress states in creep under less 
specialized conditions than have been reported previously. 
The material used in the investigation was Inconel, a common 
high-temperature alloy of nominal composition 80Ni-15Cr-5Fe, 
and the tests were performed at 1500 F. The range of study in- 
cluded quadrants I and IV as indicated in Fig. 1. For this pur- 
pose, tubular specimens with internal pressure plus axial loading 


Fig. 2 Tubular co-ordinate system and stresses acting on a differential 
element 


principal stresses o» = tangential stress D,, = diameter of pull rod in test ap- 
0, = maximum principal stress C, = radial stress paratus 
0; = intermediate principal stress €, = axial strain R, = outside tube diameter divided 
o; = minimum principal stress tangential strain _ by2 
&, & €g = radial strain R,; = inside tube diameter divided by 
& ” = strain rates vall thickn 
«¢ ‘s t = wall thickness 
af = principal strains at fracture maximum shear strain at frac a, &, 
, ture B 
& = effective stress p = pressure r = distance of differential element 


é = effective creep rate D 


a outside tube diameter 


to axis of the tube 


0, = axial stress D, = inside tube diameter F = axial load acting on specimen 
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were used. The principal stresses acting on an element of a tube 
tested in this manner are shown in Fig. 2. 

It is in order to note that the stress states which arise quite fre- 
quently in practical situations such as in pressure vessels and 
rotating disks are those which lie in the first quadrant of Fig. 1, 
where the two numerically larger principal stresses are positive. 
For pressure vessels, the ratio of these stresses varies according 
to the design geometry; the third principal stress is negative 
and small but may be significant in a realistic failure analysis. 


Test Apparatus and Procedure 


The relatively simple test machine, shown schematically in 
Fig. 3, was used for tensile or compressive loading of pressurized 
tubular specimens in the present study. In this device, the top 
shoulder of the specimen, shown in detail in Fig. 4, is welded to 
the casement, and the bottom shoulder is welded to the piston 
pull-rod which extends through the specimen. Considerable care 
is required during assembly to insure perfect aligument. The de- 
sired axial stress is obtained by applying a controlled pressure to 
the appropriate side of the piston; the desired tangential stress is 
achieved by the application of controlled internal pressure. The 
only continuously measured strain is that in the axial direction, 
this being accomplished by noting the relative movement of the 
pull rod, extended through pressure seals at the top of the eylin- 
der, by means of a 0.0001-in. dial gage. After-test measurements 
of tube dimensions provide information regarding the tangential 
and radial strains at fracture. To determine rupture life, a pres- 
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Fig. 3 Schematic representation of test apparatus used for creep-testing 
tubular specimens 


Table 1 Chemical analysis of Inconel heat No. NX 1625 
Per cent 

Manganese. . 0. 

Iron. . 

Sulfur 

Silicon. ... 

Copper 

Chromium 15.2 

Nickel. ... Balance 


sure switch is used to sense the drop in internal pressure caused 
by the first complete propagation of a crack through the wall of 
the specimen. When this occurs, the pressure switch actuates 
solenoid valves which simultaneously bleed pressure from the 
piston and cut off the pressure source. The time required for this 
to occur is recorded as the rupture life of the specimen. 

Test specimens were machined from #/,-in. schedule 40 seam- 
less Inconel pipe and were annealed at 1950 F in hydrogen for 2 
hr. The chemical composition of the material was furnished by 
the vendor and is given in Table 1. All tests were run in purified 
argon to exclude environmental effects which have been shown 
to be significant for Inconel [1 }.* 

The internal pressure required to produce a given average 
tangential stress was calculated using the thin-wall formula 


oo = pR;/t (1) 


The axial load F required to produce a desired axial stress was 
determined using the relation 


4F 
27+ 


p(D? D 


(D2 — D?) 


pr 


which takes into consideration the small axial stress produced by 
the internal pressure acting on the area between the pull rod and 
the specimen. Stresses calculated in this manner, including the 
average radial stress obtained by 


op = —p/2 (3) 


were used in analysis of both the creep-rate and rupture-life re- 
sults. 

In selecting stress ratios for the tests, major attention was 
given to tension-tension stress states. Thirty-six specimens were 
tested to rupture in the range —1 <¢,/0g9< ©. Four additional 
tests which were performed at stress ratios of less than —1 were 
terminated by buckling of the tubes and therefore provided 
creep-rate data only. Maximum principal stress levels of 6000, 
4000, and 3000 psi, respectively, were used in three series of tests. 


3 Number in brackets designate References at end of paper. 


Fig. 4 Specimen dimensions 
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After-test measurements of the tube dimensions were made to 
determine the three principal strains at rupture. In those cases 
where end effects or bulging occurred, tangential strains meas- 
ured at regions of highly localized deformation could not be com- 
pared directly with the over-all axial rupture strain in connection 
with subsequent data analysis. It was necessary, therefore, to 
use average tangential strains for this purpose. These were ob- 
tained by averaging 5 measurements of the tangential strain 
taken at equidistant positions along the 2'/2-in. gage length. It 
was observed that the sum of the three measured average strains 
often was greater than zero, thus suggesting an increase in volume 
during the test. Since a volume change is inconsistent with the 
assumptions used in the mathematical analysis of creep flow and 
fracture, this matter was investigated by measuring the specific 
gravities of after-test specimens using a Jolly balance. In these 
tests, observed density changes were found to be less than the 
sensitivity of the balance, indicating that the apparent volume 
change based on after-test strain measurements was not real. The 
error was believed to be connected principally with the radial- 
strain measurements and was attributable to the inaccuracies in- 
herent in measuring small changes in the sizes of small sections 
with curved surfaces. In the data analvsis which follows, the 
“‘measured’’ radial strains at fracture were determined from axial 
and tangential strains based on constancy of volume. 


Results and Discussion 


Multiaxial Creep. Creep data for the three series of tests are 
shown in Figs. 5 through 8 as plots of axial tensile strain versus 
time and in Figs. 9 through 12 as axial compressive strain ver- 
sus time. Creep curves for tests in which ¢,/09 = 1/2 are not 
shown because the axial strain was essentially zero in these tests. 

The problem of relating strain rates to stresses in multiaxial 
creep and of developing a logically consistent theory of multi- 
axial creep based upon data from simple tension creep tests has 
been studied by many investigators [2, 3, 4, 5, 6]. A workable 
formulation for steady-state creep is that of Soderberg [4] which 
is based upon the following assumptions: (a) The material is 
originally isotropic and remains isotropic during the creep process 
so that the stress effect on creep rates can be expressed in terms 
of the principal stresses; (6) principal stresses coincide with 
principal strain directions; (¢) volume remains constant so that 
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Fig. 5 Axial tension-creep curves of Inconel specimens tested at 1500 F 
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Fig.6 Axial tension-creep curves of Inconel specimens tested at 1500 F 
in argon with a maximum principal stress of 4000 psi 
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Fig.7 Axial tension-creep curves of Inconel specimens tested at 1500 F 
in argon with a maximum principal stress of 3000 psi 
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Fig. 8 Axial tension-creep curves of Inconel specimens tested at 1500 F 
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hydrostatic pressure has no influence and the stress effect must 
therefore be a function only of the differences of the principal 
stresses (i.e., shear stresses); (d) the stress state remains constant 
with time; and (e) the effective creep stress ¢ and the effective 
creep strain rate é for all stress states at a given temperature are 
related through the material constants K and n by 


re) 


w 


¢ = Ko" (4) 
According to Soderberg’s formulation, the principal steady-state 


creep rates are given by 
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Fig. 9 Axial compressive-creep curves of Inconel specimens tested at [Based upon the assumptions stated, only the principal stresses 
1500 F in argon with e maximum principal stress of 6000 psi and the relation between creep stress and creep strain for simple 
tension are required in order to compute multiaxial creep rates 
according to Equations (5). The value of &¢ depends upon the 
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Fig. 10 Axial compressive-creep curves of Inconel specimens tested at Fig. 11 Axial compressive-creep curves of Inconel specimens tested at 
1500 F in argon with a maximum principal stress of 4000 psi 1500 F in argon with a maximum principal stress of 3000 psi 
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Fig. 12 Axial compressive-creep curves of Inconel specimens tested at 1500 F in argon with stress ratios of less than —1 
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flow criterion selected to correlate the data. Based on the von 
Mises (distortion-energy) criterion, it is given by 


— + (09 = + (op — (6) 


and by the Tresca (maximum-shear-stress) criterion it is given by 
(7) 


The effective creep rate é is that creep rate associated with & 
for a value of uniaxial stress equal to the calculated effective stress. 

It is important to note that, within the assumptions upon 
which they are based, Equations (5) should be applicable to es- 
sentially the entire range of variables used in this work. This is 
due to the absence of first-stage creep as demonstrated in the 
rectilinear plots of the creep data shown in Fig. 13. It was ob- 
served also that, in all but 4 of the 40 tests performed, the speci- 
mens failed before the onset of third-stage creep; in these four 
cases the extent of third-stage creep was very small, as shown in 
Figs. 10, 11, and 12. 

A serious limitation of Equations (5) is that they can predict 
multiaxial creep only when the stress state remains constant with 
time. In constant-load tests or applications, only the initial 
strain rates can be predicted; after deformation has appreciably 
changed the stress state, these equations are no longer strictly 
applicable. 

The design criterion based upon creep rate in many applications 


Fig. 13 Linear plot of curves shown in Fig. 6 


is the time to reach a limiting strain. For the purpose of compar- 
ing the experimental results of the present study to those pre- 
dicted by Equations (5) the average creep rate to 2 per cent 
strain was used. In those cases where rupture occurred before 
2 per cent axial strain had occurred, the average creep to one 
half of the total strain was used. 

The plot in Fig. 14 demonstrates the validity of Equation 
(4) for uniaxial tension-test data over the stress range of interest. 
Based on the slope of this line, n is equal to 6 for the conditions 
of the present investigation. 

Comparison of the measured axial creep rates with those 
predicted from Equations (5) using both the von Mises and the 
Tresca criteria is shown in Figs. 15 through 17. In general, 
a slightly better correlation of the experimental data is obtained 
using the von Mises criterion. However, since in most design 
situations the stresses are only approximately known, and in 
view of the many indeterminate variables which influence 
creep, the simpler and more conservative Tresca criterion is 
clearly adequate for engineering purposes. The advantages 
of using the Tresca criterion for multiaxial creep have been 
demonstrated by Wahl [8] for the case of rotating disks. Ac- 
cording to Wahl, the use of the von Mises criterion predicted 
much lower creep rates than those obtained experimentally. 

Rupture. The development of a consistent picture of fracture 
has been for many years a serious concern. Bridgman [7] has 
shown that this picture, even for room-temperature tensile 
tests, is not a simple one and that a realistic analysis of fracture 
must consider highly localized stresses on an atomic scale. 
Accordingly, a macroscopic analysis which represents gross 
averages would be expected to yield only a qualitative under- 
standing of the laws of fracture. Nevertheless, the validity of 
macroscopic criteria based on maximum shear stress and on 
maximum principal stress has been demonstrated for both 
shear and cleavage-type transgranular fracture under multiaxial 
stresses at normal temperatures. Correlations of this type in the 
field of time-dependent intergranular fracture, however, have 
been limited to the special cases of capped-end tubes and tension- 
torsion tube tests. Kooistra, et al. [9] indicated that the 
rupture life of capped-end pressurized tubes could be predicted by 
& maximum normal stress criterion. The results of tenusion- 
torsion tube tests by Johnson [10, 11] on copper and on 0.5 
per cent molybdenum steel also indicated that fracture time 
was governed by the maximum principal stress. 

The rupture results of the present investigation are shown in 
Fig. 18, where the stress ratios calculated by the thin-wall 
formula are plotted versus the rupture life. The rupture data 
are also presented in the form of 100, 500, and 2000-hr isochronous 
fracture envelopes in Fig. 19. These results were obtained from 
cross plots of the data shown in Fig. 18. The 100-hr fracture 
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Fig. 14 Creep rate versus stress for uniaxial tension tests of Inconel tubes at 1500 F in argon 
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Fig. 15 Axial tension-creep rate versus stress ratios for 4 constant axial 
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Fig. 16 Axial compression-creep rate versus stress ratio 
for 3 constant tangential stresses 


Fig. 18 Rupture time versus stress ratio for tests with 3 
maximum principal tensile stresses 
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Fig. 17 Axial compression-creep rates versus stress ratio for stress 
ratios of less than —-1 with a constant 2000-psi tangential stress 


envelope predicted by the maximum principal-tensile-stress 
criterion is also plotted in Fig. 19. 

It is seen that the results as caleulated and plotted in the 
manner described show deviations from the simple maximum 
least two 
important factors which should be considered in a realistic 


principal-stress criterion. There are, however, at 


analysis of the data. Both of these factors involve in some 
manner the changes in stress state associated with deformation 
of axially-loaded pressurized tubes. The first factor is concerned 
with the stress-state changes in uniformly deformed tubular 
specimens. For an equivalent amount of strain under these 
conditions, the increase in the axial stress is less than the in- 
crease in the tangential stress over the entire range of stress 
ratios studied. For example, after 10 per cent axial strain in 
& specimen tested in simple tension, the “true” axial stress 
becomes 1.1 times as great as the original axial stress; however, 
after 10 per cent outside-diameter tangential strain of a specimen 
subjected to tangential stress only, the average tangential 
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Fig. 20 Difference of average and maximum tangential rupture strains 
Fig. 19 Representation of rupture results as 100, 500, and 2000-hr of principal-sivess tests versus stress ratio 
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Photomacrograph demonstrating crack patterns on outside diameter of specimens tested with a maximum 6000-psi stress at 1500 F in argon 
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stress becomes 1.18 times as great as the original tangen- 
tial stress. For this example the increase in the tangential stress 
is greater than that of the axial stress by a factor of 1.07. This 
is to be compared with the data plotted in Fig. 19 where it is 
shown that the axial stress required to produce rupture in 
100, 500, or 2000 hr is greater than the corresponding tangential 
stress by a factor of about 1.25. This discrepancy can be 
rationalized, however, by noting that the effect under con- 
sideration is intensified by the second important factor; namely, 
that associated with localized deformation or bulging, particu- 
larly in tension-compression states. 

The relative amounts of bulging are demonstrated in Fig. 20, 
which is a plot of the difference in the maximum and the average 
tangential strain at rupture versus the stress ratios. It is 
shown that the bulging between stress ratios of © to '/, is 
insignificant; however, the extent of bulging increases substan- 
tially as the stress ratio drops from '/; to —1. The result of 
this bulging, considering only the increase in diameter of the 
specimen, would be to increase the tangential stress, which 
is the maximum principal stress in this range. The relation 
between the degree of bulging and the deviation of results 
from the maximum principal stress criterion can be seen by 
comparing Figs. 19 and 20. For example, in Fig. 20 the degree 
of bulging obtained by testing at 3000 psi is shown to be less 
than that obtained by testing at 4000 and at 6000 psi. This 
is consistent with the rupture results as shown in Fig. 19 which 
shows that the deviation of the 2000-hr fracture envelope from 
a vertical line representing a maximum-principal-stress criterion 
is much less than that for the 500 or 100-hr curves (vertical 
reference lines not shown). Accordingly, the results of this 
study appear to support the maximum-principal-stress criterion 
for time-dependent fracture under multiaxial stress conditions. 
It has been shown, however, that in applying this criterion it 
is important to compensate for the reduction in rupture life 
caused by changes in the stress state associated with deforma- 
tion, 

The role of maximum principal stress is demonstrated by the 
crack patterns shown in Fig. 21. These are photomacrographs 
of the outside surfaces after application of dye penetrant. A 
close inspection of these patterns reveals that the cracks propa- 
gate in a stairstep manner and, in all cases, the general direction 
of the intergranular cracks is normal to the maximum principal 
stress. It was observed that all cracks were intergranular and 
that none of the specimens exhibited necking prior to failure. 

The effect of multiaxial stress states on the rupture elongation 
has posed a problem for some time. Fracture strains based on 
after-test measurements of specimens tested with 4000-psi 
maximum principal stress are shown in Fig. 22. In this figure 
the average axial, tangential, and radial strains are plotted 
versus stress ratio. The strain at failure for tests with the 
same maximum principal stress appears to be related to the 
deviatoric stress as follows: 


B 
nla 


A comparison of these relationships with the data in Fig. 22 
indicates good agreement. The value of B is constant for all 
the stress states tested with the same maximum principal stress 
but varies with the maximum principal stress as shown in Fig. 23. 
The rupture strains from all tests are compared with Equations 
(8) in Fig. 24, which is a plot of the ratio of rupture strains to 
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Fig. 22 Strain at rupture versus stress ratio for Inconel specimen tested 
with a maximum principal stress of 4000 psi 
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Fig. 23. Variation of B with maximum principal tensile stress for Inconel 
tested at 1500 F in argon 


the axial strain for simple tension versus the stress ratio. 
there appears to be good agreement with Equations (8). 

The ratio of the shear strain at rupture, as determined from 
7’ = e’ — é/, to the shear strain at rupture for specimens 
tested under simple tension is also plotted against stress ratio 
in Fig. 24. This shows that specimens obeying Equations (8) 
with the same maximum stress in the tension-tension stress 
state fail with the same shear strain regardless of rupture life. 
Thus, for specimens of this type, the rupture strain in the tension- 
tension states is a function of the maximum principal stress 
only. It should be realized that although the total elongation 
in a particular direction may be less under combined tension- 
tension stresses, the shear strain or total deformation at rupture 
is the same. 

Specimens tested in the tension-compression stress state 
apparently can sustain a much greater shear strain before 
fracture than those in tension-tension states. As shown in 
Fig. 24, specimens tested under pure shear sustained twice 
the shear strain at fracture as the specimens tested in simple 
tension. 


Again, 
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Fig. 24 Plot of rupture-strain ratio versus stress ratio 


Summary 


The effect of multiaxial stresses on the creep rate and rupture 
life of Inconel has been investigated. A large range of principal- 
stress ratios in tension-tension and tension-compression states 
was studied using axially loaded pressurized tubes. 

The creep-rate results were compared with both the von Mises 
(distortion energy) and the Tresea (maximum-shear-stress) 
criterin. Correlation of the creep-rate results was slightly 
better using the von Mises criterion; however, the simpler and 
more conservative Tresca criterion appears to be quite adequate 
for design considerations 

The results of the rupture tests appear to support the maximum 
principal-stress criterion for time-dependent fracture under 
multiaxial stress conditions. It was shown, however, that in 
applying this criterion it is important to compensate for the 
reduction in rupture life caused by changes in the stress state 
associated with deformation. 

Rupture strains were found to be directly related to the 
deviatoric stresses for constant maximum principal stress. 
The shear strain at rupture was found to be constant for the 
same maximum principal stress in tension-tension stress states, 
thus showing that under these conditions the total ductility of 
the metal was not impaired by increasing the hydrostatic stress. 
In tension-compression states, the material sustains greater 
shear strain before rupture. 
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DISCUSSION 
George H. Rowe* 


The Oak Ridge National Laboratory tests of thin wall tubes 
under combinations of axial loads and internal pressurization 
appear to satisfy the Von Mises (distortion energy) criterion for 
creep rate and the maximum principal stress criterion for fracture. 


‘ Metallurgical Section, Connecticut Operations—CANEL, Pratt 
& Whitney Aircraft, Division of United Aircraft Corporation, Middle- 
town, Conn, 
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Fig. 26 Larson-Miller master rupture and creep curves for Type 316 
stainless steel tested at 1500 F 
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Fig. 25 Metallography of raw material showing structural isotropy 


These results are significant because in high temperature pressure 
vessel design it is important to understand the effects of ambient 
conditions on creep rates and the safe life of a strueture. Observa- 
tions of limited ductility at rupture are common in cases of biaxial 
tensile stress conditions, 

At the CANE L division of Pratt & Whitney Aircraft, one of our 
important structural problems is the adequate design of pressure 
vessels for limited life operation in the creep deformation range. 
Rupture failures are obviously undesirable. Also undesirable are 
structures designed to eliminate creep deformation as a con- 
sideration because of the weight penalty which would be de- 
manded. 

The problem manifests itself, in part, in the analytical predic- 
tion of creep rates, limiting rupture ductility, and limiting rupture 
time for membrane stress fields and also, in part, on safely design- 
ing creep and rupture compatibility for shell closures and rein- 
forcements for shell perforations. 

The Metallurgical Group at CANEL is currently investigating 
fundamental creep-rupture behavior of various basic pressure 
vessel configurations fabricated from Type 316 SS raw material 
of known creep strength properties. Fig. 25 shows the microstruc- 
ture and the orientation of test specimens. Hardness, micro- 
structure, grain size, and macrostructure are uniform throughout 
the material. Small stringers are present in the longitudinal direc- 
tion. Numerous uniaxial tensile tests of bar specimens and bi- 
axial tensile tube tests have established isotropy in creep and rup- 
ture strength, at 1500 F in the biaxial tension-tension quadrant, 
Fig. 26. Note that all rupture and creep data are plotted on a 
maximum stress basis and appear to agree thereby. However, it 
must be acknowledged that good agreement in creep rate is also 
obtained with the Von Mises criterion. This is significant in that 
calculations of creep rates on either a maximum stress basis or on 
an effective stress basis agree within the limits of normal test data 
scatter, and this implies that any one theoretical criterion is too 
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precise to be followed implicitly by normal behavior of material. 

Our preliminary results on large size specimens machined from 
the same heat of material have shown excellent agreement of 
measured creep deformation in a 6-in-diam thin wall (0.120-in. 
wall) cylinder with the deformation predicted by the effective 
stress criterion of the Soderberg-modified-Levy-Mises equations. 
This is gratifying in that uniaxial tensile data from '/,in-diam 
specimens and biaxial tensile data from 0.9-in-diam tubes (0.020- 
in. wall) agreed with observed data on the large biaxially stressed 
tube. However, it must be noted that creep deformation pre- 
dicted on a maximum stress basis would only be about twice as 
much. 

In summary, the significance of our program is that we have at 
hand a material of known creep-rupture strength and known 
creep-rupture isotropy, and thus are now in a position of being 
able to evaluate the validity of various creep-rupture theories for 
combined stress conditions. Much of the work reported previously 
Finally, 
with regard to design in the biaxial tension-tension quadrant, 
it appears that creep rates can be calculated by either the maxi- 
mum stress theory or by the effective stress theory within the 
limits of statistical variation in strength. 
correlate well with maximum stress. 


had questionable aspects of metallurgical anisotropy. 


Rupture appears to 


Authors’ Closure 

Mr. Rowe’s comments are appreciated, particularly since they 
indicate further evidence of the growing trend toward analyzing 
metal behavior under conditions more appropriate to the actual 
service situation. 

However, we would take exception to his statement that the 
data he presents indicate that the maximum principal stress con- 
trols the fracture life of metals. All of Mr. Rowe’s data were ob- 
tained for stress ratios in the tension-tension state, and there is no 
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way to discriminate between the maximum principal stress and 
the maximum shear stress in these cases. This, of course, is why 
we and other investigators interested in separating these two fac- 
tors have looked at stress states in other quadrants. We do not 
mean to imply that we disagree with his statement, but merely to 
point out that his data do not prove his point. 

On the basis of test results for his very special case, Mr. Rowe 
arrives at another conclusion with which we take sharp excep- 
tion. He states that the creep rate can be predicted by the maxi- 
mum principal stress. This conclusion is based on the agree- 
ment shown in his Fig. 26. The choice of the creep rate in the 
direction of maximum principal stress is indeed fortuitous in that, 
for this special case, the creep rate in this direction is similar when 
predicted by either the maximum shear stress or the maximum 
principal stress criterion, as shown in Fig. 15 of our paper. How- 
ever, it is quite evident that the maximum principal stress cri- 
terion is worthless when considering the creep rates in directions 
other than the maximum principal direction in tension-tension 
states or creep rates in any direction in tension-compres- 
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sion states. The use of the maximum principal stress criterion for 
predicting strain rates conflicts with the very basic rules for plas- 
tic flow. The data presented for Inconel demonstrate fairly con- 
clusively that the strain rate is a function of only the shear 
stresses and can be represented by either the Von Mises or the 
Tresca criteria. 

We would question also what Mr. Rowe means by his “observa- 
tions of limited ductility at rupture are common in cases of 
biaxial tensile stress conditions.”’ Apparently, this is to mean 
that the rupture strains in the principal directions are different 
under cases of biaxial tension states when compared to uniaxial 
data. It should be stated that there is no reason why these 
strains should be the same; however, this does not mean that 
the ductility is impaired. The total shear strain at fracture is an 
appropriate measure of ductility and the results obtained for In- 
conel show that the shear strain at rupture was found to be con- 
stant for the same maximum principal stress in biaxial tension 
states. Thus the ductility is not impaired, as suggested by Mr. 
Rowe. 
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Creep-Rupture Strength of Austenitic 
Cr-Ni-Mo Steels in Sheet and Bar Form 


Creep-rupture tests at 1100, 1300, and 1500 F on seven bar-stock and seven sheet-stock, 
18 Cr-8 Ni-Mo steels show that small variations-in C, N, and P measurably influence 
both 100 and 1000-hr creep-rupture strength. Variation in amounts of C, N, and P 
accounts for at least one third of the variability in creep-rupture strength. The addi- 


tional variability may be related to differences in thermal and mechanical history and 
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rupture in 1000 hr. 


a DESIGNING components for elevated-temperature 
service it would be desirable to have data for samples which ap- 
proximate the component in all possible respects. Ideally the 
material tested should be identical in composition and in thermal 
and mechanical history and also similar in dimensions to that to 
be used in service. In most cases data fulfilling all of these re- 
quirements are not available. It is necessary then to base design 
stresses on test results from specimens which differ greatly in size 
or shape from the actual component, and which may differ some- 
what in composition or in thermal and mechanical history. It is 
important, therefore, that experimental evidence be obtained to 
define quantitatively the effect of each of these factors on high- 
temperature strength. It has been observed in many cases that 
the effect of specimen size on creep behavior of steel is essentially 
nil [1];! there may be a measurable effect on creep-rupture 
strength [10] under certain conditions, Thermal and mechanical 
history and melting practice [1, 3, 11] are known to influence 
both creep and creep-rupture behavior appreciably. In many in- 
stances, however, the true nature of these effects is not understood. 
Slight differences in composition are also known to influence creep 
and creep-rupture behavior {1 to 6]. The effect of these factors 
on creep-rupture strength leads to an appreciable degree of scatter 
in experimental results on high-temperature materials of the 
same nominal composition. For the material tested in this in- 
vestigation, a Type 316 (18 Cr-8 Ni-Mo) steel, appreciable scat- 
ter has been reported [12] for both 100 and 1000-hr creep-rupture 
strengths at 1100, 1200, 1300, and 1500 F. It is likely that the 
scatter observed can be attributed in part to the factors previously 
mentioned. 

In the present paper a comparison is made between creep-rup- 
ture strength of seven heats of bar stock and seven heats of sheet 
stock of austenitic 18 Cr-8 Ni-Mo steels at 1100, 1300, and 1500 
F. Although the thermal and mechanical history in these ma- 
terials differed, the final treatment resulted in somewhat similar 
grain sizes, Table 2, The creep-rupture data are compared after 
adjusting for variations in C, N, and P, which are known to in- 
fluence the high-temperature strength [3 to 6] of austenitic stain- 
less steels. Even after adjusting the data in this way, and 


1 Numbers in brackets designate References at end of paper. 

Contributed by the Metals Engineering Division and presented 
at a joint session with the Joint ASTM-ASME Committee on Effect 
of Temperature on the Properties of Metals at the Annual Meeting, 
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sheet steels for the 1000-hr rupture strength. 


in the inherent variability in creep-rupture testing. The bar-stock steels are slightly 
stronger at 1100, 1300, and 1500 F for rupture in 100 hr and at 1300 and 1500 F for 


At 1100 F, essentially no difference is found between bar and 


despite the fact that grain size does not vary greatly, variations 
remain which may be due to differences in prior thermal and me- 
chanical history, perhaps to size effect (ratio of surface area to 
volume), and to factors inherent in creep-rupture testing. Al- 
though little is known of the effect of small changes in the major 
elements, Cr, Ni, and Mo, in Type 316 steel on creep-rupture 
strength, within the limits covered in this investigation no correla- 
tion is found between the variation in these elements and the 
100-hr creep-rupture strength. 


Materials and Test Procedure 


The chemical composition of the materials tested is given in 
Table 1. The final heat-treatment of the bar materials, the finish- 
ing treatment of the sheet steels, and grain size are shown in 
Table 2. Of the bar steels, B2 and B7 represent laboratory heats; 
whereas the remaining steels were obtained from commercial 
heats. All sheet steels were processed commercially. Composi- 
tion of all the sheet samples falls within the AISI specification for 
Type 316 austenitic stainless steel. For the bar steels B2 to B6 
the composition also falls within the AISI specification for this 
material. Of the two remaining bar steels, B1 isa Type 316L (low- 
carbon) material and B7 is a high-carbon version of Type 316. 
These two steels were included in this study to establish with 
greater certainty the effect of small variations in carbon on creep- 
rupture strength. 

Creep-rupture tests of both bar and sheet steels were made at 
1100, 1300, and 1500 F, using equipment, test specimens, and 
procedures described previously [7, 8]. Except in a few cases 
where insufficient material was available the stress range em- 
ployed at each temperature was such that rupture times of 1000 
hr or greater were reached. In all cases the maximum rupture 
time was at least 500 hr. 


Results and Discussion 


The creep-rupture test results for bar stock are presented in 
Fig. 1 and those for sheet stock in Fig. 2. In both charts the 
logarithm of the initial stress is plotted against the logarithm of 
the rupture time. As usually observed for austenitic stainless 
steels in this type of plot, one or two linear segments are found, 

The stress necessary for rupture at 100 and 1000 hr for each 
steel was determined from Figs. 1 and 2. For those steels which 
were not tested up to rupture times of 1000 hr or greater, the 1000- 
hr values were found by extrapolation. 

Observed 100 and 1000-hr rupture-strength values at 1100, 
1300, and 1500 F are given in Tables 3 and 4, respectively. For 


Transactions of the ASME 


. 


a 
ie 
. 
7 
H 
{ 
he 
| 
= 
- 


the bar stock, a wide range was found for both 100 and 1000-hr 
rupture strengths at all three test temperatures. Even if the 
comparison is limited to steels which fall within the AISI specifica- 
tion for Type 316 stainless steel, that is, steels B2 to B6, a fairly 
broad range is still observed. A wide range also is found for the 
sheet steels, the composition for which in each case falls within the 
AISI specification. 

Assuming that the measured rupture-strength values reported 
in Tables 3 and 4 for bar and sheet materials exhibited log-normal 
distribution, the expected range in rupture strength for Type 316 
steel was calculated. These results for bars and sheet specimens 
at rupture-life levels of 100 and 1000 hr at 1100, 1300, and 1500 F 
are shown in Table 5. In an ASTM-ASME compilation [12) of 
creep and creep-rupture properties of stainless steels, the range in 
100-hr creep-rupture strength found for Type 316 bar and sheet 
material in the annealed condition at 1100, 1300, and 1500 F is 
41,000 to 50,000, 20,000 to 24,000, and 6000 to 11,000 psi, re- 


spectively. As may be observed frora Table 5 at 1100 and 1300 F 
both the lower and upper limits in the creep-rupture-strength 
range found in the present investigation are below those given in 
the ASTM-ASME compilation. However, at these temperatures 
the data included in the ASTM-ASME compilation are limited; 
they include results on only three.different heats. At 1500 F, 
where ten different heats are included in the ASTM-ASME sum- 
mary, the present results exhibit a narrower range which is 
within the limits of that found in the ASTM-ASME compilation. 
A similar observation may be made for the 1000-hr creep-rupture- 
strength results. For limited data at 1100 and 1300 F, the range 
given in the ASTM-ASME compilation in creep-rupture strength 
for annealed Type 316 material is 33,000 to 39,000 and 14,000 to 
18,000 psi, respectiyely. At 1500 F the range is 3000 to 7000 psi. 

In order to compare the test results for bar and sheet stock it 
is necessary to adjust the data to compensate for the effect of 
small differences in composition on creep-rupture strength, 
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Table 1 Chemical ition of materials tested 


Bar - Chemical composition, weight per cent 
steels J Si Ni 

B-1 0.013 027 

B-2 0.026 O15 

B-3 7 0.015 012 

B-4 ¢ 0.010 021 

B-5 ¢ 0.022 O19 

B-6 0.017 O14 

B-7 0.013 


Sheet 

steels 

5-1 0.016 O15 
S-2 0.025 009 
8-3 0.024 021 
S-4 0.021 021 
8-5 0.030 013 
S-6 0.028 O15 
8-7 0.017 .020 


INITIAL STRESS - 1000 PSI 


10 100 
TIME FOR RUPTURE -HOURS 


Fig. 2 Creep-rupture test results on 18Cr-8Ni-Mo sheet steels 
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Table 2 Mechanical and thermal treatment and grain size of steels Since it is known that C, N, and P affect creep-rupture strength 
of austenitic stainless material [3 to 6], an analysis to determine 

ASTM the effect of these elements was made. Within the limits of this 

Mechanical and thermal treatment grain size investigation, no correlation has been found between the varia- 

2000 F-—water quenched 2 tion in the major elements, Cr, Ni, and Mo and variation in the 

100-hr creep-rupture strength. Other factors which may influence 

2000 F—water quenched high-temperature strength are melting practice, thermal and 

2000 F—water quenched mechanical history, and perhaps grain-size and specimen-size 

effect (ratio of surface area to volume). The quantitative effect 


2000 F—water quenched 
9 wa te enche 

2100 F—water quenched of these factors is not known, and therefore no attempt was made 
to compensate for them. 


To determine the magnitude of the effect of variations in car- 

J bon, nitrogen, and phosphorus on rupture strength, a parameter in 

——- annealed, and pickled - terms of these elements was computed. This was done by fitting 
old-worked, annealed, and pickled : 

Cold-worked, annealed, pickled, and the best straight line to the actual results at 1100 F, using the 

cold-rolled for bright finish 5-6 least-squares method. The parameter thus found is (C + 2.75N 

Cold-worked, annealed, and pickled j + 1.5P), where the amounts of C, N, and P are in weight per cent. 

pet pee panne = and The results for 100 and 1000-hr rupture strength plotted in terms 

.Cold-worked, annealed, pickled, and of this parameter are shown in Figs. 3 and 4, respectively, The 

cold-rolled for bright finish 7 relationship for the computed straight lines is given by 


.Cold-worked, annealed, and pickled 


Table 3 Comparison of 100-hr rupture strength of bar and sheet steels 


— 100-hr rupture strength -1000 psi —_—— — 
——1100 F—_ — 1300 ——- 1500 F 
C +2.75N 
+ 1.5P Actual Computed Actual Computed Actual Computed 
133 33.00 33 16.70 66 29 
161 38.00 19.00 59 61 
185 3600 36.5 18 00 9.6 
203 35.00 37.45 18 40 8.99 8.7 9.10 
226 41.00 38.62 20 40 0.76 9.7 0 36 
271 43.50 404 23.80 26 ‘ 9 88 
0.275 41.00 41 21.80 30 9.93 
Average deviation +520 psi +440 psi 


20 37.96 
10 38 
50 39 
10 
20 40. 86 
2 00 411: 
Average deviation —520 psi 


Table 4 Comparison of 1000-hr rupture strength of bar and sheet steels 


—— 1000-hr rupture strength —1000 psi 
— 1100 F — 1300 F _— 1500 F —— 


Actual Computed Actual Computed Actual Computed 
11.60 4.70 
3.70 2 5.50 
00 2 6.00 
SO 3.35 5.10 
50 < j 6.10 
00 7.10 
SO 7.10 
Average deviation }- si +470 psi 


~ 


Sheet 

steels 

S-1.. < 3.6 3. 4.60 5.52 
S-2 7 K 2 3.1 4.70 5.66 
S-3 5.80 5 81 
S-4.. 31.7 5.40 5.83 
S-5. 26: 35. 4.6 5.40 6.03 
S-6.. 7 Z 32.75 7 4.85 6.10 6.10 
Average deviation si > si —470 psi 
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Sheet 
steels 
- 
° 
8-5 
8-6 
« 
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: Sheet 
steels 
19.40 19.33 60 9 21 
17.50 19.79 8.10 9.37 
80 20 29 9 70 9 55 
19 70 20. 33 9 20 9 56 
19 80 20.99 9 40 9.79 
20 00 21.23 10.10 9 87 
22.10 21.39 9.70 9.93 
—580 psi —350 psi 
| 
Bar C + 2.75N 
f 
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Fig. 3. Variation of 100-hr creep-rupture strength with C, N, and P 
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Fig. 4 Variation of 1000-hr creep-rupture strength with C, N, and P 
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where @ is the rupture strength for either 100 or 1000-hr life. The 
constants a and 6 for 1100, 1300, and 1500 F at the 100 and 1000- 
hr rupture-life levels are given in Table 6. The value of the con- 
stant a corresponds to an extrapolated value of the rupture 
strength in psi for zero C, N, and P. It has little practical im- 
portance because microstructural changes such as ferrite forma- 
tion undoubtedly would affect the creep-rupture strength as C, 
N, and P are reduced. However, the value of b is important be- 
cause it is a measure of the effectiveness of C, N, and P in increas- 
ing high-temperature strength in the material studied. As re- 
ported in Table 6, this constarlt denotes the increase in rupture 
strength for an increase of one unit in the chemical factor (C + 
2.75N + 1.5P). 

As indicated in Table 6, 6 decreases as the temperature is 
raised from 1100 to 1500 F. This means that as the test tem- 
perature increases, the strengthening effect of C, N, and P de- 
creases. However, even at 1500 F, the strengthening effect of C, 
N, and P is appreciable for both 100 and 1000-hr rupture life. 


Table 5 Expected creep-rupture strength including 90 per cent of 
heats tested 


Rupture —Creep-rupture strength range—1000 psi— 
500 F 


Material life, hr 1100 F 1300 F 1 
100 34.0-44.6 16 .8-23.7 8.5-10.5 
Sheet.... 100 34.8-43.9 17 .7-22.3 8.1-10 5 
1000 27 .6-34.9 11.5-16.8 4.8-7.3 


Sheet... .1000 27 .5-36.9 12.6-15.5 4.5-6.4 
Table 6 Constants, a and b, for 100 and 1000-hr rupture-strength values 


at 1100, 1300, and 1500 F 


——1100 F ——1300 F——- ——1500 F——. 
Con- 100-hr 1000-hr 100-hr 1000-hr = 100-hr =1000-hr 
stants rupture rupture rupture rupture rupture rupture 
a...27120 23130 12200 8780 6760 3380 
b. . .50900 35630 33300 22470 11530 10080 


One additional point of interest shown by the values of b in 
Table 6 is that at 1100 and 1300 F the strengthening effect of C, 
N, and P for rupture in 1000 hr is appreciably less than for rupture 
in100hr At 1500 F the difference between 100-hr and 1000-hr 
values is much less. It is very likely that the effect of rupture- 
time on 6 at 1100 and 1300 F is related to the extent of depletion 
of C and N in solid solution and to the manner of precipitation of 
carbides and nitrides [9]. Thus at 1100 F the lower value of b 
for rupture in 1000 hr, as compared to 100 hr, may indicate both 
greater depletion of C and N from solid solution and a diminished 
strengthening effect of the resulting precipitate. At 1330 F the 
difference is less, possibly because depletion of the solid solution 
at 1300 F requires less time and has progressed appreciably nearer 
to completion even within 100 hr. At 1500 F it is likely that the 
depletion from solid solution progressed almost to completion 
during the 100-hr test and little difference should be expected 
when extending the test to 1000 hr. Precipitation in Type 316 
austenitic stainless steel occurs primarily at grain boundaries and 
therefore does not counteract the effect of depletion within the 
matrix, even though a grain-boundary precipitate may affect 
creep-rupture strength [4]. In the present case it seems that 
the weakening effect of solid-solution depletion at 1100 and 1300 F 
is not counteracted by a strengthening effect of the precipitate in 
grain boundaries. 

The effect of moderate changes in C, N, and P within the limits 
of Type 316 austenitic stainless steel may be computed using the 
foregoing Equation (1). Assuming the limits for C, N, and P to 
be 0.04 and 0.08, 0.03 and 0.06, and 0.01 and 0.03, respectively, 
the computed differences in creep-rupture strength are as follows: 
At 1100 F the difference for 100-hr rupture life would be 7700 psi 
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and for 1000-hr rupture life, 5400 psi. At 1300 F, the difference 
in rupture strength is found to be 5100 psi for 100-hr rupture life 
and 3400 psi for 1000-hr rupture life. At 1500 F, the strength 
differences are 1750 and 1500 psi, respectively. These calcula- 
tions demonstrate that even small changes in C, N, and P may 
bring about measurable difference in creep-rupture strength, Dif- 
ferences in these elements must be considered in comparing prop- 
erties of bar and sheet stock, 

To compare statistically the creep-rupture-strength properties 
of the bar and sheet stock, a simple sign test was employed. From 
relation (1), adjusted creep-rupture strength values, ¢, were com- 
puted for each material tested. These computed values are re- 
ported in Tables 3 and 4. For each material, the quantity, ¢ — 
6, was then computed; this quantity is a measure of the deviation 
of each observed value from the corresponding least squares 
value represented by Equation (1) and the curves in Figs. 3 and 4. 
A simple sign test was then used to compare the deviations for bar 
and sheet stock. The average deviation between actual and 
calculated rupture strength at each temperature is given in Table 
3 for 100-hr rupture life and in Table 4 for 1000-hr rupture life. 
For the sheet stock the average deviation for 100-hr rupture 
life varies between —350 psi and —580 psi and for the bar stock 
the variation is between +350 psi and +520 psi. These results 
indicate, therefore, that for 100-hr rupture life the bar stock is 
slightly stronger than sheet stock for equivalent composition. 
This conclusion applies at 1100, 1300, and 1500 F. 

As shown in Table 4, this observation also applies to 1000-hr 
rupture life at 1300 and 1500 F, At 1100 F there is essentially no 
difference between bar and sheet material. 

Differences in carbon, nitrogen, and phosphorus accounted for 
at least 33 and up to 54 per cent of the variability among the 
steels tested. Other factors, however, affecting creep-rupture 
strength, such as thermal and mechanical history or size effect 
have not been taken into account. In addition, the statistical 
variation encountered in creep-rupture testing, per se, should also 
be considered in a more rigorous analysis. In other work, we have 
found that material of the type tested here exhibits a pronounced 
scatter in creep-rupture strength and minimum creep rate, es 
pecially at 1100 F. Much of the scatter shown in Figs. 3 and 4 
may be attributed to differences in thermal and mechanical his- 
tory, size effect, and to unavoidable statistical variation in creep- 
rupture testing. The relative importance of these factors cannot 
be resolved from the data presented here. 


Conclusions 


The experimental results obtained in this investigation lead to 
the following conclusions: 

Small variations of the combined amounts of C, N, and P within 
the AISI specification for Type 316 austenitic stainless steel can 
affect the creep-rupture strength for 100 or 1000 hr measurably. 

Of the variability in the creep-rupture strength at 1100, 1300, 
and 1500 F found in testing fourteen different 18 Cr-8 Ni-Mo 
steels, at least 33 and up to 54 per cent can be accounted for by 
variation in the chemical factor, C + 2.75N + 1.5P. The addi- 
tional variability is believed to be related to differences in thermal 
and mechanical history, perhaps size effect (ratio of surface area to 
volume), and to the inherent variability in creep-rupture testing. 

At 1100, 1300, and 1500 F the 100-hr creep-rupture strength of 
seven different bar-stock 18 Cr-8 Ni-Mo steels is slightly greater 
than that of seven sheet-stock 18 Cr-8 Ni-Mo steels when com- 
paring the average deviation between actual and calculated 
values for the range of the chemical factor, C + 2.75N + 1.5P, 
investigated. 

The 1000-hr creep-rupture strength at 1100 F is essentially 
equivalent for both bar and sheet steels. However, at 1300 and 
1500 F the bar steels are again found to be slightly stronger. 


pecemBer 1959 / 615 


pe 
wal 
‘ 
ioe 
. 
a 
a 


1 N. P. Allen, “Creep and Fracture of Metals at High Tempera- 
tures,"’ National Physical Laboratory Symposium, HM Stationery 
Office, London, England, 1956, p. 1. 

2 J. W. Freeman and C. L. Corey, ‘‘Microstructure and Creep,” 
National Physical Laboratory Symposium, HM Stationery Office, 
London, England, 1956, p. 157. 

G.V.Smith, ‘Properties of Metals at Elevated Temperatures,” 
McGraw-Hill Book Company, Inc., New York, N. Y., 1950. 

4 G.V.Smith, F: Garofalo, and L. Zwell, ‘Influence of C and N 


on Creep and Creep-Rupture Properties and Structure of 18Cr-8Ni 
and 18C'r-8Ni-Mo Steels,”’ presented at the AIME meeting on ‘‘The 
Relation of Structure to High Temperature Properties,” 
Ill., November 4, 1957. 

5 J. K. Y. Hum and N. J. Grant, “Austenitic Stability and 
Creep-Rupture Properties of 18-8 Stainless Steels,’’ Trans. ASM, vol. 
45, 1953, p. 45. 


“hicago, 


616 / DecemBER 1959 


6 R. Schempp, P. Payson, and J. G. Chou, ‘Age Hardening 
Austenitic Steel,’’ U. 8. Patent No. 2,799,577, July 16, 1957. 

7 G.V.Smith, W. G. Benz, and R. F. Miller, ‘‘Creep and Creep- 
Rupture Testing,"’ Trans. ASTM, vol. 47, 1947, p. 615. 

8 G.V.Smith, BE. J. Dulis, and E. G. Houston, ‘‘Creep-Rupture 
of Several Sheet Steels,” Trans. ASTM, vol. 51, 1951, p. 857. 

9 Chi-Mei Hsino and F. J. Dulis, “Effect of Interstitial Elements 
on the Properties of Cr-Mn-N-C Steels,” presented at the AIME Fall 
Meeting, Chicago, Ill., November 4, 1957. 

10 R. H. Thielmann and E. R. Parker, ‘‘Fracture of Steels at 
Elevated Temperatures After Prolonged Loading,’’ Trans. AIME, 
vol. 135, 1939, p. 559. 

11 A. P. Coldren and J. W. Freeman, “An Investigation of Three 
Ferritic Steels for High-Temperature Application,’"”’ WADC Tech- 
nical Report 57-40, April, 1957. 

12 Report on “Elevated Temperature Properties of Stainless 
Steels,"" ASTM Special Technical Publication No. 124, 1952. 


Transactions of the ASME 


oy 
‘ 
References 
. 
. 
a 
¥ 
- 
ik 
bY 
We 
x 
| 
- 


HANS CONRAD 


Research Laboratories, 
Westinghouse Electric 
Corporation, Pittsburgh, Pa. 


Correlation of High Temperature 
Creep and Rupture Data 


The problem of correlating high temperature creep and rupture data has been considered 
in light of the most recent theoretical and experimental information. An evaluation of 


the equations most frequently employed indicates that they all possess one or more 


major shortcomings. 


An equation is proposed which is in better agreement with the 


experimental and theoretical information available. The rupture data for several 
superalloys and an aluminum alloy are correlated by means of the proposed equation. 
It is suggested that creep tests with incremental changes in the stress and temperature be 
investigated as a rapid method for evaluating the constants of the creep and rupture 


equations. 


Introduction 


= OF METALS has been observed over the entire 
temperature range from 1.2 K to the melting point. The present 
paper, however, will only be concerned with high temperature 
creep, i.e., creep at temperatures >0.45 7',,, where 77, is the melt- 
ing temperature in deg K. At these temperatures recovery 
mechanisms based on diffusion can oecur at reasonable rates. 
The temperature in degrees Fahrenheit for this ratio is given in 
Table 1 for several metals. Also given is the activation energy 
for self-diffusion. 


1 The climbing of dislocations [11] over obstacles, Fig. 6. 
2 The dragging of a solute atmosphere [13]. 
3 The healing of the disruption of a cluster of alloying atoms 
or of short range order as a dislocation moves through the lattice. 
1 The dissolution or agglomeration of a precipitate, allowing 
easier movement of dislocations. 


In view of the foregoing, one can write for the creep rate € of 
an alloy at high temperatures 


AH 
= fi s)e 1 
€ = f(a, T, 8) exp (482) (1) 


Table 1 The value of 0.45 T,, in degrees Fahrenheit for several metals; also the value of the activo- 


tion energy for self-diffusion 


Al Mg Cu 
0.45 Tm, deg F 206 287 638 
AHp {6), Keal/mole 33% 32 44-57 


* Estimated from creep and rupture data. 


Nowick [1]! estimated the lower temperature limit for diffusion 
controlled recovery to be approximately 0.45 7,,. Although 
Nowick’s caleulations were based on semiempirical approxi- 
mations, considerable experimental evidence [2 to 6) indi- 
cates that from a practical standpoint the dividing line is ac- 
tually somewhere between 0.4 and 0.5 7,,. It is also pertinent 
that between 0.4 and 0.5 7, the yield strength and tensile strength 
of most alloys begin to decrease rather rapidly with increase in 
temperature, Figs. 1 to3. Also, in this temperature range soften- 
ing of a cold worked metal or alloy oceurs, Fig. 4. In fact, for 
moderate alloy additions the softening temperature of a given 
base material cannot be increased significantly above 0.5 7, 
Furthermore, fine precipitated dispersions become ineffective in 
this temperature range, Fig. 5. Also, above 0.45 T,,,, the activa- 
tion energy for creep is equal to that for self-diffusion, independent 
of stress and strain [6]. This all supports the idea that the rate 
controlling mechanisms for deformation at high temperatures are 
diffusion controlled. Some of these mechanisms are: 


1 Numbers in brackets designate References at end of paper. 

Contributed by the ASTM-ASME Joint Committee on Effect of 
Temperature on the Properties of Metals and presented at a joint 
session with the Metals Engineering Division at the Annual Meet- 
ing, New York. N. Y., November 30-December 5, 1958, of Tue 
AMERICAN Society OF MECHANICAL ENGINEERS. 

Note: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those of 
the Society. Manuscript received at ASME Headquarters, August 7, 
1958. Paper No. 58—A-96. 
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Fe Co Ni Cr Mo W 

1007 972 940 1292 1887 2523 
a 60-77 62-67 61-69. 120") «140 
+ 48-74 


where o is the stress, 7’ is the temperature, s is a structure factor 
which includes all types of crystalline imperfections as well as 
the dispersion, morphology, and types of phases present, 2 is the 
gas constant, and AH is an activation energy for diffusion. In 
general, one may expect that the activation energy will be ap- 
proximately equal to that for self-diffusion of the pure base metal. 
In some cases the activation energy will be that for diffusion of 
one of the alloying elements, in which case it may then be greater 
or less than that for the base metal. Also, the activation energy 
for self-diffusion of the base metal may be altered significantly for 
large alloy additions. 

Although the assumption that the activation energy for high 
temperature creep is equal to that for diffusion has considerable 
theoretical and experimental support, the nature of the pre- 
exponential function in equation (1) is still unanswered. The 
only detailed dislocation model for this function is that due to 
Weertman [14 to 16]. He assumes that the rate-controlling 
process for steady-state creep is the climbing of dislocations over 
obstacles in the slip plane and arrives at a function of the form 


1 
where A is a constant and @ takes on a value of approximately 4. 
Although he found fairly good agreement for this function for the 
creep of pure metals at low stresses (<5000 psi), the relationship 
breaks down at higher stresses. 
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Fig. 1 Effect of test temperature on the flow stress of magnesium- 
aluminum alloys for a true strain of 0.05 (Sherby, Anderson, and Dorn 
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Fig. 2 Effect of temperature on the yield strength of some superalloys 
(ASTM-ASME Report [8]) 


Equation (2) is one form of the more general power stress law 
frequently observed [17 to 21]: 


flo, T) = [a/o)"™ (3) 


where oy is a constant and n generally decreases with temperature. 
Another stress function very frequently observed is the hyperbolic 
sine stress law [22 to 29]: 
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Fig. 3 Effect of temperature on the tensile strength of some superalloys 

(ASTM-ASME Report [8)) 
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Fig. 4 Effect of alloying elements on the softening temperature of cold 
worked iron (France and Pennington [9}) 


flo, T) sinh (4) 


where d» is a temperature dependent constant and n is a constant 
whose value is most frequently 1. However, Manjoine claims 
that the creep of zirconium [30] and an aluminum alloy [31] is 
best described by taking n = 2. For large values of stress, equa- 
tion (4) yields the Ludwik [32] exponential stress law 


T) = exp [¢/a0(T)] (5) 


The variation of o) with temperature has at various times been 
given as = a — bT [25, 31], oo = [30], and = 
[22 to 24]. 

At present we are not in a position to decide between the various 
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Fig. 5 Effect of temperature on the deformation strength of a 5 per cent 
CuAI dispersion alloy and a solid solution AlCu alloy at a strain of 0.10 
(Starr, Shaw, and Dorn [10]) 
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c 


Fig. 6 Schematic picture of several climbing mechanisms: (a) Climbing 
over a sessile dislocation; (b) annihilation of opposite sign disloceti 


on parallel glide planes; (c) climbing around a precipitate; (d) climbing 
along a grain boundary (after Schoeck [12]) 


stress functions. Weertman’s [14 to 16] dislocation model for 
high temperature creep predicts a power stress law. However, 
there is no indication in his theory that n should change with tem- 
perature. Also the departure from the power law observed at 
high stresses still needs to be explained. Furthermore, Nadai 
and McVetty [26, 29] have shown that the hyperbolic sine law is 
superior to the power law for relating stress and strain rate of 
many alloys for very low strain rates. This has also been found 
for high purity aluminum by Harper and Dorn [33]. Conse- 
quently, in the correlations to be proposed in the present paper 
the hyperbolic sine stress law will be favored. Combining equa- 
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tions (1) and (4) we can thus write for the steady-state or mini- 
mum creep rate €, 


€, = A(s) exp — sinh [a /ao(7')|* (6) 
RT 
In order to complete equation (6) the nature of the structure 
factor A(s) must be given. Our information on this factor is very 
meager; consequently, this leaves a major problem in correlating 
creep and rupture data. Dorn [18] found for aluminum that at 
constant stress the structure at a given creep strain was inde- 
pendent of time and temperature. It is frequently assumed that 
the structure is constant at the minimum creep rate or at the time 
of rupture. Although this assumption may not always be cor- 
rect, it will not lead to serious error if the changes in structure 
are not too large, for the variation of A(s) will be overshadowed 
by the effects associated with the stress and Boltzmann functions. 
One possibility is that the temperature variation of the stress con- 
stant o> is a reflection of the changes in structure with temper- 
ature. 

Equation (6) relates the secondary or minimum creep rate with 
stress and temperature. Of equal importance is the ability to 
‘ correlate the rupture time, for in many tests orly the rupture time 

is recorded. We can write for the strain at rupture e€, 


fy ea (7) 


where € is the creep rate at any instant of time ¢, and ¢, is the time 
to rupture. If we assume that the flow mechanism leading to 
rupture is the same as that occurring throughout the creep test, 
sinh we have 
for the case where the largest period of time is spent in the vicinity 
of the minimum creep rate: 


and taking € = A(s) exp — 


1 A( 8) 


AH 
exp — ( sinh (8) 


where A(s) is the structure factor associated with the minimum 
creep rate. Assuming that the strain at rupture is approximately 
constant, one obtains from equations (6) and (8) 


t, = K/é, (9) 
where K is aconstant. That the assumptions we have made are 
not too far afield is indicated by the fact that experimentally it 
has been established that [34 to 36] 


t, = (K/é,)" (10) 


where m is a constant approximately equal to 1. 


Evaluation of Equations for Correlating Creep and Rupture 
Data 


Table 2 lists the most frequently used equations for correlating 
high temperature creep and rupture data. Also given are the 
shortcomings of each in view of the present status of our experi- 
mental and theoretical information. The major shortcomings are: 


1 In the chemical rate theory the activation energy for creep 
is undefined and covsidered to decrease with the applied stress. 
In view of the discussion in the preceding section, one expects that 
the activation energy for high temperature creep is that for dif- 
fusion and independent of stress. 

2 Experimentally it has been found for many alloys that the 
constant v of the chemical rate theory, termed an “activation 
volume,’’ increases significantly with temperature, giving a tem- 
perature term in the stress function in addition to the reciprocal 
of the temperature associated with the Boltzmann statistics [22 
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Table 2 Equations most frequently used for correlating high temperature creep and rupture data 


Basis Author 


Chemical rate Kauzmann 
theory 
[23] 
Machlin and 
Nowick [24] 


Larson and Mil- 
ler [37] 


MaeGregor and 
Fisher [38] 


—AH(c) 3 
A exp RT assumed to be 


| 
A exp RT 


Equation* Shortcomings 


The activation en- 


[22] —AH\ . vo l 
Dushman, et al. = A exp RT ) sinh RT ergy is not taken equal 


to that for diffusion. 
2 The activation en- 
ergy is assumed to de- 
crease with the stress. 
The structure is 
inde- 
pendent of stress and 
temperature. 
$ Larson & Miller 
and MacGregor « 
Fisher do not take into 
account an additional 
temperature term in 
the stress function. 


Dislocation Dorn [6] 


climbing 


Weertman [14] 


é. = A exp 


1 
é. exp (ar) = f(c) stress 


Dorn assumes the 

function is in- 
dependent of tempera- 
ture. 

—AHp\ , . bo” 2 The structure is 

RT o” sinh F4 assumed to be inde- 
pendent of stress and 
temperature. 
3. Weertman’s 
tion breaks 
high stresses. 


equa- 
down at 


Manson and T 
Haferd [39} 


Empirical 
curve fitting 


Manson and 
Brown 
Symbols 
minimum creep rate 
stress 
temperature 
gas constant 
activation energy 
activa’ion energy for self-diffusion 
activation volume 
,m,b Ta 8, oo are constant:. 


to 25). Although Kauzmann [22], Dushman, et al. [23], and 
Machlin and Nowick [24] have taken this into consideration, the 
others have not. Considerable variation in the value of the 
activation energy for flow can result if the temperature variation 
of the stress function is not taken into account. 

4 None of the equations of Table 2, with perhaps the excep- 
tion of those based on empirical curve fitting, include the possible 
changes in structure with stress, temperature, and time. 

! The purely empirical equations will always require a con- 
siderable amount of experimental data for the accurate evalua- 
tion of the necessary constants. 


It is recognized that the equations (6) and (8) proposed by the 
author are still semiempirical and are not the final answer with 
regard to the ultimate goal of being able to derive the creep or 
rupture equation without conducting any creep tests whatso- 
ever. For example, the shortcoming listed under 3 also applies 
to equations (6) and (8). However, the approach taken here is 
in accord with the present status of our knowledge, and it is felt 
that this approach represents a step in the right direction. 


Correlation of Published Rupture Data 


In view of the preceding analysis it was decided that high tem- 
perature creep and rupture data might best be correlated by 
equations (6) and (8). One good source of data for testing these 
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1 
log é, + log é& 


Purely empirical 
no theoretical consid- 
erations. 


= fic) 


(T — Ta) (log & + log &) «= 
A (log — log 


relationships is the booklet entitled “Stress Rupture Properties of 
S-816, 5-590, and A-286 Alloys” prepared by the Allegheny Steel 
Corporation of the Gas Turbine Panel of the ASTM-ASME 
Joint Committee on the Effect of Temperature on the Properties 
of Metals [41]. Consequently these rupture data and those from 
several other sources [31, 42 to 47] were correlated according to 
equation (8). The nominal compositions of the alloys for which 
correlations were made are given in Table 3. 

The Ludwik exponential stress law, equation (5), was found 
to apply to the data under consideration. The structure factor 
A(s) was taken as constant for all rupture times. This then gave 
for the rupture equation 


(Az 
rT} oy T') 


The constants of equation (11) were determined by a least 

squares procedure using a Datatron computer.2. Table 4 sum- 

marizes the results obtained. Figs. 7 to 9 show that the data for 

a given alloy give a straight line when ¢/o,(7') is plotted versus 
AHD 

log ), in agreement with equation (11). 


(11) 


* The author is indebted to Dr. D. Shaffer, Mathematics Depart- 
ment, Westinghouse Research Laboratories, for processing the data. 
The procedure employed is described in the Appendix. 
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Net 


A-286 0.05 Bal. 
Inconel-X 0.05 7 
Nimonic 80A 0.05 5 
$-590 0.44 Bal. 


8-816 0.38 3.5 


Cu Si 


XFi88-T61 2.0 0.25 


Composition of aluminum alloy 


72.5 15 
j 75 20 
20 20 20 
42 


Fe Mg Ni 
1.35 1.50 1.05 


Alloy 
A-286 


Inconel X 


Nimonie 804 


Nimonic 


8-590 


S-590 


S-S16 


S-S16 


Al Alloy 
XF18S-T61 


Discussion 


stitutional alloying elements. 


is approximately 39,000 cal/mole. 
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Heat treatment 
2275 F/1 hr, W.Q. 
1400 F/1 hr, A.C, 


2100 F/4 hr, A.C. 
1550 F/24 hr, A.C. 
1300 F/20 hr, A.C. 


1975 F/8 hr, A.C. 
1200 F/16 hr, A.C. 


1950 F/8 hr, W.Q. 
1300 F/16 hr, A.C. 


2275 F/1 hr, W.Q. 
1400 F/16 hr, A.C. 


2275 F/1 hr, W.Q. 

1400 F/20 hr (Tests 1200- 
1400 F) 

1500 F/20 hr (Tests 1500 F) 

1350 F/20 hr (Tests 1600- 
1900 F) 


2350 F/1 hr, W.Q. 

1400 F/20 hr (Tests 1200- 
1400 F) 

1500 F/20 hr (Tests 1500 F) 

2150 F/1 hr, W.Q. 

1400 F/16 hr, A.C. 


940 F, W.Q. 
340 F/10 hr 


It is noted from Table 4 that the average value of the activa- 
tion energy for rupture for A-286, Inconel X, Nimonice 80.4, and 
Aluminum Alloy XFI18S-T61 is approximately equal to the 
activation energy for self-diffusion of the base metal given in 
Table 1. This supports the idea that the deformation process 
is controlled by the diffusion of the base metal or one of the sub- 


The average activation energy for rupture of 8-590 and S-816 


This is of the order of magni- 


Table 4 Constants for rupture equation determined from published data 


2 
0.5 2.5 l 0.7 
2.3 1.1 


Ti Al 
0.06 Bal. 


———Values of the constants——— 
Data Temp, a», AH, 
source deg F psi hr Keal/mole 
[41] 1000 6850 2.72 107" 70.6 


1100 7250 
1200 6620 
1300 6140 
1350 5650 
1500 3820 
[42] 1000 6170 3.24 K 10°° 67.0 
1100 7100 
1200 6540 
1350 5240 
1500 3680 
1600 2420 
1700 2301 
1800) 1100 
[44] 1202 8700 1.63 K 10° 43.2 
1292 7300 
1382 5780 
1500 3940 
[45] 1000 5990 1.22 91.3 
1200 5950 
1350 5500 
1500 5080 
Avge. 67.3 
[41] 1000 7190 5.16 K 10! 21.4 
1100 5950 
1200 4670 
1350 3280 
1500 2380 
[46] 1200 4810 6.79 K 107 56.8 


1350) 3890 
1500) =3210 


1600 3030 
1700) 2580 
1900) 1592 


Avg. 39 
[46 | 1200 7250 8.60% 107% 34.8 


1350 5380 
1500 3800 
{47 | 1000) 8060 9.33 K 42.5 
1200 5650 
1350 4184 
1500) 3115 
Avg. 38.6 
[31] 300 2790 3.67 107% 39.; 
100 2600 
2530 


tude of the activation energy for the diffusion of carbon in ¥ iron 
{48, 49], and in view of the similarity between the metals Fe, Co, 
Ni, and Cr, this energy may represent the diffusion of carbon in 
S-500 and S-816. This idea is especially tempting in view of the 
high carbon content (0.4 per cent) of these alloys. Since the test 
temperatures are too high for the dragging of a carbon atmosphere 
to be rate-controlling, it is suggested that perhaps the dissolution 
of precipitated carbide particles in the path of moving dislocations 
is the rate-controlling process. This recovery mechanism 
may be more rapid than the climb of dislocations over the 
particles. 
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Table Nominal composition of superalloys 
C Fe Co Ni Cr Mn Si V Mo Ww Ti Nb Al 3S 
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The large difference in activation energy for Nimonic 80A ob- 
tained from the two sources of data is rather difficult to explain. 
It was at first thought that this difference might be due to the 
fact that the data from one source [45] were for rupture times of 
5400 hours or less, whereas those from the other [44] included 
much longer rupture times. A check was made into this by using 
only those data of ref. [44] which were comparable to those of ref. 
[45]. The constants obtained for these shorter times did not 
differ significantly from those for the entire data, indicating that 
a real difference existed between the data from the two sources. 
Whether this difference is due to experimental technique or ma- 
terial differences cannot be answered at the present time. Like- 
wise the difference in activation energy for the two sources of S- 
500 is puzzling. 

One explanation for the differences in activation energy for the 
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Fig.7 Correlation of rupture data for Inconel X (Inco Data Sheet [42]) 


two sources of Nimonic 80A and 8-590 may be that the structure 
factor A(s) at the time of rupture is a sensitive function of the 
original structure and the subsequent creep time and temperature. 


For example, the change in A(s) during creep is probably a func- 
RT 


tion of the form f | te— ) where AH* is the activation 


energy for diffusion of the species of atom which is rate controlling 
in the change in structure. If AH* = AH), of the rupture equa- 
tion, then one would expect that A(s) is constant at the time of 
rupture. However, if AH* # AH, then A(s) may become a func- 
tion of temperature and the value of the activation energy ob- 
tained from equation (8) may be different from what is ex- 
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Fig. 9 Correlation of rupture data for S-590 (ASTM-ASME [41]) 
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pected. Also the value then may be significantly affected by the 
initial heat-treated structure of the material, i.e., the structure 
before the start of the creep test. Similarly, it may be that the 
rate controlling mechanism for creep can vary with structure. 
This then could lead to different activation energies for different 
initial structures or for different rupture times or temperatures. 
The state of our knowledge at present does not permit a more 
complete evaluation of this problem. 

From Table 4 it is seen that the values of the stress constant 
o, for the various superalloys are of the same order of magnitude 
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Fig. 10 Variation of o) with temperature for several superalloys 
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and decrease with temperature. A plot of o» versus temperature 
is given in Fig. 10. The behavior for Inconel X (the heavy solid 
line) is typical, i.e., o is relatively independent of temperature 
up to 1200 F, then decreases almost linearly with temper- 
ature up to 1800 F. It is expected that for temperatures above 
1800 F the rate of decrease with temperature again becomes 
smaller. It is significant that this variation of a) with tem- 
perature is similar to the behavior of the yield strength and ten- 
sile strength with temperature. In fact, up to approximately 
1500 F, the value of go» for the superalloys is closely approxi- 
mated by taking 5.5 per cent of the tensile strength at each 
temperature. For higher temperatures o> is an increasingly larger 
percentage of the tensile strength. A plot of log o» versus log 
tensile strength for the various superalloys approximated a 
straight line of slope 0.7 for the entire temperature range of L000- 
1900 F. 

At present there is no theoretical interpretation of a. It may 
represent the lowest stress at which measurable creep wall oecur. 
For example, the values of o) for Inconel X given in Table 4 are 
approximately equal to the stress which would give a creep strain 
of 0.03 per cent in 1000 hr.* 

The values of o» given in Table 4 were obtained by a least 
squares analysis of the rupture data for various stresses. If 
equations (6) and (8) apply, @» can also be obtained by the addi- 
tion or removal of a stress increment during a creep test. For 
such a test we obtain from equation (6) 

= Aa/2.3 log (€:/€;) (12) 
where Ao is the size of the stress increment, and €, is the creep 
rate immediately preceding and € is the creep rate immediately 
following the addition or removAl of the stress increment. 

Fig. 11 shows a creep test on Inconel X where stress increments 
of 20,000 psi were added and removed periodically. By compar- 


2? The values of stress for this strain were obtained by extrapolating 
the data of Fig. 3 in reference [43] 
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Fig. 11 Effect of a change in stress on the creep rate of Inconel X (Inco Data Book |43}) 


1959 / 623 


q 
ro .000 PS! 
| 
° 10@ 200 20 400 $00 Boo 1000 lee 1200 1300 
iE 


ing the creep rates immediately preceding and immediately fol- 
lowing the stress increments, an average value of 7500 + 1000 psi 
was obtained for a at 1200 F. This represents good agreement 
with the value of 6540 psi given in Table 4, especially considering 
the fact that different lots of material are involved. This then 
illustrates a convenient and rapid method for determining the 
value of oo at a given temperature. 

Once the variation of a) with temperature has been established, 
the value of the activation energy can be determined by changing 
the temperature by a small amount (25 to 50F ) during a creep test. 
According to equation (6), for a given temperature change the 
activation energy will be given by 

AT 
where A7' represents the temperature change in deg K, 7’; is the 
temperature before the change, and 7, is the temperature after 


the change, €, is the creep rate immediately preceding, and € 
is the rate immediately following the temperature change, o is the 


AH, = [2.3 log (€/€:) — o(1/o0, — 1/0,)] (13) 
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Fig. 12 Stress-rupture curves derived from correlations based on the 
Larson-Miller parameter and the equation t- = 3.24 X 10 °° exp 


67,000 
( RT exp 


1,000,00¢ 


applied stress, 7, and @», are the values of a» at the temperatures 
and 72, respectively. 

By employing both a change in stress and a change in tempera- 
ture on one specimen, it may be possible that all of the constants 
of equation (6) can be determined for two temperatures from two 
specimens and within a period of 100 hr or less. Furthermore, 
by conducting such tests in the temperature and stress range in 
which one is specifically interested, greater reliability can be ex- 
pected for any extrapolation to longer times, for errors due to 
possible changes in deformation mechanism or structure with 
temperature or stress are avoided. 

In conclusion, it is of interest to see how well rupture data are 
correlated by equation (11) as compared to the frequently em- 
ployed Larson-Miller parameter. Fig. 12 shows such a compari- 
son for the Inconel X data. The solid lines were obtained from 
equation (11) using the constants given in Table 4. The dashed 
lines represent the curves obtained from the Larson-Miller corre- 
lation, i.e., by taking the stress and time at a given temperature 
from the master curve of Fig. 13. The poor fit of the Larson- 
Miller method is clearly seen. Especially significant is the fact 
that the differences between the Larson-Miller method and equa- 
tion (11) are greatest for the longer rupture times (lower stresses). 
Of additional significance is the fact that interpolation and ex- 
trapolation of a linear relationship such as that of Figs. 7 to 9 
should be more accurate than those based on a curve such as that 
of Fig. 13 or those obtained by other corre'ation methods. 


Summary 


The problem of correlating high temperature (7' > 0.45 T7,,) 
creep and rupture data has been considered in light of the most 
recent theoretical and experimental information. The conclusions 
drawn from this consideration are: 


1 The deformation of metals and alloys at high temperatures 
is diffusion controlled and the activation energy is given by the 
activation energy for self-diffusion of the base metal or diffusion 
of the alloying constituents. This activation energy should be 
independent of s*ress. 


2 For low stresses, dislocation theory predicts a power stress 
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Plot of stress-rupture data using Larson-Miller parameter 
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law with an exponent of approximately 4. However, experi- 
mentally a hyperbolic sine stress law of the form sinh [a/oo(7')|* 
is very frequently observed over the entire stress range. No dis- 
location model has as yet been proposed for this latter function. 

3 The change in structure during creep is difficult to predict. 
It is frequently assumed that it is constant at the minimum creep 
rate or at the time of rupture. In many cases this appears to be 
a reasonable assumption, if the stress constant o» is taken as a 
function of temperature. 

4 The equations most frequently employed for correlating 
creep and rupture data are at variance with one or more of these 
conclusions, and hence can lead to serious error when used for 
extrapolating short time data to long times. 

5 In view of the first three conclusions, creep or rupture can 
be described by an equation of the form 


D 


K AH 
€, A exp — ( RT ) sinh [a 


where €, is the minimum creep rate, ¢, is the time to rupture, AH, 
is a diffusion activation energy, @ is the stress, 7’ is the tempera- 
ture, R is the gas constant, and K, A, oo(7'), and n are con- 
stants. 

6 Rupture data for several superalloys and an aluminum al- 
loy were found to be in agreement with this equation. 
7 It is recommended that creep tests in which the stress and 
temperature are changed be investigated as a rapid method for 
evaluating the constants of this equation. 
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APPENDIX 


Method Used to Determine the Constants of the Rupture 
Equation: 

The relation between rupture time ¢,, applied stress o, and the 
absolute temperature 7’ was considered to be 


t, = exp(A + Bo + C/T) 


The parameters A and C are constants, but B is to be taken as a 
function of 7’. No theoretical description of the dependence of 
B on T is available. In view of this difficulty, a substitute 
model was used. It approximates the one given and is tractable 
with standard least squares procedures. 

In a given set of data, we suppose that N values of temperature 
were used. We denote these by 7, with i = 1, 2,...., N. Every 
datum then is a triple of the form (a, 7’, t,) where 7 is one of the 
N values 7;. The given data are divided into N sets of data, each 
containing one and only one of the 7';. | Each set is thus com- 
posed of data of the form (¢, ¢,) together with the appropriate 
distinguishing value 7’;. The model used here is that for the ith 
temperature value 


i, = exp (A + 1000 C/T; + B,o) 


(The seale factor 1000 is for computational convenience only.) 
The NV sets of data were fitted simultaneously to this model, 
thus giving estimates of A, B,, Bs... ... By. 
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DISCUSSION 
S. S$. Manson® 


The author has made an interesting contribution by presenting 
a discussion of creep which has both theoretical and practical 
implications. As he points out, the analysis is a step in the right 
but it has limitations. These arise largely from the 
need to use a completely empirical pre-exponential function. 
Since the activation energies so-determined depend on the as- 
sumed form of the function, their theoretical significance be- 
comes clouded. Thus, although a comparison of the activation 
energies determined by this semiempirical process with those for 
various diffusion processes does tend to indicate an important 
role of diffusion in creep 


direction 


thereby corroborating the viewpoint 
already strongly advocated by Professor Dorn for pure materials 
and dilute solid solutions—the exact role of diffusion could still 
remain unilluminated by the analysis because of lack of assign- 
ment of precise model for the process. A question that arises is 
whether the activation energies determined by the present analy- 
sis appear to have more rational significance than those deter- 
mined by analyses of the same materials by the Dorn parameter. 

Additional progress requires further experimental and theoreti- 
eal analysis to determine why Weertman’s analysis, the only one 
with a completely theoretical basis, had to be rejected in favor of 


® National Aeronautics and Space Administration, Lewis Research 
Center, Cleveland, Ohio. 
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a semiempirical formula. One such contribution that may have 
significance in this respect has recently been made by Forestieri 
and Girifaleo in the writer’s laboratory. Their report, “The 
Effect of Plastic Deformation on Self-Diffusion in Silver,’’ is 
expected to be published in the Journal of the Physics and Chemis- 
try of Solids. ‘This analysis and experiment did not relate directly 
to creep, but the implications are evident. The effect studied 
was the enhancement of self-diffusion during plastic strain. Very 
substantial effects were found as indicated in Fig. 14. In this 
figure the ratio of the diffusion rate in the strained state for pure 
silver to the diffusion rate in the unstrained state is plotted against 
the strain rate for various selected values of temperature. Al- 
though the strain rates involved here are fairly high, they are 
within the limits encountered in many practical applications. It 
is seen that the effect of strain in diffusion can be very appreciable. 
Weertman’s analysis assumes that the average concentration of 
Fig. 14 
san best be explained, however, by assuming that the concentra- 
tion of vacancies increases with strain. 


vacancies remains constant during the creep process. 
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Fig. 14 The ratio of the diffusion coefficient in strained silver to the 
diffusion coefficient in unstrained silver versus the strain rate at various 
strain rates and temperatures 


Fig. 14 also indicates, to some extent, one possible reason why 
Weertman’s analysis becomes less valid at the high stresses. At 
any temperature, the higher the stress, the higher the strain rate. 
Thus the greater is the effect of the enhanced diffusion. Since 
this analysis does not take into account the strain enhancement 
of diffusion, it is possible that an improvement can be achieved by 
such consideration. We are currently making such an analysis, 
and hope soon to present the results. 

Fig. 15 shows in an indirect way the importance of temperature 
on the pre-exponential term. In the usual analysis the pre-ex- 
ponential term varies slowly with temperature, so that a plot of 
diffusion coefficient against the reciprocal of absolute tempera- 
ture is roughly a straight line over a wide range of temperature. 
It is seen in the figure that the presence of strain rate greatly 
affects the curve, indicating a significantly temperature-de- 
pendent pre-exponential term associated with the diffusion proe- 
ess itself. Since the present analysis includes the pre-exponential 
term in an empirical manner, its utility in illuminating the pre- 
cise creep mechanism, and toward pointing to the importance of 
creep on diffusion itself, is limited. 

Apart from its utility from a theoretical point of view, the 
analysis contained in this report may find utility in the prac- 
tical correlation and extrapolation of creep and_ stress-rupture 
data. However, although the materials analyzed all appear to 
yield excellent correlation, it must be recognized that all have 
been analyzed according to the equation: 
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Fig. 15 The logarithm of the diffusion coefficient of silver versus the 
reciprocal absolute temperature for various strain rates 


— —AH 
- = Cexp RT exp oT) 


and not according to the more general equation recommended by 
the author: 


f 
= Cex si 


The first of these equations predicates linearity of isothermals on 
semilogarithmic co-ordinates (i.e., log ¢ versus o for constant values 
of 7). For the materials considered, semilog plots are indeed 
linear, but this is not universally so. In fact, the theory of 
Machlin and Nowick (‘‘Stress Rupture of Heat Resisting Alloys 
as a Rate Process,”’ Metals Technology, American Institute of 
Mining and Metallurgical Engineers, TP 2137, Feb., 1947) which 
proposed linearity of such plots were found wanting on the basis 
that many materials showed pronounced curvature of semilog 
isothermals. Hence, for the more general treatment, the second 
of the equations given will be necessary. The writer would like 
to inquire as to whether any analyses have been made using this 
method on materials showing distinct curvature in semilog plots 
of this type, and whether the more general equation was adequate 
in such cases. Also, it should be recognized that in the more 
general case the analyses involve the determination of three con- 
stants (C, AH, n) and a curve o(7'). In contrast the other 
parameters mentioned by the author require at most the de- 
termination of two constants and one stress function. Hence, 
using the author’s general equation, good correlation in a given 
range of the variables might be expected because of the great 
flexibility of the equation. But whether the improved correlation 
implies greater accuracy in the extrapolated range, or whether 
physical significance of the terms in the equation are to be implied 
by such correlation, will require further verification. 


Author's Closure 


The author wishes to thank Mr. Manson for his interesting 
discussion. The questions raised by him will be discussed in the 
order in which they are listed. 
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With regard to the question whether the activation energies 
determined in the present analysis have more rational significance 
than those determined by means of the Dorn parameter: The 
author initially attempted to employ the Dorn parameter for 
correlating the data. When using this parameter the activation 
energies obtained were a function of the stress and temperature. 
Also in some cases, the value was 2 to 3 times that of the activa- 
tion energy for self-diffusion of the base metal. Both features 
are not expected if the deformation is diffusion controlled. Since 
these discrepancies did not oceur with the author's analysis he 
feels that the activation energies presented in the paper have 
more significance, especially for the cases where they are equal to 
that for self-diffusion. 

With regard to the possible effect of strain rate on the diffusion 
coefficient: Mr. Manson reports that Forestieri and Girifaleo of 
his laboratory found that the diffusion coefficient of Ag was con- 
siderably increased by straining. On the other hand, Darby, 
Tomizuka, and Balluffi [50] of the University of Chicago find a 
negligible effect of straining on the rate of diffusion in Ag for the 
same temperature and strain rate ranges. In fact, the whole 
problem of the effect of strain rate on diffusion is at present in 
somewhat of a controversial state (see references (50-53 ]), and 
until this is resolved the author is rather hesitant to accept the 
idea that straining will significantly alter the results of his analy- 
sis Furthermore, the average strain rate for some of the data 
analyzed by the author is several orders of magnitude lower than 
the rates given in Fig. 14 for Ag. Since the effect of straining on 
diffusion is proportional to the strain rate, one does not expect 
a significant effect for these low strain rates, even if the results 
of Forestieri and Girifalco should be substantiated. Finally, 
Mr. Manson’s suggestion that the failure of Weertman's analy- 
sis at high stresses is due to the effect of strain rate on diffusion 
cannot be valid, for Dorn [6] has found that the activation 
energy for creep at high stresses (where an exponential stress law 
occurs) is still equal to that for self-diffusion. 

With regard to the question as to whether any analyses have 
been made on materials showing a curvature of semilog isother- 
mals: The author has not made analyses on such materials. 
However, work by others (see references [26-30, 33]}) has indi- 
cated that the hyperbolic sine function does apply over stress 
ranges where there is a departure from the exponential function. 

The author agrees with Mr. Manson that further verification is 
required to evaluate the accuracy of the extrapolations and the 
significance of the terms in the equations proposed. In this 
regard the author [54] recently correlated the rupture data given 
by Betteridge (55! for Nimonic 80A and Nimoniec 90 by the equa- 
tion given in the present paper. The constants for the equation 
were determined from tests of less than 3000 hours’ duration. 
The stresses for rupture times between 3000 and 34,000 hours 
were then caleulated using these constants. The average devia- 
tion of the predicted stress from the observed stress was 8.4 per 
cent for Nimonic 80A and 4.5 per cent for Nimonie 90. These 
results were comparable to those obtained with the Manson- 
Haferd parameter [39], but were better than those obtained with 
other parameters evaluated. It was shown that the Manson- 
Haferd parameter represents a special form of the author's equa- 
tion, thus accounting for the agreement between the two. 
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Comparison of Parameter Methods for 
Extrapolating High-Temperature Data 


The use of the controversial and contradictory parameter techniques in correlation of 
high-temperature stress-rupture data is discussed. They are treated with a view toward 
their application in extrapolating short-time data to predict working stresses in servicea- 
ble heat-resistant alloys. Three parameter methods are compared on a statistical basis 
for their ability to reproduce the isothermal data on which they are based and in par- 
ticular the longest time data currently available and usable for this purpose. Compari- 
sons are further made with long-time extrapolations based on direct plotting of test 
data. The materials chosen for evaluation are alloys S-590, A-286, Nimonic 80A, and 


1Cr-1Mo-1/4V steel. It is shown that prediction of long-time working stresses using 
parameter techniques will generally give better results than can be obtained from long 
extrapolations on double logarithmic plots. Among the parameters themselves, the 
Manson-Haferd linear parameter method gave the most reliable extrapolations. How- 
ever, the results obtained using the Larson- Miller method may be improved considerably 
if the proper constant ts selected for each set of data rather than using C = 20 for all 
data. For reliable extrapolations all methods require data from tests up to 1000 hr and 


Introduction 


ie NECEssITY for predicting the long-time stress- 
rupture strength of serviceable alloys must be faced daily by the 
design engineer. Ideally, data can be taken at service tempera- 
tures, and as the time span of testing approaches the con- 
templated service-life predictions become less doubtful. Where 
the service life is very long the need for extrapolating short-time 
data becomes apparent. The use of time-temperature parameters 
for correlating such high-temperature stress-rupture data has 
been of particular interest to the designer. Such methods allow 
for the estimation of long-time results from comparatively short- 
time data covering a wide range of stress and temperature. 
Previous papers [1 to 4]' have dealt with the use and limitations 
of these techniques in some detail. 

Basically, parameter techniques incorporate time and tem- 
perature test data into a single expression which in itself is a 
function of stress. When test data from adequate times at tem- 
peratures above the service temperature are incorporated into a 
single ‘‘master curve,’’ the stress for the service time-temperature 
condition can be read directly from the master curve. In the case 
of ferritie alloys in particular the service temperatures are fairly 
close to the transformation range and adequate data as described 
above become difficult to obtain since parameter correlations do 
not apply in the range of major metallurgical transformations. 
Thus in such cases short extrapolations of the master curve 
are more likely to be necessary. Such extrapolations appear to be 
no more questionable than those taken in connection with the 
conventional double or semilogarithmic plots particularly where 
the latter involves one or two log cycles. In general, the value of 

! Numbers in brackets designate References at end of paper. 

Contributed by the ASTM-ASME Joint Committee on Effect of 
Temperature on the Properties of Metals and presented at a joint 
session with the Metals Engineering Division at the Annual Meet- 
ing, New York, N. Y., November 30-December 5, 1958, of Tue 
AMERICAN Society OF MECHANICAL ENGINEERS. 

Note: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those of 


the Society. Manuscript received at ASME Headquarters, August 7, 
1958. Paper No. 58—A-121. 
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covering adequate ranges of stress and temperature. 


the technique lies in how well it is able to reproduce the isothermal 
data on which it is based. 

Since the literature contains proposals for the use of several 
contradictory parameter methods it is only reasonable that the 
designer should ask which of these methods is correct, or more 
realistically, which of these methods will yield the most reliable 
extrapolation of short-time data. The purpose of the work pre- 
sented here then is to treat carefully chosen high-temperature 
data for selected alloys in terms of various parameters and further 
to indicate their ability to correlate the data for extrapolation 
purposes. The proposed parameters for use in this study are the 
Larson-Miller [1], the Dorn [2], and the Manson-Haferd [3]. 


Consideration in Choosing Data 


One requirement for testing extrapolative ability is that suf- 
ficiently long-time experimental data be available to check pre- 
dicted points. Another requirement is that sufficient data over 
adequate ranges of stressand temperature be available for reasona- 
ble assurance of trends in plotting isothermal or isostress curves 
from the raw data. In light of the current trends in high-tem- 
perature testing such requirements are hard to meet. Neverthe- 
less, some adequate data with respect to the foregoing conditions 
have been found. One good source of such data is an especially 
prepared booklet entitled “Stress-Rupture Properties of 8-816, 
8-500, and A-286 Alloys.’’ This booklet was prepared for the 
Gas Turbine Panel of the ASTM-ASME Joint Committee on the 
Effect of Temperature on the Properties of Metals by the Re- 
search Laboratories of the Allegheny Ludlum Steel Corporation, 
Watervliet, N. Y. Data on the 8-590 and A-286 alloys were used 
for study in this work. The data are reproduced in Tables 1 and 
2. Another source of data was a brochure entitled ““The Nimonic 
Alloys, Design Data,’’ published by Henry Wiggin and Company, 
Birmingham, England. From this source the data in Table 3 on 
Nimonic 80A alloy are derived. Finally, some data on a 1Cr- 
1 Mo-1/4V steel taken in the Materials and Processes Laboratory, 
Large Steam Turbine-Generator Department of the General Elec- 
tric Company in Schenectady are included and treated. The 
latter data are shown in Table 4. Perusal of all these data will 
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Fig. 1 Isothermal stress-rupture data for alloy $-590 
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Fig. 2. Isothermal stress-rupture data for alloy A-286 
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Fig. 3 Isothermal stre-s-rupture data for alloy Nimonic 80A 
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Fig. 4 Isothermal stress-rupture data for 1Cr-1Mo-1/4V alloy 
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Table 1 Stress-rupture data for alloy $-590 


(Heat-treatment—2275 F for A Pe WQ, age at 1400 F for 16 hr, 


Test temp, 
deg F 
1000 
1000 
1000 
1000 


Stress, 


Rupture 
psi 


time, hr 


R of A, 
per cent 


Elong, 
per cent 


1100 
1100 
1100 
1100 
1100 


1200 
1200 
1200 
1200 
1200 
1200 
1200 
1200 


1350 
1350 
1350 
1350 
1350 
1350 


1500 
1500 
1500 
1500 
1500 
1500 
1500 
1500 
1500 


indicate the extent to which the requirements are met. Figs. 1 
to 4 depict the log stress-log time plots of the data just outlined. 


Calculation of Parameter Constants 


For convenience the forms of the three parameters used in this 
study are outlined: 


Larson- Miller P = F(a) = (T + 460)\(log t + C) 


—AH 
Fi = { ——- 
(a) exp RT x 


Dorn 


— Ta 


Manson-Haferd P = F(a) = — 
log t — log ta 


where 


parameters 

stress 

temperature, deg F 
temperature, deg K 
rupture time, hr 
gas constant 
constant 


C, H, Ta, log ta 


In relation (1) a constant stress plot of log ¢ versus 1/7’ + 460 
should produce a series of straight lines converging to a single 
point when 1/7’ + 460 = 0. At this point log ¢ = C and this 
value of C is theoretically the best constant to use for the data in- 
volved. Similarly, relation (2) predicts a series of parallel straight 
lines on a constant stress plot of log ¢ versus 1/7’. The slope of 
this family of parallel curves represents AH and again is the best 
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Table 2 Stress-rupture data for alloy A-286 


(Heat-treatment—1800 F for 1 hr, OQ, age at 1325 F for 16 hr, AC) 
Test temp, Stress, Rupture Elong, R of A, 
deg F psi X 10-8 time, hr percent per cent 


ID 


CIS 


= 


value of constant to use in calculating parameters. Relation (3) 
predicts that a constant stress plot of log ¢ versus 7’ will lead to a 
series of straight lines converging to a point 7a and log ta on the 
plot. Since this is a linear relationship between log ¢ and T the 
parameter is called the ‘‘linear parameter.’’ 

The foregoing discussion then suggests the methods of ap- 
proach used to calculate the best constants for use in comparing 
the parameters. First, because the accuracy of the parameters un- 
doubtedly depends on the constants it was decided to determine 
the constants using all available data. To start, a series of con- 
stant-stress curves must be developed from the usually available 
isothermal curves. This involves a series of cross plots, and at 
the outset one must be careful tochoose a standard means of fairing 
such curves through the derived points. From beginning to end 
the criterion used here was to minimize the horizontal deviation 
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age" 22.5 88 15 23 1300 35 439 35 43 
oe 25 25 16 31 1300 40 213 18 34 
ra 1300 42.5 151 16 31 
a 1300 42.5 167 16 26 
1300 42.5 109 12 33 
oe 1300 50 44 15 17 
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Pe 1350 25 726 39 54 
ay 1350 30 187 28 52 
iy 1350 30 204 30 54 
oo ee (1) 1350 38 70 29 47 
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1500 10 546 54 52 
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R= 
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Table 3 Stress-rupture data for alloy Nimonic 80A Table 5 Constants for various materials 


(Heat-treatment—1975 F for 8 hr, AC, age at 1290 F for 16 hr, Larson- 
AC [English data}) Miller, Dorn, Manson-Haferd, 
Test temp, deg F Stress, psi X 10-? Rupture time, hr Cc H Ta, log ta 
1202 70. . f ve 102500 — 150, 20 
1202 91000 200, 16 
1202 91000 100, 16 
1202 9. 1Cr-1Mo-1/4V..... 110000 100, 18 
1202 
1202 
1202 
1202 
1202 


Q0 


of points from a faired curve. To illustrate the procedure the 
progressive development of the data will be presented for the S- 

590 alloy. 
Fig. 5 is a constant time cross plot of the data shown in Fig. 1 
for 8-590. Note that seven values of constant time were chosen 
which required the extrapolation of approximately one half a 
log cycle for the curves of Fig. 1. From Fig. 5 constant-stress 
10893 data are derived and are presented first in Fig. 6 for values of log 
30000 t versus 1/7’ + 460. Although the derived points do not fall on 
34065 straight lines the best value of constant to use in the Larson- 
100 Miller parameter is determined by fitting the best series of con- 
300 verging straight lines through the available points. Again the 
1000 criterion is minimum over-all deviation of the points from the 
ond chosen curves. On this basis the best value of C to use is 17. 
4450 Note that most designers use the value of C = 20 which is an 
13089 average value found for all materials on the basis of experience in 
10000 use. For strict comparisons of parameters the best obtainable 
a value of constant should be used, and this appears to be C = 17 for 
these data. Next in Fig. 7 the same constant-stress data are 
1500 100 plotted on log ¢ versus 1/7’ + 460 co-ordinates. Here, however, 
1500 : 300 the best family of parallel lines with respect to minimum devia- 
oe = oa tion of points is determined. The temperature co-ordinates are 
(No ductility data specified) converted to degrees K and AH is determined from the relation 
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Table 4 Stress-rupture data for 1Cr-1Mo-1/4V alloy AH = VT. 
1 2 
(Heat-treatment—1830 F for 24 hr, AC, temper at 1150 for : 
135 hr, FC) In this instance the best value determined was AH = 102,500 
Test temp, deg F Stress, psi X 10-8 Rupture time, hr cal per mol. Lastly, the same data are treated on a plot of log ¢ 
900 90 


900 Rit value of the constants to use in the Manson-Haferd parameter. 


900 = For this 5-590 heat these are 7a = —150 F and log ta = 20 as 
shown in Fig. 8. The constants so derived for each of the ma- 
terials represented in this work are given in Table 5. 


versus 7’ and the best series of converging straight lines gives the 


1000 
1000 
1000 < 
1000 49: Comparison of Parameter Methods 
1000 56 

1000 : 

1000 : 7390 
1000 10447 


To evaluate each of the methods for its extrapolative ability 
master curves based on each method were drawn using specific 
time ranges of data. Illustrating again with the S-590 data, 
1100 ” master curves were drawn using only data below 100 hr rupture 
1100 5 time, using only data between 100 and 1000 hr, using data be- 
1100 LOT tween 1000 and 10,000 hr, and finally by combining all data up to 
ted . 1000 hr and then by combining all data up to 10,000 hr. Once 
1100 6637 again these curves are faired using a minimum deviation cri- 

terion. 
1200 : 19 It is now possible using these curves, Figs. 9 to 12, to reconstruct, 
oo — the original isothermal curves of Fig. 1 or, as was done, to caleu- 
1200 331 late the rupture times corresponding to original data points. 

The comparison of the original and calculated isothermal rupture 
1350 3.7 times, particularly at long times, then indicates the extrapolative 
cae . = > ability of the various parameters. In order to assign a number 
a) (No ductility data specified) ; to the extrapolative ability and thus classify these techniques the 
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P=(T + + 17) 


Fig. 9(a) 


statistical concept of standard deviation has been used. The 
formulation is as follows: 


1 ‘Va 
c= ( zi") 
n 


o = standard deviation 
n = number of observations 
d = deviation 


where 


The selection of data points to use in the analysis varied with 
each alloy. In general only the very long-time points were in- 
cluded. In the case of the 8-590 alloy the analysis was made on 
all data points exceeding 10,000 hr and again on these same data 
plus the longest time data at each temperature not included in 
the former category. This evaluation is given in Table 6 showing 
the standard deviations, based on the differences of log rupture 
times, for each alloy under each method for the various time 
ranges of data on which the master curves are based. The actual 
data used in the analysis are appended by footnotes. In Table 7 
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these same data are cross tabulated so as to allow for easy com- 
parison and detection of trends in each method as applied to all 
the materials. More will be said of this later. 

As a final step in evaluating extrapolative ability, comparisons 
between long-time predictions obtained by extrapolating isother- 
mal log-stress log-time curves and those obtained by calculation 
from each of the parameter methods were made. At this point all 
those interested in this subject will recognize an area of extreme 
difficulty. The extrapolation of the log-stress log-time curve is 
an enigma that each individual must solve for himself. Thus 
certain sets of data appear amenable to the familiar two-straight- 
line plot while others frequently seem to be best served by a 
curvilinear fit. More often than not, the scatter in most high- 
temperature data being considered, either method may be em- 
ployed. Under the circumstances the extrapolated results can be 
quite different with, in general, the straight-line method leading 
to the higher extrapolated stress. For this reason in the present 
study two sets of data, those for Nimonic 80A and 1Cr-1Mo-1/4V 
have been treated by both straight-line and curvilinear extrapola- 
tion and the results compared. These results are shown in Table 
8. Even though it has not been done here it should be noted that 
the semilog method of treating high-temperature data is still pre- 
ferred in some quarters, 


Consideration of the results tabulated in Tables 6, 7, and 8 
show rather conclusively that for general use in extrapolating 
high-temperature stress-rupture data the linear parameter of 
Manson and Haferd is superior to either the Larson-Miller or 
Dorn parameters. In Table 6 the consistently lower values of 
standard deviations testify to the greater ability of the linear 
parameter to correlate the data actually taken. The data of 
Table 8 also show that in general the linear parameter can be ex- 
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Table 6 Comparison of the extrapolative ability of various parameter techniques 
(Method deviations within alloy class) 


Data (1) 


Parameter 100 hr 


100 
data (2) 
1000 hr 


1000 
data (3) 
10,000 hr 


Data (4) Data (5) 
combined combined 
to 1000 hr to 10,000 hr 


(6) AtLoy 8-590 


Larson-Miller (C 
Larson- Miller (C 


0.235 
0.293 
0.564 
0.174 


0.295 
0.464 
0.392 
0.250 


0.182 
0.235 
0.239 
0.115 


0.131 
0.282 
0.282 
0.100 


(7) Atioy 8-590 


Larson-Miller (C 

Larson- Miller (C 

Manson-Haferd......... 


0.278 
0.343 
0.646 
0.178 


0.351 
0.585 
0.481 
0.305 


0.195 
0.287 
0.268 
0.123 


0.138 
0.348 
0.309 
0.112 


(8) ALLoy A-286 


Larson- Miller (C .. 0.211 
0.207 
Manson-Haferd......... 0.188 


0.208 
0.188 
0.191 


(9) AtLoy Nrmonic 80A 


Larson- Miller (C 
Larson-Miller (C 


0.493 
0.612 
0.275 
0.108 


0.342 
0.464 
0.237 
0.102 


(10) AtLoy 1Cr-1 Mo-1/4V 


Larson- Miller (C 
Larson-Miller...... 


0.386 
0.389 
0.638 
0.280 


Notes: 


0.431 
0.315 
0.607 
0.243 


(1) Standard deviations calculated from points derived from master curve based on rup- 


ture times of less than 100 hr. 


(2) Standard deviations calculated from points derived from master curve based on rup- 


ture times between 100 and 1000 hr. 


(3) Standard deviations calculated from points derived from master curve based on rup- 


ture times between 1000 and 10,000 hr. 


(4) Standard deviations calculated from points derived from master curve based on all 


rupture data up to 1000 hr. 


(5) Standard deviations calculated from points derived from master curve based on all 


rupture data up to 10,000 hr. 


(6) Standard deviations calculated by comparing original and calculated log rupture 
times for the following data points (see Table 1); longest rupture times at 1200, 1350, and 


1500 F. 


(7) Standard deviations calculated by comparing original and calculated log rupture 
times for all data points over 10,000 hr (see Table 1). 
(8) Standard deviations caleulated by comparing original and calculated log rupture 


times for all data over 1000 hr (see Table 2). 


(9) Standard deviations calculated by comparing original and calculated log rupture 


times for all data over 10,000 hr. 


(10) Standard deviations calculated by comparing original and calculated log rupture 


times for the five (5) longest rupture times. 


pected to give closer and more conservative predictions of stresses 
for very long times (10° hr) based on short extrapolations of iso- 
thermal log-stress log-time plots of data from the alloys studied. 
There are specific instances where, for certain alloys, time ranges 
of data, or temperatures, the Larson-Miller or Dorn methods may 
equal or be superior to the linear-parameter method, but there 
can be little doubt as to the general superiority of the latter, at 
least for the data presented here. The general consistency of each 
method within the alloy group is well illustrated in Table 7. 
Here again the linear parameter appears best. In particular, 
however, it is well to note that the Larson-Miller parameter with 
the optimized constant can give very good correlations. This is 
evident in the 8-590 results. 

Since the trend among designers is to use the value of C = 20 in 
the Larson-Miller parameter it is well to point out here that op- 
timizing the constant in this formulation can lead to vastly better 
results in so far as extrapolative use is concerned. This fact is 
generally evident in the tabulated data. However, in the case 
of the 1Cr-1 Mo-1/4V steel these trends are not quite so clear cut. 
Where the log-stress log-time curves were fitted curvilinearly, the 
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use of the value C = 20 as opposed to the determined value of 
C = 22 in the parameter evaluation leads to a generally better 
correlation with the limiting stress extrapolated at 30,000 hr. 
The linear parameter of Manson and Haferd is still slightly su- 
perior, however. Looking at the evaluation of Table 8 with re- 
spect to the straight-line extrapolation of the log-stress log-time 
curve it appears that generally the extrapolated stress and the 
stress calculated by the parameter methods are in much better 
agreement. 

The percentage errors in stress deductions for the Nimonic 80A 
alloy are approximately halved and the values for the 1Cr-1 Mo- 
1/4V are brought into somewhat closer agreement. For the 
latter alloy it is now seen that the optimized value of constant C 
gives superior results when extrapolation of 900 F data is con- 
sidered, inferior results at 1000 F, and about equal results at 
1100 F. By inspection it also can be seen that, for these latter 
data, neither parameter method is to be preferred to the other. 
Thus at 900 F the Larson-Miller is best, at 1000 F the Manson- 
Haferd is best, and at 1100 F the Dorn parameter is best. Thus 
until much longer time data over wider stress and temperature 
637 
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Table 7 Comparison of the extrapolative ability of various parameter techniques 
(Alloy deviations within methods used) 


Data Data 
Data(1) 100 data 1000 data combined to combined to 
Alloy 100 hr 1000 hr 10,000hr 1000 hr 10,000 hr 
LaRSON-MILLER (DERIVED CONSTANT) 
(2) 8-500...... v .. 0.235 0.295 0.182 0.293 0.131 
0.278 0.351 0.195 0.351 0.138 
Nimonic 80A..... . 0.493 0.342 bas 0.385 
Cr-Mo-V...... . 0.386 0.431 Sits 0.339 
LaRsoN-MILLER (C = 20) 
8-590. . ... 0.293 0.464 0.235 0.510 0.282 
8-590... 0.585 0.287 0.655 0.348 
A-286... 0.208 0.207 
Nimonic 80A........ 0.612 0.464 0.530 


0.392 0.239 0.375 0.282 
§-500..... 0.481 0.268 0.430 0.309 
O27 0.188 0.172 
Nimonic 80A.. 0.275 0.237 0.235 
Cr-Mo-V..... . 0.688 0.607 0.617 
Manson-HarerD 
§-500...... 0.250 0.115 0.260 0.100 
8-590 0.178 0.305 0.123 0.324 0.112 
Nimonic 80A....... 0.108 0.102 aR 0.091 


(1) See footnotes (1-5) in Table 6. 
(2) See footnote (6) in Table 6. 
(3) See footnote (7) in Table 6. 


ranges become available for this alloy the present practices optimized constant and the linear parameter, it is a fairly general 
(straight-line extrapolation, use of C = 20) seem quite justified. observation that combining all the data (at least up to 1000 hr) 
It is interesting to note that the Germans, in their presentation will produce results superior to any specific set of data within the 
of preliminary results of a comprehensive long-time, high-tem- whole. It seems safe to say that in the use of any of these 
perature investigation of many ferritic and austenitic alloys cur- | methods rupture data to at least 1000 hr over adequate tempera- 
rently in use, seem to prefer the curvilinear method of fitting ture and stress ranges (for accurate prediction of constants) 
on log-stress log-time plots. It is to be noted also that the quan- should be taken for long-time working-stress determination. 
tity of their data and the inherent scatter evident still prevent an As for the mechanics of evaluation, the present methods are 
accurate appraisal of techniques for evaluation of high-tempera- graphical in nature and are therefore subject to the judgment of 
ture data. The English philosophy is described briefly ina recent — the person involved in the work. This applies not only to fairing 
publication [7], which states that current practice is todrawlog- curves through data points, but frequently also to selecting which 
stress log-time curves as a single drooping line. A further in- data points to use. The scattering of data and the occasional 
ference from recently reported 100,000-hr creep data is that the occurrence of a point which doesn’t ‘‘fit’’ is well known to all who 
curvature of these lines beyond 2000 to 3000 hr is very slight. work in the high-temperature field. It is well then to emphasize 
This point is in need of confirmation. again that the rationalization of these factors depends entirely on 
While it is undoubtedly the practice of most designers to limit —_ the individual interpreting them. Referring to the master curves 
extrapolations as much as possible there are reported instances of | presented here for rupture data under 100 hr, it is quite evident 
extrapolated 100,000-hr results based on data of less than 5000-hr that very liberal extrapolations must be made in order to predict 
duration. Some of the data on hand can be used to testify to the long-time working stresses. In the case of alloys such as Nimonic 
possible error in such a procedure. The upper dotted lines of | 80A and A-286 the master curves tend to tail off when all the data * 
Fig. 3 (alloy Nimonic 80A) are extensions of the first portions of are applied and naturally the former extrapolation will be much in 
the two-straight-line method of plotting. These are based on error. For this reason again the use of too short-time data should 
data of about 5000 hr and less. The 100,000-hr extrapolated be discouraged if extrapolations are involved. 
stresses are 30,000 psi at 1202 F and about 17,000 psi at 1292 F. Another discrepancy arises, as the literature will testify, in 
By comparison the two-straight-line extrapolations give 24,000 that no two people will derive like constants for the parameter s 
and 10,000 psi and the curvilinear extrapolations 19,500 and 8000 methods. Analytical procedures to replace graphical methods in 
psi. The worst of the parameter methods, in general, gives better describing data are available and under consideration in several 
results than the long extrapolation over one and one half log quarters. Perhaps the results of such studies will be more defini- 
cycles. Itis to be hoped that those who decry parameter methods tive in determining more accurate extrapolative techniques. 
(or any other short-cut measures) will staunchly advocate obtain- Further, such studies could lead to routine program analysis of 
ing long-time data. high-temperature data. In this respect more detailed methods 
The derivation of master curves using specific time ranges of | capable of accurate analysis [5] are available and may be worthy 
data was for the purpose of detecting any general trend that of consideration. 
may have existed with reference to the quantity and time magni- One fairly obvious concluding statement should be added 
tude of the data taken. Unfortunately few trends are detectable. concerning the narrow range of alloy coverage presented here. 
If we limit the discussion to the Larson-Miller parameter with Any completely conclusive statements on this subject probably 
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depend on like analyses for many other classifications of alloys. 
Manson and Brown [5], Manson and Haferd [3], and Manson 
and Succop [6] have presented and analyzed data for a wide 
variety of alloys and in general reached conclusions much the 
same as the generalizations presented here. However, the data 
treated in these papers rarely exceed 1000-hr rupture time and 
analysis of long-time extrapolative ability is necessarily lacking. 
It is to be hoped that other laboratories in possession of adequate 
long-time high-temperature data on diversified alloys will attempt 
evaluations such as undertaken here and make their results 
known. 


Conclusions 


Having analyzed long-time, high-temperature data for four 
alloys (S-590, A-286, Nimonic 80A, 1Cr-1Mo-1/4V) according to 
several parameter methods (Larson-Miller, Dorn, Manson-Ha- 
ferd) for the purpose of comparing their ability to extrapolate 
relatively short-time data, the following conclusions have been 
reached: 


1 The use of any of the parameter methods studied in this 
paper for predicting long-time working stresses will generally give 
better results than can be obtained by long extrapolations;- e.g., 
one and one half log cycles, on log-log plots. 

2 The linear parameter of Manson and Haferd is generally 
superior for correlating the data studied with regard to the ac- 
curacy of extrapolating actual long-time data. It is also the most 
accurate and conservative of the methods for predicting long- 
time (10° hr) working stresses based on the stresses derived by 
short extrapolations of isothermal log-stress log-rupture time 
data. 

3 There may be a very considerable improvement in the 
ability of the Larson-Miller parameter method to extrapolate 
short-time data accurately when the optimized value of the 
constant C is used in preference to the universally accepted 
value, C = 20. In specific instances the optimized formulation 
closely approaches the results obtained with the linear parameter. 

4 To prevent the necessity of extrapolating master curves and 
in order to obtain accurate evaluation of constants data of at least 
1000-hr time duration over adequate ranges'of stress and tem- 
perature should be obtained. 

5 Because of the inability among various people to obtain 
consistent results graphically some thought should be given to 
substituting analytical procedures for analyzing data. If a rou- 
tine program analysis can be developed, further consideration 
should be given to more general, albeit more complex, methods 
than the simple one and two-constant methods used in this 
study. 
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DISCUSSION 
A. Mendelson and S. $. Manson? 


The author has made a valuable contribution in presenting an 
objective study of the various stress-rupture parameters cur- 
rently in use. Beeause of the obvious importance of the subject 
and because of the uncertainty presently existing as to which 
parameter to use, objective studies of this question are very 
worth while. 

The discussers wish to elaborate on two of the main points 
made by the author. It is pointed out by the author that dis- 
crepancies arise in the literature in the analyses of stress-rupture 
data because of the graphical procedures generally used. These 
usually involve crossplotting the data several times and are sub- 
ject to the judgment of the individual analyzing the data, so that 
no two people will obtain like constants for the parameter 
methods. This is certainly so and for this reason the discussers 
have recently developed a simple least-squares method by which 
the various parametric constants are obtained uniquely for a 
given set of raw data. Both constant stress data and isothermal 
data can be used and no judgment or crossplotting is required. 
A paper describing this method is currently in the process of 
publication and will appear shortly as NASA Memorandum 3-10- 
59K, 

The author emphasizes, and rightly so, the danger of extrapolat- 
ing master curves. This should generally not be done, par- 
ticularly since it is usually simple to extend the curve by running 
a few more short-time tests. However, it is also dangerous to 
extrapolate the isothermal curves directly without some rational 
basis. The author has used both linear and curvilinear extrapola- 
tion and compared the results with the parameter methods. The 
significance of this comparison is not quite Gear and perhaps the 
author would care to elaborate on this. 

In connection with the extrapolation of the individual isother- 
mals, the discussers have derived a more or less rational approach 
for extrapolating directly the isothermal curves (or constant stress 
curves). This approach assumes that the family of isothermal 
curves can be represented approximately by a finite difference 
equation of the form 


where y,; represents, in this case, the stress at the end of the jth 
time interval. This equation gives the value of the stress at the 
(n + 1)st station in terms of the stresses at the (¢ + 1) previous 
stations. It is apparent from the form of the equation that it is 
equivalent to assuming that the family of isothermals can all be 
obtained as the solution of a linear differential equation or, 
equivalently, that they can all be approximated by a set of similar 
exponentials. The coefficient A, can also be looked upon as 
being similar to influence coefficients which give the response ol 
the system at the (n + 1)st station for a unit impulse at a previ- 
ous station. 

The coefficients A; are obtained from the isothermal curves in 
the range where they are known by using least squares. The 
details of this procedure will be presented in a paper which is now 
in the process of preparation. From the known behavior of the 
curves in the range of given data, it is then possible to predict or 


? National Aeronautics and Space Administration, Lewis Research 
Center, Cleveland, Ohio. 
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Fig. 13 Isothermal stress rupture plot for alloy S-590 


extrapolate the curves to higher times by means of the simple 
equation given here. Generally two or three terms in the equa- 
tion are sufficient. This method is basically similar to the much 
more sophisticated techniques used by Wiener® in extrapolation 
and smoothing of time series. 

The results of this type of prediction technique are shown in 
Figs. 13 and 14 for two of the materials treated by the author. 
Using the data up to 1000 hours, the shape of the individual iso- 
thermals to almost 100,000 hours was predicted, and it is seen 
that the agreement with the test data is very good. As a further 
check the mean deviations were computed and compared with 
those given by the author for these two materials. The results 
are tabulated as shown: 


Material . 

Larson-Miller. .. 

Dorn... 
Manson-Haferd 
Finite-difference extrapolation. . 


$-590 
0.351 
0.430 
0.324 
0.133 


Nimonic 80A 
0.385 
0.235 
0.091 
0.045 


The standard deviations shown were calculated by comparing 
original and calculated log rupture times for all data over 10,000 
hours. It is seen that for both materials the finite difference ex- 
trapolation gave lower mean deviations than any of the parameter 
methods. 


5 Norbert Wiener, ‘‘Extrapolation, Interpolation and Smoothing a 
Stationary Time Series,"" The Technology Press and John Wiley & 
Sons, Inc., New York, N. Y. 
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Author’s Closure 


The author is indebted to Messrs. Mendelson and Manson 
for their comments. 

As regards the comparison between long time extrapolations 
using parameter methods, straight line extrapolations of isother- 
mals, and curvilinear extrapolations of isothermals, such com- 
parison is intended to be more illustrative than significant. Far 
too few people who deal with this subject are placed in the un- 
fortunate position of being responsible for determining a long 
time strength value on which the satisfactory operation of a 
complete machine hinges. Given several graphical and parame- 
ter methods by which the necessary answer can be obtained the 
comparison under discussion serves to illustrate how diverse that 
answer may be. Obviously, the curvilinear extrapolations 
chosen here (based on extensions with a French curve) seem to 
be far too drastic. Yet the responsible designer should be in- 
terested in such comparisons. 

The more or less rational approach of finite difference ex- 
trapolation based on 1000-hr data shown by the discussers does 
seem to give closer approximations than the simple parameter 
methods described. To extend this method to the extrapolation 
of ferritic steel data of particular interest, the technique was em- 
ployed using data of varying time lengths from 1000 to 10,000 
hours to establish the finite difference equation. In general, it 
was found that predictions were good for about one half log 
cycle of time. When extended one log cycle or further, the 
values obtained were in considerable error. In general, this 
method depends on obtaining isothermal data sufficient to es- 
tablish the curvature and then assuming that the approximately 
90 per cent of time to be extrapolated will be represented fairly 
by this curvature. 

It seems fair to say that in the absence of actual long-time 
data for check purposes no logical or rational solution to this 
problem can be forthcoming. The German data, if valid, are 
still too incomplete to make such an evaluation, but would 
seem to be a step in the right direction. A number of such long- 
time tests are well under way in the author’s own laboratory and 
it is to be hoped that many more such are being run throughout 
the country. 
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Tests on Deflection of Flat Oval 
Bourdon Tubes 


To fill the gap in knowledge of Bourdon tube deflection data, the method and results of 
tests on 70 varied flat oval Bourdon tubes are given. The results are compared against 


published design data. 
flection with respect to geometric parameters. 


Introduction 


Tax published data presently available on the deflec- 
tion characteristics of Bourdon tubes are sketchy. To date com- 
pletely satisfactory theoretical evaluations have not been made 
{2].!_ Until a satisfactory theory is determined, and to provide 
data against which it can be checked, empirical data of the 
characteristics are desired. The Special Research Committee 
on Mechanical Pressure Elements of THe AMERICAN Sociery oF 
MecuanicaL ENGINEERS have taken the first steps to gather 
these empirical data [3]. Information was solicited by the Com- 
mittee from fifty manufacturers of Bourdon tubes. These data 
show a great deal of variation, primarily because the data supplied 
were of a production nature. 

It was the purpose of this study to produce and determine the 
deflection characteristics of a wide range of tubes of similar cross 
section, the flat oval. Against the test results the leading deflec- 
tion theories were checked and an attempt made to evaluate em- 
pirically the deflection characteristics. 


Theory 


The Bourdon tube, Fig. 1, consists essentially of a curved tube 
of oval or elliptical cross section which is rigidly secured at one 
end while the other end is allowed to move freely. Both ends are 
sealed except for a capillary tube which permits the application of 
a pressure on the inside of the tube. When a differential pressure 
is introduced into the tube, the radius of curvature of the tube [yp 
increases and the free end of the tube is displaced / in an ap- 
proximate straight line by an amount directly proportional to 
the pressure differential. 

1 Numbers in brackets designate References at end of paper. 

Contributed by the Research Committee on Mechanical Pressure 
Elements and presented at the Annual Meeting, New York, N. Y., 
November 30-December 5, 1958, of THe American Society oF 
MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those of 
the Society. Manuscript received at ASME Headquarters, March 5, 
1958. Paper No. 58—A-67. 


Nomenclature 


The results are evaluated to determine the function cf the de- 


The action of the tube may be qualitatively described as fol- 
lows: When a pressure is applied to the inside of the tube, the 
walls parallel to the principal axis bulge and the cross section 
attempts to become circular. The inside wall tends to move 
toward the center of curvature Cy resulting in a compressive 
stress in the wall along the length of the tube. The outside wall 
moves away from the center of curvature resulting in a tensile 
stress in the wall along the length of the tube. Therefore, with a 
tube of constant section and curvature, a uniform bending mo- 
ment about the principal axis of the tube is produced along the 
length of the tube which increases the radius of curvature by AR. 
Or it can be stated that internal pressure decreases the radius of 
curvature of the tube cross section and therefore in accordance 
with Gauss’ theorem, the product of the curvatures must remain 
constant, and hence the radius of curvature of the tube increases, 

Although this qualitative description is straightforward the 
translation into quantitative results is extremely difficult. Jen- 
nings [2] sums up the leading theories; of these Wuest’s [4] and 
Wolf’s [5] apply to tubes of the flat oval shape. In order to arrive 


a = half-width of tube cross section 


h = wall thickness (Fig. 1) , R 

(Fig. 1) l = distance of tip travel (Fig. 1) A = geometric parameter a 
b = half-height of the tube cross o = subscript for initial conditions u = Poisson’s ratio 

section (Fig. 1) p = differential pressure applied to @ = angular length of tube (Fig. 1) 
C = center of tube curvature tube K = constant 

(Fig. 1) R = radius of curvature of tube cen- n = constant 
E = Young’s modulus ter line (Fig. 1) N.S.C. = Ni-Span C 
fi = pressure sensitivity _ ratio, X = direction co-ordinate (Fig. 1) Be Cu = beryllium copper 

AR E bh’ Y = direction co-ordinate (Fig. 1) T. B. = trumpet brass 

a's € A = increase in operand 
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at quantitative results both theories make simplifying assump- 
tions. Wolf assumes that # approaches infinity and Wuest that 
the axis ratio b/a approaches zero, This limits the application of 
their results severely. Wuest in his paper also gives data for 
finite values of axis ratio without derivation. 

This study was designed to check these analytical data with 
experimental results to determine to what extent they could apply 
to the design of practical Bourdon tubes. 


Testing 


Bourdon tubes were manufactured with a broad range of \ and 
axis ratios b/a. The geometric parameters were measured and 
the deflection under pressure was determined. The data were 
then tabulated to give a picture of the relationship of geometric 
parameter to deflection characteristics. 

The wall thickness h was determined as the average on a sample 
of the tubing as it was received from the tube mill. The thickness 
was measured. to the nearest 0.0005 in. Since the wall thicknesses 
were from 0,035 to 0.008 in. the accuracy will be from 1.5 to 6 per 
cent depending on the sample. 

The outside major axis, the outside minor axis, and the outside 
diameter of the finished Bourdon tube were measured with knife- 
edge calipers reading to 0.001 in. With outside major axes vary- 
ing from 0.920 to 0.250 in., the accuracy will be from 0.11 to 0.4 
per cent. With outside minor axes varying from 0.166 to 0.031 
in., the accuracy will be from 0.6 to 3.2 per cent. With the out- 
side diameter approximately 1.75 in., the aceuracy will be 0.06 
per cent. 

The angle @ was determined by measuring the chord on the 
radius with knife-edge calipers. Because of the solder fillets at 
the free end and at the mounting, the reading could only be con- 
sidered to be correct within 0.020 in. which gave an accuracy of 2 
deg in the included angle. This in turn reflected an accuracy of 3 
per cent in evaluation of @p. 

The apparatus for checking the Bourdon tube deflections is 
shown in Fig. 2. The tube is mounted in the deflection measuring 
fixture, which permits measurement of the tip deflection in two 
perpendicular directions. 
dead weight test stand. 

Details of the measuring head are shown in Fig. 3. The meas- 
uring head consists of two micrometers calibrated to 0.0001 in. 
mounted at right angles and parallel to the plane of the Bourdon 


The tube is then pressurized using a 
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tube. The measuring head and the Bourdon tube are insulated 
from one another. By placing an ohmmeter between the measur- 
ing head and the tube, the point at which contact is made between 
tube tip and micrometer anvil is determined by the meter indi- 
cating electrical continuity. Readings were made at the point 
where electrical continuity was broken. This procedure insures 
that there was zero load on the tube. Readings at repeated de- 
flections could be duplicated to 0.0001 in. 

Deflection testing procedure consisted of mounting the Bour- 
don tube in the fixture and cycling it a minimum of five times 
through the test pressure range plus 25 per cent, the test pressure 
range was arbitrarily chosen as that pressure which gave a total 
deflection of at least 0.05 in. The co-ordinates of the free end of 
the tube were then measured at zero pressure and at least four 
pressures within the pressure range. The difference in the co- 
ordinates was calculated to determine the displacement under 
pressure in the two directions. Using Pythagoras’ theorem and 
dividing by the pressure, the deflection rate l/p was calculated. 

The values of Young’s modulus for this study were taken from 
published values |6, 7, 8}. 


Deflection measuring head 
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Fig. 2 Test apparatus 
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The measured geometry and deflection data for each Bourdon 
tube were reduced to the required parameters for evaluating the 
characteristics of the tube. 

a, b, h, Ro, and po were calculated from measured geometry. 

was determined directly. 


AR was calculated from Equation (1) [3). 


= cos do — sin dp)? 
+ (go sin dy + cos d — | yay (1) 


From the foregoing, dimensionless ratios A, fi, b/a, and = 
were determined. All calculations were made with a slide rule be- 
cause the accuracy of tests justified only three significant figures. 


Test Results 


Tn Table 1, the results of the tests carried out are tabulated. 
The tubes are identified with a four digit number. The first two 
digits signify the serial number of the tubing before forming and 
the last two digits denote the identity of the individual tube. 
Therefore, tubes bearing the same first two digits were made from 
the same original tubing. ; 

The following are the values of Young’s modulus used: 

Ni-Span C E 
Beryllium copper E 
Trumpet brass 


27 X 10° psi 
19 X 108 psi 
15 108 psi 


& 
| 


Conclusions 


In Figs. 4, 5, and 6 are plotted the values from test of the sensi- 
tivity ratio fi, with respect to \ for axis ratios of approximately 
0.1, 0.2, and 0.3, respectively. On the same figures are shown the 
corresponding values as published by Wuest [4] and Wolf [5]. 

Wolf’s values are in all cases lower than the test data, especially 
in the region of small A; this is to be expected from analysis of 
bis derivation. It should also be noted that in the region of A 
greater than 1, his values are still lower than those from test. 

Examination of the data shows a fair corelation between the 
test data and the values published by Wuest. The corelation is 
not sufficient to firmly establish that Wuest’s values are correct, 
but much closer agreement has been found in these tests than 
had previously been found by the Special Research Committee on 
Mechanical Pressure Elements. The maximum divergence of 


alt 


= 
= 


Fig. 4 Sensitivity ratio versus \ for axis ratio 0.1 
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test data from Wuest’s values is 50 per cent, and most values 
diverge considerably less than this. 

Wuest’s results for finite axis ratio are given in his paper with- 
out derivation, therefore, it is not possible-to determine if his 
values were arrived at experimentally, in the manner of this 
study, or theoretically. In addition, the values had to be scaled 
from an extremely small graph which makes it difficult to ascer- 
tain their exact magnitude. 

Until a more satisfactory theory is derived, it is recommended 
that the values published by Wuest and reproduced herein be 
used for designing new Bourdon tubes, but with the understand- 
ing that the design thus arrived at will be only a close estimate of 
the final requirement and that experimentation will be required to 
arrive at the exact design to produce the desired deflection. 

The scatter of the test results seems to be greater than can be 
readily attributed to experimental error and consideration was 
given to a suggestion by Mr. K. Goitein [3], that the parameters 
used f,; and A may be inadequate to completely describe the action 
of the tube. If this were so, the scatter may be due to error in 
parameter, 

One of the most easily controlled parameters in the manufac- 
ture of Bourdon tubes is the axis ratio. A knowledge of how de- 
flection varies with axis ratio is essential. It would be of special 
value in interpolating data from a tube of known characteristics 
to a tube with required characteristics, 

p 
and axis ratio, the data were plotted on log log scale as Fig. 7. 
The results fall very close to straight lines. 


To evaluate the relationship between unit deflection 


Because the curves 
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Fig. 5 Sensitivity ratio versus \ for axis ratio 0.2 
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Sensitivity ratio versus \ for axis ratio 0.3 
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Fig. 7 Unit deflection versus axis ratio 


fall on lines having different slopes and origins, it is apparent that 
the relationship of unit deflection to axis ratio is different for each 
size tubing. The curves do indicate that the relationship for any 
one tube can be expressed as a power function such as Equation 
(2). 
1 

K, and n, are constants dependent on tube geometry. Thus for 
any one basic design of Bourdon tube the unit sensitivity for all 
axis ratios can be determined from as few as two tests to deter- 
mine the constants A; and nj. 

Using this relationship and applying it to Bourdon tubes 
manufactured from designs arrived at from Wuest’s data, it be- 
comes possible to determine the geometry of a Bourdon tube 
giving the desired deflection within 10 per cent by manufacturing 
and testing as few as three or four tubes. 

In calculating the values of the sensitivity ratio f, it was noted 


bh 
that the geometric relationship 1 often outweighs the effect 
a 


of the unit deflection To determine if some more direct 


relationship did not exist between unit deflection and A, the two 
were plotted against one another on a log log scale. No over-all 
relationship was found but it was noted that one set of data 
seemed to fall on a straight line. Examination of these data 
showed that all points having approximately the same major 
axis and the same axis ratio, regardless of material or wall thick- 
ness, fell on a straight line, Fig. 8. Since the major axis deter- 
mines the value of a and the values of R were approximately the 
same for all tubes, it was thought that this may indicate the func- 
tion of unit sensitivity with respect to wall thickness. When the 
wall thickness was substituted for \ as a parameter, the average 
straight line was maintained but the scatter was increased. 
Therefore, it was felt that \ was a more appropriate parameter for 
expressing the relationship. The straight line indicates that the 
relationship can be expressed as a power function, such as Equa- 
tion (3). 
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Fig. 8 Unit deflection versus \ 
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K; and n; are constants dependent on tube geometry. 

Data for two values of axis ratio are plotted. Although the 
data lay in close proximity both the origin and slope of the 
lines seemed to be different, indicating that both K, and nz are 
dependent on b/a. 

Fig. 8 represents data for Bourdon tubes made from tubing of 
initial outside major axis of 0.270 in. and radius of approximately 
0.84 in. The data plotted are for series 1000, 1100, 1200, 1500, 
1600, 1700, 2000, 2100, 2800, 3000, 3100, and 3300 tubes with 
axis ratios 0.35 to 0.15. 

For this study, data for only one set of outside major axes were 
available. Further study should be made to verify the validity of 
this relationship. 

The relationship becomes of real value in practical Bourdon 
tube production because the rolling dies for the tubing are expen- 
sive and control the outside dimensions of the tube. With the 
relationship given the tube designer can test a few experimental 
tubes of different wall thickness but same outside dimension and 
quickly establish the unit sensitivity of all tubes with that par- 
ticular outside dimension and radius regardless of wall thickness or 
material. 

Because of the limited tests carried out, the relationship of unit 
deflection to radius could not be determined, further research 
should be done to determine the relationship. 

In the testing, it was assumed that Saint Venant’s principle 
would apply and that the effect due to end fittings would be 
negligible. On this basis, the free end fittings were chosen as 
round bars of any diameter that was convenient for soldering. 
Examination of deflection results showed certain discrepancies 
which could only be explained by the fact that the free end fitting 
was markedly different. In future testing it is recommended that 
a uniform end fitting of a type that can accommodate a wide range 
of tube sections be used. 

Tubes produced for this study were made with an included 
angle for which tooling existed. It is recommended that in 
future studies an included angle approaching 360 deg be used, be- 
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Table 1 Test data - 
WO. =A a 6 A. % « ane 
1001 N.S.C. 0,034 0.125 0.071 0.798 217° 1.7% 0.248 9.89 70.5 
1003 N.S.C. 0,034 0.127 0.0265 0,792 192° 1.67 0,208 12.1 86.4, 
1101 W.S.C, 0.032 0.125 0.0315 0,795 221° 1.63 0,252 83.5 
1102 W.S.C. 0.032 0.128 0,025 0,790 22h° 1.55 0.195 17.6 122.5 
1103 N.S.C. 0,032 0,123 0.0355 0,801 217° 1.70 0,209 12.4 67.1 f 
1201 W.S.C. 0.019 0,128 0.049 0,805 220° 9.383 L9.2 
3303 7.B. 0.0125 0,021 0,618 205° 0.515 | 583 2500 
3302 0.0125 0.138 0,026 0,625 L96 1836 
3401 T.B. 0.0235 0.26h 0.0337 0.649 0.286 | 378 1320 
3402 7.B. 0.0235 0,266 0,0282 195° 0.280 400 1709 % 
3501 7.R. 0.0135 0.352 0,033 0,850 211° 0.0927 1930 
: 3502 7.B. 0.0195 0.353 0,028 0,855 236° 0.0927 2300 7780 
3601 T.B. 0.0105 0,351 0,042 0,863 215° 0.0704 0.117 2520 9320 
3602 7.B. 0.0105 0,354 0,03%07 0,875 266° 0.0796 0,0868 3000 6960 
7.8. 00,0105 0.360 0,017 0,867 186° 0.0702 9,0L72 3980 17650 
3702 0.0285 0.363 0,0637 0,827 210° 0.179 9.176 2560 1020 
3601 7.B. 9.0225 0.32 0,0027 0,831 223° 0.1601 0.125 2060 
, 3802 7.B. 9.0225 0,346 9.0327 0.834 226° 0.157 9.0915 643 2330 
3803 09,0225 0,350 0.0217 0,823 0.151 0,062 732 2ns 
380L T.B. 0.0225 0.336 0,054 0,828 233° 0.166 9.161 16n 
3901 0.019 0.336 0,053 0,626 223° 0.139 9.158 2060 i 
3902 0.019 0.0355 0.819 0.132 9.103 822 2790 
3903 7.B. 0,019 0,347 0.0265 0,825 226° 0.130 0,076 850 ys 
& 390k T.B. 0,019 0.351 9.0165 0,825 216° 0.128 0.047 1010 3880 
3905 0.019 0.341 0.0415 243° 0.135 0,122 726 2465 
3906 7.B. 0.019 0.316  0,0305 0,727 232° 0.116 0,0882 667 2nc 
4001 KB. 0.926 0,436 0,029 0,825 231" 113 0,0665 2295 
Looe T.B. 0,026 0.0345 0,822 220° 0.114 0.0795 587 225 ‘ 
1,301 0.926 0.172 0,047 0,817 0.387 237 102.5 
1,302 0,026 0.124 0.043 0,816 24° 1.391 0,348 27.7 122 
4303 0,026 0.126 0,037 0,807 243° 1.31 0.293 32.8 ‘ 
130k 9.026 0,128 0,032 0,806 1.28 0,250 Sek 155 
L305 0.026 0.129 0.0295 0,806 238° 1.26 0,229 42.6 192 
1,306 1.026 0.133 0,0225 0,807 216° 1.19 9.170 51.6 225.5 
L307 9.026 0.119 09,0505 0,816 2uL° 1.U9 91123 21.3 92.5 
4 


cause the most difficult parameter to evaluate accurately is the 
included angle. This procedure would reduce the effect of error 


in angle on the value of AR to a minimum. 


The present method of deflection testing did not reveal any 
marked hysteresis effect. It is therefore assumed that any 
hysteresis was outside the accuracy of the test method. 


Summary 


The test results indicate that the data published by Wuest for 
finite axis ratios will give a reasonable first estimate of Bourdon 
tube deflection for design purposes. 

It was determined that for any one basic Bourdon tube design, 
the unit sensitivity can be expressed as a power function of the 
Axis ratio. 

Test results indicate that for tubes of the same basic configura- 
tion the unit sensitivity can be expressed as a power function of A 
when wall thickness is changed. 
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DISCUSSION 
W. Wuest? 


For checking Bourdon-tube theories it is undoubtedly more 
useful to produce systematic experimental data of high precision 
than to argue about manufacturer’s data. The writer, too, has 
undertaken precise measurements to check his theory developed 
in 1943. These measurgnents have been summarized in the Re- 
port 97 of Schiffer & Budenberg Ltd. (1943), which, unfortu- 
nately, could not be published up to the present time. The 
curves taken from the writer’s paper in /ngenieurarchiv have 
emanated from the foregoing theory. This theory is exact in the 
sense that the well-known theory of rotational shells is used re- 
stricting the formulas on rotationally symmetric loads. Thus the 
effects of both ends are not considered. The numerical values 
have been evaluated for b/R, small of first order (b small semiaxis 
of the cross section, Rp initial curvature radius), after it had been 
proved by an example that the complete formulas (b/R» not 
small), which require much more numerical work, led to results 
for the deflection differing from the simplified theory only by 
about 3 per cent. The writer has now prepared a paper on his 
previous work on Bourdon-tube theory and a new caleulation of 
the curves has been made using an electronic computer. 


Author's Closure 


The author thanks Dr. Wuest for his comments and will be 
most interested to see the results of Dr. Wuest’s new data. 

The author wishes to acknowledge the assistance of McGill 
University where this study was carried out. 


? Aerodynamische Versuchsanstalt, Géttingen, Germany 


Transactions of the ASME 


“aq 
iM 
fe 
« 
ME 
or 
he 
- 
hee 
wy 
At 


ROBERT F. DRESSLER 


Chief, Mathematical Physics Section, 
National Bureau of Standards 

U. S. Department of Commerce, 
Washington, D. C. 


computer. 


Bending and Stretching 
of Corrugated Diaphragms’ 


Solutions of the exact linear elastic-shell equations for all stresses and displacements are 
presented for a typical corrugated-diaphragm shape for three thicknesses varying over a 
9 to 1 range. Results were obtained by numerical integration using an electronic digital 

The effect of thickness-diameter-ratio variation is discussed with respect to 


both stresses and resultants, and peak values needed for design purposes are presented. 


Circumferential and meridional stresses are found to be equally important throughout 


the thickness range analyzed. Bending and membrane stresses are likewise equally im- 
portant throughout the range. 


A CORRUGATED DIAPHRAGM is a mechanical pressure 
element with many important applications. It can be considered 
as a rotationally symmetric elastic shell with a pattern containing 
several concentric ridges, which is deflected to an equilibrium 
position under an applied load such as air pressure. In a previous 
publication [1]* the author evolved a practical method, based 
upon the exact and complete elastic-shell equations and utilizing 
electronic digital computation, for exact stress and displacement 
analysis of any corrugated diaphragm having arbitrary meridional 
shape. Specific results were also presented there for one medium 
value of thickness ratio for a diaphragm of typical shape. The 
only other previously published results of an eract nature for 


corrugated diaphragms were those obtained by Grover and Bell — 


[2] by a different method; their method would not have been 
applicable for arbitrary meridional shapes, but worked for the 
special shape which they chose. (Of the various approximate 
theories for diaphragms, the one developed by Haringx [3] appears 
to be the most reliable; mention will be made at the end of this 
paper of a comparison between the predictions of this theory and 
the calculated solutions given here.) The author's general 
method was applied in [1] to the Grover-Bell shape and gave 
results which were in agreement with their original results. Sub 
sequently this method has been employed to solve the problem of 
that same diaphragm shape for two additional values of thickness 
ratio (a thick case and a thin case); the solutions for all three 
thickness ratios are presented here in unified, systematic form to 
show quantitatively how the important parameter of thickness 
influences all of the coupled bending and stretching quantities in 
the diaphragm. 


Equations and Method Used 


Fig. 1 defines the positive conventions for the quantities used in 
this paper. The same notation is used asin [1]. Ng and N¢ are 
respectively the resultant meridional and circumferential mem- 
brane forces per unit length; these forces produce stretching. Q 
is the resultant shear force per unit length which contributes to 


'This research was supported by the United States Air Force, 
through the Office of Scientific Research of the Research and Develop- 
ment Command. 

* Numbers in brackets designate References at end of paper. 

Contributed by the Diaphragm Research Subcommittee of the Re- 
search Committee on Mechanical Pressure Elements and presented 
at the Annual Meeting, New York, N. Y., November 30-December 5, 
1958, of THe American Society OF MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be under- 
stood as individual expressions of their authors and not those of the 
Society. Manuscript received at ASME Headquarters, June 30, 
1958. Paper No. 58—A-62. 
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Peak values in some cases occur near the outer rim. 
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Fig. 1 Equilibrium forces and moments 


bending; My, and M¢ are respectively the meridional and cireum- 
ferential bending moments per unit length; v and w are the 
tangential and normal displacements; and Y and Z are the tan- 
gential and normal components of the external applied load acting 
over a face, expressed as force per unit area. Other quantities are 
absent because of the rotational symmetry. The are length s of 
the meridional curve is chosen as the independent variable, and 
k(s) is the curvature of this curve, taken with appropriate sign 
The form of the exact linear shell equations (which include all 
bending and stretching effects and the coupling between them) 
found to be best adapted to the computational requirements for 
arbitrary meridional shapes is 
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This is a sixth-order nonhomogeneous system in v, w, and Q as 
functions of s. The abbreviations C = Et/(1 — v*) and D = 
Et®/12(1 — v”) are used here, and Young’s modulus is EZ, Poisson's 
ratio v, shell thickness ¢, and diaphragm diameter d. The variable 
r is the distance between a position on the shell and the axis of 
symmetry. 

Resultants are calculated as functions of displacements by 
means of the relations 
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The Runge-Kutta fourth-order-integration method has again 
been employed for numerical solution of (1) for the Grover-Bell 
shape shown in Fig. 2. The electronic digital computer SEAC at 
the National Bureau of Standards was used. Some of the details 
of the procedure were described in [1], and will not be repeated 
here; rather, present emphasis will be on the elasticity solutions 
obtained and their interpretation. All lengths given in Fig. 2 
can be considered as dimensionless quantities serving merely to 
define the relative shape of the diaphragm. Angular measure- 
ments indicated by the numbers 0.4, 0.8, and 1.0 are given in 
radians. This Grover-Bell shape has its meridian consisting of 
ares of circles and straight-line segments. The meridian curve OL 
when rotated about the axis generates the middle surface of the 
shell. There is a central horizontal section AOA, not reinforced, 
which acts as an ordinary flat plate attached to the corrugation 
zone. We consider the equilibrium deflection and stresses re- 
sulting when the top face is subjected to air pressure (thus taking 
Z = constant and Y = 0), and with the outer rim clamped (w = 
w’ = v = 0) at the position L. The diaphragm is not prestressed, 
and its weight is neglected. With the over-all diameter d taken 
as 2.14, the ‘“‘medium” case previously reported in [1] has thick- 
ness ¢ = 0.007, thus giving a thickness ratio t/d = 0.00327. We 
have solved also the case where the thickness is taken to be three 
times greater than in the medium problem, thus with a t/d 
ratio of 0.0098 (‘‘thick’’), and also where the thickness is one- 
third as great with ¢/d = 0.0011 (‘‘thin”). The parameter E can 
be absorbed into dimensionless variables, but vy cannot so be re- 
moved because of its presence in the coefficients of (1). All cases 
considered here were calculated for vy = 1/3, but it is expected that 
solutions will be very insensitive to variations in pv. 


Discussion of Solutions 


The solutions for all three cases are shown in Figs. 3 to 13, and 
are presented in dimensionless form (indicated by bars over quan- 
tities). The dimensionless deflections are defined by 6 = Ev/(1 — 
v?)Zd and # = Ew/(1 — v?)Zd, and are shown in Figs. 3 and 4. It 
is seen that the downward deflection of the central flat-plate por- 
tion OA becomes dominant as the diaphragm becomes thinner. 
This dominance is to be expected since the deflection of a flat 
plate in bending varies as ¢~*, whereas for sufficiently thin curved 
shells the deflection varies only as ¢~', as can be shown from the 
shell equations. This behavior indicates the justification for the 
common practice of adding rigid stiffening disks at the center of 
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thin diaphragms if appreciable range of over-all linear behavior is 
required. Otherwise, the behavior patterns for @ and 0 remain 
largely unchanged (except in magnitude) over this wide range of 
thickness variation. By appropriate linear combination of the 0 
and W at each point, the dimensionless vertical and horizontal 
components W and P of the displacement are obtained and pre- 
sented in Figs. 5 and 6, Fig. 5 for W shows again that the central 
flat-plate section is considerably less stiff than the corrugation 
zone for thin diaphragms. The 7 variation exhibits generally a 
pattern at the same “frequency” as the number of corrugations; 
but for the thin diaphragm a double-frequency effect begins to ap- 
pear, as shown by the small humps arising in regions BC and DE. 

The dimensionless local stresses and shears are defined by ¢ = 
o/Z. The normal stress &, decreases from —1 on the top face, 
where the external loading pressure is applied, to zero on the free 
bottom face; it is negligible compared with the other stress com- 
ponents. The shear 74, is zero on both faces and varies quadrati- 
cally through the thickness, with its maximum value at the mid- 
dle surface. This shear contributes to the resultant through the 


t/2 
relation Q = on Tgdz. The dimensionless shear force Q = 


Q/Zd is shown in Fig. 7 with the vertical scale for Q on the right 
side of the graph. From the vertical scale on the left side, these 
curves furnish also the values 7,.(0), which are the extreme values 
occurring at the middle surface z = 0. They are related through 
To:(0) = 3Q/2t. At six positions in the interval AL the normals 
to the meridian, and hence also the vectors for Q, have a vertical 
direction. At such points the value of Q is therefore known ex- 
actly, merely from a consideration of static equilibrium, through 
the relation 27rQ = —mr*Z. In Fig. 7 the six small circles on 
each curve for Q represent exact values of Q obtained in this way. 
Our numerical solutions for Q have errors of less than 3 per cent at 
all these points. Further corroboration of the same low error 
throughout our numerical solutions was obtained by the usual 
method of changing mesh sizes. The values of 74.(0) are seen to 
be small compared with other stresses in the diaphragm. As the 
thickness increases one observes that the double-frequency be- 
havior of this shear is becoming suppressed toward a single-fre- 
quency behavior. 

The stresses og and og vary linearly between the diaphragm 
faces. Decomposing into even and odd components with respect 
to the thickness variable, we write og = o%° + o,° and similarly 
for og. The o* quantities are thus constant through the shell, 
and the o° quantities are linear and antisymmetric. Then the 
resultants can be expressed by 


t/2 
N= and M = dz, (3) 


as the o* quantities produce stretching resultants only, and the o® 
quantities produce bending resultants only. The dimensionless 
resultants are defined by V = N/Zdand M = M/Z d*. In Fig. 
8, 53° can be read from the scales on the left side, and Ng from the 
right-side scales. This meridional-membrane quantity exhibits a 
single-frequency behavior, but in the thin case a double-frequency 
effect is beginning to appear as indicated by the hump in the curve 
in region BC. 

Fig. 9 displays 474, the dimensionless meridional bending 
moment, with reference to the right-side scales. The left-side 
scales give directly the dimensionless quantity o4°(t/2)/Z, which 
is the meridional bending stress occurring at the bottom face of 
the diaphragm. The corresponding value at the top face (z = 
—t/2), where the pressure Z is applied, is given by o4°(—t/2) = 
—o¢°(t/2), with a linear variation between. This local stress is 
related to the resultant moment by o4°(t/2) = 6M,/t?. Through- 
out the 9 to 1 thickness range it is seen that &,° is negligible 
compared with &4°. For the thick case one notes further that 
the local effect of the individual corrugations on &%° is disappear- 
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Figs. 8 and 9 Meridional stresses and resuitants 


ing 2s the diaphragm behavior is approaching that of some 
“equivalent” flat plate. 

Figs. 10 and 11 present the circumferential membrane and 
bending quantities corresponding to the meridional quantities 
of Figs. 8 and 9. Here the circumferential membrane stress is of 
equal importance with the bending stress, unlike the meridional 
effects. Again one notes that the local corrugation effect is be- 
coming smoothed out for the circumferential bending in the thick 
diaphragm, and that the bending stresses show a double-fre- 
quency effect, while the membrane stresses exhibit a single-fre- 
quency effect (except for the thin case where a double-frequency 
variation is clearly arising). 

The total stress components at each face are the quantities of 
primary interest. These are calculated by adding or subtracting 
the separate bending and stretching contributions: o4(t/2) = 
+ and og(—t/2) = — o¢°(t/2), and similarly for 
a». These total stress components are shown in Figs. 12 and 13 
for the top and bottom faces. The correct values for any in- 
terior point between the faces can be obtained by linear interpola- 
tion. In particular, for the thin diaphragm one observes that a 
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stress magnification (as compared with the applied pressure) of 
about 17,000 for one component is created on both faces very 
close to the outer rim. 

Fig. 14 shows the peak values of the membrane quantities over 
the range of thickness, based upon data taken from Figs. 8 and 10. 
The local stresses are indicated by the two solid lines, and the re- 
sultants by the two dashed lines. In obtaining the peak values to 
construct the solid curve of &* and the dashed curve of Ng, the 
central-flat-plate portion of the diaphragm has been ignored, be- 
cause the over-all peak values actually occur there for the thick 
and medium cases. The extra curve, indicated by the dotted line, 
shows the peak values of Ng arising from the central-flat-plate 
portion. As the behavior of the central section is essentially dif- 
ferent from that of a corrugated zone, it is more significant to omit 
from consideration the dotted curve; on this basis, one sees that 
both the peak membrane resultants and the peak membrane 
stresses in the corrugations increase with decreasing thickness. 
On a doubly logarithmic plot the curves are almost linear over the 
range. (As the peak values for Ng never occur in the central flat 
region, there is no corresponding dotted curve for it.) 
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Figs. 10 and 11 Circumferential stresses and resultants 


Fig. 15 shows the effect of thickness variation upon the peak 
values of the bending quantities. Again the solid lines represent 
the local stresses and the dashed lines the resultants. The curves 
are based upon data of Figs. 9 and 11. The dotted line shows the 
peak values of Mg which occur in the central-flat-plate region. 
(The peaks for 74 never occur in the central section, so that there 
is no dotted curve for it.) Omitting the flat central section from 
consideration, we see that the peak values for both bending 
moments decrease with decreasing thickness, but that the peak 
values for both of the actual local bending stresses increase with 
decreasing thickness. This result indicates the invalidity over the 
practical range of thicknesses of the assertion frequently made 
that bending effects can be disregarded compared with mem- 
brane effeets in thin diaphragms. That assertion may be true for 
bending resultants, but certainly not for the local bending stresses 
which are among the quantities actually determining failure. 
To summarize, one sees that circumferential membrane stresses 
and meridional bending stresses are both of primary importance, 
and that the meridional membrane stresses are negligible, with 
the circumferential bending stresses in an intermediate role. 
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Fig. 16 is based upon data taken from Figs. 12 and 13, and 
shows separately the peak values of the total meridional and total 
circumferential stresses. The extremes for these quantities do not 
occur in the central flat section, but rather at various different 
locations in the corrugation zone. It is particularly significant to 
note that throughout the entire thickness range considered here the 
total meridional and circumferential stresses have almost identical 
peak values, but these occur at widely different positions. We 
thus conclude that throughout this 9 to 1 range of thicknesses for 
a corrugated diaphragm of typical shape, the total meridional 
and total circumferential stress components are equally im- 
portant. 

The author was fortunate in receiving in correspondence from 
Dr. J. A. Haringx a set of approximate solutions for these three 
diaphragm problems. The approximate solutions were based 
upon the method developed in part 1 of Reference [3]. A com- 
parison with the present exact calculations from shell theory for 
all three cases indicates that inside the diaphragm region CI (Fig. 
2) the approximate solutions have the correct basic patterns 
and predict the individual peak values with errors usually less than 


Transactions of the ASME 


ae ce ent om Me co EF GH 
| | | 
THIN THIN | | | 
+ 4,000- | | | | 
| +10 | | | 
ale ° | TH 4+0028 
5 4 + } | 
2,000- + } ~.0025 
— | | | | | | | | 
+ 800+ tase | 
| | } | 
00} i | | at 400 
800} | | | | | 


MEDIUM 


——TOP FACE 


|---BOTTOM FACE 


TOTAL MERIDIONAL STRESS 
AT EACH FACE 


MEDIUM 


TOP FACE 
—-- BOTTOM FACE) 
J 


| | 
TOTAL CIRCUMFERENTIAL STRESS 
G, AT EACH FACE 


Figs. 12 and 13. Total stresses at each face 


10 per cent. The predicted location of the peaks is in some cases 
not precise (and therefore due to the rapid variations in the quan- 
tities, the percentage relative error evaluated at a fixed location 
would be in some cases considerably higher). Generally, how- 
ever, the reliability of the Haringx theory is confirmed for this 
range of thicknesses for the interior region of this diaphragm pat- 
tern. The approximate theory does not give useful predictions 
for the region 7L near the outer boundary or for the region AC 
near a zone where the fixed corrugation pattern changes. Some 
of the stresses actually have their maximum values in these ex- 
cluded regions, e.g., og for all three cases, and og for the thin 
case, but nevertheless it is clear that the approximate theory is a 
very useful and reliable tool for many quick diaphragm esti- 
mates. 

Fig. 17 compares our calculated deflections with experimental 
measurements made by Wildhack and Goerke, and by Wildhack 
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and Lloyd [1]. These data are shown by the dotted curve and 
were measured on the NBS diaphragm Shape No. 1 which is 
roughly similar to the Grover-Bell shape analyzed here. The solid 
line marked @ shows our calculated results for the vertical de- 
flection at the point O at the center of the flat disk. The solid 
curve 8 shows our calculated vertical deflections taken at the 
point A, so that the contribution from the flat plate to the total 
deflection has been omitted. One observes that the @ curve is 
slightly concave and that the 8 curve is slightly convex. As was 
mentioned previously, the contribution from the central-flat-plate 
section will eventually dominate the total deflection for suf- 
ficiently thin diaphragms. This effect occurs because the de- 
flection of a bent flat plate varies with t~* whereas it can be 
shown that the deflection arising from sections of curved shells 
must eventually vary ast~!. For decreasing t/d values our @ curve 
clearly tends toward a direction parallel to the upper dashed 
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curve (lor linear flat plates) which has slope —3. On the other 
hand, the 8 curve is tending to a direction parallel to the lower 
dashed curve (for nonlinear flat plates) which has slope —1. 

At the top and bottom faces the local (¢, 0, z) axes define the 
three directions of principal stress with oy, o@, and o, as the 
principal stresses (since Tgg = Te, = 0 everywhere, and Tg, = Oat 
the two faces). The maximum shearing stress at any point on a 
face will occur acting on the plane which bisects the angle be- 
tween the directions of the largest and smallest of these three 
principal stresses. The value of this maximum shear can of course 
immediately be computed as one-half the difference between the 
greatest and the least of the face quantities ¢%, 5, and &,, with 
use of the fact that ¢, equals —1 at the top face and zero at the 
bottom face, and with Figs. 12 and 13. As the shear strength 
of some metals is considerably lower than their tensile or compres- 
sive strengths, this maximum shear may in some cases prove to 
be the most important quantity relating to diaphragm failure. 

Another quantity of considerable interest for design purnoses is 
the dimensionless ratio of the peak stress to the displacement 
which produces it. This ratio for the three cases can be deter- 
mined from Figs. 5, 12, and 13. The results are presented in Fig. 
18 where the dashed curve represents the quantity max |a|/ 10) 
and the solid curve the quantity max |¢|/W7(A). W(O) and W(A) 
are respectively the vertical displacement at the center O and at 
the point A (the inner limit of the corrugation zone). One ob- 
serves that thin diaphragms give a somewhat lower peak stress 
for a given deflection, which is as would be expected. For com- 
parison, the dotted straight line represents the corresponding 
ratio for a clamped circular flat plate in pure bending. Whereas 
the top curve shows the ratio for the corrugation zone only, the 
middle curve includes also the effect of the central flat plate; and 
we see that this curve therefore moves closer to the flat-plate line 
for small t/d values. 
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DISCUSSION 
J. C. Bell’ 


For an understanding of the mechanics of corrugated dia- 
phragms, it is good to have this study of deflection and stresses 
involving variation of a parameter as important as thickness. 
The volume of results given here illustrates the ability of auto- 
matic computing machinery to multiply results of difficult com- 
putations. Further computations of this kind would seem to be 
appropriate, perhaps involving variations im other parameters, 
such as the depth and width of corrugation. In the interest of 
providing broad information about diaphragms, it would be 
helpful if the results of such calculations were related, more ex- 
plicitly than in the present paper, to some unifying theory such 
as the approximate theory of Haringx [3]. 

In view of the large deflections predicted for the center plate 
of the thin diaphragm, it appears in retrospect that it might have 
been better to use a nonlinear theory for that portion of the 
diaphragm, such as was done in the paper by Grover and Bell 
[2]. This should have produced more dependable results in that 
region, possibly with significantly reduced deflections and 
stresses. Many practical diaphragms, of course, have stiffeners 
in this region, so another alternative calculation could take a 
stiffener into account. 
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Electromagnetic Flowmeter 
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Primary Elements 


An obstructionless flowmeter for electrically conducting liquids is described. Tentative 
design and inspection criteria which have been found to provide accuracies of +'/2 


per cent, or as little as +0.005 fps pipeline velocity, are set up. A practical thresh- 
old conductivity of meterable liquids is set at 20 micromhos per cm, though there 
is every reason to believe this will be drastically cut with further progress. Above 
this threshold, the flow coefficient in the volume-rate equation is shown by tests to 
be independent of the conductivity, of the Reynolds number, and of installation con- 


ditions. 


- THE YEARS, high cost and a considerable 
sacrifice in accuracy have come to be the recognized penalties of 
flow measurement without some pipeline obstruction. Various 
obstructionless flowmeters, such as the ultrasonic and thermal 
types, not only have retained sensitivity to Reynolds number and 
approach piping, but often have required consideration of extra 
fluid properties such as the velocity of sound in the liquid or the 
specific heat and thermal conductivity. By contrast, the elec- 
tromagnetic flowmeter has measured pipeline velocities to an 
accuracy of '/, per cent or +0.005 fps, whichever is larger, with 
no regard for flow pattern and without the encumbrance of new 
fluid properties. With this successful commercial exploitation of 
Faraday’s law in a truly nonrestricting flowmeter, it is not sur- 
prising that a number of instrument manufacturers on both sides 
of the Atlantic should jump on the bandwagon. 

The construction of an adequate primary element requires 
consideration of (a) flux uniformity, (b) effective diameter, (c) 
adequate signal without excessive heating, (d) elimination of false 
signals, (e) a reference signal proportional to, and in fixed 180-deg 


Contributed by the Research Committee on Fluid Meters and 
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Nomenclature 


phase with, the flux, and (f) a threshold level of fluid conductivity 
below which the magnetic meter becomes virtually inoperable, 
but above which the fluid conductivity does not enter into the 
flow equation at all. There are, of course, certain precautions 
necessary to achieve a high level of performance. The ASME 
Fluid Meters Research Committee is interested in a preliminary 
clarification of these precautions. It is the author’s hope that 
this paper and its discussions may help to fill this need. 

Fig. 1 shows a 4-in. magnetic-meter primary element connected 
toa commercially available recording secondary. Fig. 2 shows one 
arrangement of the essential parts of the primary element. An 
a-c electromagnet, consisting of two coils one above the pipe and 
one below, produces a vertical flux path. Top and bottom mag- 
netic iron form equipotential magnetic surfaces, the flux in the 
“air gap” alternating between them. If, at one instant of the 
alternating flux cycle, the flux is directed downward through the 
air gap, it will enter the bottom iron and divide, proceeding out- 
ward from the vertical center line of Fig. 2(a), then upward along 
the two side paths of iron, inward along the top iron, and thence 
to the distributed downward path through the air gap again. A 
nonmagnetic pipe, whose inner surface is an excellent electric in- 
sulator, conveys a conducting liquid at velocity V across the mag- 
netic field of flux density B. At opposite ends of a diameter D 
are electrodes through the pipe wall which detect a voltage due to 
flow E, which, in accord with Faraday’s law, is equal to the 
product BVD. This equation is solved for velocity and multi- 


flux density, volt-see per sq ft 

flow signal transmission cable 
capacitance, farads 

effective flowmeter bore diame- 
ter, ft 


less 
electrode diameter, em 


flow coefficient, dimensionless 


magnet-form factor, dimension- 


magnet-supply frequency, cycles fluid resistance between elec- 
per sec (cps) 


trodes, ohms 

thickness of magnet-coil cross 
section, ft 

flow velocity, fps 

width of flux air gap within coils, 


E, 
E, 
E 

E 


flow signal voltage delivered to 
secondary, volts 

reference standard voltage pro- 
portional to flux, volts 

power-supply voltage, volts 

zero setting voltage, volts 

quadrature-nulling voltage, volts 

unwanted voltage at signal leads, 
volts 

unbalance or error signal from 
amplifier to servo, volts 
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length of flux path in magnet air 
gap, ft 

theoretical parameter limiting 
fluid conductivity, dimension- 
less 

practical conductivity parameter 
based on cable capacitance, di- 
mensionless 

number of magnet turns to which 
E, is applied 

volume flow rate, cfs 


ft 

length of flux air gap defined as 
length of magnetic iron shell 
parallel to pipe axis, ft 

total magnetic flux in air gap = 
w2zB, volt-sec 

angular frequency, 27f, radians 
per sec 

3.1416 

fluid conductivity, mhos per cm 

fluid capacitivity, farads per cm 
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Fig. 1 A 4-in. magnetic flowmeter on test 
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Fig. 2 Primary meter geometry 
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plied by the flow area rD*/4, and a flow coefficient A is intro- 
duced to yield the basic volume-rate flow equation 
("=") 
4B 

The measurement of volume rate by this method demands a 
knowledge of the diameter D, and the use of a secondary instru- 
ment or instruments which will measure both Ey and B, or better 
yet, the ratio E)/B. It is the purpose of this paper to define D 
and B in terms of practical inspection techniques and to establish 
those criteria governing the coefficient K, and particularly the re- 
quirements necessary to assure that AK will remain within +1 per 
cent of unity. The only other consideration of importance is 
zero stability. 

It should be understood that, as long as the primary element 
remains filled with the flowing fluid, the orientation of the primary 
is unimportant. The terms “vertical” and “horizontal” as used 
throughout the paper, have meaning only in the sense that Fig. 2 
depicts a primary with both pipe axis and electrode center line 
horizontal, and flux field vertical. 
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Threshold Conductivity 


The ultimate limitation on fluid conductivity is expressed by 
the dimensionless form 
< 01 


we 
Ne = 


(2) 


which represents the short-circuiting effect within the fluid due to 
a particular combination of fluid capacitivity and frequency. 
Other practical stumbling blocks suggest that it may be years 
before sufficient progress in the art has been made to consider 
this ultimate limit. The external capacitive shorting effect in the 
best of electronic-signal transmission cable poses a present limit 
on liquid conductivity in the form 


N,’ = wR < 0.1 (3) 


It can be shown from field theory [1]! that the resistance from 
one side of a disk of diameter d into a large body of conductivity 
o bounded by a resistive plane in which the disk is mounted is 
1/(2dc); so the effective liquid resistance in a magnetic flowmeter 
having two electrodes of diameter d is approximately twice this 
amount if D is large compared to d: 


k= 


od (4) 
For example, if a particular tap-water sample has a conductivity 
of 200 micromhos per cm, and if !/,in-diam electrodes (d = 
0.635 cm) are used, the internal resistance of the meter will be 
10/200 X 0.635 = approximately 8000 obms. It must not be 
overlooked that the resistance is inversely proportional to the 
electrode diameter, and not to the electrode area. 

It is shown in the Appendix that the increase in apparent flow 
coefficient K from unity is governed by the equation 

K =1+(N.') (5) 
Thus, for example, if an a-c power supply of 60 cps is employed, 
and a 200-ft length of external flow-signal cable, having a capaci- 
tance of 16 X 10~' farads per ft, connects the primary to the 
secondary, the coefficient will be increased, in the case of the 8000- 
ohm primary just mentioned, by (N,’)* = (24 X 60 X 200 X 16 
xX 10-" « 8000)? = 0.0001. That is, the coefficient increase, 
in going from such a low-resistivity fluid as say mercury, all 
the way to an average tap water, would be 0.01 per cent. If the 
fluid conductivity were dropped to 40 micromhos per cm, the 
effect would be increased to 0.25 per cent, while at 20 micromhos 
per cm, the error would be up to 1 per cent. The author’s com- 
pany has employed cable with capacitance of 16 wufd per foot 
commercially available, and a 200-ft cable length is adequate for 
most industria! installations. 

In theory, we could employ shorter cable lengths, larger elec- 
trodes, or even apply the correction K, equation (5), when it 
differs greatly from unity. In practice, real fluids of low con- 
ductivity have very large thermal coefficients of electrical conduc- 
tivity, so that a supposed K of say 1.1 may drift down to 1.0 or 
up to 1.2 or more with very small fluid temperature changes. 
Further, since the effective level of unwanted hum, originating in 
the primary or secondary, is governed by the meter resistance, 
this high thermal coefficient gives rise to zero drifts with tem- 
perature which are not a function of cable length, and which are 
more troublesome than K variations. A threshold conductivity 
of 20 micromhos per cm is suggested as realistic at the. present 
state of the art, when 1 per cent measurement is desired. 

It would appear that a permanent magnet or a d-c electro- 
magnet would allow some reduction in this threshold. However, 


1 Numbers in brackets designate References at end of paper. 
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Shercliff [2] has shown that magneto-hydrodynamic effects in a 
fluid moving in a d-c field can cause a severe distortion of an other- 
wise axisymmetrical flow profile and produce A increase to as 
much as 1.08. Other more drastic problems such as the elimina- 
tion of thermocouple and galvanic-type voltages from the entire 
primary and secondary have prevented the development of a good 
d-c magnetic flowmeter from Faraday’s time to the present. 


Field Uniformity and Velocity Profile 


Kolin [3] has shown that, if the flux-density field across the 
pipe-section plane containing the electrodes is uniform, a two- 
dimensional consideration of this plane alone leads to K = unity 
for axisymmetrical profiles, that is, for all profiles normally en- 
countered in laminar and turbulent flow in smooth and rough 
pipe. On the other hand, asymmetric profiles are, for the most 
part, impossible to analyze mathematically, and the violations of 
two-dimensional assumptions through a finite rather than infinite 
extent of the field parallel to the pipe, are mathematically 
formidable. The author has found that the two-dimensional as- 
sumptions apply to real meters when the zone of field uniformity 
extends 0.5 D upstream and downstream from the el-ctrode 
plane, and that for copper and iron configurations resembling 
those of Fig. 2, such field uniformity requires that the axia! dimen- 
sion z of the iron be twice the diameter D. 

Shercliff [2] found asymmetric effects of an eccentric orifice, 
bounded in part by the pipe wall, of area only 0.013 of the pipe 
area, to be detectable when the orifice and the electrode plane 
were separated by 8 D. His results were with mercury in a d-c 
magnet field, and indicated drastic magneto-hydrodynamic in- 
fluence, with every evidence in his data of a decrease in the 
allowable pipe length as this influence decreases. (In a 60-cycle 
a-c magnet field of length obtained when z = 2 D, it is the 
author’s opinion that, for all practical purposes, the alternating 
magneto-hydrodynamic effects cancel.) Nevertheless, it is easy 
to show that a velocity variation along the electrode diameter, 
but with constant velocity along each vertical line (parallel to the 
flux lines), will produce significant error. Such a profile is far- 
fetched. Shercliff’s data suggest that equal but opposite errors 
would be expected when such a profile is rotated 90 deg with re- 
spect to the electrode line. The author has been unable to pro- 
duce errors discernible in a background scatter of +0.5 per cent 
by any piping configuration, including a throttling gate valve 4 D 
upstream from the electrode plane. Small meters, up to 4 in. 
pipe size, have this length or more built in. It is suggested that 
any piping configuration whatever is generally tolerable, except 
that, in very large meters, an upstream throttling gate valve 
should be removed by 5 D from the electrode plane, until a suf- 
ficient wealth of experience has accumulated to define these 
conditions more exactly. 

Little can be stated as to the allowable deviations from uni- 
formity in the flux field from any theoretical considerations. As 
an arbitrary rule of thumb, the author has set up the following 
test for acceptable uniformity. A flux probe is successively placed 
at eight positions on a 0.707-D circle diameter. This is the circle 
which divides the pipe section into two equal areas. The first 
probe position is taken along the line connecting one electrode 
with the pipe center, and successive positions are at 45-deg in- 
crements. Under conditions of constant supply voltage and fre- 
quency, no single position shall yield a flux density which differs 
by more than +1 per cent from the average of the eight flux 
values. 

A major project in the course of development of a line of mag- 
netic flowmeters by the author’s company has been the assembly 
of a testing device which measures B to +0.1 per cent at each of 
these eight positions. It has been found that the average flux 
from these eight positions may be used together with equation (1) 
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to predict volumetric flow rate, with later experimental tests on 
water leading to K = 1.000 + 0.5 per cent. However, when flux 
variations around the test circle have exceeded +2 per cent of the 
average, low Reynolds number performance has been marginal 
and high Reynolds number data, with erratic upstream piping, 
have been definitely inferior. 


Pulsating Flow 


At flow pulsation frequencies well below the energizing fre- 
quency of the magnet, the flow pulsation is faithfully transmitted 
to the secondary, where an accurate time average may be ob- 
tained. As the frequency approaches the 60-cps excitation fre- 
quency, the transmitted signal becomes that of a “beat.”’ For 
example, a 59-cps pulsation produces a 1-cps indicator oscillation 
if the secondary can follow it, and a 59.9-cps pulsation will cause 
a very slow indicator oscillation at 6 cycles per min, which the 
secondary is apt to follow unless steps are taken to introduce a 
symmetrical limitation to the secondary response. This low and 
annoying beat frequency is found in pipelines supplied by 
pumps driven by excessively large a-c induction motors, where 
the actual horsepower demand is so low compared to the motor 
rating that nearly synchronous-motor operation occurs. At the 
motor speeds that go with normal motor loads, where vibrational 
frequencies drop below 59 eps, this effect is trivial. A certain 
amount of “hydraulic noise”’ is present in all turbulent flow, and 
again a symmetrical response limitation is desirable in the 
secondary. A significant part of this ‘noise’? may be due to ran- 
dom fluctuations of the turbulence type, associated with Sher- 
cliff’s asymmetry phenomenon, but these will average to zero. 

In general then, pulsation and turbulence have no effect on the 
time-average output of a magnetic meter, but certain precautions 
are necessary before the value of the meter in transient measure- 
ments can be ascertained. 


Interaction of Primary and Secondary Elements 


The tests to be described were conducted only after the de- 
velopment of a combination of primary and secondary which 
could rule out, to a large extent, the impact of secondary instru- 
ment performance from the coefficient evaluations. The features 
of this secondary, which were of importance to the test program, 
were as follows: 


1 Readability of an average of ten observations during a 
calibration run to 0.1 per cent of full seale, and like linearity of 
deflection versus input. 

2 Generation at the primary of a reference standard signal, 


m 


A 


‘By 


Fig. 3. Important phase relationships: (a) In signals transmitted from 
primary; (b) in amplified error signal driving servomotor of secondary 
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E,et, proportional to the flux density B in spite of variations in 
power-supply voltage and frequency. 

3 Precise phasing of the reference standard at 180 deg + 0.5 
deg from the flow signal Ey as shown in Fig. 3(a). 

4 Derivation within the secondary of two additional adjusta- 
ble signals from the reference signal, one precisely in phase with 
reference signal for the purpose of indicator zero adjustment £,, 
and the other at precisely 90 deg out of phase with the reference 
signal and continuously adjustable through zero level to 270 deg 
out of phase with the reference signal for the purposes of providing 
a strong quadrature signal E, for secondary instrument phase 
adjustment. It will be seen from Fig. 3(a), the primary meter 
phase diagram, that some combination of these two adjustments 
was capable of nullifying any unwanted signal EZ, within the pri- 
mary (the origins of such a signal are discussed later), regardless 
of the phase of such unwanted signal, whose components relative 
to E, and E, are shown by the dashed lines. 

5 Continuously adjustable secondary range from 1-fps full 
scale to 30 fps or more full scale, so that any flow rate could be 
read on the secondary at a high deflection so that precise K-values 
could be obtained from the tests. 

6 Combination of features 2, 3, 4, and 5 in a network wholly 
ahead of the servoamplifier so that, except for the capacitive 
load of the flow-signal cable, a true null balance or “open circuit” 
detection of the ratio E,)/B, equation (1), was obtained. Thus 
neither tube aging nor any other known influence at the secondary 
could alter the angular precision of phase diagram Fig. 3(a). 


The amplifier receives and amplifies only an error signal E,, 
Fig. 3(6), which is the vector resultant of Fig. 3(a). Before 
amplification, this signal has no quadrature component, but lies 
along the Ey — E,.¢ line, dropping to zero as the servomotor drives 
Evet to the balanced or correct indicator deflection. 

An added precaution, perhaps a bit fastidious were it not for 
other advantages, was the use of an amplifier-output phase-ad- 
justment network and a voltmeter of 0 to 150-volt range at the 
amplifier output. It will be noted that only a combination of 
neglected quadrature and mal-phasing of the servomotor signal 
can produce zero offset. The former also may saturate the 
amplifier. By varying the quadrature adjustment over a wide 
range, any phase error in E, relative to the servo line supply £,, 
causes the indication to change even though the flow is steady. 
By this means the amplifier phase can be corrected, without shut- 
down, to a far greater accuracy than can be achieved by the best 
of oscilloscope observations. The quadrature null adjustment 
was then reset until the voltmeter showed a minimum amplifier 
output, giving double assurance that the test results would re- 
flect true values of K. The amplifier phase drift would produce 
no error unless accompanied by a quadrature drift, and the latter 
would always be detectable at the voltmeter. 


Primary Design and Inspection 


The electronics engineer loves the phrase “high signal-to-noise 
ratio.” In the magnetic flowmeter primary this does not mean 
a high signal strength. A large signal means a large volt-ampere 
power supply, and incident power loss. Power loss means heat 
which can limit the safe operating liquid temperature and which 
can produce both zero drifts and flow coefficient changes when 
the velocity range and the fluid conductivity are both low. This 
is because of the otherwise stable, but unwanted signal EF, 
originating within the primary when the magnets ate energized, 

A study of Fig. 2 shows that, while twisted leads from the elec- 
trodes can produce flux linkages which cancel, there is one loop 
of large area formed by the quarter-circle lead wires around the 
pipe together with the liquid between the electrodt-s which, by 
symmetry, is equivalent to a line connecting them, Ideally, this 
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loop has zero projected area on the top or bottom iron; that is, 
no flux threads it. In practice, assembly tolerances will always 
leave some small projected area, except by accident. Ideally, the 
voltage induced by the flux alternations through this projected 
area are at 90 deg to the flow signal. and have no effect on the 
measurement. In practice, when metallic pipes with insulating 
liners are used, there is always a phase shift in the flux from out- 
side the pipe to inside because of eddy currents in the metallic 
pipe wall. Therefore the unwanted signal, due to flux alternation 
in the loop, always has some slight component in phase with the 
flow signal. 

Some have attempted to provide lead position or magnet 
orientation adjustments to minimize the unwanted signal. In 
the author's experience, it has been preferable to set exacting 
tolerances on lead location and then to anchor the leads firmly 
with a cement bond to the pipe. The leads are, of course, elec- 
trostatically shielded. 

Any increase in the design value of signal strength, as by re- 
duction in number of magnet turns n, produces an exactly pro- 
portional increase in the remaining unwanted signal. The re- 
quired heat dissipation is proportional to the fourth power of the 
signal strength, and hence the zero and coefficient drifts at low 
velocity and fluid conductivity increase far more rapidly than 
the signal strength. The real criterion of signal-to-noise ratio is 
the stray noise signal that may appear in the connecting cable at 
instalation. With high-quality cable commercially available, 
this is reducible to a matter of 3 or 4 microvolts. If a flow of 1 
fps is to be measured to 1 per cent, a signal strength of 100 times 
the stray noise is desirable, or about 0.35 millivolt per ft per sec. 
Any larger value than necessary is harmful. Failure to recognize 
this has limited the magnetic meters heretofore developed to 5 or 
10 fps full-seale ranges, and to very short cables or high liquid 
conductivities, and the special features of the experimental pri- 
maries and secondary used in these tests have found their way 
into the finished product designs of the author’s company. 

Copper configuration has been stressed to excess in some over- 
seas designs of magnetic-meter primary, and special coil shapes, 
which produce uniform flux in the absence of iron, have lost this 
uniformity when iron is added. Flatness of the top and bottom 
iron, Fig. 2, and maximum remoteness of the side iron are of 
primary importance. The iron does not alter the field intensity 
materially, but it cuts the current and power, establishes re- 
peatability of flux uniformity with reassembly, and shields the 
critical flux zone from distortion by exterior iron or steel equip- 


mént. The design equation used by the author is 
— (6) 
n ) 


where E, is the supply voltage to the magnet, f is the power-line 
frequency, ® is the desired total flux equal to wrB, and k is the form 
factor, determined principally by the geometric ratio w/(w + t,). 
The flux uniformity also was governed by this ratio, being quite 
satisfactory below 0.85. The length of air gap / was kept as small 
as possible, and w was chosen to be 1.2] or more. As the copper 
winding thickness became small so that the side iron fell closer to 
the pipe, some flux field distortions occurred in very large meter 
sizes. These were corrected by rearranging the copper configura- 
tion, guided by published flux mapping techniques [4]. 

The remaining variable of equation (1) is the diameter D. This 
is determined by dividing the square of the average diameter of 
many inspection trials along four diametral directions in the plane 
of the electrodes by the particular diameter along the electrode 
line. In effect, when slight out-of-round is encountered, this is 
essentially the same as the one diameter perpendicular to the elec- 
trode line. The determination of D is the weakest link in the 
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accuracy analysis of uncalibrated primaries, because the applica- 
tion of soft linings produces a bore which can hardly compare with 
that of a conventional differential producer, and whose softness 
makes inspection difficult in small meter sizes. Yet D appears 
only to the first power in the flow equation, so there is not a 
multiplying of errors by squaring, nor yet a further dependence 
on many other critical dimensions. There should be no distortion 
of the bore at the inner ends of the electrode openings, and the 
electrodes may vary from just flush to slightly recessed. They 
should not project into the flow passage unless there is danger of 
forming a highly insulating oil coating on them as in some sewage 
applications. In this case the square of the average pipe diameter 
should be divided by the average of the pipe diameter in the elec- 
trode direction and the electrode tip spacing to obtain the effee- 
tive value of D. 

The author has confirmed this by carrying electrode immersion 
The effective center of 
conduction of each electrode in the radial direction was found 
to be at only half of the radial projection into the bore. On the 
other hand, tests of recessed electrodes in fluids containing no 
insulating (greasy) contaminants have shown that an electrode 
hole half filled with metal and half with stagnant liquid in the 
recess is exactly equivalent to an electrode hole completely filled 
with a metallic electrode. 


to a ridiculous extreme and calibrating. 


Primaries used for liquid metals are often constructed with no 
insulating lining, and with electrodes merely welded to the metal- 
lie pipe exterior. Special corrections for the effective diameter D 
in this case have been presented by Elrod and Fouse [5]. 


Tests 


Primary elements of 1-in., 4-in., and 12-in. pipeline sizes have 
been tested in the laboratory of the author’s company. The goals 
were (a) to check the adequacy of the magnet proportions and 
evaluation methods for D and B outlined in the foregoing; (6) 
to check the validity of equation (1) for predicting the perform 
ance of magnetic-meter primaries without resort to flow calibra- 
tion; (c) to establish installation influences on the flow coefficient 
K, if any; (d) to verify that for 1 per cent accuracy of K, values 
of N,' from zero up to 0.1, could be tolerated; and (e) to study 
the effects of liquid conductivity on zero stability and on the 
coefficient K. 

Each test covered a flow range of 10 to 1, or more, with a single 
secondary-range setting. Ranges of full-scale deflection of 0.3 to 
30 fps were tested. Values of K were determined from the slopes 
of the data for each full-scale test. For N,’ less than 0.1, the 
data for each test scattered +0.6 per cent of full-scale deflection 
or less, and were random. Values of K for various values of V,’ 
are shown in Fig. 4. This best-fit slope method of calculating 
and plotting eliminates, in so far as possible, the effects of sec- 
ondary instrument performance as well as zero instability asso- 
ciated with temperature effects at the primary. When N,’ was 
greater than 0.1, the zero drift and point scatter increased almost 
as rapidly as the deviations of K from unity. 


Conclusions 


1 Uniformity of flux at the 0.707-D circle diameter is an ade- 
quate basis for inspection, and the magnet proportions described 
were adequate to produce this uniformity in the meters tested. 

2 The effective diameter is not precisely that of a circle of the 
same area as the pipe, but the method described to determine D 
is adequate. 

3. Use of excessively high flux density may reduce, rather 
than increase, the over-all meter accuracy. 
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Fig.4 Flow coefficients K of primary (including flow signal transmission cable) as a function of the d 
tivity parameter No’ 


(a) through (g) 1-in. primary, d = 1/8 in., different symbols denoting different glycerine-water mixtures 
and showing temperature sensitivity when fluid conductivity is low: 


(a), (b), and (c) plastic hose and sudden contraction at inlet, Reynolds number 1.2 to 18, secondary range 
0 to 0.3 fps. 


(d) same piping, Reynolds numbers 7.4 to 145, range 0 to 1 fps. 

(e) and (f) same piping, Reynolds numbers 22 to 350, range 0 to 1 fps. 

(g) globe valve throttling at inlet, Reynolds numbers 3000 to 80,000, range 0 to 10 fps. 

(h) through (k) 4-in. primary, d = 3/16 in., water. 

(h) sudden enlargement from spiral-corrugation-lined flexible hose, Reynolds numbers 5700 to 90,000, range 
O to 3 fps. 

(i) 10 D straight steel pipe, Reynolds numbers 25,000 to 500,000, ranges 0 to 1, Oto 2, Oto 5, Oto 10, and 
0 to 20 fps. 

(j) 10 D straight steel pipe, Reynolds numbers 70,000 to 800,000, range 0 to 30 fps. 

(k) 4-in. gate valve throttling at inlet, Reynolds numbers 120,000 to 300,000, range 0 to 10 fps. 


(I) 12-in. primary, d = 1/8 in., water, 12-in. cast-iron elbow at inlet, Reynolds numbers 35,000 to 400,000, 
range O to 5 fps. 
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4 The most perfect primary design will always leave some un- 
wanted signal which must be coped with by the secondary unless 
only very high velocities are to be measured, 

5 The reference signal should be proportional to B and should 
be derived from the primary element if errors due to malphasing 
and to line voltage and frequency variations are to be avoided. 

6 Equation (3) imposes a theoretical limit on allowable re- 
sistance between electrodes, but other practical considerations 
suggest a threshold fluid conductivity of 20 micromhos per em for 
the present, 

7 With the foregoing precautions, it is realistic to expect ac- 
curacy of +0.5 per cent of volume rate for fluids resembling tap 
water at velocities of as little as 1 fps, and +1 per cent at the 
recommended threshold conductivity level, so far as magnetic- 
meter primary elements are concerned. Some sacrifice of ac- 
curacy, of course, will be attributable to secondary instrument 
performance and readability. It does not appear far-fetched to 
say that, when handling suitable fluids, a need for wide-range 
accuracy alone could justify the choice of an electromagnetic 
flowmeter, even though the need for an obstructionless primary 
element were not vital. 
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APPENDIX 


The following is a simplified derivation of equation (5): 


McGraw-Hill 


Let E, be the value which Ey would have if the external load 
were negligible, and let it be assumed that the phase relation be- 
tween FE, and E,.¢ remains identical to the ideal Ey to Eye, rela- 
tionship of Fig. 3(a). This will be true if the primary phase, 
Fig. 3(a), is adjusted when the meter is filled with any ordinary 
fluid like tap water or mercury, using a short external cable. 
Then, when the meter resistance R or the external capacitive 
load C becomes large, Ey will be reduced in magnitude by the re- 
lationship 

E, = E, — 
(1 + 
Furthermore, the voltage Ey will be shifted from the ideal by an 


angle @ such that 
(1 + 


cos = 


so that Eo is no longer directed along the E,.¢ line, but will be 
composed of a quadrature component and a component Eo’ along 
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this line. Both these components vary directly with the flow rate. 
The secondary instrument will drive to a null-balance indication 
corresponding to this Ey’ component 


E, 


E,’ = E, cos = 
1 + (wR)? 

Since E, would appear in equation (1) in the ideal case of no ex- 

ternal load, it follows that 

E, 


CR) = 
+ (wCR) 


K = 1 + (N,’)? 


which is equation (5). It is interesting that, even before the 
threshold limit of fluid conductivity is reached, the amplified 
quadrature component of E, becomes visible and varies with flow 
rate at the quadrature-null and phase-guide voltmeter, though 
this component has no effect whatever on the accuracy of the 
servodriven flow indicator until cos? @ differs from unity by a 
significant amount when the conductivity drops below the 
threshold. 


DISCUSSION 
Eugene Mittelmann? 


The author’s painstaking experimental investigations cor- 
roborate once more the absolute character of the electromagnetic 
flowmeter. The magnetic flowmeter is a truly fundamental de- 
vice and it is gratifying to see its ever-increasing acceptance by 
industry. 

The following comments relate to the limitations of the in- 
strument and the problem of zero error elimination or compensa- 
tion: 

Equation (3) of the paper correctly describes the attenuation 
of the flow signal of a generator (flow tube) with an internal re- 
sistance R, whose output terminals are shunted by an external 
capacitance C, such as the capacitance of the cable connections 
between primary and secondary. Considering the primary ele- 
ment itself, it was shown theoretically by Cushing® **® and later 
confirmed experimentally® that the flow signal generated by the 
primary is attenuated by the liquid properties by a factor @ ac- 
cording to equation 
1 + (wéo/o)*e,(€, — 1) 

1 + (wee, /o)? 


in which €, is the dielectric constant of the liquid, o its condue- 
tivity, and € the permittivity of free air. Equation (2) of the 
paper is written in conformity with equation (3), representing 
a series combination of resistance and capacitance. The fore- 
going equation of the cited references, on the other hand, indicates 
that the true equivalent circuit of the flow generator is a signal in 
series with the parallel combination of resistivity and capacity, as 
determined by the liquid properties, the entire series combination 
being shunted by a capacitance, equivalent to the capacitance 
This is 
an important difference because it shows that liquids with high 
dielectric constants, such as all aqueous solutions (€,; = 80), 


existing between the measuring electrodes in free air. 


2? Consulting Engineer, Physicist, Chicago, III. 

3 Eugene Mittelmann and Vincent Cushing, ‘‘An Electronic Flow- 
meter and Its Industrial Applications,’’ paper presented before the 
Institute of Radio Engineers’ National Convention, 1950. 

‘Eugene Mittelmann, “Electromagnetic Flowmeters, Their 
Operating Characteristics and Applications,”” Western Electronic 
Conference, August, 1956. 

§ Vincent Cushing, “‘Induction Flowmeter,” The Review of Scientific 
Instruments, vol. 29, 1958, pp. 692-697. 

* Eugene Mittelmann, ‘‘New Developments in Electromagnetic 
Flowmeters,’’ communication at the Gordon Research Conference, 


1956. 
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alcohols (€; = 30), and so on, are in extremely wide limits inde- 
pendent of liquid properties in so far as the generated signals are 
concerned. The equation also explains why it is possible to 
measure flow rates of distilled, deionized water, using input cir- 
cuits of very high impedance but not hydrocarbons, even if due 
to contamination their resistivity would be somewhat reduced 
(see Fig. 3.5) In actual practice, when dealing with liquids of suf- 
ficiently high dielectric constant and high resistivity, the influence 
of the capacitance can be reduced greatly by interposing properly 
placed, impedance-transforming cathode-follower circuits between 
primary and secondary. 

The separate analytical treatment of the primary element be- 
comes important not only from a theoretical but much more so 
from a practical point of view. This is owing to the fact that the 
elimination of error signals at zero flow must be carried out effec- 
tively for all components. Whereas the use of a reference signal, 
proportional to the exciting field derived from the primary, is the 
logical and desirable way to make the indications of the secondary 
independent of line voltage variations,‘ its concurrent use for zero 
error elimination by adjusting a fraction of it for phase and 
amplitude to compensate for zero error is bound to make the 
elimination of the zero error signal dependent on liquid proper- 
ties. To make the primary elements truly interchangeable it is 
desirable to distinguish between residual zero error signals in the 
primary itself and between signals resulting from cable pickup, 
poor shielding of amplifiers, and the like. By enforcing a sym- 
metrical distribution of both magnetic and electric fields in the 
primary, zero signals in the order of magnitude of 1 microvolt or 
less can be established in the primary which remain stable for 
an extremely wide range of liquid conductivities. The theory of 
error elimination and means for accomplishing it were described 
previously 

Electromagnetic flow-measuring systems, developed by the 
writer in co-operation with the Hays Corporation of Michigan 
City, Ind., utilizing such principles, indicate that electromagnetic 
flowmeters with an inherently low and stable noise level are 
capable not only of measuring flow rates with high accuracy 
within extreme ranges, but also that such measurements are for 
all practical purposes independent of temperature variations and 
of liquid properties. 


S. $. Sturgeon® 


The writer has had the utmost confidence in magnetic flow- 
metering for quite a number of years. This paper therefore per- 
mits somewhat of a sigh of relief in that it provides a good answer 
to those who ask the question: “If it is such a good device why 
doesn’t someone else make it too?’’ 

Although the writer agrees with the great majority of the 
author’s analyses, criteria, and conclusions, the following are a 
few points suggested as clarification and enlightenment: 


1 Asa matter of measurement practice it should be of general 
interest to have some elaboration on the apparatus and technique 
used for determining the flux value B to an absolute accuracy of 
+0.1 per cent. 

2 Under the heading “Primary Design and Inspection,” the 
author suggests that large signal output of the primary element 
dictates power loss and heat, which in turn produce zero drift 
and unstable flow coefficient. 

He further states that “heat dissipation is proportional to the 
fourth power of the signal strength.”” On a reasonable design 
basis in which copper and iron losses are kept low, heat dissipa- 


7W. R. Hogg, Eugene Mittelmann, and D. S. Shover, ‘Electronic 
Circuit Problems in Electromagnetic Flow Measurements,” Proceed- 
ings of The National Electronics Conference, vol. 8, 1953, pp. 128- 
132. 

8 Assistant Director, Research and Development, The Foxboro 
Company, Foxboro, Mass. 
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tion should approach the theoretical limit which is proportional 
to the second power of the signal strength. Measurements we 
have made on production flowmeter primary units ranging from 
0.1 in. to 6 ft diameter verify that this isso. In the worst instance, 
heat has related to signal strength to the 2.5 power. 

Thus the ensuing arguments which suggest a desirable design 
limit of approximately 0.35 millivolt per ft per sec are not neces- 
sarily valid. It is agreed that power loss and self-heating should 
be kept within reasonable limits; however, these ills should be 
controlled by restricting copper and iron losses. If this is done a 
high signal-to-noise ratio can be accomplished. 

3 Regarding the determination of the flow-tube diameter D, 
it would seem that the difficulties involved have been over- 
emphasized. This involves simple physical measurements on tube 
sizes of 2 in. and larger. Smaller tube sizes are readily flow- 
calibrated on a production basis. It is significant that the mag- 
netic flowmeter has been a recognized principle for over 125 
years! It was postulated by Michael Faraday in 1832,° approxi- 
mately 100 years before the principle could be demonstrated 
practically as having useful potentialities for a flow-measuring 
device. 

The writer’s company recognized these potentialities about 10 
years ago and has been in regular production of such devices since 
early 1954. We now have a total of over 1000 units in the field 
with flow-tube diameters ranging from 0.1 in. to6 ft. Our findings 
under wide application experience certainly bear out the author’s 
conclusion that the magnetic flowmeter has a responsible and 
useful place in industrial flow instrumentation and control. 


Author's Closure 


The Mittelmann-Cushing equation (7) recognizes two dimen- 
sionless parameters, namely, N, and €/é where € is, to be con- 
sistent with the author’s nomenclature, the capacitivity of free 
space, 8.854 X 10~"farads percm. Dr. Mittelmann’s is not a 
capacitivity but is this dimensionless ratio €/é€, also called the 
“dielectric constant.” In the complete absence of external cir- 
cuit loads, the author’s K is the reciprocal of the appropriate at- 
tenuation factor. For the geometric assumptions for which 
equation (7) may be applicable, the particular condition that K 
shall differ from unity by not more than one per cent leads to: 


= <1/(1006,/e — 1)'/* (8) 


which is slightly more optimistic than equation (3). In a verbal 
communication with Dr. Cushing, it was learned that equation (7) 
and hence (8) are based on the particular two-dimensional as- 
sumptions in which the fluid and an infinitely thick pipe wall are 
assumed to have identical values of ¢ and €. A correct form for 
real meter geometrics will be needed in any pioneering attempt to 
extend the range of magnetic meters to the zone where, according 
to equation (7), the flow coefficient should restabilize at a finite 
fraction of unity, equal to 1 — €)/¢, provided w is sufficiently high or 
a is sufficiently low. This range appears to be impractical at the 
present state of the art, though efforts to handle hydrocarbons 
without additives are continuing. The implications of the three- 
dimensional reality of electrodes which are not zero-thickness 
disks and which are capacitively coupled through the metallic 
layer to remotely extended portions of the pipe and fluid where 
B= 0, suggests that a more pessimistic view is desirable pending 
further analysis and test of equation (7). 

Nature has clarified the issue further since, in general, real 
fluids of high dielectric constant €/€ have also high conductivity 
ao. In the range of real fluids which would be rejected for inade- 
quate conductivity at 60 cycle per second operation, the results of 


*M. Faraday, ‘‘Experimental Research in Electricity,’’ Philosophi- 
cal Transactions, 1832, p. 125; M. Faraday, ‘‘Bakerian Lecture.” 
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either equation (3) or equation (8) leave us with an impassable 
barrier at real fluid conductivities below about 0.001 micromho 
percm. Meantime, electronic ingenuity has already rendered the 
20 micromho per em limit of the author’s text obsolete, but largely 
by techniques having nothing to do with the construction of the 
primary. Fluids of 0.03 micromho/em have been measured in 
the laboratory of the author’s company without undue zero in- 
stability or coefficient drift, and electromagnetic metering sys- 
tems for ¢ = 1 micromho per em and up have been made commer- 
cially available, though the limit of 20 as applied particularly to 
well-constructed primaries for use with any improvised secondary 
continues to be realistic. Meantime, may se reassure Dr. Mit- 
telmann that industrial electronics know-how is making every ef- 
fort to catch up with his bold pioneering! 

Dr. Sturgeon’s questions will be answered in order as numbered: 

1 A small-size hard-liner flow primary is employed as a flux 
standard. It is constructed with very extended regions of field 
uniformity, and found to vield identical flow calibrations (0.05 per 
cent) for laminar and turbulent flow. Following Kolin’s remarks 
concerning variable but axisymmetrical profiles, it is then inferred 
that the flux is precisely uniform, and the value of B, for a given 
coil voltage and frequency, is precisely obtained from the observed 
velocity by means of equation (1) with K taken as unity. It was 
of course necessary to set extremely exacting tolerances on round- 
ness and to employ very small and precisely: flush electrodes. 
This primary provides an absolute flux standard by water cali- 
bration as often as may be desired. In addition, a null read-out 
having 200-in. seale length is employed, linear with B/E,.:, where 
B is related to the output of a 90-deg phase shifter whose input is 
a low resistance search coil. This search coil is large enough to 
sample most of the flux in the flux-standard primary, but small 
enough to serve as a local probe for measuring local flux values in 
larger primaries. A check on the accuracy of this method is 
found in a recent monthly analysis of the flow test values of K for 
eighty production primaries ranging from 2 to 8-in. pipe size, 
where K was found to be 0.99946, with a calculated tolerance 
(twice the standard deviation) on this mean of +0.0012. 

2 It is true that, once the over-all meter configuration has 
been completed, and the space for copper allocated, the total 
power loss is proportional to the square of the flux provided that a 
change in the number of turns is sufficient to allow an increase in 
wire size so as to continue to fill the originally assigned space with 
copper. In case the reduction in turns is insufficient to permit a 
change in wire size, then the 7?2 loss may be proportional to the 
cube of the flux density. However, it is in the early design stages 
of very small meters where iron and pipe eddy current losses are 
negligible, where an excessive zeal for high signal strength and 


very small case bulk may prove most detrimental. The designer 
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struggles to reduce the number of turns with no wire size increase, 
smaller ¢,, smaller iron dimensions, smaller case dimensions, ef- 
fectively concentrating such heat as is released in such a way that 
liquid temperature rise on shutdown is extreme, and the heat 
dissipated by the liquid may then reach the fourth power of the 
signal strength. It is not unusual to see 1-in. meters of both 
American and foreign manufacture, dissipating hundreds of watts 
and providing larger signal strength than should be required, yet 
exhibiting false zero signals of a foot per second within a few sec- 
onds of shutdown on ordinary tap water, and with only slightly 
By contrast, 1-in. 
meters of larger bulk, many turns, low flux, and signal of 0.35 
microvolts per ft per sec, dissipating only 20 or 30 watts, have 
shown zero drift of less than 0.005 ft per sec from the instant of 
shutdown until hours later, and like accuracy throughout a flow 
range of only one foot per second full seale. It is felt that the 
fourth-power relation suggested in the text is not too extreme for 
any “do-it-yourself” individual who may try to design a small 
meter from scratch, especially since it is these very small meters 
which are most apt to be used at very low fluid conductivity. 

3 The author is inclined to concede the comparative simplic- 
ity of determining D to sufficient accuracy for most purposes 
However, electromagnetic flowmeters are being marketed for 
higher accuracy than is normally achieved in a complete combina- 
tion of industrial primary and secondary employing such familiar 
principles as the orifice meter. The tolerance of +0.0012 on the 
mean coefficient for eighty meters mentioned stems from a 
tolerance of +0.011 on the individual coefficients for the same 
group of eighty. The most extreme scatter was traced to meters 


smaller errors at flows of several ft per sec. 


with soft liners, and it is logical to suppose that these pose a rather 
formidable challenge to inspectors, particularly when contrasted 
with the 0.05 per cent diametral tolerance normally imposed on 


large orifices, for example, where metal construction and easy access 
simplify inspection. It seems premature therefore to recommend 
the use of uncalibrated meters in 6-in. pipe size or less and 
employing soft liners, until suitable inspection techniques have 
been developed and supported by a wealth of calibration data. 
Considered from the viewpoint of the ASME Research Commit- 
tee on Fluid Meters, this is perhaps the most urgent program 
needed to advance the art of flow measurement by the magnetic 
induction method. A close second would be the statistical veri- 
fication of the adequacy of the 0.707-D circle recommended by the 
author as a measure of flux uniformity when applied to magnet 
designs differing from those of Fig. 2. 

The author would like to voice his appreciation, and the appre- 
ciation of the Research Committee on Fluid Meters, for the con- 


structive contributions to this project by the discussers. 
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Introduction 


_ ae THE TECHNICAL HISTORY of the rolling 
of metals, most investigative attention seems to have been fo- 
cused on the rolling of thin strips. Plastic analyses of the pressure 
distribution in the are of contact have been developed for strip- 
rolling by various investigators [1-5].2 These have been com- 
pared with the few existing measured rolling pressure distribu- 
tions [6, 7| with fairly good agreement in many cases. 

As far as the authors are aware, no equivalent rolling theories 
have been developed so far for rolling square bars nor experimen- 
tal studies conducted to determine the contact pressure distribu- 
tions. In addition, little was known at the outset of this study 
regarding the variation of the friction coefficient along the roll 
gap. While provision was made to study the latter, sufficient 
time was not available on the project to overcome the experimen- 
tal difficulties encountered. Since then, a recent study, also con- 
ducted at M.I.T., has successfully studied the variation of the 
friction coefficient [8]. 

This investigation is consequently restricted to 9 study of the 
normal contact pressure distributions in the cold-rolling of metals. 
A certain similarity no doubt exists between some of the cases 
studied and hot billet rolling. Care, however, should be taken in 
any such extrapolation of the present results until the effects of 
friction are determined in hot-rolling. It was intended to include 
some hot-rolling experiments in the project for the sake of com- 
parison, but time did not permit their completion. 

One of the purposes of the present paper is to report in abstract 
some of the more important results of the experiments conducted 
to determine the distributions of contact normal pressures pro- 
duced by cold-rolling square bars of aluminum, copper, and steel 
under a variety of rolling conditions. These are described in de- 
tail in a recent ASME report [9] and, due to its scope, only a few 
representative and typical examples will be included here. Com- 

! This paper is an analysis of the data contained in a report of the 
ASME Research Committee on Plastic Flow of Metals entitled 
‘Rolling of Metals’”’ submitted to the ASME by the authors. 

? Numbers in brackets designate References at end of paper. 

Contributed by the Research Committee on Plastic Flow of Metals 
and presented at a session of the Research Committee on Plastic 
Flow of Metals, and the Metals Engineering, Applied Mechanics, 
and Lubrication Divisions, and Metal Processing Activity of Produc- 
tion Engineering Division at the Annual Meeting, New York, N. Y., 
November 30-December 5, 1958, of THe American Society or 
MECHANICAL ENGINEERS. 

Note: Statements and opinions advanced in papers are to be 


understood as individual expressions of their authors and not those of 
the Society. 
ber 24, 1958. 


Manuscript received at ASME Headquarters, Septem- 
Paper No. 58—A-260. 
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The Distribution of Contact Pressures 
in the Rolling of Metals’ 


A comparison is made between the experimentally determined contact pressure 
distributions obtained on square bars and flat strips. 
peaks in the pressure, one near entry and the other near the roll center line. A pressure 
peak is obtained near the center line only for strip-rolling. 

Two independent analyses were made 
bars to be predicted with fair accuracy from stress-strain data. The second, based on 
the local elastic deformation of the rolls, also showed the transition in pressure dis 
tributions from billet to strip-rolling. 


The former showed double 


One allowed the double peak for the square 


parisons will be made of the pressure distributions on square bars 
with those obtained in rolling flat strips of the same material. 

In addition, two independent analytical attempts are made to 
throw some light on the phenomenological reasons for the dif- 
ferent types of pressure distributions observed with the square 
bars as contrasted to strip-rolling. 


One will endeavor to predict 
the shape of the pressure distribution from stress-strain data of the 
material to be rolled. The other will try to determine the essen- 
tial characteristics of the pressure distributions in billet and strip- 
rolling from the local elastic deformations of the roll surfaces. 

Further, a simple method is included for calculating torques 
and loads in advance from certain stress-strain data of the square 
bars to be rolled. 


Experimental Procedure 


The three materials tested were aluminum (99.54 per cent), 
Chino fire-refined tough pitch copper (99.92 per cent), and SAE 
1020 steel. The complete mill histories, compositions, prepara- 
tion of specimens, and annealing treatments of each material are 
given elsewhere [9]. In addition, the special test equipment de- 
veloped to carry out the program has also been described in de- 
tail [10] and for the sake of brevity will not be repeated here. 

In the interests of continuity, however, a short description of 
the equipment follows. An experimental 2-high rolling mill with 
6-in. diameter rolls was instrumented by providing (a) wire strain- 
gage (SR-4) mounted load cells to record the separating forces; 
(b) a wire strain gage (SR-4) mounted torquemeter to measure 
the torq ie in the upper roll; (c) a special speed control; (d) an 
angular position-indicator and trip; (e) a small cantilever weigh- 
bar, 0.1045 in. diam at the tip, mounted radially inside a small 
clearance hole in the upper roll with wire strain gages (SR-4 
mounted on it to record local thrust on the pin; and (f) suitable 
electronic gear consisting of amplifiers, oscilloscopes, ete., for 
simultaneously recording as amplitude-modulated carrier waves 
all measured variables on a Navy F-565 X 7-in. Aero camera. 

Approximately 200 rolling tests were conducted to record the 
normal contact pressure distributions under conditions varying 
with speed, lubrication (or dry), per cent reduction, material, 
initial size of bar, longitudinal plane in the bar, ete. Most of the 
rolling tests were made on bars initially 1 in. & 1 in. but a few 
were included to simulate strip-rolling. Al] surfaces to be rolled 
were finished in a planer using a carefully ground tool with the 
tool marks parallel to the longitudinal axis of the bar. An at- 
tempt was made to give all specimens the same surface finish by 
controlling surface roughness with Profilometer readings. Most 
of the rolling tests were conducted dry by cleaning the bars and 
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Constrained compression tests: | in. X 1 in. specimens 
Indenter widths: A, '/s in.; B, °/s in; C, 1 in; D,15/, in. 
Tension tests: E, averaged for all specimen orientations; F, curve E converted to plane strain 


(Sims); G, curve E converted to plane strain (Ford) 
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Fig. 2. True stress-strain curves for copper bars rolled 


Constrained compression tests: 1 in. X 1 in. specimens 


Indenter widths: A, '/s in.; B, 5/3 in.; C, 1 in. 


Tension tests: D, averaged for all specimen orientations; E, curve D converted to plane strain 


the rolls with carbon tetrachloride. 
used as a lubricant. 

To provide data useful in the analysis of the pressure distribu- 
tions obtained in the rolling tests, two additional types of tests 
were included. True stress-strain tension tests [11] were made 
at three different orientations to the rolling direction for each 
material. The averaged results are shown as the lowest curves in 
Figs. 1-3, inclusive. These figures also include as dashed curves 
the results of converting the lowest tension curve in each case by 
the methods-of Ford [12] and Sims [13] to predict the stress-strain 


In some tests palm oil was 
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(Sims); F, Curve D converted to plane strain (Ford) 


behavior under conditions of plane-strain compression. By the 
Ford method, only the stress in the averaged tension curve is 
multiplied by 2/+/ 3, while Sims converts the stress in the same 
manner but also multiplies the strain in the averaged tension 
curve by 3/2. 

In strip-rolling, where plane-strain conditions prevail, consid- 
erable use has been found for data obtained in so-called plane- 
strain compression tests [12, 13, 14, 15, 16]. This test consists in 
compressing a strip of material between two narrow dies (or in- 
denters) with flat parallel faces under well-lubricated conditions, 
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Fig. 3 True stress-strain curves for steel bars rolled 
Constrained compression tests: 1 in. X 1 in. specimens 


Indenter widths: A, '/s in.; B, °/s in.; C, 1 in. 


Tension tests: D, averaged for all specimen orientations; E, curve D converted to plane strain 
(Sims); F, Curve D converted to plane strain (Ford) 
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Fig. 4 Indenter pressure as a function of indenter width and strain for 
aluminum bars rolled 


16 20 


the die faces being oriented with their length across the strip. 
In order to obtain a plane-strain compression yield stress-strain 
curve, it is necessary that (a) the width of the strip be considera- 
bly greater than the width of the indenters and (6) the strip 
thickness be no greater than the indenter width. 

In ingot rolling, however, as pointed out by Orowan [17], the 
billet thickness may be many times greater than the length of the 
are of contact and in such cases the roll pressure is much higher 
than the yield stress even if friction is negligible. 
called by Orowan a “‘peening effect.” 


This has been 
In order to make use of 
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such compression tests between flat indenters in the present prob- 
lem, it was considered desirable to conduct them with various 
ratios of billet thickness to indenter width. This was carried out 
for each material, the results being included in Figs. 1-3. These 
will be referred to as Constrained Compression Tests as con- 
trasted to Plane Strain Compression Tests. 


Loads and Torques From Stress-Strain Data 


For the square bars representing billet rolling, the torques and 
separating forces may be calculated very simply from the data 
given in Figs. 1-3 for the constrained compression tests. For ex- 
ample, in the case of the aluminum, Fig. 4 is constructed from 
Fig. 1 where the indenter pressure is plotted for various values of 
the strain as a function of the indenter width. To determine the 
average rolling pressure p» from Fig. 4 corresponding to an inden- 
ter width equal to the projected arc of contact L shown in Fig. 5, 
it is only necessary to find the average vertical strain under the 
are of contact which corresponds to the strain under the flat in- 
denter. The average vertical strain @ under the contact are may 
be found as 


Fig. 5 Sketch of bar being rolled showing symbols used 
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Table 1 Data for calculation of loads and torques 


(1) (2) (3) (4) (5) (6) (7) 
—Figure Initial size 

Test ASME bo Per cent 
no. Paper rep. Material-lub. (in.) red. (deg) (in.) 
1 8 20  Alum.-Dry 0.959 X 0.958 10.28 10.40 0.5415 
2 26 Alum.-Dry 0.959 XK 0.958 20.54 14.72 0.7620 
3 28 Alum.-Dry 0.958 X 0.959 20.21 14.59 0.7554 
4 9 29 Alum.-Dry 0.960 X 0.957 30.31 17.92 0.9228 
5 32 Alum.-Palm oil 0.959 & 0.958 5.90 7.87 0.4110 
6 34 Alum.-Palm oil 0.960 * 0.958 10.16 10.34 0.5382 
7 36 Alum.-Dry 0.500 XK 0.958 20.38 10.58 0.5508 
8 37 Alum.-Dry 0.251 X 0.961 30.68 9.17 0 4788 
9 38 Alum.-Dry 0.121 X* 1.00 50.00 8.17 0.4248 
10 13 39 Alum.-Dry 0.063 * 1.00 48.10 5.75 0.3006 
11 10 42 Copper-Dry 0.961 XK 0.963 10.20 10.37 0 5400 
12 44 Copper-Dry 0.961 X 0.959 20.10 14.57 0 7545 
13 ll AS Copper-Dry 0.960 XK 0.962 29.68 17.72 0 9129 
14 50 Copper-Palm oil 0.960 X 0.960 10.10 10.32 0.5376 
15 52 Steel-Dry 0.959 X 0.961 4.83 7.13 0.3726 
16 12 56 Steel-Dry 0.960 X 0.961 10.16 10.34 0.5385 
17 59 Steel-Dry 0.958 X 0.961 15.40 12.73 0.6612 
18 62 Steel-Palm oil 0.960 X 0.961 4.89 7.18 0.3750 


Table 2 Comparison of calculated and measured torques and rolling loads 


(1) (2) (3) (4) (5) (6) (7) 
—Caleulated— Measured 
b Po Mt P Mt 
Test no. €max é (in.) (psi) (Ib-in.) (Ib) (Ib-in.) (Ib) 
1 0.1083 0.0718 0.973 12700 1814 6680 1890 6310 
2 0.2299 0.1493 0.97 13500 =. 3810 10000 3960 9800 
3 0.2253 0.1470 0.979 13440 3748 9940 3490 9830 
4 0.3611 0.2312 0.980 14260 5950 12900 6150 14370 
5 0.0605 0.0397 0.969 12470 1020 4950 1110 4070 
6 0.1072 0.0705 0.976 12700 1800 6670 1920 6530 
7 0.2273 0.1483 0.971 14000 2060 7460 1880 7020 
8 0.3664 0.2346 0.973 16000 1780 7450 2010 9230 
0.6932 0.4280 1.015 21800 9800" 13020 
10 0.6558 0.4083 1.008 19500 398" 98508 1320 9370 
ll 0.1081 0.0703 0.977 33560 4770 17700 4650 \777 
12 0.2243 0.1457 0.978 40300 11220 29700 9540 30150 
13 0.3516 0.2285 0.992 44580 18480 40300 17620 45960 
is 14 0.1064 0.0692 0.976 33340 4700 17500 4680 17720 
15 0.0496 0.0322 0.969 68400 4600 24700 4550 25000 
a! 16 0.1072 0.0697 0.978 72310 10250 38100 10870 38630 
Ab 17 0.1671 0. 1086 0.985 75750 16350 49400 16880 50150 
£ 0.0501 .970 67630 4630 24600 5370 25480 
E Col. (6) values from Equation (2). 
ye Col. 7 values from load cell and torquemeter. 
Corrected for roll flattening. 
Ripe + Also corrected for friction-hill «4 = 0.170. 
ae | aie representative number of cases including the results for copper 
& ea and steel estimated in the same manner. Columns 6 and 7 of 
: 0 Table 2 compare the calculated values with those measured by 
ey j = load cell and torquemeter. Quite good agreement is found for all 
= log he + «) examples except those approaching strip-rolling, namely for tests 
*h, + rO? r hy 


where € = log, ho/h. For reductions up to 30 per cent, equation 
(1) indicates that the value of the average vertical strain € may 
be taken simply as #/3 €max Where €max = log, ho/h; without mak- 
ing an error much greater than 1 per cent in these billet rolling 
cases. In a given example, it is only necessary to compute é as 
just outlined, and find pp» in Fig. 4 corresponding to this value of é 
and an indenter width equal to the projected are of contact L. 
The loads and torques for these tests may then be calculated from 


PL. 


P = p:Li, M, = 


where 6 is the average width of the bar at the contact surface. 
Tables 1 and 2 summarize the results of such calculations for a 
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Nos. 9 and10. In the latter examples, it was found necessary to 
correct for roll flattening by Hitcheock’s [18] formula and to in- 
clude the friction-hill effect [4] using a coefficient of friction of u = 
0.170 in both cases. When this was carried out, fairly good agree- 
ment was also found in these cases as shown in Table 2. 


Contact Pressure Distributions From Stress-Strain Data 


A brief reference to Figs. 8-12 will indicate that, in contrast to 
strip rolling, the present tests on the rolling of square bars showed 
peaks in the pressure distributions near the points of entry and 
in some cases also peaks near the center lines of the rolls. An 
attempt will be made here to predict at least approximately 
these pressure distribution curves from stress-strain data and to 
throw some light on the phenomenon observed. In order to do 
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Fig.6 Relationship of height in elastic region to distance along the bar; A, from experiment; B, 


epicycloid curve 
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Fig. 7 Relationship between ratio of indenter pressure to plane-strain compression yield 
strength and ratio of height to indenter width (according to Hill) 


Points indicated by letters are present test values plotted from constrained compression tests on 
aluminum for various strains: A, 0.005; B, 0.18; C, 0.06; D, 0.04 to 0.18; E, 0.005 to 0.10 


this, it will be assumed at the outset that plane-strain conditions 
are maintained, at least approximately. While the geometry is 
such that this is not strictly correct, some justification for the 
assumption will be given later on. In any case, it will be of in- 
terest to compare the experimental results with calculations 
based on this premise. 

The distributions of the plane-strain yield strengths 200/1/ 3 
as determined from Figs. 
plotted along the ares of contact as shown by the dot-dashed 
curves in Figs. 8-12. Under this assumption, the portions of the 
latter curves filled in by solid lines should represent at least ap- 
proximately the contact pressures over those regions of the con- 
tact are provided the effects of friction are of minor significance. 
Near entry, however, yielding is restrained by the adjacent and 
underlying elastic regions depicted on the inset shown in Fig. 6. 
Tests have indicated [19, 20] the presence: of a V-shaped elastic 
region under a portion of the contact are. Curve A of Fig. 6 
shows the relationship of the height of this region to the horizontal 
distance along the billet center line as determined from measure- 


1-3 (using Sim’s construction) are 
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ments on steel billets. Measurements on copper bars showed 


approximately the same effect. The experimental curve A is 
compared with an epicycloid curve B in the same figure. Curve A 
is used in conjunction with Fig. 7 given by Hill [15] which shows 
the theoretical relationship between the ratio of the indenter pres- 
sure p and the plane-strain compression yield strength 200/+ "3 to 
the ratio of h,/w. Included in this figure are experimental 
points obtained from Fig. 4 for the constrained compression tests 
on the aluminum. 
to be used in the following calculations, the assumption of plane 
strain is not a bad one. 

In order to determine the “peening’’ pressures in the early 


It may be seen that, for the range of strains 


portion of the are of contact we proceed as follows. The ratio of 
r/h, becomes 
r . 
= {sin 0 — sin (0 — a)} (3) 
ho ho 
The corresponding values of h,/ho may then be obtained from 
curve A of Fig. 6 for each value of the angle a@ up to the position 
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Fig. 8 Distribution of normal pressure in contact arc for square aluminum bar (test no. 1, 


Table 1) (per cent reduction, 10.28) 


Experimental curves: A, traverse location, 0.01 in. from center; 8, traverse location, 
0.16 in. from center; C, traverse location, 0.38 in, from center; D, average pressure dis- 
tribution; E, yield strength curve (plane strain). Calculated curves. F, from stress-strain 
analysis; H, from friction-hill analysis, u, 0.562; J, from friction-hill analysis, u, 1 00. Line 


of roll centers, G 
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Fig.9 Distribution of normal pressure in contact arc for square aluminum bar (test no. 4, Table 


1) (per cent reduction, 30.31) 


A, average experimental pressure distribution; B, calculated pressure distribution from stress- 


where h,/ho = 0. Where the elastic height h, is the largest, 

namely at entry, compared to some as yet undetermined value 

of the indenter width w, the constraining effect of the elastic re- 
200 

gion is the largest and the ratio of p / 75 will be the greatest. 

This occurs according to Fig. 7 when h,/w = 8.749 = ho/w. 
Hence w = ho/8.749. 


h 
For other values of a > 0 then h,/w = - (8.749). We now 


have a set of values of h,/w corresponding to each value of a up 
to the position where h,/ho = 0. Fig. 7 will then give the nu- 


2 
merical values of p 7. z for each value of h,/wor a. The maxi- 
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strain analysis; C, yield strength curve (plane strain); E, line of roll centers 


20 
mum theoretical value of p/ Fe = (1+ y), where ¥ is the angle 


between the direction of the pressure and the straight free edge 
of the body being indented. For the case shown in Fig. 7, y = 


2 
m/2 and p | 24 = 2.5708. In the rolling problem, however, this 


angle varies along the arc of contact and y = 7/2 — (0 — a). 


20, 
;—- obtained are reduced by the 
V3 


Consequently, the values of p / 
factor (9 — a). When the plane-strain compression yield 


strengths 20,/+/ 3 are used as plotted in Figs. 8-12, the numerical 
peening pressures are obtained from entry to the position where 
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NORMAL ROLLING PRESSURE 


Fig. 11 
Table 1) (per cent reduction, 29.68) 
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Normal pressure distribution in contact arc for square copper bar (test no. 13, 


Experimental curves: A, traverse location, on center; B, traverse location, 0.19 in. from 
center; C, traverse location, 0.37 in. from center; E, yield strength curve (plane strain). 


Calculated curve: D, from stress-strain analysis 


ROLLING FRESSURE -(1OOOPS!) 
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Fig. 10 Normal pressure distribution in contact arc for square copper bar 
(test no. 11, Table 1) (per cent reduction, 10.20) 


A, average experimental pressure distribution; B, calculated pressure dis- 
tribution by stress-strain analysis; C, yield strength curve (plane strain); D, 
line of roll centers 


20 
Pp / ; = 1. From there on until unloading near the center line 


the pressure curve follows the plane strain compression yield 
strength curve. The pressures are plotted in this manner in Figs. 
8-12. The unloading regions near the center lines are sketched 
in from the angular position @ giving an elastic unloading strain 
corresponding to the plane-strain compression yield strength of 
the material. 

It is clear that in strip-rolling, the early peening peaks, if 
present at all, would be over such a small fraction of the arc of 
contact as not to be measurable with pins of the size used so far 
in such experiments. For example, the entire region of a peening 
peak of test 10 of Table 2 would be only 0.02 in. long. This is 
less than 7 per cent of the projected contact arc. Even if present, 
therefore, it would not contribute any appreciable amount to the 
resultant loads and torques. 
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ANGLE OF CONTACT— 
Fig. 12 Normal pressure distribution in contact arc for square steel bar 
(test no. 16, Table 1) (per cent reduction, 10.16) 


Experimental curves: A, traverse location, 0.01 in. from center; B, tra- 
verse location, 0.16 in. from center; C, traverse location, 0.37 in. from 
center; D, average pressure distribution; F, yield strength curve (plane 
strain). Calculated curve: E, from stress-strain analysis. Line of roll cen- 
ters, G. 


In general, this procedure indicates that the pressures measured 
by the cantilever weighbar embedded in the roll were higher in 
the early portion of the pressure curves than the calculated 
values and lower nearer the center line. Since the weighbar stiff- 
ness was probably slightly greater than the roll it may happen 
that the initial pin impression also disturbed the latter part of the 
curve especially for the lighter reductions. The best agreement 
between the calculated and experimental pressure curves appears 
to be with the larger reductions as shown in Figs. 9 and 11. 

Table 3 gives a comparison of a number of the resultant loads 
and torques as measured by means of the load-cell and the 
torquemeter with those calculated from pressure distribution 
measurememts, and from the calculated pressure distributions 
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Table > Comparison of torques and loads measured with those calculated from derived and measured pres- 


sure distributions 


—Figure no.—~ -——-Measured*-— 
Test ASME 
no. Paper rep. (Ib-in.) (Ib) 
1890 6310 
3490 9830 
6150 14370 
1320 9370 
4650 17770 
17620 45960 
16 2 j 10870 38630 


“ Measured by load cell and torquemeter. 


——Caleulated’—— —Caleulated*-— 
P M, P 
(Ib-in.) (lb) (Ib-in.) (ib) 
2150 6680 1970 6800 
4380 10370 4100 10500 
6630 13670 6780 14400 
1510? 137004 1280° 9500° 
6105 19800 5000 17800 
19230 43100 
13340 44000 11260 39286 


Calculated from pressure distribution measurements. 
“From calculated pressure distributions obtained from stress-strain data. 


4 Only center traverse available here. 
© Including friction-hill, « = 0.170. 


just determined.* For the square bars, fair agreement was ob- 
tained in the cases listed, although a somewhat closer agreement 
is shown between the measured values in Col. (a) and the values 
calculated from the pressure distributions derived, Col. (c).‘ 


Effects of Friction 


The procedure employed here to calculate the contact pressure 
distributions for the square bars did not involve any consideration 
of the effects of friction in the contact are. Rolling without some 
friction of course is not possible. Undoubtedly frictional effects 
were present in these cases and a more rigorous attack might re- 
veal its magnitude. The only theoretical solutions of the rolling 
problem available deal with plane strain as in strip-rolling and 
involve various assumptions not valid for application to the roll- 
ing of the square bars considered here. 

The friction-hill for strip-rolling builds up the contact pressure 
well above the values of the plane compression yield strength 
curves, This is seen in Fig. 13. Curve A is the trace of the con- 
tact pressure measured along the center line only for rolling 
aluminum strip (0.063 in. thick) to 48.10 per cent reduction. 
Curve C is the distribution of the plane-strain compression yield 
strength along the are of contact. Curve B represents the fric- 
tion-hill effect as calculated for the present data using the method 
of Bland and Ford [4] with a friction coefficient 4 = 0.170. Test 
no. 10, listed in Table 3, shows the calculated values of Col. (c) to 
be in good agreement with the loads and torques measured by 
load-cell and torquemeter, Col. (a). The lack of agreement with 


For this purpose, referring to Fig. 5 and considering the small 
angles involved, the following relations were found to be sufficiently 
accurate 


P(r +r’ 
P =r’ pbda’, = 6 f, pha'da’ 


In many of the cases, roll flattening was unimportant and r was used 
in place of r’. 

‘It should be noted that this procedure is presented as an ap- 
proximate treatment only. To arrive at a feasible solution without 
extensive investigation, the following additional assumptions have 
been utilized: The effects of friction, discussed in some detail in the 
next section, have been neglected. The compression of the in- 
dividual elastic-plastic columns in the peening region is treated uni- 
axially, although some biaxial effect is included from the use of Fig. 7. 
Considering work-hardening, the value 200 /1/3 is taken as the average 
over the height of each individual column. Instead of using Fig. 7 
for a constant height h and variable indenter width w, the height hz 
is variable with a constant indenter width w determined from the 
value at entry. With the possible exception of friction, the indi- 
vidual effect of each of these assumptions cannot be appraised at 
this time due to the present state of development of the science of 
rolling. In common with all current theories for metal forming proc- 
esses, the ultimate practical justification of such assumptions is in 
the degree to which their combined effect in the theory provides a 
method yielding a final answer in agreement with experimental re- 
sults. 
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Fig. 13 Normal pressure distribution along center line in contact arc for 
aluminum strip (test no. 10, Table 1) (per cent reduction, 48.10) 

A, from experiment; B, calculated using friction-hill, u, 0.170; C, yield 
strength curve (plane strain); D, end of contact due to roll flattening; E, 
end of contact including strip re-bound; F, line of roll centers 


Col. (b) is due to the fact that only a center trace was measured 
and average pressures could not be estimated. 

On the other hand, for the billet rolling examples represented 
by the square bars in Figs. 8-12, in all cases the experimental 
pressure curves are well below the plane-strain compression yield 
strength curves near the roll center lines where friction would 
tend to augment the pressure. This is in direct contrast to the 
result shown in Fig. 13 for strip-rolling. For the heavier reduc- 
tions, shown in Figs. 9 and 11, the experimental pressure curves 
are quite close to the yield strength curves for a considerable 
portion of the last half of the contact are. Thus little evidence 
of a contact pressure build-up by friction is presented for the 
billet-rolling, cases. 

The friction-hill effect also seems to have little relation to the 
early peening peak found near the entry to the contact are. 
Curves H and J of Fig. 8 were included merely to indicate the 
horizontal location of the friction-hill peaks relative to the peening 
peaks for large coefficients of friction (even though current fric- 
tion-hill theory is not directly applicable here). 

Finally, it was found necessary to include friction effects only 
in the strip-rolling cases listed as test nos. 9 and 10 in Tables 1 
and 2 in order to obtain agreement of the calculated and meas- 
ured values of rolling load and torque. 
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These considerations suggest that the effects of friction were in- 
deed very small in the cases of the square bars rolled. Instead 
then, of calling the pressure peak near the roll center lines a fric- 
tion-hill peak as for strip rolling, in the billet-rolling tests re- 
ported here it will be called the strain-hardening peak. 


Contact Pressure Distributions From Local Elastic Roll 
Deflections 


Instead of attempting to determine the distribution of pres- 
sures in the are of contact from considerations of the deformation 
and stress-strain properties of the billet, an alternate method is 
to approach the problem through the local elastic deflections of 
the roll itself. While it is not likely that much light will be 
thrown on the phenomenological aspects of plastic flow in the 
billet, the method will be found useful in showing how the pres- 
sure distribution changes in passing from billet to strip-rolling. 


FOR SMALL ANGLES — 


+ 


WHERE y,= 


Fig. 14 Sketch for calculating type of local elastic roll deflection 


Let us consider the roll to be stiff relative to the billet and that 
the original center of the roll O, in Fig. 14 is displaced vertically 
and horizontally by amounts yp and 2, respectively, to point O, 
through the action of P and M,. Simple geometrical considera- 
tions will show that the radial deflection 6 is 


+ — (ro cos — yo sin @)?]'* (4) 

For small angles of the order of magnitude encountered here 
equation (4) becomes 

6 = md + yw —rt+ [r? — (m ys)? 

+ yo’ 

where 

Yo" =f + [r? 


This indicates that the local radial deflection varies linearly with 
¢ in this region, and it is assumed that the roll surface deforms in 
this manner under actual conditions when subjected to the action 
of the normal stresses. Fig. 15 includes an enlarged view of the 
surface of contact of the roll under the action of the radial pres- 
sures g. The unknown radial pressure distribution, acting over 
the projected are of contact of length L, is divided into ten equal 
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parts of length, L/10 having individual values q; where i varies 
from 0 to 9. The elastic deflections at the center of each of these 
small divisions are v, where 7 also varies from 0 to 9. The deflec- 
tions at the ends of the are of contact are dy and 6, with the de- 
flection varying linearly in between them. This is somewhat 
analogous to the problem solved some time ago by Sadowsky 
[21] except that here the deflection of the boundary is not con- 
stant but varying linearly. The situation resolves itself into 
finding the unknown distribution of pressure corresponding to the 
linearly varying deflection and relating it to the rolling load P 
and torque M,. It can be solved simply by using the known 
solution for the deflection of a semiplane boundary loaded over 
the length L/10 by a uniform pressure [22, 23, 24], and by super- 
imposing the effects of adjacent values of g;. The result is 


v; = 6b; + — 


L 
+ CA + | (6) 
TE 


where i = 0, 1, 2, .., 9; C; = 0.3706, C, = 0.07691, and E is 


the elastic modulus of the roll material. This gives ten equations 
in ten unknowns. These can be solved for the individual q,; 
values most expeditiously by the method of relaxation. The re- 
sults are 


qo = 2.247 A + 0.0746 B qs 
A+02903B 
A + 0.476 B 

1.235 A + 0.667 B @ = 

= 1.049 A + 0.858 B qo 


0.858 A + 1.049 B 

0.667 A + 1.235 B 

0.476 A+ 1450B >) (7) 
0.2903 A + 1.526 B 

0.0746 A + 2.247 B 


where 


A = 6(mE/L), B = 


From integration the load P and torque moment M, become 
P 0.9873 Lb (A + B) 
M, (0.005) [63.762 A + 133.696 B| 


where b is the width of the bar. 

More accurate values could be obtained with the same process 
by utilizing a larger number of subdivisions. The number used, 
however, will be sufficient for the purposes intended. 

To apply these equations in the rolling problem, it is only 
necessary to substitute in equations (8) the values of the rolling 
load P and the torque M, as measured by the load cell and the 
torquemeter and to solve for A and B. The values of L and b of 
course are known. The quantities A and B are then substituted 
in equations (7) and the pressure distribution is thus determined 


over the are of contact. Since no restrictions have been placed 
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Fig. 15 Section of roll indicating symbols for calculation of local elastic 
roll deflection 
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Fig. 16 Normal pressure distributions in contact arc as calculated from 
analysis based on local elastic roll deflections 


A, test 10, Table 1, strip-rolling; B, test 9, Table 1, strip-rolling; C, test 8, 
Table 1, nearer strip-rolling; D, test 7, Table 1, billet-rolling; E, test 1, 
Table 1, billet-rolling 
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Fig. 17 Normal pressure distributions in contact arc as measured 


A, test 10, Table 1, strip-rolling; B, test 9, Table 1, strip-rolling; C, test 8, 
Table 1, nearer strip-rolling; D, test 7, Table 1, billet-rolling; E, test 1, 
Table 1, billet-rolling 


on the relative magnitudes of 5) and 6,, we may have in some 
cases bp > 6; and in others 6, > dy. 

It will be useful to apply equations (7) and (8) to the problem of 
determining how the type of contact pressure distribution changes 
with different pairs of values of P and M, in some of the typical 
tests listed in Tables 1 and 2. For example, it would be of in- 
terest to compare the pressure distributions so calculated for the 
cases of billet-rolling with those of strip-rolling. The ones 
selected are tests Nos. 1, 7, 8, 9, 10 in these tables. The first two 
represent billet-rolling under light and heavier reductions, re- 
spectively, and the latter three tend more and more toward 
strip-rolling. Equations (7) and (8), when solved, give the 
pressure distributions (or g; values) plotted in Fig. 16 for each of 
these examples. Fig. 17 shows the pressure distributions (cor- 
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rected for pin width)* measured along the center lines for the same 
cases as calculated in Fig. 16. It may be seen that the same 
tendency is shown in both Figs. 16 and 17 for the early pressure 
or peening peak to transfer over to a peak near the center line 
as we go from billet to strip-rolling. Similarly a comparison of 
the pressure curves D in each figure for the billet-rolling shows 
the same tendency for a double pressure peak to be formed, one 
near each end of the contact are. 


Summary and Conclusions 


The dual objectives of the paper have been (a) to summarize 
the most salient features of the experimental results embodied 
in the ASME Report entitled ‘Rolling of Metals’’ by the present 
authors and (b) to extend the investigation by submitting an 
analysis of the data through new approximate solutions designed 
to throw additional light on the rolling problem. The following 
conclusions may be made: 


1 Good agreement was found between the rolling loads and 
torques measured with the load cell and the torquemeter, and 
those loads and torques calculated from data derived from con- 
strained compression tests on the material. 

2 An early peak in the contact pressure was found near 
entry in the billet-rolling examples for all of the materials tested 
as contrasted to the pressure peak near the center line for strip- 
rolling. For heavier reductions in billet-rolling the tests also 
disclosed a second pressure peak near the center line. 

3 An approximate analysis was presented for billet-rolling. 
This included the peening effect near entry and was based upon 
stress-strain data. It predicted distributions of contact pressure 
which were in quite fair agreement with the experimental results. 
Dual pressure peaks were obtained as by experiment. 

4 The approximate analyses mentioned in items (1) and (3), 
together with an analysis of the strip-rolling cases including the 
friction-hill effect, suggested that the effects of friction were 
probably quite small for all the square bars rolled. The second 
peak near the roll center line is called the strain-hardening peak, 
since the analysis demonstrated that strain-hardening was re- 
sponsible for its generation. 

5 A procedure was presented whereby the salient features in 
contact pressure distributions for strip and billet-rolling could 
be obtained from an analysis of the local elastic deformations of 
the roll. Comparisons of the contact pressure curves derived by 
this method and those curves obtained experimentally showed 
the same tendency for the early pressure peak (peening) to trans- 
fer over to a peak near the center line as we go from billet to strip- 
rolling. Further, double pressure peaks were disclosed by the 
analysis for billet-rolling as shown by tests on the same bar. 
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DISCUSSION 
J. G. Wistreich® 


Rolling of Metals Project. The work recounted in the “Final” 
1958 Report has brought to light new facts about the 
pressure distribution in flat-rolling, which are not only of aca- 
demic but also of practical interest to hot-rolling, particularly 
to the primary stage. The use of cold metal in the experiments is 
not too serious a handicap in this respect since (a), even in hot- 
rolling, metal work-hardens during deformation by amounts and 
at rates prevalent in industrial practice (as our investigations on 
the Plastometer have shown) and (6), one gains the impression 
that the friction in the authors’ work was high, perhaps even 
comparable with that in hot-rolling. 

In connection with the occurrence of double peaks or ‘of a single 
peak in an “anomalous’’ position, it may interest the authors that 
the divergence between Sims’ hot-rolling theory and measure- 
ments is pronounced precisely in that range of roll diameter- 
thickness ratios in which these “anomalies’’ have been dis- 
covered. Moreover, in this range one encounters values of the 
lever arm which are quite incompatible with the classical rolling 
theory. 

As regards any theory to account for the phenomena observed, 
the authors might well take note of J. M. Alexander's work’ which 
is the only attempt known to the writer of tackling the problem 
directly from first principles of plasticity theory. It is notable 
that Alexander found it necessary to postulate a surface region of 
“rigid” material close to the entry into the roll gap. 

Regarding future research, a continuation of the work would 
seem to be well worth while and should figure high up on any list of 
suggested lines of work. In the broadest terms, the ‘aim should be 
to explore further the fundamentals of rolling “thick’’ stock with 
particular reference to primary rolling. More specifically, the 
technique already developed should be employed in a more com- 
plete exploration of the variation of the pressure distribution, 
mean pressure, and lever arm with the ?/H ratio and with reduc- 
tion, within the ranges relevant to primary rolling. 

Effect of Friction in Rolling. Very little is known about this in 
regard to hot-rolling. It will be noted that in the Sims’ theory of 
hot-rolling complete sticking along the entire are of contact is 
assumed, whereas there is evidence of slip occurring in prac- 
tice and the amount of spread varying with the surface condition 
of the stock. 

This work would tie in rather naturally with the project on 
friction measurements at elevated temperatures and extreme pres- 
sures. Note should be taken of Russian and Polish work in the 
field of hot-rolling. (A book appeared in 1956, by Tarnovski and 
associates, on the fundamentals of deformation in this process.) 

In cold-rolling it would seem to be more important to study the 
mechanism of lubrication, the dependence of strip finish on con- 
ditions of rolling, than to expend effort on the very difficult 
problem of ascertaining the variation of the coefficient of friction 
along the are of contact. 

BISRA Work and Plans. In cold-rolling of strip, our main 
effort is currently devoted to the fundamentals of the behavior of 
tandem mills, with particular reference to automatic control. 
We are looking into the effects of mechanical and electrical charac- 
teristics of individual mill stands on gage and tension fluctuations 
in the mill as a whole. We also are carrying out ad hoc oil trials 
with particular reference to 3 and 4-stand mills rolling both thick 


¢ The British Iron and Steel Research Association, Sheffield, Eng- 
land. 

7J. M. Alexander, ‘‘Slip Line Field for the Hot Rolling Process,” 
Proceedings of The Institution of Mechanical Engineers, vol. 169, 1955, 
pp. 1021-1028. 
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and thin sheet gages. Our plans for the immediate future com- 
prise exploration of the problem of shape in wide-strip rolling and 
of a more fundamental approach to rolling lubrication at high 
speeds. 

The field of hot-rolling of strip is at present under reappraisal, 
having regard, among other things, to the future of rolling con- 
tinuously cast material and the use of planetary mills. 

In the rolling of shapes, we are concerned primarily with prob- 
lems of wire rod and bar mills. An experimental program of work 
on the forces, torques, and pass filling in diamond-square se- 
quences is in progress, based on the possibility of adapting the 
Sims’ theory of hot-rolling of flats together with Wusatowski’s 
work on free spread to closed-pass rolling. Our intention, at 
present, is to proceed to other pass designs, and to investigate 
the effects of tension in continuous mills and the stability of 
various pass designs with regard to twisting. 

In wire-drawing, the emphasis of our work was shifted this year 
from lubrication to heat extraction and we are making good 
progress with the appraisal of alternative methods of keeping the 
wire cool in high-speed machines and the development of better 
methods. 


Authors’ Closure 


The authors wish to thank all those who have contributed a 
diseussion to this paper, both the oral and the writien ones. 

It was interesting to learn from the comments of Wistreich, 
whose remarks refer to the large ASME report itself, that Sims’ 
hot-rolling theory departs from experimental results for those roll 
diameter-thickness ratios in which we have found the double con- 
tact pressure peaks. Also it was pointed out that, for these cases, 
values of the lever arm are incompatible with classical rolling 
theory. 

As shown in Table 2 of the paper, quite good agreement was 
found between experimental values of rolling load and torque and 
those values calculated from the constrained compression test data 
for all billet rolling cases involving the double pressure-peak ef- 
fect. The lever arm was taken as L/2 in equations (2). It was 
necessary, however, to determine po corresponding to the average 


vertical strain in the roll gap. This procedure automatically took 


Table 4 Comparison of measured torques and loads 


test data and tension test data 


(Lb.) 


TEST MATERIAL 


1,890 
3,960 
3,490 
6,150 
1,110 
1,920 


into account the local restraining effect of the adjacent elastic re- 
gions when constrained compression test data were utilized. 

It really was unnecessary, except as an interesting check, to 
have performed these constrained compression tests to obtain 
data for calculating rolling loads and torques from stress-strain 
data. Equally good agreement would have been obtained be- 
tween measured values of rolling load and torque and those calcu- 
lated using the true stress-strain tension test data together with 
the constraint factors contained in Hill’s curve of Fig. 7 in the 
paper. The procedure in this case is first to determine from Figs. 
1 to 3 the true stress corresponding to the average vertical strain € 
in the roll-gap for the given reduction from the tension curves con- 
verted to plane strain. The constraint factor is next obtained 
from Hill’s curve (Fig. 7) corresponding to the value of ho/L. 
When the true stress, so found, is multiplied by the constraint 
factor, the resulting value is a close estimate of the average 
rolling pressure po. The rolling loads and torques can then be 
calculated from equations (2) as before. Table 4 compares values 
of rolling loads and torques as measured with those calculated 
from constrained compression test data and tension test data. 
Equally good agreement is seen by both procedures. The latter 
method of using true stress-strain tension data, the average ver- 
tical strain, and Hill’s constraint curve for calculating P and M, 
was not included in the paper due to space limitations—but it 
greatly simplifies the prediction of rolling loads and torques. 
This would especially be true for high temperature rolling cases 
since it would eliminate the necessity to perform the more diffi- 
cult constrained compression tests. 

Since Wistreich’s comments refer to the ASME Report which 
did not contain the theories proposed in the present paper to ac- 
count for the phenomena observed, his remarks relating to the 
attempt to tackle the problem from first principles of plasticity 
theory may have been made without the benefit of seeing these 
more recent developments. The authors, however, are pleased 
to have the reference to J. M. Alexander’s work of which" they 
were unaware until now. 

The authors are also indebted to Wistreich for a description of 
current and future research work in rolling being undertaken by 
the British Iron and Steel Research Association. 


with those predicted from constrained compression 


CALCULATED! b] caLcuLarxp! °] 
t P Mt P 
(Lb.-In.) (Lb.) (Lb.-In.) (ib.) 


1,614 
3,810 
3,748 
5,950 
1,020 
1,800 
4,770 
11,220 
18,480 
4,700 
4,600 
10,250 
16,350 
4,630 


6,680 
10,000 
9,940 
12,900 
4,950 
6,670 
17,700 
29,700 
40,300 
17,500 
24,700 
38,100 
49 , 400 
24,600 


C&LCULATED FROM CONSTRAINED COMPRESSION TEST 
CALCULATED FROM TRUE STRESS-STRAIN TENSION TEST DaTa 
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1 dluminum 6,310 1,740 18400 
9.800 8 00 
9.830 3,748 9,940 
‘ 14,370 6,010 13,020 
5 4,070 975 4,730 
6 6,530 1,735 6,430 
Copper 4,650 17,770 4,600 17,050 
12 9,540 30,150 11,400 30,150 
13 17,620 45,960 19,480 42,500 
14 4,680 17,720 4,500 16,940 
et 15 Steel 4,550 25,000 4,580 24,600 
Rye 16 " 10,870 38,630 10,000 397,200 
17 " 16,880 50,150 15,860 47,900 
18 5,370 25,480 4,660 24,750 


M. D. STONE 


M ger of Develop t, United 
Engineering & Foundry Company, 
Pittsburgh, Pa. Mem. ASME 


Ten EFFECTS OF FRICTION in rolling as in other metal 
deformation processes—and in truth, in most all phases of engi- 
neering—are at the same time detrimental and desirable. The 
former usually outweigh the latter. However, if no frictional 
effects existed, we would find it difficult to walk, or to propel 
ourselves, particularly on land, or to brake our locomotion, ete. 
Just so in rolling, particularly hot rolling, we depend on a high 
value of friction, to enable us to take a heavy reduction, from the 
point of view of “bite angle,’”’ i.e., the condition of a slab entering 
a blooming mill, for example. However, once we have recognized 
this effect, most of the others are detrimental, or of no particular 
significance. Friction increases rolling pressure, increases the 
power required to roll, limits the thinness of gage to which we can 
hot roll or cold roll (along with other associated phenomena), and 
has collateral effects on forward slip, side spread, ete. 


Hot Rolling 


In hot rolling, it was early appreciated that more exact informa- 
tion on the friction between hot steel (or any metal being rolled) 
and the work rolls was necessary. Very often, the major limita- 
tion in making a heavy reduction is the entering angle or bite 
angle limitation. While many investigators, earlier than Sonn- 
tag [1],' had experimentally determined bite angles for various 
materials under various conditions, he was the first to associate 
the limiting bite angle with the concept of the coefficient of friction 
between the hot steel and the work rolls. Tafel [2] later carried 
out a series of experiments relating this limiting bite angle to the 
speed of rolling, and later still, Ekelund [3] extended this type of 
investigation to show the effects of metal temperature and finish 
of the roll surface. 


Bite Angle Friction 


In Fig. 1 are shown the forces involved when a slab attempts 
to enter a rolling mill. Due to the forward rotation of the table 
rollers, the slab is urged against the rotating roll surfaces, result- 
ing in a normal foree N which passes through the center of the 
rolls, defining the bite angle a. Due to friction effects, a tangen- 
tial force T, acting at right angles to N is induced, where 7 = wN. 
The resultant of N and T is R, as shown. Now the friction force 
T tends to urge the slab into the bite with a horizontal force Ty = 
T cos a = uN cosa. The normal force N tends to resist this 
entrance, with a negative horizontal force Ny = N sin a. If 
T , > Ny, i.e., uN cos a > N sin a, then the bar enters—this con- 
dition is shown by the fact that the resultant force 2 has a horizon- 
tal component F,, to the left of thre vertical line through the con- 

1 Numbers in brackets designate References at end of paper. 

Contributed by Research Committee on the Plastic Flow of Metals 
and presented at a joint session with the Metals Engineering, Ap- 
plied Mechanics, Lubrication, and Production Engineering Divisions, 
at the Annual Meeting, New York, N. Y., November 30-December 5, 
1958, of THe AmeRICAN SocieTy OF MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, Decem- 
ber 1, 1958. This paper was not preprinted. 
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Fig. 1 Force diagr of slab entering a roll bite 


tact pointO. When 7’, = 7,(R, = 0), then we have the limiting 
entry condition, whereby the bite angle defines the friction co- 
efficient, i.e., uN cosa = N sin aor w= tana. Values of coeffi- 
cient of friction, as determined in this manner, vary from 0.70, for 
rough iron rolls and lower rolling temperatures of about 1300 F, 
to 0.40 for smooth steel rolls and high rolling temperatures of 
around 2200 F—see the literature references given or Under- 
wood’s excellent review book [4]. If Ty < Ny, i.e., uN cos a < 
N sin a, or wp < tan a, the bar will not enter. 


Rolling Friction—Forward Slip 


Once the bar is entered, friction enters into the hot rolling proc- 
ess in a quite different manner. Since the horizontal force within 
the roll bite, due to both normal forces and tangential or fric- 
tional forces, must be in equilibrium (since the bar is not ac- 
celerating through the bite), then it has been apparent for a long 
time now that the roll surface velocity is greater than the slab 
velocity at the entry to the bite—and likewise, the slab velocity 
as it leaves the bite must be greater than that of the roll surface. 
While this fact is commonly neglected by many rolling mill en- 
gineers, when one is more intimately concerned with the me- 
chanics of the rolling process, it cannot be forgotten. In fact, this 
“forward slip,’”’ as it has come to be called, has been recognized 
for a long time, going back to Hallenburg in 1882, but Puppe [5] 
seems to have been the first to experimentally study this phe- 
nomenon in some detail, especially relating forward slip to metal 
temperature, etc. The fact that forward slip was intimately con- 
nected with the value of the friction coefficient in the rolling con- 
tact area, however, seems not to have been correctly appreciated 
until considerably later [3, 6). 

Referring to Fig. 2, a hot bar or strip of initial thickness ¢, is 
being reduced in a pair of rolls of radius R to a final thickness 
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tz—the entry and delivery speed being »; and v2, respectively, and 
the roll surface velocity V. It is assumed, for this appraisal, that 
the normal rolling pressure p is constant and that the tangential 
friction force per unit of area is up, where uy = coefficient of fric- 
tion, taken as constant throughout the contact arc. The bite angle 
is a, and the no-slip point is defined by the angle y, i.e., for > p 
the rolls move faster than the bar, and for 8 < W the bar moves 
faster than the rolls. Now, since the bar is moving through the 
mill at a constant velocity, the resultant horizontal force must be 
zero. The horizontal forces on any element, Rd#, are given by 


0<A<y 
y<0<a 


Su = (psin 0 + up cos 6)Rd0 
Su = —(psin 6 — up cos 6)Rdb 


Thus the equilibrium condition is that 


pR (sin + cos = —pR (sin 8 — cos 6)d9 
which after integration, gives 


1 — 


sina — 2siny 


(1) 


For a and W small, equation (1) may be reduced to 


a? 
— 2p) 


a (: la 
2 p 2 
From equation (2b), we see that for a given reduction a@ the fric- 
tion « determines the position of the no-slip point y. 

Now, from conditions of continuity, nit; = vt, = Vty cos y, 
where ty is the strip thickness at the no-slip point. Geometrically, 
ty = + 2R(1 — cos W), from which we get that 

V cos 


+ 2R(1 — cos 
2 


y = 


Now, we define forward slip as 
— V 
Forward slip = = whence 


V 
S, = (1 — cos p) coo i) 


(3) 


And again for small angles y equation (3) may be reduced to 


1 R 
-1) 


Equations (2) and (4) were first obtained by Ekelund and Dahl. 
Now, to attempt to explicitly associate forward slip and rolling 
friction, we may eliminate Y between equations (2b) and (4) 


a 


(4) 


whence 
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Fig. 2. Rolling pressures and friction forces in contact arc 
Now, let us introduce a new variable, the reduction r, defined as 
r = (t; — &)/h, which converts (5) into 


1 
r 


2 
(1-5) 


From (6b), we can now study how S, is affected by uw. We see, 
for instance, that as uw increases, S, increases, and for uy — ©, 


r 


Also, we see from (6b), that it is theoretically possible for S; to be 


(7) 


a 
= 0, but this would require that u = 2° 


Now, while this is a possible rolling condition, corresponding to 
the no-slip angle being zero (from 2b), which could be the case, 
once the bar is entered, we remember from considerations regard- 
ing Fig. 1 that the bar will not enter if u < a. Thus we define 
Symin (practical) as, for a = pw substituted in (6b): 


r 
Ssmin /i¢ (, 


Thus by plotting equations (7) and (8), as shown in Fig. 3, we 
define the complete range of S, as a function of r, for all values of 
friction uw. It is also instructive to relate S, and yu, for any value 
of reduction r. Returning to equation (6b) again, and rearrang- 
ing, we obtain 


ero f 1 
Oo 
2 


(8) 


S, 


l-r 


which is plotted in Fig. 4. 

From the curves in Fig. 3 and Fig. 4, we can get a clearer idea 
of the inter-relationship of forward slip and rolling friction for 
any rolling condition. To better appreciate the magnitudes in- 
volved, let us consider the case of a hot mill with 16-in-diameter 
work rolls, reducing hot strip from 0.250 to0.170in. Thus R = 8 


(9) 
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Fig. 3 Range of forward slip versus reduction, as a function of rolling 
friction 


ASYMPTOTE 


> EXAMPLE) 


Q, + 
0.06 610 O18 G20 O85 
S$ 


(Be) 


Fig. 4 Relation between forward slip, friction, reduction, and bite angle, 
equation (9) 


in., 4 = 0.250 in., r = 0.32 (32 per cent reduction), and a = 0.1 
radians = 5.73 deg From Fig. 3, we see that, forr = 0.32, S, 
will lie between 0.029 and 0.118, i.e., between 2.9 and 11.8 per 
cent forward slip. Now, if « were 0.30, S, would be 8.2 per cent; 
and if u were as high as 0.60, S, would be only 9.9 per cent—thus 
a 21 per cent variation in S, corresponds to a 100 per cent varia- 
tion in w. In carrying out the actual experiments, a mark on the 
circumference of the 16-in-diameter roll (50.2-in-circumference) 
would imprint the delivered strip with marks having a spacing 
of 54.3 in. in one case, and 55.2 in. in the other. From this 
standpoint, a variation in spacing of 0.90 in., or only 1.65 per cent, 
corresponds to a variation in yu of 100 per cent, but perhaps this is 
too pessimistic a view to take of this method. In the early days 
of investigations into rolling, and even now, it affords a simple 
way to determine friction. In reality, of course, the practical 
reason for wanting to know the value of friction is to determine 
or predict its magnifying effect on the pressure and power re- 
quired to roll a given product. And hence, a direct measure of 
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Fig. 5 Illustrating increase in rolling pressure, due to friction, etc. 


rolling pressure, for instance, for a material having a known defor- 
mation resistance at a given temperature would be better. 


Effect of Friction on Rolling Pressure 


The effect of friction on increasing rolling pressure has been 
the subject of considerable study, and is fairly well understood at 
present. Based on pioneering work by von Karman [7], followed 
up by Nadai [8], we developed a simplified expression for the 
increased rolling pressure [9, 10, 11] due to friction, etc. 


p=%| — = X PMF 


where, as shown in Fig. 5, 


p = mean rolling pressure (in contact arc), lb/in.* 
1.155 X pm.y.» (constrained yield stress), lb/in.? 
= mean yield stress (during reduction), lb/in.* 
mean friction coefficient (in contact arc) 
L length of contact arc, in. 
l mean strip thickness (in contact arc), in. 
PMF Pressure Multiplication Factor 


From (10), the value for the total rolling force P is 


P = pol (11) 


where w = strip width, in. 

The great effect of friction is illustrated in Fig. 5(b), where it is 
seen that the pressure may easily be increased five-fold, for a 
wL/t value of 2.6. For relatively thick strip, the length L may be 
taken as the unflattened are length | = V R(t; — t) and t may 
be taken as the arithmetic mean t = (t; + &)/2. For thinner 
strip, however, the flattened length [10] must be used, and the 
geometric mean, ¢ = (t; + 2)/3 should be utilized. For the hot 
rolling example discussed in connection with Fig. 4, where 4 = 
0.250 in. and t; = 0.175 in., | = 8 X 0.080 = 0.80 in., and L 
would be only about 2 per cent greater, i.e., L = 0.82 in. Now 
t = (0.250 + 2 & 0.175)/3 = 0.197 in., and y, for a 1900 F tem- 
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perature, will be taken as 0.30. Thus wL/t = (0.30 X 0.82)/ 
0.197 = 1.26, and the corresponding value of PMF is 2.0. This 
means that, whereas the deformation resistance of low carbon strip, 
say, at the rolling temperature is 20,000 lb/in.*, the mean specific 
rolling pressure required to effect the reduction is 2.0 X 1.155 X 
20,000 = 47,000 lb/in.*, a real increase indeed. 

It would be more than interesting to compare the forward slip 
method of friction determination, with the increase in rolling 
pressure method—and any other method, such as limiting bite 
angle, etc. Some pertinent test data have recently come to the 
writer’s attention [12] that will enable us to compare the first 
two methods. In Fig. 6, are given hot rolling test data for low 
carbon steel, rolled at 1900 F on a laboratory mill, having 5-in- 
diameter steel work rolls. All samples had an initial thickness of 
‘/,in., were 1 in. wide, and were rolled at 200 fpm, and measure- 
ments of rolling pressure P and forward slip S, were made for a 
variety of reductions r. Pressure data were given as average 
specific pressure p,, based on the unflattened roll are length J. 
Now, by extrapolating the specific pressure data back to zero 
reduction, we obtain the constrained yield stress of the material 
as s = 30,000 lb/in.*, from which the corresponding mean yield 
stress is determined as 30,000/1.155 = 26,000 lb/in.? 

Now, let us consider, for example, the conditions for a 30 per 
cent reduction, i.e., 7 = 0.3, where 4, = 0.125 in. and t, = 0.087 in. 
For this case, l calculates as 0.307 in., from which the flattened 
are length is determined as L = 0.315in. From the corresponding 
test value of p, = 54,000 lb/in.*, we calculate p as 0.307/0.315 X 
54,000 = 52,500 Ib/in.*, and thus for this condition, we evaluate 
PMF as 52,500/30,000 = 1.75, from which we determine [from 
Fig. 5(b)] that = 0.90. Now since = (0.125 + 2 0.087)/ 
4 = 0.100 in., we get that uw = t/L XK 0.90 = 0.100 K 0.90/0.315 
= 0.285 as the calculated value of friction, from the rolling pres- 
sure data. Now, as to the forward slip data, Fig. 6 gives us a 
value of S; = 0.059, for r = 0.3. Based on these data, we have, 


0.3 
therefore, that S, / 0.030 /( = = 0.137, and from 
/\ie-r 0.7 


Fig. 4, the corresponding value of (u/a@) is 1.95. Now, for the 
rolling conditions under consideration, the bite angle a = 7.1 deg 
= 0.123 radians, thus uw = 1.95 & 0.123 = 0.24, which is some- 
what lower than the value calculated previously from the rolling 
pressure data. Now, from bite angle tests by Ekelund [3], using 
iron rolls and slow speeds, a value of uw = 0.55 was obtained, 
which Trinks estimated would be about 0.45 for steel rolls, so 
that it is seen that bite angle tests give much higher values of u 
than do pressure data or forward slip tests. Referring to another 
set of bite angle tests by Tafel [2], a value of u = 0.45 was ob- 
tained at slow speed, but at 2200 F, which would correspond to 
probably 0.55 at 1900 F; so here again we see a high level of fric- 
tion, under entering conditions. And thus, we must raise a warn- 
ing against the use of bite angle friction test data for use in the de- 
termination of rolling pressures. The fact that they are rela- 
tively higher, of course, is a distinct advantage in enabling the 
roller to enter slabs under heavy reduction conditions. It would 
be well if a considerable number of test data were available and 
studied from these points of view. 


Effect of Friction on Minimum Gage 


Another important consequence of friction in rolling is its 
limiting effect on the minimum gage of strip that can be rolled. 
In an earlier paper [10], the author first presented a general 
simplified formula relating minimum gage friction work 
roll diameter D, work roll modulus of elasticity Z, and constrained 
yield stress of the material being rolled so, as 


Dso € 
tmin = 3.58 — (12) 
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Fig. 6 Test data for determination of rolling friction 


from which it is seen that ¢,,;, is directly proportional to the fric- 
tion coefficient uw. The higher the friction, the heavier is the 
minimum gage that can be rolled. For example, for a modern 
hot strip mill, having 23-in-diameter iron work rolls, and finish- 
ing low carbon strip at 1700 F and 2000 fpm, we would have 
= 35,000 lb/in.*, = 0.35, and E = 21 X 10° lb/in.’, from 
which it would follow that tmin = 0.048 in. is the minimum hot 
band that could be produced off the mill. The production of thin 
gage strip, therefore, can only be accomplished by subsequent 
cold rolling. It is more than a curious fact that the same strip 
that can hardly be hot rolled to less than 16 gage, can be subse- 
quently cold rolled to less than 0.010 in. The heart of the matter 
is control of rolling friction. 


Cold Rolling =, 


Whereas, the friction coefficients in hot rolling range from 0.70 
to 0.20, as mentioned earlier, the values of u in cold rolling range 
from 0.12 to 0.03, as has been abundantly investigated. The 
problem of determining the values of rolling friction during the 
actual cold rolling operation has been a matter of considerable 
research, and some controversy. Among the earliest to consider 
the matter to some extent were Lueg and Pomp [13] and Trinks 
[14]. Lueg’s tests were on a small laboratory mill, having 2-in- 
diameter work rolls, were run at a low speed of 5 fpm and were 
made without lubrication, as well as with one type of lubricant. 
Using the forward slip method of evaluation of uw, he obtained 
values ranging from 0.07 to 0.12, being not too much different 
when lubricated than when dry, probably because the lubricant 
was squeezed out at the low speeds employed. Trinks’ statements 
were that he had encountered values of u as low as 0.04 when 
attempting to reconcile his rolling pressure calculations with 
actual pressures observed at high rolling speeds. Perhaps the first 
thorough investigation in this matter was carried out by Nekervis 
and Evans [15], who made a large number of tests on a variety 
of lubricants, under rolling conditions. They employed an 8-in- 
diameter X 12 in. 2-high mill, running at 120 fpm, the test sam- 
ples being 0.010 X 5 X 25 in. They measured pressures, elonga- 
tions, etc., and used the rolling pressure method of determination 
of w, establishing a range of yu of 0.09 to 0.12. 

Now we can see how it is possible to cold roll down to thinner 
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gages. The same material that we were considering previously 
under hot rolling, has a room temperature constrained yield 
point of, say, s = 60,000 lb/in.*, and for a cold mill having 18 in. 
diameter steel work rolls, D = 18 in., and E = 30 X 10° lb/in.? 
Now taking un = 0.10, we see that we could easily roll down to 
tmin = 3.58 X 10 & (18 & 60,000)/30 K 10° = 0.013 in. In 
actuality, in the cold rolling of strip, other rolling aids can and 
have been brought into the picture, such as high front and back 
tension, smaller work rolls (and also special high modulus of elas- 
ticity materials, such as tungsten carbide), ete. The general 
formulas for increased rolling pressure (and power) and minimum 
thickness are quite similar as for hot rolling, except as they must 
now be modified by the effect of tension [10], resulting in 
lmin = 3.58p (13) 
E 

where s = the average of front and back tension (lb/in.*), im- 
posed on the strip in cold rolling. These relationships have re- 
cently been confirmed in a collateral study by Sachs [16]. Per- 
haps, instead of s = 0.5 (S¢rone + Stack), We Should better use s = 
0.4 8h + 0.6 spacx [11], as it is probably proper to recognize that 
back tension is more effective in reducing rolling pressure and 
gage than front tension. 


Effect of Rolling Speed on Friction 


In the introductory remarks on cold rolling, it ll be remem- 
bered that a range of friction coefficients was ¢:ven as 0.12 to 
0.03. While it is to be expected that yw will vary with the nature 
of the metal being rolled, the metallurgical composition of the 
work rolls, as well as the type of rolling oil used, the range cited 
was meant to point up the variation in uw primarily due to the 
wide variation in the speed of rolling. It has been known for 
many years now that the gage of the strip emerging from a cold 
mill can be materially changed by merely altering the rolling 
speed—the higher the speed, the thinner the gage, and vice 
versa. The first detailed study of this phenomenon was pre- 
sented before the AISE in 1951 [10], wherein the writer demon- 
strated that the basic cause of the gage variation was the varia- 
tion in w with speed. Shortly thereafter, Sims and Arthur [17] 
went into this matter more exhaustively, and came to the same 
conclusion. 

This subject, as mentioned before, first came forcibly to the 
attention of rolling mill engineers because of the great effect of 
the speed of cold rolling on the finished gage. Some ascribed 
this phenomenon to the fact that some steels deform more easily 
at higher speeds (this is true in a few cases only, and the 
effect is small), and others to the fact that the strip is hotter 
when rolled at higher speeds, and hence is easier to roll. This 
latter effect is small also, for a simple calculation shows that if all 
the horsepower of a high speed finishing stand of a tinplate 
tandem mill (see example in reference [10]) were to go into the 
strip, it would raise its temperature in the bite by only 200 F— 
and, of course, a great deal of the heat generated goes into the 
work rolls, and a certain fraction is conducted away by the cooling 
sprays, even in the bite. And in this temperature range, and even 
higher, the yield stress of carbon steels does not decrease, but 
actually increases. This left the matter of rolling friction as the 
suspicious variable, and led to the investigations made. 

The rather pronounced effect of speed on friction in the cold 
rolling of thin steel strip (tinplate) shown in Fig. 7(a) led some 
people to doubt the correctness of this hypothesis, feeling that 
the method of calculating the values of yw, from the data, involved 
the theory of rolling, and hence was not a direct method. How- 
ever, it is pertinent to point out that similar variations in yw with 
speed, under other conditions, have been known for a Jong time. 
For instance, in determining brake drum friction and locomotive 
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driver friction against steel rails, Galton and Westingouse [18] 
experimentally obtained the values shown in Fig. 7(c), where 
even under unlubricated or “dry’’ friction conditions, a varia- 
tion in w of 3 to 1 takes place in increasing the speed from say, 
1000 fpm to 5000 fpm. Of especial interest, perhaps, are the 
relatively low values of yu for locomotive drivers on steel rails, 
in the presence of atmospheric moisture, which dropped from 0.12 
to 0.04. Likewise, in bite angle friction tests by Tafel [2], carried 
out on 4-in. thick hot slabs (2200 F) entering an experimental 2- 
high sheet mill (probably 24-in-diameter steel rolls), he found a 
definite speed effect, as shown in Fig. 7(b), involving a reduction 
in w from 0.45 to 0.20, in going from a 100 fpm to a 1000 fpm 
rolling speed. However, following along the idea of attempting 
to separate cold rolling friction determinations from rolling 
theory, Whitton and Ford [19] conceived the idea of carrying 
out tests under high enough back tension to make the no-slip 
point occur at the exit, i.e., under zero forward slip conditions 
That this is possible, is seen from a study of Nadai’s work [8], 
wherein he shows how much back tension is required to create 
this condition. Under such conditions, referring to Fig. 2, ie., 
y¥ = 0, and calling P = total rolling pressure and 7 = torque on 
each roll, Whitton and Ford showed that 7’ = wPR or up = 
T/(PR). Thus rolling friction (under zero forward slip conditions 
may be determined by merely reading roll pressure and roll 
torque. Whitton and Ford’s conclusion that friction was not ver) 
much influenced by speed is considered by the writer to have 
been inconclusive because of the restricted range of speeds in- 
vestigated, 30 to 160 fpm. In fact, Christopherson and Parson 
[20], using Whitton and Ford’s method, obtained a 3 to 1 drop in 
u, from 0.075 to 0.025, in going from 0.25 to 550 fpm, in a series of 
tests that they subsequently carried out. Further evidence of this 
effect, if any is needed, has been recently demonstrated by Whetze! 
and Rodman [21], in which they showed how the value of p is 
related to the thickness of adhering oil layer to the strip, as it 
leaves the roll bite, as well as to the speed itself. 

In summary, it has been our objective to show the dominating 
role that friction plays in the rolling of metals. For both hot and 
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cold rolling, it determines to a large extent the pressure required 
for rolling, as well as the power, and is a major factor in limiting 
the thickness (thinness) to which metal can be rolled. Increasing 
knowledge of friction values and characteristics, however, enables 
the rolling mill engineer to best determine how metal may be 
rolled. Continued research in the field of rolling mill lubricants is 
bound to result in significant advances in the art of rolling. 
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